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Abstract

This thesis describes a theoretical model developed to predict vortex induced vibrations 

of marine cables and risers with an emphasis on catenary flexible risers. Experimental 

tests were carried out to improve our understanding o f structural damping o f cable-like 

structures, and vortex cell properties, w hich are two im portant aspects o f vortex 

induced vibration of risers.

A fter an introduction to the background o f vortex induced vibration problems and the 

progress o f offshore oil production systems into deeper water, a review  is m ade o f 

research work in areas o f vortex induced vibration, structural dam ping, and flow 

visualisation techniques.

A wide ranging param etric study on structural dam ping o f m odel scale pipes is 

presented. Tests were conducted on free-hanging, tensioned and catenary pipes and 

chains to identify the effects of param eters such as tem perature, frequency, static 

preload, dynamic stress level and choice of materials on structural damping.

An analytical solution of structural damping which originated from material damping is 

derived using a hysteretic damping model. It reveals the relationship between the basic 

m aterial dam ping and the structural dam ping, and explains well the test results 

measured. Further investigation is needed on other forms of dam ping such as end 

losses and friction between the com ponents o f a structure as indicated by the test 

results.

A separate series of full scale tests using a 10 m eter long, 2 inch bore flexible riser 

section, provides typical damping values of such structures. This information is used as 

input for vortex induced vibration analysis as well as in general dynamic analysis o f 

risers.

W ork on flow visualisations is reported. A num ber o f methods such as hydrogen 

bubbles, dye, and pressure sensors were used in order to detect vortex cell shed from  

model circular cylinders undergoing vortex induced vibration in steady and unsteady 

flows. These methods did not provide as much information as desired.

The vortex induced vibration model is developed for circular cylindrical bodies in 

steady flows. It is extended to oscillatory or wave flows and then extended further to 

catenary flexible risers. Predictions have been made for rigid riser models and two
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realistic catenary flexible risers in a range of flow conditions. The prediction results 

show that two factors are o f particular im portance in determining the amplitude o f the 

vortex induced response. One is how closely the natural frequencies of a structure are 

spaced and the other is the degree of shear o f the relative normal velocity profile along 

the riser length. The combined effect o f these two factors determines the extent of lock- 

on regions for each mode excited, this in turn determines the level o f fluid damping and 

excitation and finally the response amplitude. The prediction results also show that 

there is no significant response of the two catenary flexible risers studied under realistic 

working environments, m ainly because their natural frequencies are too low and too 

closely spaced.
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Nomenclature

A cross sectional area

Af antinode vibration amplitude

An vibration amplitude

aj dimensionless constants, where i = 0, 1, 2, 3, 4

b width of a helical strip

C[y] linear homogenous differential operator representing structural damping 

Cd drag coefficient

Cdo drag coefficient o f a stationary cylinder
CL lift coefficient

Clq lift coefficient of a stationary cylinder

c viscous damping coefficient, constant

Cd’ frequency-independent constant

Ceq equivalent viscous damping coefficient

Ci constant
D local riser diameter

Ds characteristic riser diameter

d water depth

dj dimensionless constants, where i =1, 2

E elastic modulus o f the material

E(k) complete elliptic integrals of the second kind 

ei dimensionless constants, where i =1, 2, 3

Fo amplitude of sinusoidal exciting force.

Fd damping force

Fy* fluid force on cylinder

f frequency

f(x) amplitude of a distributed harmonic excitation force.

fn natural frequency of the nth mode

fv frequency of vortex shedding

fw frequency of wave or oscillating flow

g gravitational acceleration

h hysteretic damping coefficient

hn mode shape factor of a tensioned pipe

I second moment of area

In modal shape factor of the n1*1 mode

Jn factor of angle (3

Jy* vertical momentum within the control volume
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j number of helical strips

K stiffness of a single-degree-of-freedom system

K(k) complete elliptic integrals of the first kind

KC Keulegan-Carpenter number

KC* Keulegan-Carpenter number KC at perfect synchronisation

k a dimensionless parameter

k(x) local amplitude response factor

kd water depth parameter

ks reduced damping

L length of riser

L[y] linear homogenous differential operator representing structural stiffness

M mass of a single-degree-of-freedom system, moment

M n effective modal mass

MnN normal component of effective modal mass

MnT tangential component o f effective modal mass

m mass per unit length

N shear force

Pi contact pressure

P y pressure force on the control surface parallel to the y ’-axis

Pi(o principal coordinate

Qn mode shape factor of a free-hanging pipe

Re Reynolds number

Rew Reynolds number of oscillatory flow

r radius of local deformation curve

S Strouhal number

Sy’ momentum flow through the control surface

S arc-length from the lower end of riser

s(x) lock-on parameter

S ( x , t ) slippage region parameter

Sl(s) lock-on parameter

siin(x) linear fluid damping parameter

T wave period, pipe axial tension, kinetic energy, period of vortex shedding

Tnmax maximum kinetic energy

t time

U local flow velocity

U c current velocity

u d energy dissipated per cycle of oscillation

Udm energy dissipated by the material damping



- 10-

Udf energy dissipated by fluid damping

U m maximum velocity of a wave

ut translational velocity of vortex street

V flow velocity, total energy in system

Vb bending strain energy

Vgn maximum bending strain energy 

Vp gravitational potential energy

Vpn maximum gravitational potential energy

Vr reduced velocity

Vr* reduced velocity Vr at perfect synchronisation

Vrcf reference velocity

Vrmin minimum reduced velocity for lock-on

V jn maximum potential energy of tension

Wr wake stability parameter

x axial distance along riser

xo amplitude of vibration

Yn amplitude of vibration of the nth mode

y displacement

Zn amplitude of ‘hidden’ fluid variable z

z vertical distance, ‘hidden’ fluid variable, distance to the neutral axis of cross 

section

a  characteristic parameter of a free-hanging pipe

(3 shear parameter, angle between direction of vortex induced vibration and

incident flow, characteristic parameter o f a tensioned pipe 

X viscous damping constant

AW free-span damping

AWC energy dissipated per cycle by the friction force 

AWm energy dissipated by the material damping

A . local averaged slip distance

8 logarithmic decrement

8n modal logarithmic decrement

e strain

<J) phase lag

T circulation of a vortex

y geometric function of mode shape, mode shape factor 

Yi mode shape factor, where i =1, 2 

rj material loss factor

Tin modal loss factor
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”Hneq equivalent hysteretic damping loss factor

T|s system loss factor

K local bending curvature

Xr wavelength of the r1*1 mode

Pi dry friction coefficient between contact surfaces

Mt mass ratio

Prn effective mass ratio

V kinetic viscosity of fluid

Vn effective mass

0 angle of inclination

P fluid density

Ps density of the cylinder

a stress

CO circular frequency of sinusoidal exciting force or vibration

C0S circular frequency of vortex shedding

s mode shape

Smax maximum value of the modal shape ^(x) over the span

equivalent modal viscous damping ratio

Cf effective fluid viscous damping ratio

Cn structural damping ratio of the nth mode

CnT total effective damping ratio including fluid damping

i
i sum of the energy dissipated by all the damping mechanisms in a system

i v , total energy in a system

Superscripts

derivative with respect to time 

' derivative with respect to indicated geometric dimension



- 12 -

List of Tables

Tbale 4.1 Data for the experimental models, tether and riser, from Lyons (1986)

Tbale 4.2 Carriage excitation range for vortex induced vibration tests, from Lyons

(1986)

Tbale 4.3 Data for the Lazy-wave and Lazy-S risers

Tbale 4.4 Natural frequencies of the Lazy-wave and Lazy-S risers

Table 4.5 Linearly sheared current profiles in 110m depth water (Vref is taken as

the mid-depth velocity) and the maximum response am plitude of the 

Lazy-wave riser subject to normal-to-plane currents

Table 4.6 Maximum possible response amplitude of the Lazy-wave and Lazy-S 

risers in regular waves

Table 4.7 Conditions of waves and vessel motions studied

Table 4.8 Test conditions for the Steep-S riser model at Heriot-Watt University

Tbale 6.1 Data for model scale damping test specimens (the value of E is measured

at 25.7°C)

Tbale 6.2 Test results for free-hanging PVC pipes at amplitude A/D=1.0

Tbale 6.3 Test results for free-hanging rubber pipe

Tbale 6.4 Estimated material loss factor r\ from measured first mode logarithmic

decrements of free-hanging PVC pipes at amplitude A/D=1.0

Tbale 6.5 Comparison between measured and predicted logarithmic decrements of 

free-hanging PVC pipes at amplitude A/D=1.0, the material loss factor 

rj is taken as 0.4 in all the predictions

Table 6.6 Test conditions for tensioned PVC pipe G with pivoted ends



- 13 -

Table 6.7 

Table 6.8 

Tbale 7.1

Tbale 7.2

Tbale 7.3

Tbale 8.1 

Tbale 8.2

Test conditions and results for tensioned PVC pipe G with fixed ends

Test results for PVC pipe G in catenary suspension

D ata for flexible pipe specim en (El value is estim ated from data 

provided by the manufacturer)

Measured free-decay vibration frequency and logarithmic decrement as a 

function o f displacement amplitude, flexible pipe specimen in various 

suspension configurations, at ambient temperature: 8°C to 15°C

Measured free-decay vibration frequency and logarithmic decrement as a 

function o f displacement amplitude, flexible pipe specimen in catenary 

configurations 3 and 4, at elevated temperature of 100°C (inner wall)

Data for the model in vortex induced vibration tests

Carriage excitation range for vortex induced vibration tests and the 

maximum reduced velocity values achieved for the first mode



- 14 -

List of Figures

Figure 1.1 Typical unbonded dynamic riser construction

Figure 1.2 Catenary flexible risers, an illustration of current configurations

Figure 2.1 Regimes of fluid flow across circular cylinder, from Blevins (1977)

Figure 2.2 Strouhal number variation for stationary circular cylinder, from Blevins

(1977)

Figure 2.3 Resonance of a rigid circular cylinder with vortex shedding, from

Blevins (1977)

Figure 2.4 Calculated maximum transverse vortex induced vibration amplitude

versus reduced damping for mounted cylinders by various authors

Figure 2.5 Normalised maximum amplitude of response versus mass ratio damping

parameter, from Blevins (1977)

Figure 2.6 Transverse response versus reduced velocity for various frequency

ratios, from Bearman and Mackwood (1991)

Figure 2.7 Spectra o f the wake at various spanwise positions for the stationary

cylinder with L/D=16, from Stansby (1976)

Figure 2.8 Electric circuit for hydrogen-bubble wire, from Schraub et al (1965)

Figure 2.9 Schematic of a typical bubble lighting arrangement, from Schraub et al

(1965)

Figure 2.10 Time-streak m arker technique applied to flow in a contraction, from

Schraub et al (1965)

Figure 3.1 Definition of the riser plane o f a two-dimensional catenary flexible riser

Figure 3.2 Transverse oscillations of a circular cylinder versus reduced velocity,

from Lyons (1986)



- 15-

Figure 3.3a

Figure 3.3b

Figure 3.4 

Figure 4.1 

Figure 4.2

Figure 4.3

Figure 4.4

Figure 4.5

Figure 4.6

Figure 4.7

Figure 4.8 

Figure 4.9

Figure 4.10

Figure 4.11

Sketch of the first norm al-to-plane mode (swing mode) o f a simple 

catenary flexible riser

Sketch of the first anti-symmetric in-plane mode of a simple catenary 

flexible riser

Flow chart of the vortex induced vibration prediction programme

Still water test tank - schematic, from Lyons (1986)

M axim um  response am plitude at m id -po in t, com parison  w ith 

experimental results of Lyons (1986), high tension cases

M axim um  response am plitude at m id-po in t, com parison  with 

experimental results of Lyons (1986), low tension cases

Allocation of lock-on regions for each mode o f the vertically tensioned 

riser model under carriage oscillation excitation at top

Variation of response amplitude with extent of excited region for first 

mode of pinned-end sinusoidal vibrations, from Lyons (1986)

M aximum horizontal velocities for tether, depth: 4.07m, wave only 

(0.4m, 2.0s)

Extent of excited regions for tether, depth: 4.07m, wave only (0.4m, 

2.0s)

Modal excitation map for tether, depth: 4.07m, wave only (0.4m, 2.0s)

M axim um horizontal velocities for tether, depth: 4.07m, wave only 

(0.5m, 5.79s)

Extent of excited regions for tether, depth: 4.07m, wave only (0.5m, 

5.79s)

M odal excitation map for tether, depth: 4.07m , wave only (0.5m, 

5.79s)



- 16-

Figure 4.12

Figure 4.13

Figure 4.14

Figure 4.15

Figure 4.16 

Figure 4.17 

Figure 4.18

Figure 4.19

Figure 4.20

Figure 4.21

Figure 4.22

Figure 4.23

Figure 4.24

Maximum horizontal velocities for tether, depth: 4.07m, combined wave 

(0.4m, 2.0s), top motion (0.2m, 2.0s) and current (0.216m/s)

Extent o f excited regions for tether, depth: 4.07m, com bined wave 

(0.4m, 2.0s), top motion (0.2m, 2.0s) and current (0.216m/s)

M odal excitation map for tether, depth: 4.07m, combined wave (0.4m, 

2.0s), top motion (0.2m, 2.0s) and current (0.216m/s)

M axim um modal responses for tether, depth: 4.07m, com bined wave 

(0.4m, 2.0s), top motion (0.2m, 2.0s) and current (0.216m/s)

Static configuration of the Lazy-S riser in 350m water depth

Static configuration o f the Lazy-wave riser in 110m water depth

Modal response amplitude versus current speed, Lazy-S riser in uniform 

in-plane currents

M odal response am plitude versus current speed, Lazy-w ave riser in 

uniform in-plane currents

Modal response amplitude versus current speed, Lazy-S riser in uniform 

normal-to-plane currents

M odal response am plitude versus current speed, Lazy-w ave riser in 

uniform normal-to-plane currents

W ave scatter diagram (units indicated in parts per thousand), from Patel 

(1989)

M axim um horizontal velocities for Lazy-wave riser, com bined wave 

(12m, 15s) and top vessel motion (3.43m, 15s)

M aximum normal velocity for Lazy-wave riser, com bined wave (12m, 

15s) and top vessel motion (3.43m, 15s)



- 17-

Figure 4.25

Figure 4.26

Figure 4.27

Figure 4.28

Figure 5.1 

Figure 5.2 

Figure 6.1

Figure 6.2

Figure 6.3

Figure 6.4

Figure 6.5

Figure 6.6

Figure 6.7

Extent of excited regions for Lazy-wave riser, com bined wave (12m, 

15s) and top vessel motion (3.43m, 15s)

Modal excitation map for Lazy-wave riser, combined wave (12m, 15s) 

and top vessel motion (3.43m, 15s)

Maximum modal responses for Lazy-wave riser, combined wave (12m, 

15s) and top vessel motion (3.43m, 15s)

Sketch of static configuration of the Steep-S riser model and positions 

o f observing cameras

Coordinate system of a free-hanging pipe

Coordinate system of a tensioned pipe

Test setup of model scale damping measurements for free-hanging pipes 

- schematic

Free-decay time history of free-hanging PVC pipe E, second mode, 

sampling rate: 30Hz

Measured decay rate o f free-hanging PVC pipe E in second mode and 

the estimated fluid damping of still air

M easured decay rate of free-hanging PVC pipe G (including fluid 

damping o f still air)

C om parison betw een experim ent and theory, decay rates (after 

subtracting still air damping) of free-hanging PVC pipes at A/D=1.0

Effects of temperature on decay rates (after subtracting still air damping) 

and natural frequencies of free-hanging PVC pipe C at A/D=1.0

Test setup o f model scale damping measurements for tensioned pipes - 

schematic



- 18-

Figure 6.8 

Figure 6.9 

Figure 6.10a 

Figure 6.10b 

Figure 6.11 

Figure 6.12

Figure 6.13

Figure 6.14

Figure 6.15 

Figure 6.16

Figure 7.1 

Figure 7.2a

Free-decay time history o f tensioned PVC pipe G with pivoted ends, 

first mode, tension at bottom: 16.8N, sampling rate: 50Hz

M easured decay rate versus displacem ent am plitude under different 

tensions, PVC pipe G with pivoted ends, first mode

Effects of tension on amplitude at which the pivots started to cease and 

virtually stopped, first mode

Effects of tension on characteristic decay rates o f tensioned PVC pipe G 

with pivoted ends, first mode

Free-decay time history o f tensioned PVC pipe G with fixed ends, first 

mode, tension at bottom: 17.3N, sampling rate: 50Hz

M easured decay rates and the estim ated fluid dam ping o f still air, 

tensioned PVC pipe G with fixed ends, first mode, tension at bottom: 

17.3N

M easured decay rate (including fluid dam ping o f still air) versus 

displacement amplitude, comparison o f first three modes o f tensioned 

PVC pipe G with fixed ends, tension at bottom: 0.367N

Measured modal decay rates (after subtracting still air damping) versus 

tension, and com parison with predicted decay rate o f the first mode 

owing to material damping, tensioned PVC pipe G with fixed ends

Sketch of static configuration of PVC pipe G in catenary suspension

M easured decay rate (including fluid dam ping o f still air) versus 

displacement am plitude, PVC pipe G in catenary suspension, first in 

plane mode and first normal-to-plane mode

Flexible pipe specimen in free-hanging and catenary configurations 1,2, 

3 and 4

Free-decay time history o f free-hanging flexible pipe specimen, first 

mode at ambient temperature, sampling rate: 10Hz



- 19-

Figure 7.2b 

Figure 7.2c 

Figure 7.3

Figure 7.4

Figure 7.5

Figure 8.1 

Figure 8.2 

Figure 8.3

Figure 8.4

Figure 8.5

Figure 8.6

Free-decay time history of free-hanging flexible pipe specimen, second 

mode at ambient temperature, sampling rate: 50Hz

Free-decay time history of free-hanging flexible pipe specimen, third 

mode at ambient temperature, sampling rate: 50Hz

Measured modal decay rates (including fluid damping of still air) versus 

displacement amplitude, free-hanging flexible pipe specimen at ambient 

temperature

Comparison of modal decay rate-amplitude relationship at ambient and 

elevated temperatures, flexible pipe specimen in catenary configuration 3

Static loading-deflection curve for the flexible pipe specimen in catenary 

configuration 4, loaded and measured at the lowest point

Electric circuit for flow visualisation using hydrogen-bubble technique

Tall tank test arrangement - schematic

Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz

Time traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.2Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz

Time traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.3Hz, exci. ampl.: 0.2m, 

sampling rate: 50Hz

Time traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.1m, 

sampling rate: 50Hz



- 20 -

Figure 8.7 Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz

Figure Al. 1 Sketch of a section of circular cylinder and an incident flow

Figure AI.2 Control volume

Figure AIL 1 Effective viscous damping coefficient for oscillatory motion in a cross- 

flow, com parison o f linear viscous dam ping and velocity squared 

damping asymptotes

Figure AIII. 1 Forces and moments on an infinitesimal element o f a free-hanging pipe



- 21 -

List of Plates

Plate 7.1 Support structure and catenary suspension

Plate 8.1 Vortex cell structure for a circular cylinder in uniform flow, observed in

flow visualisation tests using food dye



- 22 -

Chapter 1 Introduction

A marine riser is a conduit which connects a surface platform  or a vessel to a subsea 

wellhead. Tw o categories exist, drilling risers and production risers. A drilling riser 

must be by necessity for the drill string contained within it a vertical rigid steel pipe 

while a production riser could be a vertical rigid steel pipe or a flexible catenary pipe.

Vertical rigid risers m ust be kept under tension to avoid buckling o f the pipe. This 

requires a large tensioning facility on board surface platform s or vessels. As the 

offshore activities move into deeper waters, flexible risers have found increasing 

applications as production risers. They have a number o f advantages over rigid risers. 

First, they can accommodate large surface vessel motions which are often encountered 

for floating production systems. Second, they need far lower tension at top than rigid 

risers. T hird , they enable fast d isconnection and reconnection , and reduced 

maintenance and replacement costs.

The flexible risers possess high axial stiffness and very low flexural stiffness. This is 

owing to their construction. Unlike steel rigid risers, a flexible riser is built up by a 

number o f com ponent layers, each having its own functions. Unbonded flexible risers 

are considered in more detail herein as they are more widely used than bonded flexible 

risers. A typical unbonded flexible riser cross section is illustrated in Figure 1.1 to 

show the arrangem ent o f the various layers. They usually consist of helically wound 

interlock inner steel carcass with a plastic coating to retain the fluid to be transported, 

contrawound helical steel armour layers to provide m echanical strength, and plastic 

sheaths made o f synthetic materials to prevent wear and provide fluid impermeability.

Common configurations for flexible risers include the following:

- Simple catenary

- Steep-S

- Lazy-S

- Steep-wave

- Lazy-wave

These are shown in Figure 1.2. The first em ploym ent o f flexible risers was in the 

Campos Basin offshore Brazil in the late 1970’s. Most of them were o f simple catenary 

configurations. They were limited to shallow water applications. For moderate or deep 

water depths, an intermediate subsea buoy or buoyancy collar needs to be introduced to
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reduce top tension support requirements and to allow large vessel offsets. I f  a subsea 

buoy, which is tethered to the seabed, is used, then the configurations are termed as 

Steep-S if the lower riser section is tensioned, or Lazy-S if  the lower section is a simple 

catenary. Steep-wave and Lazy-wave risers have evolved from the Steep-S and Lazy-S 

risers by replacing subsea buoys with distributed buoyancy collars. These buoyancy 

modules are not tethered to the seabed, thus reducing installation time scales and costs. 

On the other hand, since they move more freely than tethered buoys, fatigue and wear 

on the buoyancy arch may result. The detailed descriptions o f flexible riser geometries, 

their advantages and drawbacks, and their static and dynam ic analyses are given by 

Holland et al (1988) and Baradaran-Seyed (1989), and are not presented herein.

Being a slender cylindrical member, a marine riser is susceptible to vortex shedding 

induced vibrations, a result o f the nonlinear interaction between fluid and structure. 

Vortex induced vibrations have been the cause o f operational difficulties o f tensioned 

rigid risers in the past, and vortex spoiling devices must sometimes be used to avoid 

excessive vibrations. Although the displacement amplitudes o f this kind o f vibrations 

are generally below one diameter, the vibration frequencies are high com pared with 

ocean wave actions, thus posing a threat to the service lives o f the risers. A full 

dynamic analysis o f the problem is, at the moment, impossible, largely owing to the 

lack of inform ation of fluid-structure interaction. For instance, the behaviour o f  the 

hydrodynamic force on the cylindrical body is not well understood, particularly its 

spanwise correlation. Despite the unknowns, various prediction models have been 

developed first for uniform cylinders in uniform  steady flows, and for m ore general 

cases of sheared flows and oscillatory flows.

The em erging interest in flexible risers in the offshore industry requires sim ilar 

developments to be undertaken for such risers in order to prevent the possibility of 

expensive failures owing to inadequate design procedures.

This work is aimed at extending a prediction model devised by Lyons and Patel (1986) 

for tensioned rigid risers to apply for catenary flexible risers by taking their special 

features into consideration, namely their three dimensionality and varying inclination 

angles. The model by Lyons and Patel has been supported by experim ents where a 

model scale tensioned rigid riser was fixed at bottom and driven harmonically at top in 

still water simulating surface vessel motion action. The approach adopted is o f general 

nature and can be used for vortex induced vibration analysis allowing non-uniformities 

in space and in time.
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The amplitude and frequency contents o f the vortex induced vibrations of flexible risers 

predicted by the present model are of interest in riser fatigue and service life analysis. 

Since a flexible riser is a multi-layer composite structure, when it is subjected to either 

axial, torsional or flexural deformation, the helical armour layers tend to deform and 

slip, between arm our layers them selves and between them and adjacent polym er 

sheaths. Friction between layers affects greatly the w ear and degradation o f flexible 

risers and their fatigue lives. Owing to their relatively short history in service, the 

knowledge of the fatigue life expectance o f flexible risers is very limited. Research has 

been carried out in this area, which is out o f the subject o f the work presented herein.

Previous work indicated the way in which sheets o f vortices are shed from  a vibrating 

structure and the level o f structural dam ping are im portant in determining the vortex 

induced vibrations. Better understanding of these two factors is essential to the reliable 

prediction of vortex induced vibrations.

Both theoretical and experim ental studies have been carried out to understand the 

structural dam ping behaviour o f flexible risers, and more generally, of cables and 

pipes. Yet no inform ation was available on typical levels of structural dam ping of 

flexible risers, and the dam ping values used in dynamic analysis has in the past been 

chosen somewhat arbitrarily. In the work presented herein, a param etric study of 

structural damping behaviour of model scale homogenous pipes and cables was first 

performed experimentally. Then a full scale flexible riser specimen was tested to obtain 

representative values o f structural damping. Inspired by the test results, a theoretical 

solution for model dam ping is obtained for material damping. This solution gives an 

insight to the effects o f self-weight and tension on modal structural damping ratios of 

long slender bodies. As m entioned earlier, when a flexible riser is deform ed, slip 

between component layers occurs and vibrational energy is dissipated by the frictional 

force. This damping is called Coulom b dam ping. It is included in a general modal 

damping ratio formulation. This formulation, together with the measured representative 

damping values of the flexible riser specimen, enables a confident choice o f structural 

damping values for use in conventional riser analysis methods as well as in vortex 

shedding induced vibration prediction.

Cellular vortex shedding pattern is also investigated. Vortex induced vibrations are 

resonant vibrations. Those parts of a riser where the vortex shedding frequency is in 

the neighbourhood o f one o f its natural frequencies are considered as ‘active’ and 

energy is extracted from the fluid to build up resonance over those parts. The rest o f it 

is ‘passive’ and fluid around it acts as a damper. In offshore environments, the relative
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velocity between fluid and riser may vary with length as well as with time. M any 

modes could be excited at a time. The amplitude o f each mode is determined by the 

extent o f the active regions, which is best understood if  the vortex cells can be 

visualised. Flow visualisation techniques such as hydrogen bubble and dye have been 

em ployed to locate these active regions. Pressure transducers have also been tried. 

However, these experiments did not give as good enough inform ation as intended 

because of the very existence of the vortex induced vibration o f the test specimens.
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Chapter 2 Review of previous work

2 .1  Vortex induced vibrations

2 . 1 . 1  Observed phenomena and experimental work

Vortex induced forces that act along the in-line and transverse direction to the excitation 

flow give rise to additional riser response. It has been studied for more than a century. 

G riffin  and Ram berg (1982), B levins (1977), K ing (1977), Sarpkaya (1979), 

Sarpkaya and Isaacson (1981), Shaw (1979), and Simpson (1978) give comprehensive 

reviews of the state o f the art in respect o f vortex shedding and associated vibrations. 

The CIRIA report, Hallam (1978) presents a background and some example solutions 

for sim plified vortex induced vibration problem s. Previous experim ental w ork on 

vortex induced responses of circular cylindrical bodies in various flow conditions is 

reviewed. Only the responses in the transverse directions are treated herein, and the less 

im portant in-line vortex induced vibration is not discussed although it can be 

incorporated similarly.

i Steady uniform flow

C onsiderable work has been done to investigate these effects in steady flow, 

Chryssostom idis and Patrikalakis (1984), Every et al (1981), Griffin et al (1973, 

1980), Griffin and V andiver (1984), Hall (1981), Jacobsen et al (1984), King et al 

(1973), Pelzer and Rooney (1984), Schafer (1984), Syck (1981), and Tsahalis (1984). 

For a stationary smooth circular cylinder in uniform steady flows, its wake regim e is 

governed by the Reynolds number, Re, for low Mach number, see Figure 2.1. Vortices 

are shed from the boundary layer and a vortex street forms behind the cylinder. The 

frequency of the shedding of a pair o f vortex is given by the Strouhal relationship,

fv = S V / D s ( 2 1 )

where fv is the shedding frequency, V is the flow velocity, D s is the cylinder diameter 

and S is the Strouhal number. The Strouhal number is a function of Re, roughness and 

cross-section geometry o f the cylinder, Sarpakaya and Issacson (1981). Figure 2.2 

shows the variation o f S with Re for smooth circular cylinders. It is noticed that at 

transition regime (3.0x105 < Re < 3 .5 x 1 0 6), the vortex street is disorganised, leading 

to a reduction in drag coefficient in that region.
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W hen a cylinder is flexible or flexibly mounted with a natural frequency o f fn, a 

phenom enon of lock-on may occur when fv is at or in the neighbourhood o f fn. A t 

lock-on, the shedding frequency fv no longer follows the Strouhal relationship. Rather, 

it is captured by fn. The fluid feeds energy into the cylinder and the cylinder vibrates at 

or very close to its natural frequency fn. This nonlinear interaction between fluid and 

structure goes on until energy fed in is balanced by that dissipated by the structural 

damping. The response is self-limited and the maximum displacem ent amplitude is a 

function of physical parameters o f both fluid and structure.

Experimental results have identified two parameters which are o f major im portance in 

determ ining the range o f lock-on and the maximum response amplitude for a given 

cylinder. They a r e :

V
Reduced velocity = T 15~ (2-2)

^  n  ^  a

The reduced damping is the product of the logarithmic decrement of structural damping 

(it does not include fluid damping) and the mass density of the structure relative to the

The reduced velocity may be used to determ ine the existence and degree of vortex 

induced vibration, see Figure 2.3. For transverse vibrations of a circular cylinder, it has 

been shown from experiments in w ater by many researchers that excitation begins 

when the reduced velocity reaches a value o f between 3.5 and 5.0. A peak occurs 

around 6.0 and decays to no vibration at around 8.0 to 12.0, Parkinson et al (1968), 

Griffin and Ramberg (1982) and Bryndum et al (1989).

It has been shown for right circular cylinders in uniform  flows, that there is a 

relationship between the maximum possible amplitude of transverse vibrations and the 

reduced damping which applies for flexible and flexibly m ounted rigid cylinders. 

Various workers give this relationship as follows and as compared in Figure 2.4:

2m 8
Reduced damping * — ^ 2 (2.3)

fluid.

Griffin et al (1973) give

Y 1.29 y
D

[ l  + 0.43 (2 *  S2 k .)] (2.4)
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Blevins (1977) gives

_  0.07 y

D (1.9 + k.) S
0.3 +

0 .72
V I

(1 .9 + k.) S_ (2.5)

I wan (1975) gives

Y™1 =  Y_______
D " [1 + 9.6 (k ./jt)‘']

where a geometric function of mode shape

_1_

2

1 ^ 2(x) dx
Y = U .  - i---------------U  S 0 0 « > * J  (2.7)

is used to collapse the data for the different modes of response for the systems shown 
in Figure 2.5. ^m ax is the maximum value o f the modal shape ^(x) over the span 

extending from x = 0 to x = L.

The foregoing is for cylinders normal to incident flows. If a cylinder is inclined toward 

the flow, the component of the flow velocity normal to the cylinder axis is used in the 

above equations. That is, the vortex shedding and the vibration induced are controlled 

by the normal velocity component for a yawed cylinder as discussed by King (1977), 

and Hallam et al (1978).

The experiments and observations cited above were all carried out on relatively short 

cylindrical bodies. These either have only one degree o f freedom , or have well 

separated natural frequencies. Usually the test conditions are designed such that only 

the fundamental mode is excited, hence the shedding frequency is captured by a single 

mode, which then dominates the response, ie, single mode lock-on occurs. However, 

for a long cylindrical body, its natural frequencies are closely spaced. The vortex 

shedding frequency will be very close to a number of its natural frequencies. Under this 

situation, the vortex induced vibration behaviour (specifically the interaction between 

adjacent vibration modes) has as yet not been studied. A question arises as to whether a 

single mode lock-on still occurs. If single mode lock-on is still possible, which mode is 

locked-on? Also, there is another possibility from the forced vibration viewpoint that
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these modes are forced by the vortex shedding to vibrate simultaneously at the shedding 

frequency. If this is the case, it is not possible to discern from the measured response 

power spectra whether or not only one mode or more is excited because these modes 

respond at the same frequency. That is to say, one cannot conclude from the response 

power spectra that there is only one mode excited just because there is only one peak in 

the spectra. This question is of interest because m arine risers and cables are long 

cylindrical bodies whose natural frequencies could be spaced closely, especially for 

high order modes.

ii Steady sheared flow

The flow around a marine riser will generally vary with time and axial location owing to 

the oscillatory and depth decaying nature o f waves, possibly com plicated by surface 

vessel motions and sheared currents. Although vortex induced vibrations o f slender 

cylindrical bodies in shear flows are far more im portant than in uniform flows for 

offshore and wind engineering, research work on this matter, both experimental and 

theoretical, is rather limited. A review was given by Griffin (1985) on published work 

about vortex shedding in shear flow and the effect of shear on structure response.

For a stationary rigid cylinder in steady shear flows, vortices were found to shed in 

cells along a cylinder length in spite o f the fact that the flow velocity varies 

continuously spanwise. The shedding frequency was constant in each cell and jum ped 

to different frequencies for adjacent cells, M air and Stansby (1975), and Zedan et al 

(1988). When the cylinder undergoes forced harmonic oscillations, those vortex cells 

with shedding frequency close to the excitation frequency are locked-on to the cylinder 

motion and the cell length is increased greatly com pared with the stationary cases, 

Stansby (1976), and Peltzer and Rooney (1985). The unforced cells were also found to 

be stabilised by the cylinder motion. This suggested that the fluid-structure interaction 

still occurs for shear flow.

It is o f more interest to study the responses of flexible cylinders or cables in shear 

flows. Fischer et al (1984) performed laboratory as well as field tests concerning the 

installation of foundation piles for the Shell Oil production platform in the Cognac field 

of the Gulf of Mexico. It is apparent from their test results that the uniformity o f current 

magnitude over the cylinder span did not appear to be necessary for oscillations to 

occur. The transverse vortex induced vibration amplitudes for both model scale and on

site (187m long pile) tests in shear flows were m easured to be com parable to the
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uniform flow results (up to 1.5 diameters). This could be owing to the fact that the 

shear was mild. Also only the fundamental mode was excited.

More recently, Humphries and W alker (1987) inverstigated the effect of change in the 

shear parameter, p, on the vortex induced vibrations of a large scale cylinder (5.6m in 

length and 0.168m in diameter) subject to linear shear flow in a flume. The shear 

parameter is defined as,

p = - e _ .  ^Y_
p V* dz (2.8)

where D is the cylinder diameter, Vref is a reference velocity and dV/dz is the velocity 

gradient. The Reynolds number covered in their tests was of the order of 2.5x105. This 

Re was in the transition regime because o f the high turbulence level in the flume. The 

range of p was from zero to 0.03. The response was dominated by a single mode and 

its peak amplitude was found to reduce with increasing shear. Their test results also 

showed that slender circular cylinders would respond to flow-induced vibrations at 

Reynolds numbers greater than the critical Reynolds number for a rigid cylinder.

W alker and King (1988) carried out tests on uniform, tapered and stepped cantilevered 

cylinders in steady flows. They concluded from  these studies that the effect of a 

sheared flow on the response o f an uniform  circular cylinder was to reduce the 

amplitude of oscillation when compared with the same cylinder in an uniform flow. The 

response of a tapered cylinder in an uniform flow was found to be similar to that of an 

uniform cylinder in a sheared flow profile when the gradient o f the taper and profile 

were the same. For a stepped cylinder comprising o f various diameters, they found that 

there was a discrete region o f instability for each diameter, and these regions could be 

determined using the appropriate reduced velocity-instability relationships.

These test results led to the com m only accepted concept that in shear flows lock-on 

occurs over a portion of the cylinder length where the local flow velocity is suitable. 

Energy is fed from the fluid into the structure in the lock-on region, and is dissipated by 

the structural dam ping and also hydrodynam ic dam ping acting on the rest of the 

cylinder. This idea has been incorporated into theoretical analysis models by various 

researchers. An extension o f this concept is that if  the shear flow velocity is 

appropriate, vibrations o f many modes may be excited at a time. The whole cylinder 

length can be regarded as being divided into many lock-on regions, each corresponding 

to one mode. Different schemes has been proposed, W hitney and Nikkei (1983), and 

Lyons and Patel (1986), to determ ine the extent o f the lock-on regions, based on the



- 31 -

reduced velocity ranges for lock-on in uniform  flows. However, the author is not 

aware of any observation o f  multi-modal vortex induced vibration in sheared steady 

flows in published literature.

The cited tests in the foregoing were again confined to the case where only one mode 

(fundam ental mode) was excited and dom inated the responses. Few tests were 

perform ed on very long cylindrical bodies whose natural frequencies are closely 

spaced. This is o f great im portance for deep water risers, particularly for catenary 

flexible risers. These structures usually have low fundamental frequencies and the 

vortex shedding frequency in ocean environm ents would be close to the frequency of 

one of the high order modes. Since the natural frequencies o f the adjacent high order 

modes are very close, modal competition may then occur. This modal competition is 

related to vortex cell formation. However, the details and outcome of this behaviour has 

not generally been understood.

A revealing field measurement was made by Kim et al (1985) on a free-hanging cable 

subject to shear flow. The cable diameter was 5.2mm and its length varied from 30m to 

600m. The maximum Reynolds number reached was 1280. The responses at a number 

of locations along the length were measured. It was found that the response at the three 

locations occurred at substantially different frequencies and single mode lock-on did not 

occur. They suggested that this was because the response at one part of the span was 

damped out as it propagated along the span by the high hydrodynamic damping so that 

no standing wave vibration was established. The high hydrodynamic dam ping was 

originated from the shear flow which gave rise to different shedding frequencies 

spanwise. The response was confined to a lim ited extent o f the span and the pipe 

behaved like an infinite string. They went on to predict whether lock-on could occur 

and stated that lock-on occurred if  and only if  the separation o f the natural frequencies 

of the cylinder were large compared to the bandwidth o f vortex induced forces. This 

seems to put too much emphasis on the structure as it is obvious that the velocity profile 

of the shear flow also plays an important role and there is complex interaction between 

the vortex shedding and cylinder motion as discussed earlier. The root mean square 

response amplitude was found to be higher at higher free stream velocity and could 

reach 0.5D despite the absence o f lock-on. The picture was not complete for it was not 

reported whether the response happened all over the cylinder length at local vortex 

shedding frequency or just at some part of the length.

Following the work by Kim et al (1985), Vandiver and Chung (1987) carried out tests 

on a 17.7m long horizontal cable across a canal. The diameter of the cable was 36mm.
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Its natural frequencies were varied by changing the cable tension. Three velocity 

profiles of different shear were obtained by adjusting the heights o f gates upstream. 

The cylinder response was measured at several locations along the span. In all the test 

conditions, the power spectra o f the response signal at monitored locations had the 

peaks at the same frequencies, but with different magnitude. That is, the infinite string 

behaviour was not as obvious as in the tests by Kim et al (1985). In a flow with high 

shear, the response spectrum  at any location was found to have many frequency 

components. In a less sheared flow, the highest mode excited (the fourth) dom inated 

the response and no other frequency components were measured. In other words, lock- 

on did happen in this case. It was pointed out by Vandiver and Chung that if the highest 

possible excited mode is a high order mode, say, the tenth mode, lock-on was unlikely 

to occur, whereas if its a low mode, it might dominate lower modes and be locked-on.

iii U n ifo rm  o sc illa tin g  flow

In uniform oscillating flows, the vortex shedding from a stationary cylinder and the 

resultant hydrodynamic forces are known to be controlled by the Reynolds number and 

the Keulegan-Carpenter number, Sarpkaya (1987) and Justesen (1988). The Keulegan- 

Carpenter number is defined as,

KC = 7 % -fwD s (2.9)

where Um is the maximum velocity, fw is the frequency of the oscillating flow and D s 

is the cylinder diameter. The wake in the oscillating flow is more complex than in 

steady flows. This is owing to the fact that the flow velocity varies with time, and also 

the vortices shed in the last half cycle are swept back across the cylinder in the current 

half cycle.

W hen a cylinder is flexible or flexibly mounted, it may be excited to vibrate by the 

vortex shedding, Sarpkaya and Rajabi (1979), M cConnell and Park (1982), Jacobsen 

et al (1984), Sumer and Fredsoe (1987), Bearman and Hall (1989) and Bearm an and 

M ackw ood (1991). The interaction between the cylinder response and the vortex 

shedding m odifies the hydrodynam ic forces in a com plex m anner dependent on 

properties of both fluid and structure. A parameter called reduced velocity is defined as,

(2.10)
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w here fn is the natural frequency o f the structure and U m and D s are as in equation

(2.9). Although the reduced velocity is, strictly speaking, not the same as for the steady 

flow, it does seem to play a role in the vortex induced vibrations in oscillating flows. 

Another parameter, the frequency ratio fn/fw is also important in describing the lock-on 

and the amplitude and frequency response. Note that there is a relationship between 

these three param eters, KC, Vr and fn/fw> as can be seen from equations (2.9) and

(2 . 10),

KC = V r • f n/ f w (2.11)

This problem is not as well understood as in steady flows because more parameters are 

involved and their relative im portance is not well studied. Test results from  various 

workers are correlated in different ways, making it difficult to compare directly their 

data.

Sarpkaya and Rajabi (1979) showed that perfect lock-on occurred at Vr = 5.5 for a 

flexibly mounted rigid cylinder in oscillating harmonic flow. The shedding frequency, 

fv, was equal to the natural frequency of a cylinder fn at and only at perfect lock-on. 

But the effects of fn/fw ratio and KC on vortex induced vibrations and lock-on were not 

mentioned.

Jacobsen et al (1984) also studied a spring mounted rigid pipe in harmonic flows. The 

Re tested was from  0.5x10^ to 1 .7 x 1 0 6 . They showed that lock-on could happen 

during only some parts o f the time in one half o f the oscillating cycle, at the rest of the 

half cycle the vibration decays. In these tests, the frequency ratios were large (over 6 ). 

This seemed to suggest that the instantaneous reduced velocity might be important in 

the occurrence of lock-on, at least for cases with large frequency ratios. The maximum 

amplitude o f vibration at lock-on was shown to occur between Vr values of 5 to 6 . It 

increased w ith increasing KC, but was always low er than that in steady flows. 

However, at higher Vr values (larger than 9) the response did not reduce to zero as in 

steady flows but remained quite high.

M cConnell and Park (1982) tested a harmonically oscillated flexibly m ounted rigid 

cylinder in still water. The cylinder was at first kept stationary in the transverse 

direction and lift forces were measured. Then the cylinder was allowed to respond to 

the flows so that the measured response information could be compared with the lift 

force information. The KC number ranged from 37 to 50, and fn/fw ratio from 4 to 11. 

It was found that the cylinder response altered the relative frequency contents of the lift
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force for the stationary cylinder. A lock-on phenomenon appeared to occur with large 

amplitude response for 4.4< Vr <6 .6 . They believed that the reduced velocity was a 

significant parameter to characterize general regions o f behaviour, because it correlated 

the response data well.

Sum er and Fredsoe (1988) oscillated harm onically sm ooth and roughened rigid 

cylinders which were flexibly mounted in still water with Re numbers both higher and 

lower than the critical Re number. The tests covered KC numbers from  10 to 100, and 

reduced velocity from 0 to 16. It was found that the num ber o f vibrations per cycle in 

the transverse direction was an integer multiple of the oscillating frequency. In contrast 

to the steady flow case, lock-on occurred not once but several tim es at different Vr 

regions. It was also found that the vibrations at high Re numbers can be markedly 

different from those at low Re numbers corresponding to the subcritical flow regime 

(Re< 2 .8x l05). It should be pointed out that the number o f vibrations per cycle was not 

necessarily the same as the vibration frequency since these responses were generally 

not steady state harmonic vibrations.

More recently, Bearman and M ackwood (1991) carried out tests on a cantilevered rigid 

cylinder in oscillating flows generated in an U-tube. The measurements were made for 

a range of KC number up to 50, fn/fw  from  1.79 to 3.5. The transverse response 

versus KC num ber varied considerably with frequency ratio. In all cases a peak 

response was noted, its magnitude and position depended upon the frequency ratio. At 

peak response the dominant oscillation frequency was always some integer multiple of 

the flow frequency irrespective o f the cylinder natural frequency, whilst the value of 

this integer is determined by both the KC number and the frequency ratio. In spite of 

this finding, the test data seemed to be better correlated by the reduced velocity as 

shown in Figure 2.6. The peak response appeared to occur at Vr around 6 , with the 

exception o f low fn/fw cases (1.79 and 2.01). The smallest peak response was recorded 

for a frequency ratio o f exactly 2 , which is not expected.

In the foregoing, only one mode o f vibration could possibly be excited because o f the 

experiment arrangements. In order to understand the vortex induced vibration problems 

o f marine risers whose natural frequencies are closely spaced, tests on slender cylinders 

with several modes being possibly excited are needed to study the modal interaction 

behaviours.
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iv Regular waves

Vortex induced vibrations in waves are more complex than those in uniform oscillating 

flows, because wave particle motion is orbital and its velocity reduces exponentially 

with depth, causing variations o f Keulegan-Carpenter num ber and reduced velocity 

with depth. In the following discussion, the KC number and Vr denote those measured 

at top of a vertical cylinder.

The effects o f the orbital fluid particle motion in w aves on vortex shedding of 

horizontal or inclined cylinders were extensively described by Pearcey (1979) for 

stationary cylinders. W hile experim ental work on vertical flexibly m ounted or 

cantilevered cylinders in waves have been reported by various workers, Verley and 

Every (1977), Zedan et al (1981) and M aull and Kaye (1988). As in oscillating flows, 

parameters like Vr, fn/fw and KC were found important in determining frequency and 

amplitude responses.

Verley and Every (1977) carried out a model scale test on a vertical flexible cylinder in 

waves. The KC number tested was up to 25 and Vr up to 6 . It was dem onstrated that 

the onset of transverse vibration was Vr> l,  and Vr was the most important parameter in 

determining the amplitude response. They also showed that fn/fw had an im portant 

effect on the amplitude response.

Zedan et al (1981) performed a similar test at a larger scale, with Re number ranging 

from 3.6x104 to 7.0X104 , KC number from 10 to 14.3, and the reduced velocity from 

4.7 to 7.7. It was observed that a pair o f vortices were shed each time a wave crest or 

trough passed the pile, for the KC range tested. They then concluded that the vortex 

shedding frequencies were tw ice the wave frequencies. H ence when the natural 

frequency fn approached the shedding frequency fv, lock-on occurred. At lock-on the 

transverse vibration amplitude was large. It was shown that this amplitude had one or 

two peaks, one at Vr around 5.6 and the other at a slightly higher Vr value depending 

upon the water depth param eter o f the wave. The reason for this two-peak behaviour 

was not clear.

Maull and Kaye (1988) also tested a vertical flexibly mounted rigid cylinder in waves. 

The KC number covered a range from 5 to 20, the frequency ratio fn/fw up to 3.2. It 

was found from the test data that the largest transverse response occurred when the 

frequency ratio fn/fw is about 2. It was also shown that at fn/fw=2, the onset of the
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response started at KC=5 (Vr=2.5), and the amplitude increased with the KC number 

for up to KC=17 (Vr =8.5).

Bruschi et al (1989) carried out field tests on large scale horizontal cylinders with its 

axis parallel to wave crest. The KC range tested was up to 200 and Vr up to 15. It was 

evident from the data that the transverse oscillations were at the natural frequency of the 

cylinder, and the responses were the result o f short duration synchronizing events, 

always less than half a wave period, follow ed by dam ped motion. This was more 

evident for cylinders with large fn/fw- This seems to suggest that the instantaneous 

reduced velocity is the param eter which determines lock-on rather than the maximum 

reduced velocity Vr.

In general, the Keulegan-Carpenter number represents the time available for vortices to 

be shed, the frequency ratio fn/fw influences the phase between vibration and vortex 

shedding, and the reduced velocity determines whether the vortex shedding frequency 

is adequately close to the cylinder natural frequency for lock-on to occur. The water 

depth parameter kd is an indication of the degree o f shear o f wave flows and hence the 

extent of lock-on. While the reduced damping ks may be important in determining the 

response amplitude. Systematic experim ental research on the effects o f these five 

param eters will provide a clearer picture of vortex induced vibration problem s in 

waves. Flow visualisation tests are very helpful since they allow the vortex shedding 

frequency, pattern and extent be observed directly.

The cylinders in the tests cited above were all so designed to be excited in their 

fundamental modes. Test conditions where more than one mode can be excited are 

needed to provide information on modal interactions both in time and along the cylinder 

length. So far only limited tests have been reported in this area, Lyons and Patel 

(1986), which are discussed in detail in Section 4.2.

v Combined coincident steady and oscillating or wavy flows

Since the vortex induced vibration problems in oscillating or wavy flows have not been 

fully understood, it is even more difficult to understand when it is superimposed with a 

steady current. Few model scale and field tests have been reported on this matter, 

Jacobsen et al (1984), Tsahalis (1984) and Bruschi et al (1989).

Tsahalis (1984) conducted tests on a model scale cylinder subject to combined action of 

currents and wavy flows. The cylinder was flexibly mounted in the horizontal direction
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with its axis parallel to the wave crest. The wave was o f a KC num ber of 20, a 

frequency ratio o f 8 .8 , thus a reduced velocity o f 2.3. It represented a weak wave and 

was superim posed on to currents with various values o f reduced velocity Vr. It was 

found that the presence of the wave reduced the peak response amplitude, which occurs 

at a Vr about 7, but broadened the range of reduced velocity o f the current, over which 

lock-on happens, compared with current only case.

Jacobsen et al (1984) carried out tests with currents o f reduced velocity of 1.1 and 3.3 

superim posed on to waves of various KC numbers up to 100. It was shown that both 

the low and high current velocity led to significant changes o f the response curves for 

wave alone cases. Larger vibration amplitudes were measured for the lower velocity 

current for almost all reduced velocities o f waves. W hile radical changes in the 

response curves were introduced by the higher velocity current, with the maximum 

response peak disappearing and rms values being m ore constant within the reduced 

velocity range of waves investigated (2<Vr<9). A typical case was presented where the 

current with a reduced velocity of 1.1 was im posed on a wave with a reduced velocity 

o f 3.8. The result showed that large response am plitudes might built up in the half 

period, where the current and wave velocity com ponents acted in the same direction, 

and died out in the next half cycle, where they acted in the opposite direction. A close 

inspection o f the time traces o f the transverse response and the incident velocity 

suggests that the instantaneous reduced velocity determines the occurrence o f lock-on 

and response amplitudes.

Bruschi et al (1989) investigated the com bined action o f steady current and waves on 

the vortex induced vibrations of a horizontal pipe span near the sea-bed in a field test. 

The effects of the parameter U c/U m  was investigated, where U c is the current speed and 

U m is the maximum velocity of a wave. It is shown that the transverse vortex induced 

vibrations were unaffected by the presence o f superimposed waves when U c /U m > 4 . At 

l < U c / U m < 4 , the response retained the characteristics o f pure steady flows, but with 

reduced oscillation amplitudes. For U c /U m < l ,  the presence o f the current strongly 

affected the response behaviour compared with waves alone.

It is the author's opinion that the relative velocity ratio  Uc/U m alone could not 

characterise the problem. It should be studied together with the absolute values of the 

separate reduced velocities for the current and wave, and the frequency ratio fn/fw- For 

exam ple, it is believed that no vortex induced vibration could occur when fn/fw is 

smaller than unity in pure waves because the shedding frequency is always higher than
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fw . It is as yet unknown w hether it w ill be excited when a steady current is 

superimposed on to the wave.

2 . 1 . 2  Vortex induced vibration analysis models

Many theoretical and empirical analysis models have been developed to simulate the 

vortex induced vibrations of slender cylindrical bodies, and to reproduce some (not all 

at the present time) o f the observed phenom ena such as lock-on and self-lim ited 

response o f vortex induced vibrations.

The nonlinear wake oscillator model initially proposed by Bishop and Hassan (1964) 

and pursued by others including Blevins (1977), and H arden and Currie (1970) is 

based on a modified Van der Pol equation, whose solution and applications are given in 

Nayfeh and M ook (1979). This has been developed because it exhibits many o f the 

features o f interaction between the structure and its w ake at resonance. M odel 

parameters must be determined from curve fitting o f experimental data. Some success 

has been achieved using this method for steady flow. Nordgren (1982) applied Iwan 

and Blevins' (1974) version o f this model, with riser equations derived from the theory 

o f elastic rods. He applied a strip theory approach with the vortex model acting only on 

the portion o f the riser exposed to a current which varied with depth. It is not apparent 

that this analysis accounted for the effects of the limited spatial extent of lock-on and the 

fluid dam ping o f inactive elements. Iwan (1981) developed a model to predict the 

vortex induced response in sheared flows and more generally, non-uniform systems 

where lock-on regions were a portion o f a whole cylinder. Energy was assumed to be 

fed into the structure from the flow in lock-on regions while outside the lock-on regions 

hydrodynamic damping force acted and contributed to the total damping. The model for 

uniform flows by Iwan (1975) was extended to non-uniform  systems by using an 

effective m ass ratio and effective dam ping ratio for the calculation o f the reduced 

dam ping param eter ks in equation (2.6). It was assumed in the model that only one 

mode dom inated the response. It was, however, not stated in the model how to 

determ ine the extent of lock-on regions in sheared flows, which is crucial to the 

application o f the model. Lyons and Patel (1986) extended Iw an’s model (1981) to 

simulate multi-modal vortex induced vibrations o f  tensioned risers under com bined 

action o f current, wave and surface vessel motion. A scheme to locate lock-on regions 

for each mode which is locked-on was proposed, and a verification of the prediction 

model was made by comparing with the experimental results, Lyons and Patel (1986).
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The correlation model developed by Blevins and Burton (1976) and Kennedy and 

Vandiver (1979) is a specialised dynamic analysis using random vibration theory based 

on a representative span-wise correlation and cylinder amplitude dependence of vortex 

induced forces. Experimental data on correlation lengths and lift functions or resonant 

cylinder vibration amplitudes are used to determine model parameters. This approach is 

useful in making predictions o f non-resonant response conditions which may occur at 

low amplitudes o f vibration where it is probably superior to the wake oscillator model. 

However, existing data is lim ited to steady uniform flow conditions. The validity for 

s traight-forw ard extensions to non-steady or non-uniform  flow  conditions is 

questionable, especially in respect o f correlation length parameters. Whitney and Nikkei 

(1983) applied this method to uniform and sheared flows. Their results for uniform 

flow compare well with laboratory and field tests. However, they were not able to 

conclusively validate their predictions for sheared flow.

Chung (1987) developed an analysis model for non-lock-on responses o f very long 

pipes or cables in shear flows. It was based on the experimental findings of Kim et al

(1985) that no standing wave response in any mode was likely for long cables in shear 

flows owing to the high hydrodynamic dam ping along the length. M odal analysis is 

then not suitable. The G reen’s function approach was adopted to model the structural 

responses. A random excitation model was defined such that at any location the lift 

force had a bandlim ited spectrum  centred on the dom inant local vortex shedding 

frequency, and this local spectrum was correlated to that at neighbouring locations by a 

spatial correlation function. The hydrodynamic damping for a mode was evaluated over 

the non-excitation regions of the cable considering the vortex shedding effects. This 

model is only suitable for cases with linear shear flows and without lock-on. Also the 

choice of the excitation region, taken as the correlation length was not justified and did 

not take the interaction betw een vortex shedding and the cable m otion into 

consideration.

Empirical models based on measured fluid dynamic force coefficients have been used to 

predict resonant transverse vibrations in steady flow, Sarpkaya and Isaacson (1981), 

and harmonic flow, Rajabi (1979), Zedan and Rajabi (1981) and Rajabi et al (1984). 

Rajabi et al (1984) applied em pirical correlations for lift coefficients and shedding 

frequencies to an analytic frequency domain model for vortex induced vibration o f 

risers. It assumes lock-on with one mode and perfect vortex correlation along the 
length. It makes use of the relationship between a lift amplification parameter

and K C /K C *, w here KC* is K eu legan -C arpen te r num ber KC at perfect 

synchronisation, with KC defined in equation (2.9). K C/KC* is equal to the
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corresponding ratio o f reduced velocities Vr/V r*, CLo is the lift coefficient o f a

stationary cylinder and is a function o f Reynolds number. This relationship is 
analogous to that of Ymax/D versus Vr shown in Figure 2.3. Apparently this model 

takes no account of the influence of one mode upon another nor of the consequences of 

the limited spatial extent of lock-on.

A statistical vortex shedding linear model based upon flow -oscillator governing 

equations has been developed by Benaroya and Lepore (1983). This uses a variation of 

the H arden and Currie (1970) uniform flow model developed by Landl (1975) which 

introduces a fifth order fluid dynamic damping term to account for the hysteresis effect 

and the cases of soft and hard excitation. Hard excitation refers to a reduced velocity 

range for which two stable states are possible for one value o f reduced velocity; the 

position of rest and a vibration of finite amplitude. To get an oscillation from rest in this 

case, it is necessary for an external disturbance to exceed a certain displacem ent 

threshold. In the case o f soft excitation, the rest position is unstable so that an 

oscillation is always generated. The statistical m odel assum es perfect spanwise 

correlation of the flow and, therefore, is not in this form fully applicable to the varying 

flow cases to which risers are generally subjected.

Other methods such as discrete vortex models and numerical solutions o f the time 

dependent Navier-Stokes equations in the presence o f an oscillating cylinder are 

com putationally expensive for the results obtainable. Sarpkaya and Shoaff (1979) 

developed a com prehensive discrete vortex m odel based on potential flow  and 

boundary layer interaction, rediscretisation o f the shear layers, and circulation 

dissipation to determine the characteristics of an impulsively started flow. The evolution 

of the flow from start to large times, lift and drag forces, Strouhal number, oscillations 

of the stagnation and separation points and the vortex street characteristics, were all 

calculated and found to be in good agreement with experiment. This numerical model 

was then applied to flow about a transversely oscillating cylinder. It produced many of 

the experimentally observed features o f the lock-on phenomenon. Apparently it took 

about three hours of computer time on a CDC-6600 to reach a steady state equivalent to 

a simulated time of 400 seconds. W hilst such a m odel provides a useful tool for 

numerical experiments to investigate the underlying physics of vortex shedding and 

associated vibration, it does not in this form provide a method o f simulating the vortex 

induced vibration response of tethers or risers for engineering design purposes.

M ore recently , Skom edal et al (1989) developed a num erical m ethod for the 

com putation o f vortex shedding induced vibrations in the time domain. A discrete
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vortex m ethod originally developed by Stansby and Dixon (1983) was adopted to 

calculate the flow field around a circular cylinder, which was based on operator 

splitting, random  walk and vortex-in-cell techniques. The hydrodynamic forces were 

calculated for any time-step with the knowledge of the flow field obtained, and the 

m otions of the cylinder for the next time-step were then obtained using a separate 

structural analysis module. The discrete vortex method was a two-dimensional model 

which assum ed fully correlated vortex shedding spanwise. This did not represent the 

flow correctly  as vortices are shed in cells and are not perfectly coherent. This 

shortcom ing o f the two-dimensional method was overcome by dividing the cylinder 

length into sections, and the fluid loads were calculated for each section. The fluid 

loads were assumed fully correlated within each section but not correlated at all between 

sections at the beginning of the simulation. As the cylinder started to respond, the fluid 

loads w ere regulated  by the cylinder response in their m odel and the spanwise 

correlation was then increased. The com putation m ethod gave results in close 

agreement with experimental results. The length of the sections should be comparable 

to the length o f vortex cells. However, this requires large number o f sections and is 

very inefficient in terms o f com puter time if the cylinder is o f large length to diameter 

ratio.

2 . 1 . 3  Vortex induced vibrations of catenary risers

Published observations or measurements of vortex shedding induced vibrations of 

catenary flexible risers in either model scale or in service are sparse. Lopes et al (1990) 

measured the tensile forces at several locations on a simple catenary riser in 387m water 

depth in the Cam pos Basin, offshore Brazil. It was reported that the dynam ic 

components o f tension caused by vortex induced vibration were of the same order of 

magnitude as that caused by heave and roll motions of a completion vessel. Hartnup et 

al (1987) carried out a series o f tests on a Lazy-S type catenary riser model subject to 

uniform currents or waves with the flow coming in the riser plane, transverse to it or 

with a 45° angle to it. A video recording was made and high frequency vortex induced 

vibrations were observed for m ost o f the test conditions. The details o f the tests are 

given in Section 4.4.

Few analysis m odels have been developed on the subject. Zare and D atta (1988) 

proposed a method to calculate vortex induced vibration of a Lazy-S riser subjected to 

an in-plane or a norm al-to-plane current. They assum ed that vortex shedding is 

monoharmonic at lock-on and the entire riser length is locked-on to one mode. A lift
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force was used as loading on the entire riser length. They predicted a vibration with a 

maximum amplitude of three diameters for an in-plane current case and five diameters 

for a normal-to-plane current case. This is not thought to be realistic because vortex 

induced vibration is self-limiting, and when the response amplitude exceeds about two 

diameters, the well formed vortex street breaks down, Griffin and Ramberg (1974).

Teigen et al (1990) used a random vortex method developed by Skomedal et al (1989) 

to calculate the coupled in-line and transverse responses o f a simple catenary riser 

subject to combined shear current and waves in 140m water. The time domain solution 

predicted a maximum transverse displacement o f 1.6D at a position 50m below water 

surface. No detailed discussion was given.
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2 .2  Structural damping

2 . 2 . 1  Mathematical models of material damping

A substantial amount of research for this general subject has been carried out. Nashif et 

al (1985), Lazan (1968) and Bert (1973), gave extensive review s of mathematical 

m odels o f m aterial dam ping and their engineering applications. The physical 

micromechanisms of energy losses in materials are only partly understood, especially 

for non-metallic materials, according to Bert (1973). Various mathematical models have 

been developed based on experimental measurements.

Let us first consider the energy loss o f a viscous or hysteretic damping in a single- 

degree-of-freedom system,

M x + F , +  Kx = F fte ifl)t
d 0 (2.12)

where M, K are the mass and stiffness o f the system, Fd is the damping force, Fo and 

co are the amplitude and frequency o f a sinusoidal exciting force.

The most popular model of the damping forces is the viscous damping,

F d =  c * (2 .13 )

Its easy treatment in mathematics and meaningful explanation o f the solutions for both 

free and forced vibrations makes it a widely used model. The steady state solution of 

equation (2 .1 2 ) with a viscous damping force of equation (2.13) is given as,

i (cot-<j>)x = x „e
0 (2.14)

where <j> is a phase lag.

When calculating the energy dissipated per cycle, only the real or imaginary parts o f Fd 

and x are used rather than their complex expressions. Thus we temporarily use

x = x ncos(cot -  <J>)
0 v (2.15)

The energy dissipated per cycle of oscillation by the viscous damping force is given as
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,x d t  =  71CC0X
(2.16)

Ud is proportional to the frequency of the motion and approaches to zero at very low 

frequency.

However, Kimball and Lovell (1927), according to Bert (1973), first found that for 

many materials Ud depends on the displacement amplitude but not the frequency,

where Cd’ is a frequency independent constant. This led to the introduction o f the 

hysteretic damping model. By replacing the constant c in equations (2.13) by h/co, the 

hysteretic damping force is given as

where co is the frequency of the exciting force and h is a constant. The energy 

dissipation per cycle in equation (2.16) then becomes

which is largely independent of the vibration frequency.

The equation for forced motion of the system with hysteretic dam ping force then 

becomes

By introducing a dim ensionless param eter rj, called material loss factor, it can be 

rewritten as

(2.17)

(2.18)

U . = 7th x .̂ a 0 (2.19)

M x + T1̂ 'X  + Kx = f ^ e *031 

where r| =

(2 .21)

(2.22)
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There are other forms of hysteretic damping, which are discussed in Bert (1973) and 

not pursued further herein.

A measure of the damping level o f a system when subject to harmonic motions is the 

system loss factor defined as,

„ u d
B < 2kV  (2.23)

where Ud is the energy dissipated per cycle and V is the total energy in the system,

V = —K x 2
2 K X 0 (2.24)

By substituting equations (2.19) and (2.24) into (2.23), the system loss factor o f a 

system with hysteretic damping is obtained as

n  S= 11 (2.25)

This means that for a single-degree-of-freedom system with pure material damping, its 

system  loss factor is equal to the material loss factor r\. It m ust be noted that r\ is 

actually frequency dependent for real materials as can be seen in data sheets provided 

by N ashif et al (1985), otherw ise a problem  of causality arises if  r\ is treated as 

constant, as pointed out by Scanlan (1970).

For conditions other than harmonic motions, the definition o f the frequency co in 

equation (2.18) becomes dubious and the definition o f the hysteretic damping has to be 

widened. In free vibrations, equation (2.21) becomes

M x +  T ) § x + K x = 0 ( 226)

where co is the damped free vibration frequency as in a solution o f the form 

x =  e^ l(A cos cot + Bsin cot) (2 27)

This is the form used herein although another form is discussed in Lancaster (1959).

The logarithmic decrement is calculated in Appendix V from equation (2.26) to be



W hen the loss factor r\ is much smaller than unity, the logarithmic decrement can be 

approximated as 5  *  7tr |.

The foregoing introduced the concept of viscous and hysteretic damping models. They 

are implemented into the constitutive equation o f a material so that damping is included 

as a property of the material. The constitutive equation describes the fundam ental 

stress-strain relation and determines the behaviour o f the material.

For a ideal linear elastic material, Hooke’s law gives

a = Ee

No energy is dissipated by this elastic material when it is subject to harmonic motions. 

W hereas there is energy loss for viscoelastic m aterials when undergoing harmonic 

motions. One of the simplest models of a viscoelastic solid is the Kelvin-Voigt model

a  = Ee + xEe (2.29i

where X is a constant, Flugge (1967). This model is equivalent to the viscous damping 

model in equation (2.13). It gives rise to a frequency-dependent energy loss per cycle 

in harm onic motions. As discussed above, this does not represent the dam ping 

behaviour of most materials.

A better representation is the model,

o  = Ee + — Ee ( 2  3Q)

where E and rj are the modulus and loss factor of a material, which are functions of 

frequency co. This model is equivalent to the hysteretic damping model in equation

(2.18). So both creep and relaxation behaviour and damping behaviour of a viscoelastic 

material are illustrated by the same constitutive equation.
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Although material damping may become nonlinear over some stress ranges for some 

materials, the linear damping model is usually sufficient to model material damping. 

The significance o f this nonlinearity form ed part o f the study and is discussed in 

Chapter 6 . Goodman (1976) argued that “for linear materials, the logarithmic decrement 
remains constant with stress level and is independent o f specimen shape”. This is 

shown to be not so for those structures where other forms of potential energy exist 

such as gravitational potential energy besides the bending energy. The influence of 

m aterial properties and physical dim ensions o f hom ogeneous free-hanging and 

tensioned pipes on m odal structural dam ping ratios is considered theoretically in 

Chapter 5 and experimentally in Chapter 6 .

2 . 2 . 2  Structural damping of cables

Cable-like structures such as overhead power transmission lines and marine risers are 

susceptible to vortex induced vibration. Structural damping is found to be important in 

lim iting the vibration am plitude. Structural dam ping of cables consists o f energy 

dissipation m echanisms such as material dam ping, Coulomb dam ping owing to dry 

friction force between components, end losses, and ambient fluid damping. Since there 

is no satisfactory modelling o f end losses at the present time, their presence makes 

experimental results of damping measurements difficult to interpret. Thus, in order to 

study experimentally the properties o f material dam ping and the Coulom b damping, 

which are the subject of this work, end losses needs to be minimised. This can be done 

by using rigid end connections in experim ents. The treatment o f the still air fluid 

damping is given in Section 6.2.2.

Conventionally, hysteretic damping is used to model structural damping o f cables. This 

will result in an erroneous dependence of total damping on displacement amplitude. The 

hysteretic damping models the material damping well for materially linear structures 

whose energy dissipation per cycle is proportional to the square of the amplitude, but it 

does not model the Coulomb damping and fluid dam ping well. The energy dissipated 

by the Coulomb damping is a complicated function of amplitude. As a cable is deflected 

the helical components of the cable are deformed and they tend to slip against each other 

and adjacent layers. Slip occurs in regions where the static frictional force is overcome. 

As the cable is deflected further, the slip regions propagate. Vibrational energy is then 

dissipated as the work is done by the dry friction force over the slip distance. Various 

theoretical models are available to calculate the slip in cables, Vinogradov and Atatekin

(1986), and in flexible marine risers, Feret and Boumazel (1987) and Tan et al (1991).
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In spite of the different approaches used, they all predict, to the first order, slip distance 

to be proportional to the bending curvature. However, the models can not be readily 

applied to calculate energy loss because of the uncertainties in determining the contact 

pressure and the slip regions, as discussed in Section 5.4.2.

To date, reported data in the public domain on structural damping of flexible pipes is 

sparse. However, a large amount of experimental measurements for stranded cables 

and power transm ission lines are available, Yu (1952), H ard and Holben (1967), 

Claren and Diana (1969), and Seppa (1971). Although these structures are different to 

flexible pipes in size, their structural dam ping behaviours are similar in nature. The 

dependence of the self-damping of cables on tension, mode order, vibration amplitude, 

span length, number of strands and fatigue wear history has been investigated.

Yu (1952) performed free-decay tests using untensioned stranded cables and single 

wires. He concluded that the material dam ping (the internal friction o f the wire 

materials) was negligible and the Coulom b dam ping resulting from interstrand dry 

friction was dominant. Also the energy dissipated per cycle was found to be a linear 

function of amplitude. He also found that greater number of wires in stranded cables 

provided higher damping capacity.

Hard and Holben (1967) measured the decay rates o f tensioned cables using the free 

decay method. They found that the length of the test span had no effect on the observed 

logarithm ic decrement. The decay rates were quite constant over a wide range of 

vibration amplitudes. The decay rates were found to decrease as the tension was raised, 

and approach those of monofilament spans at high tensions.

Claren and D iana (1969) used the forced vibration m ethod to obtain the energy 

dissipation of tensioned cables by measuring the energy input per cycle while keeping 

the oscillation amplitude constant. They found that there was no coupling between 

modes owing to damping. The energy dissipated per cycle E r could be expressed 

approximately by

E r = c • A ,- X r3 (2.31)

where Ar was the antinode vibration amplitude, XT was the wavelength of the r1*1 mode 

and c was a constant independent o f the frequency and o f the cable tensile load. The 

tests were performed on pivoted and on fixed ends. They argued that at small vibration 

amplitudes the end losses could be estimated to be irrelevant with respect to the energy
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dissipated  by the w hole span. They also reported  that energy dissipation was 

proportional to span length.

Seppa (1971) measured self-damping of tensioned cables by measuring the energy input 

into the system by a shaker in forced vibrations and by the standing w ave ratio 

technique. He pointed out that the endpoint dam ping (cable near ends) m ust be 

separated from the total damping so that it did not overshadow the free-span damping. 

The difference between spans near and away from the ends laid in their different 

bending curvature levels, being significantly higher at areas near the ends. In these 

tests, the tension ranged from 9% to 36% of rated strength and the maximum amplitude 

to wave length ratio was Afk  = 1.2 x 10'3. The energy dissipation per cycle in the free- 

span was approximated as

AW =  c ■ f3 ■ T -1  • (60 x 360 x - £ - ) 3
X (2.32)

where AW is the ffee-span damping, mW/m

c is a constant, about 6.5 xlO -6 for ACSR “Drake” (a power transmission cable) 

f  is frequency, Hz

T is tension, % of rated strength 139200 N 

Afk  is the antinode amplitude to wave length ratio.

This formula indicated that the energy dissipated per unit length per cycle by the free- 

span was inversely proportional to tension and proportional to the cube of amplitude. 

He also mentioned that under tensions higher than 15% of rated strength, the bending 

rigidity measured was very close to its theoretical value implying no slipping between 

strands.

Ramberg and Griffin (1977) measured logarithmic decrement o f slack and taut cables. 

They also found that the measured logarithmic decrements, 8 , o f the cables decreased 

as tension was increased. From their results, a difference of an order of magnitude in 8  

was apparent for slack and taut cables. The damping logarithmic decrements were also 

found to be amplitude dependent. Pinned cable terminations were used and they argued 

that this minimized support losses.

These findings added to the body o f know ledge of structural dam ping o f cable 

structures. However, some of their results were seemingly contrary to each other and in 

variance with what the foregoing mathematics model describes. This is thought to result 

partly from the different methods and test conditions they used and partly from the fact
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that there are so many uncertainties involved as discussed in Section 5.4.2, and 

experimental errors exist.

The situation may be clarified if  the relative im portance o f material dam ping and 

Coulom b dam ping can be discerned. Tw o im portant param eters were tension and 

amplitude (or amplitude to wave length ratio) which determine whether there is slip. At 

very high tension, contact pressure between strands was so high that no slip took place 

for small amplitude vibration as indicated by Hard and Holben (1967) and Seppa (1971). 

In this case, the dominant dam ping source was then m aterial damping. The energy 

dissipations per cycle measured by Claren and Diana (1969) and Seppa (1971) were very 

likely com posed o f mainly material dam ping so that the energy dissipations were 

proportional to the square and cube o f the displacem ent amplitude. A linear material 

(hysteretic) dam ping model also predicts an energy dissipation proportional to the 

square o f amplitude as in equation (2.19). In the tests o f Yu (1952) no tension was 

applied and Coulomb damping dominated. The measured energy loss was a linear 

function o f amplitude, which is a feature o f Coulomb dam ping. The dependence o f 

energy loss on tension as given by Seppa (1971) in equation (2.32) cannot be 

explained. W hile the finding o f Hard and Holben (1967) that the decay rate decreased 

when tension was raised was in agreement with the mathematical model presented in 

Section 5.3.

The strong dependence o f energy dissipation on frequency in the test results o f Claren 

and D iana (1969) and Seppa (1971) is surprising. Neither the Coulomb damping nor 

the m aterial (hysteretic) dam ping is strongly frequency dependent. Yu (1952) also 

performed static tests on structural damping o f cables and concluded that frequency had 

no effects on energy dissipation. Also, the test results o f Ram berg and Griffin (1977) 

were likely to be masked by the end losses from pivoted ends as will be discussed in 

Section 6.3.2.

One conclusion that can be drawn from the above discussion is that damping behaviour 

o f stranded cables is complex and test conditions must be reported fully. Care must be 

taken to eliminate end losses which contaminate the measured damping.
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2 .3  Vortex cells and flow visualisation techniques

2 . 3 . 1  Vortex cells

Vortices are known to shed in cells behind a stationary cylinder in uniform flow. The 

length of cells depends on many parameters such as Reynolds number, length/diameter 

ratio, end conditions, surface roughness and turbulence. M easurem ents o f the cell 

length by various researchers, compiled by King (1977), showed that cell length was 

about several cylinder diameters.

When a cylinder vibrates (either owing to vortex induced vibration or external forcing), 

the spanwise length o f vortex cells increases com pared with a stationary cylinder, 

Koopman (1967). At lock-on during vortex induced vibrations, the length reaches its 

maximum. Since the vortices are shed in cells the forces acting on a cylinder are not in 

phase with each other. This results in a reduction in the net oscillating force. The larger 

the cell length, the higher the vortex induced vibration amplitude.

In shear flow, there may exist several lock-on regions associated with different flow 

velocities. Stansby (1976) used two hot-w ire probes to exam ine the spanw ise 

coherence of wake velocities behind stationary and oscillating cylinders in linear shear 

flows. A probe was fixed in the wake and the other was moved along the length of a 

cylinder. If the velocities at two points are in phase, then the two points belong to one 

cell. He found that vortices were shed in cells with different frequencies in shear flow 

as shown in Figure 2.7.

In oscillating flow, little is known about the spanwise coherence of vortex shedding. 

This is more so for a non-uniform structure under com bined action o f shear flow, 

surface vessel motion and wave. The whole length o f a cylinder can be considered as 

being divided into several sections, each corresponding to a vortex cell whose shedding 

frequency may be locked on to one of the natural frequencies of the cylinder. However, 

the criteria for determining the boundaries of those cells and how they vary in time are 

yet not clear. Row  visualisation is a direct way to provide information on this matter.

2 . 3 . 2  Flow visualisation techniques

Flow visualisation techniques used for incom pressible flow s are described by 

Merzkirch (1974). Foreign particles such as dye, smoke, vapour, tufts are all often used
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to show the flow pattern and measure velocity. Also electrolytic and electric controlled 

methods, such as the hydrogen bubble method, are widely used.

Griffin and Ramberg (1982) used liquid particle aerosols in a wind tunnel to visualise 

the vortex street behind a cylinder vibrating in line with flow. At a Reynolds number of 

190, a well defined vortex street was obtained. They used only one sheet which was 

normal to the cylinder axis. If they had used more sheets or let the sheet be parallel to 

the cylinder axis, the vortex cell pattern might have been observed.

The hydrogen bubble technique was first developed by Clutter and Smith (1961) and 

has been widely used since then by Merzkirch (1974), Asanuma (1977), Schraub et al 

(1965) and Clayton and Massey (1967). A typical electric circuit and experiment set-up 

are shown in Figures 2.8 and 2.9. The hydrogen bubble method has many advantages 

over other flow visualisation methods as summarised by Clutter and Smith (1961). The 

hydrogen bubbles are easily produced in the flow at any location. They may be pulsed 

and timed so qualitative analysis of velocity can be made. They do not disturb the flow 

being visualised owing to their small sizes. The bubbles do not contaminate the flow 

medium as much as dye, tellurium and smoke do, so the method can be used in closed 

circuit and oscillating flows. Unlike filaments o f smoke or dye, the bubbles do not lose 

their identity in wakes or turbulent flow. The technique is applicable to unsteady as well 

as steady flow. The major drawback o f the method lies in the great difference between 

the density of bubbles and water. However, the bubbles are small enough for their rate 

o f rise to be only a small proportion of the mean stream  velocity o f the water. 

G enerally, the flow speed is restricted from 0.03 to 3 m/s. The wire is made o f 

platinum or stainless steel with diameters from 0.01 mm to 0.02 mm. If the wire is not 

fine enough, the bubbles formed will be too big and not uniform and the wire will 

disturb the flow. The quality and density of the bubbles are controlled by the voltage 

and current applied on the wire. Tap water gives acceptable results. Other parameters 

such as the current and voltage applied on a wire are determined by trial and error to 

give best results in a particular test. Clutter and Smith (1961) suggested the current be

1.0 to 3.3 amp per metre of exposed wire. Illumination of the bubbles is critical. They 

are best seen against a dark background. Clutter and Smith (1961) and Schraub et al 

(1965) all found that for best results, the angle a  in Figure 2.9 should be about 65°. A 

combined time-streak line technique was developed by Schraub et al (1965) to yield 

both time lines and streak lines which enabled one to perform quantitative analysis o f a 

velocity field. An example is shown in Figure 2.10.
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A new technique, particle im age velocim etry, has been developed recently  by 

researchers in the Department of Offshore Engineering at Heriot-Watt University, Grant 

and Lyons (1989). A laser beam is used to illuminate foreign particles in an air or water 

flow. The laser is pulsed and multiple images o f the flow are recorded by a camera. 

Evaluation of the flow field is done automatically. This technique has been proven to be 

effective in visualising unsteady flows such as a wake behind a model TLP platform.
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Chapter 3 Theoretical Modelling of Vortex Induced Vibrations

3 .1  Introduction

In this chapter, a vortex induced vibrations prediction model for vertical tensioned 

risers in steady flows is presented and extended to more general unsteady flows. The 

model is then further extended to catenary flexible risers, taking their characteristics into 

consideration. Only the transverse response is modelled. The in-line response is less 

important and thus not considered herein.

3 . 1 . 1  A general prediction model

M ost o f the vortex induced vibration prediction models which have been developed 

adopt the forced vibration approach, ie, first calculate the lift force on pipe elements 

owing to the vortex shedding, and then the response. The weakest link in this approach 

is the modelling of the hydrodynamic forcing. Specifically, the value o f lift coefficient 

C l to use under separated or combined action o f wave and current and its correlation 

along the riser length have not been well understood.

The methodology of the model presented here is to utilise an im portant phenomenon 

that the vortex induced vibration is a self-sustained dynamic system, and a large amount 

o f experimental data has been built up over the past decades on the maximum response 

amplitude. The maximum possible amplitude is obtained based on the knowledge o f the 

relative velocity profile only and thus avoids the requirem ent o f knowledge o f the 

details of the lift force.

Iwan (1975) developed a model to analyse the vortex induced vibrations of an uniform 

cylinder in an uniform  steady flow. The m odel predicts the m axim um  possible 

amplitude as,

Y .„  _  a . V m  Y.

D 2 jc’ s V ,C .

where a i, a2 and a4 are constants whose values are determ ined by the inform ation 

obtained from stationary and forced oscillating cylinders, S is the Strouhal number, yn

a , - a 4 a ;

aj J i2Sn. t C„ C3.n
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is the mode shape factor given as,

1/2

jo^ n (x)dx

Jo (x)dx
(3.2)

in which £ n 0 0  is the mode shape, is the modal structural damping ratio and |ir is the 

mass ratio,

p  • 7 iD 2/ 4 (3.3)

where m  is the mass per unit length.

Notice that the dependence o f the m axim um  response am plitude on the term  p r£n, 

which is proportional to the reduced damping param eter in equation (2.3), is derived 

naturally from the theoretical model. The prediction agrees well with the experimental 

data as shown in Figure 2.5. To collapse the experim ental data better, em pirical 

formulae have been proposed which are given in Section 2.1.1. Iwan (1975) suggested

where yn> M-r and are the same as in equation (3.1). That is to say that the maximum 

response amplitude can be predicted by equation (3.4), using the parameters evaluated 

from the theoretical model.

Iwan (1981) extended his model to apply to non-uniform  structural systems which 

allowed for only part o f the structure locking on to a mode. Two basic assumptions 

were made to derive maximum possible oscillation amplitude. Firstly, the incident flow 

was steady. Secondly, only one mode was excited over lock-on regions and elsewhere 

was considered passive and was subject to fluid hydrodynam ic dam ping which 

contributed to total damping. The maximum response amplitude was predicted as,

Y Y,
D

1 + 9 . 6 ( h , Q 1! ( 3 .4 )

Y . . .  _  a |~a , - a 4 |
1/2

(3.5)
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in which Yn rem ained the same as given by equation (3.2). Here, the mass ratio and 

structural damping ratio in equation (3.1) for uniform systems were replaced by their 

effective equivalents |irn and £nT in equation (3.5) owing to the limited extent o f lock- 

on regions in non-uniform systems.

The effective mass ratio was derived as 

v n
M" r =

p  • teD 2/ 4  ( 3 .6 )

where v n -  ~T
JQLm ( x ) ^ n (x)dx

Jos ( x ) ^  (x)dx (3  7)

f 1 fo r lo ck -o n  reg io n s  
s(x) = j (3.8)

I 0  o t h e rw i s e

and the total damping is the sum of the structural damping and hydrodynamic damping 

t  2  (  C D( x ) p D ( x ) [ l - s ( x ) ] 5 , ( x ) d x
r =  r +  —  •  -------------------------------------------------- • y^  n * 5 0  O —  L 2 1  n n m

Jo m ( x ) ^ n (x)dx ^  9^

where Cd(x) is the local drag coefficient.

Later, Iwan (1981) used an empirical formula instead of equation (3.5), which is o f the 

form of equation (3.4)

with |i rn and £nT given in equations (3.6) and (3.9). Equations (3.10) and (3.9) need to 

be solved together. Both the effective mass |i rn and total damping £nT are increased 

com pared with the uniform  system case. This generally results in a reduction in 

response amplitude.

Lyons and Patel (1986) extended Iwan’s model to shear flows where many more modes 

may be excited. Furtherm ore, based on a practical consideration that in the ocean
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environm ent it is reasonable to expect the riser vortex shedding behaviour within a 

wave cycle to be very close to that observed in steady flow situation, they applied their 

prediction model for the combined action of current, wave and surface vessel motion to 

vertical tensioned risers. Experimental tests on vertically tensioned model pipes with 

prescribed top m otions in still w ater were conducted and results showed good 

agreement with the theoretical prediction, Lyons and Patel (1986). This validated the 

extension of the model from steady flow to unsteady flow for the conditions tested.

3 . 1 . 2  Features of catenary flexible risers

The problem  of vortex induced vibration as applied to flexible catenary risers has to 

date received less attention. Their geometries make the problem more com plicated in 

several aspects. The characteristics of the catenary risers are discussed as follows.

(1) Owing to the varying inclination of riser pipes, the relative velocity is generally 

sheared. This may lead to multi-modal response to vortex shedding. Besides, the 

three-dim ensional relative norm al flow decreases the level o f spanw ise 

correlation, and hence, the level of response.

(2) For vertical tensioned risers, the vortex induced response are the same regardless 

o f the flow direction. However, for catenary flexible risers, the response varies 

with the flow incident angle owing to their configurations. In a flow with an 

arbitrary incident angle, both in-plane and normal-to-plane modes may be excited 

at once, corresponding to the normal-to-plane and in-plane com ponents o f the 

relative fluid velocity normal to the riser pipe axis. The riser plane is marked in 

shadow in Figure 3.1. This means that the local vortex induced vibration is 

generally not perpendicular to the incident flow. Its effect on the response is to be 

investigated in this study.

(3) The natural frequencies of a catenary flexible riser are significantly lower than 

those of a vertically tensioned rigid riser in the same water depth. The first few 

natural frequencies may be even lower than the wave frequency. The vortex 

induced vibration behaviour o f these modes which have low frequency ratios 

(fn/fw < 2 ) has in the past not been as well studied as for frequency ratios larger 

than 2. This can be seen in Section 2.1.1 that most of the vortex induced vibration 

tests in oscillatory flows were carried out for frequency ratios larger than 2 .
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(4) The hydrodynamic behaviour o f buoys used in Lazy-S and Steep-S risers and its 

effects on the vortex induced vibrations o f the whole riser system have not been 

as well studied as for cylindrical bodies. W hile for Lazy-wave and Steep-wave 

risers, a buoyancy module has a larger diam eter than the rest o f the pipe. The 

vortex induced vibrations o f these risers, in term s o f instability criteria and 

response amplitude, will certainly be different from those with uniform diameters. 

These effects need to be taken into account when extending the vortex induced 

vibration prediction model to catenary flexible risers.
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3 .2  Prediction model for vertical risers in steady flows

3 . 2 . 1  Assumptions

The method pursued by Lyons and Patel (1986) is used as the basis for the analysis in 

this work. Some formulae used have been m odified based on the tw o governing 

equations for structure and fluid. The method invokes the following assumptions:

(a) The vortex shedding phenomenon is dependent on the normal velocity o f relative 

flow.

(b) Transverse vibration for any mode is approximated to begin at a reduced velocity 

of 4, reach a maximum at 6 and cease beyond 10.

(c) The amplitudes of vibration for each mode may be calculated with the modified 

form o f a scheme devised by Iwan (1981) described below where the regions of 

excitation are those defined in (b).

(d) Regions exciting higher modes do not excite lower modes, ie, modal priority of 

higher modes occurs.

(e) The drag coefficient, which will vary with time and along the length, is fixed for 

computational simplicity.

(f) The added mass coefficient, which is also likely to vary with time and along the 

length, is fixed at 1.0.

(g) Lock-on frequencies do not vary from the natural frequencies o f the riser.

These are basic assum ptions for vortex shedding induced vibration o f straight 

cylindrical bodies such as tensioned rigid risers in steady flows. Some of these such as

(b) and (e) can be refined using existing experimental data and assumption (d) needs to 

be validated, ideally through flow visualisation. Further assumptions are made when 

extending this model to account for oscillatory flows and catenary flexible risers, which 

will be discussed later.
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3 .2 .2  G o v ern in g  e q u a tio n s  a n d  so lu tio n

Bearing in mind the features o f catenary flexible risers, the governing equations are 

derived for the case where a tensioned riser is restricted to vibrate in only one direction. 

This direction makes an angle with the incident flow, which is denoted as (3, as shown 

in Figure A I.l. For a rigid riser w ithout this restriction, the transverse response to 

vortex induced lift force is perpendicular to the incident flow, ie, (3=90°. To be general, 

(3 is retained in the analysis. The detailed derivation o f the governing equations is given 

in Appendix I. The equations for the “hidden” variable z(s,t) and pipe displacement 

y(s,t) are repeated here as

a 0pz D 2 • s ,(s) + [K p u tcof z D  -  a ^ U D z  + a 2p z 3D /U ] • s ,(s)

+ s j(s) • [ a 3pD 2(z - y  sin p) + a 4pD U (z - y  sin p)] = 0 (3

and

m (s) y + ■J'C fy] + L[y] = s,(s) • [ a 3pD 2(zsin  p - y  ) + a 4pD U (zsin  p -  y )]

+ [ 1 - Sl(s ) ]c (s ) -  (0 -  y)

(3.12)

where s is the distance of a position on the riser from its bottom, m(s) is the mass per unit 

length including contents and added mass, p is the density o f fluid, D(s) is the local 

diameter, U(s) is the local velocity and

, x f 1 w here lock -on  o ccu rs
s>(s) = l  0 o th e rw is e  (3 J 3 )

The meanings of the other variables in these two equations are explained in Appendix I 

and are not repeated here.

The equations are solved using the modal decomposition approach, details of which are 

given in Appendix II. Only the results are presented here. The maxim um  possible 

displacement amplitude for a mode has been shown as

D,
a4V 4/3  yn 

2 tc3 S2p r£ n

1/2

a i ~  a 4
+

a2?t S p r£,
-  J

(3.14)
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where

Y n  =

Jg S.(S)"^J7- ^ y m ( s) ^  (s)ds 

/o Si^  u (s )  D (iym (s)^  ^ ds

_l/2

^ _ ( s )

(3.15)

J„ =

(3.16)

^  =  1 --------5-----
4 ^ D .  * P (3.17)

L m (s)^ n (s)ds
v„ =

/0 s ,(s) * ~TT^ (s) * sin p d s
(3.18)

C. = t . + -
f C D( s ) p D ( s ) [ l - s , ( s ) ] s lil(s)U (s)sin P* (s)ds

4co, f m (s)^ B(s)d s

+

in which

2D ( C D(s)pD(s) [1 -  s,(s)][l -  s Ito(s)]|^n3(s) d s

3 tc f m (s)^ n (s)ds

Y,
D .

(3.19)

siin(s) =
1 w h e re  U(s)sin P > ^ - o ) n|Y nimx̂ n(s)|

0 o th e rw ise
(3.20)

and ^n(s) is the mode shape, Ds is a characteristic diameter, U s is a characteristic 

velocity, which is defined as the velocity which gives perfect lock-on with Ds

f„ = S • U,.
D . (3.21)

where fn is the natural frequency and S is the Strouhal number, being taken here as 0.2.
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W hen the riser is free to respond in any direction, the angle p is then always 90° which 

gives Jn= l and equation (3.14) reduces to Lyons and Fang’s (1989) results for vertical 

risers. W hile if (3 is 90° and U(s) and D(s) are constant along the riser length, all the 

above equations except (3.15) and (3.19) reduce to Iw an’s results (1981).

3 . 2 . 3  Empirical equations and model parameters

The term Jn in equation (3.14) is always less than or equal to unity, so it is conservative 

to take it as unity. The predicted maximum displacement amplitude in equation (3.14) 

then becomes

Y „ _  a ,V 4 7 3  Y„
D.

2jt3 SJn,Ci
+

a 2j t2S n ,C „

1 / 2

(3.22)

By observing the resemblance between this equation and equation (3.5), and adopting 

Iw an’s approach (1981) of expressing the m axim um  displacem ent amplitude in an 

empirical formula of the form of equation (3.10), the maximum displacement amplitude 

is expressed as

D - 1 + 9 . 6 ( n , C l ) ' (3.23)

where the effective mass ratio |i r and total damping £nT remain the same as in equations 

(3.17) and (3.19), but the mode shape factor yn becomes

Y n  =

Jo Sj(s) k 2n(s ) -^ jy -  ^ y m ( s ) £ n (s)ds
_ l / 2

L s.(s)-
U , D , 

U(s) D(s)
m (s )^ n (s)ds

^ nmax(s)

(3.24)

The use of kn(s) is to account for the attenuation effects o f local reduced velocity on 

maximum response amplitude when its value deviates from that o f perfect lock-on. Its 

value is obtained from experimental data for steady flow and can be simplified as a 

triangle function of reduced velocity as shown in Figure 3.2.

Equations (3.23) and (3.19) are solved sim ultaneously to give fluid dam ping and 

oscillation amplitude.
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The foregoing describes a theoretical prediction model of vortex induced transverse 

vibrations, in which parameters such as mode shape factor yn, effective mass ratio \i r 

and total damping ratio £Tn are derived naturally from  two governing equations for 

structure and fluid, accounting for local structural and flow details. The effects of these 

parameters are discussed as follows.

(i) Mode shape factor yn

The param eter is expressed in equation (3.24). It reflects the effects o f partial lock-on 

and non-uniform diameter and velocity on response amplitude. It also takes account of 

the effect of local reduced velocity through kn(s) which gives a measure of the strength 

of local lock-on. The value of the mode shape factor depends on the extent and location 

of the lock-on regions, the local reduced velocity and riser local diameter. Evidently, a 

larger yn leads to a larger maximum response amplitude.

(ii) Effective mass ratio |i r

The effective mass ratio q r is given in equations (3.17) and (3.18). Its value again 

depends on the extent and the location of lock-on regions and also the angle p. The 

smaller the extent o f lock-on, the larger the effective mass ratio, and hence the lower the 

response amplitude. Similarly, a smaller P leads to a larger q r and thus lower response 

amplitude.

(iii) Total damping ratio

The total dam ping is expressed in equation (3.19) and is com posed of structural 

dam ping and hydrodynamic damping. The hydrodynamic dam ping acts only on 

those parts of the riser which are not locked-on. Since its value is usually much larger 

than the structural damping, it is im portant to obtain its value accurately in order to 

make reasonable predictions.

The evaluation of £nT is shown in Appendix II. It is calculated by linearising the fluid 

drag force on the non-lock-on regions. However, the linearised drag force contains 

complete elliptic integrals of the first and second kind and is not a convenient form to 

use. It can be approximated by either the linear damping or velocity squared damping 

asymptote w ithout losing too much accuracy. Since both asymptotes give a lower 

damping coefficient than the full expression as shown in Figure All. 1, the one which is
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the larger of the two is hence closer to its true value and is used to calculate the estimate 

o f hydrodynamic damping. That will lead to conservative prediction of response.

It can be seen from  equations (3.19) and (3.20) that when the main stream  flow 

velocity is large enough, the fluid dam ping can be sim plified as linear dam ping. 

Otherwise the damping is better estimated by a term proportional to squared velocity. 

Iwan (1981) used only the velocity squared damping asymptote in his model. W hile in 

the model developed herein the use o f equations (3.19) and (3.20) ensures accurate 

approximation of the damping. Also, case studies in Chapter 4 have shown that the 

linear dam ping asym ptote usually give better estim ation o f the fluid dam ping, 

particularly when the response amplitude is low.

The value o f drag coefficient has been fixed within the com putation to perm it a 

simplified implementation with good agreement with measurements. In reality, the drag 

coefficient is a function of Reynolds number and o f vibration amplitude. Griffin and 

Ramberg (1982) gave the following function from the results of full scale measurements 

in current flow as

where the wake stability parameter, Wr = (1 + 2Y/D)/(VrS). Values of Cd/C dq o f up to

4.5 have been demonstrated. Some other empirical formulae of the drag amplification 

factor by various researchers were com piled and com pared by Basu et al (1987). As 

will be discussed in Section 4.2, a low C d value could be appropriate when the 

response amplitude is low. The definition of drag coefficient to be used remains unclear 

but equation (3.25) may be used within this method to incorporate a more refined 

variation of drag coefficient.

(iv) Lock-on regions

The foregoing suggests that the most im portant parameter is the lock-on region which 

includes its extent and location. The way it influences the response amplitude is very 

complex and can not be estimated without resorting to computers. Generally speaking, 

when the ratio o f lock-on region to the whole pipe length is decreased, the effective 

mass ratio and hydrodynamic damping are both increased and the response amplitude is 

then decreased.

1+ 1.16/(W r -  I)0 65 for W  r > 1
1 for W r < 1 (3.25)
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3 .3  Extension to oscillatory flows

To extend the prediction model from steady to oscillatory flows, an assumption is made 

that the vortex shedding phenomenon is dependent on instantaneous normal velocity of 

relative flow. That is, the maximum possible amplitude at any time is taken the same as 

that in a steady flow with the same velocity distribution with length. This is a 

reasonable assum ption for vertical tensioned risers subjected to ocean waves and 

surface vessel motions, where the Keulegan-Carpenter number, KC, is large.

In a harmonic flow, the definitions of KC number and the maximum reduced velocity 

are given in Section 2.1.1 and are repeated here as

where Um is the maximum flow velocity, T  is the flow period, D is the riser diameter 

and fn is the natural frequency of the riser. From  these equations the relationship 

between Vr, KC and fn/fw is

where fw is the frequency o f the oscillatory flow. The experimental study on the effects 

of these three parameters by various workers is reviewed in Section 2.1.1.

It is clear from the above relationship that the use o f the instantaneous reduced velocity 

only to determine the response level has to some extent accounted for the com bined 

effects o f KC and fn/fw. For large KC and large fn/fw values, this is expected to give 

good results because when the variation in the incident flow velocity is low compared 

with that o f the riser vibration the response is similar to that in steady flows. However, 

this extension to small KC numbers needs experimental validation. Also the influence 

of KC number on Cd and Cm is not included in the present model.

Another important param eter is the frequency ratio, fn/fw- An intuitive assumption is 

made here that in harmonic oscillatory flows or waves, those modes with natural 

frequencies lower than the flow frequency are not excited. This is because that at least 

one pair of vortices are shed in a flow cycle so any mode whose natural frequency is

(3.26)

(3.27)

KC =Vr I1
TW

(3.28)
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low er than the shedding frequency is not likely to be locked-on. So vortex induced 

vibration does not happen if the frequency ratio, fn/fw» is less than unity. However, 

when there is a steady flow component in the incident flow, this assumption may or 

may not be valid, depending upon the relative strength of the steady to oscillatory 

component o f the flow. This aspect has not been pursued further as little information is 

available.

In the present m odel, no correction on the evaluation o f the m axim um  possible 

amplitude has been introduced for different maximum reduced velocity values. That is 

to say, the model predicts the same response amplitude as long as the instantaneous 

reduced velocity is around 6 regardless o f the instantaneous water particle acceleration. 

In fact, the water particle acceleration does have influences on response level because 

when the acceleration is large, the change in the fluid velocity is faster and the level of 

response will not be as well established as in a steady flow of the same instantaneous 

velocity. In a harmonically oscillatory flow, the level of response depends not only on 

the instantaneous reduced velocity but also on the instantaneous acceleration, which is 

indicated by the maximum reduced velocity value of the flow. For instance, when the 

maximum reduced velocity value o f the flow is 6, the maximum displacement amplitude 

is expected to occur when the wave velocity peak past the riser. W hile when the 

m axim um  reduced velocity value o f the flow  is larger than 6, the m axim um  

displacem ent amplitude is then expected to occur before and after the wave velocity 

peak past the riser, w here the reduced velocity is 6. H owever, in this case the 

maximum displacement amplitude is reduced compared with the former case because of 

the different level of fluid particle acceleration. This behaviour has been dem onstrated 

by the test results of Bearman and M ackwood (1991) for a rigid cylinder in oscillatory 

flows. Their experimental data may be used to quantify the effects of the maximum 

reduced velocity on response amplitude.

W hen a wave passes a vertical cylinder, the attack angle of the instantaneous relative 

velocity varies by 360 degrees in a wave cycle. This three dimensional wake pattern 

certainly has effects on vortex induced vibrations. Since there is no information on this 

aspect, an assumption that the vortex induced vibration is governed by the normal 

velocity component, which is valid in steady flow, is adopted for unsteady flows.

To sum up, when extending the vortex induced vibration prediction model in steady 

flow s into unsteady flows, the follow ing assum ptions in addition to those in the 

previous section are introduced:
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(h) The vortex shedding phenomenon is dependent on instantaneous normal velocity 

of relative flow.

(i) In harmonic oscillatory flows or waves, those modes with natural frequencies 

lower than the flow frequency are not excited.

During vortex induced vibration of a particular mode, the displacement amplitude is set 

at the value given by the above procedure. When this mode is inactive at a certain time, 

however, its vibration is taken to be due to its damped motion from the vortex induced 

vibration during its last active condition. This time history procedure thus accounts for 

the following features:

(1) Decay of vibration using the sum o f structural and hydrodynamic damping, £Tn.

(2) Phase of vibration changes randomly if a mode has a period of inactivity.

(3) Vibration amplitude for any mode not being lower than that owing to decay from 

a previous event.



-68-

3 .4  Further extension to catenary flexible risers

The prediction model described in the foregoing has been extended to catenary flexible 

risers. Some special treatments for the more complex catenary risers are commented on 

as follows.

Two dim ensional catenary risers are considered. W ave, current and surface vessel 

motion are coincident, and either in or normal to the vertical riser plane. The more 

complex cases o f arbitrary incident angle are not accommodated in the present model 

since both in-plane and normal-to-plane modes may be excited at once and the effects o f 

the interaction between these modes have not been understood.

Since the risers are curved pipes, the vortices shed are likely to be less correlated 

spanwise than in the case of straight pipes. Owing to the current lack of knowledge in 

respect of the wake structure behind catenary risers, an assumption of fully correlated 

vortex shedding is used. Consequently, the response will be overestimated.

Unlike in the case of vertical rigid risers, both in-plane and normal-to-plane modes may 

be excited to vibrate when normal-to-plane waves are present This is because the 

vertical com ponent o f w ater particle velocity o f a wave causes norm al-to-plane 

vibration. M oreover, the angle p(s), which is the angle between the local velocity 

component normal to the riser axis and the direction of response (local eigenvector), is 

not 90° and varies along the length as a result of the orbital water particle movements.

The response of subsea buoys used in Lazy-S and Steep-S risers to vortex shedding is 

little understood. A buoy could be a source o f vortex induced vibration as observed in 

tests described in Section 4.4, or a source o f hydrodynamic damping when the vortex 

shedding frequency from it is not locked-on to any of the natural frequencies. This 

aspect needs further investigation. Transverse free decay tests for buoys subject to 

steady currents of various speeds are required.

It should be noted that when an incident flow is in the riser plane, as shown in Figure 

3.1, the response will be in its normal-to-plane (swing) modes. These mode shapes are 

perpendicular to the local riser axis in its equilibrium  position. This is illustrated in 

Figure 3.3(a). Hence, the equations for rigid risers can be used directly by using the 

mode shape ^n(s), where s is the arclength of the flexible riser. The mode shapes of the 

in-plane modes of catenary risers are generally not perpendicular to the local riser axis 

in its equilibrium position. This is dem onstrated in Figure 3.3(b) for a catenary with
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with two level supports. In this figure, the point S is the lowest point of the catenary 

and the first anti-symmetric in-plane mode is shown as an illustration. In such cases, 

the use o f the normal components o f the in-plane mode shapes rather than the mode 

shapes themselves in the algorithm seems to be more appropriate for a num ber of 

reasons. First, the tangential com ponent o f a mode shape has little im portance to 

hydrodynam ic forces since the tangential drag and added mass coefficients are 

considered to be very small. Second, the tangential component of a mode shape is less 

important in magnitude than the normal component. As pointed out by Saxon and Cahn 

(1953) that for catenary chain structures the in-plane mode shapes reduce substantially 

to transverse waves for high mode numbers. This is also true for the Lazy-S and Lazy- 

wave risers which are studied extensively in Section 4.3. The effective modal mass for 

the n1*1 mode, Mn, can be split into two parts, MnN and MnT, the former associated with 

the normal component o f the mode shape and the latter with the tangential component,

M n = I m (s )£ n (s)ds = I m (s )^ nN (s )d s+  I m (s )^ nT (s)ds
o o

- M n N + M nT (3.26)

The ratio MnT/MnN gives an indication o f the relative importance of the two mode shape 

components. For both the Lazy-S and Lazy-wave risers studied, this ratio becomes 

smaller as the mode number increases, and is less than 0.1 for the 8th, 9th and 10th 

modes. This justifies to some extent the use o f the normal component of the in-plane 

mode shapes in the prediction formulae.
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3 .5  Implementation

A com puter code was written to implement the prediction model presented herein. In 

the version for catenary flexible risers, the eigen values and eigen vectors of risers were 

needed from some other source as part of the input data. A finite element com puter 

programme REFLEX developed by Baradaran-Seyed (1990) was used to provide these.

Figure 3.4 presents a flow chart o f the time domain simulation. The riser length is 

discretised into a sufficient number, say 640, of elements. A wave cycle is divided into 

a number of time steps. At each time step the relative normal velocities are calculated for 

the middle point o f each element, using the linear wave theory. Then the lock-on 

regions for each mode are identified by checking whether the reduced velocity at the 

m iddle point o f each element satisfies assumption (b) in Section 3.2.1. A high mode 

priority assumption is implemented by checking from the highest mode down to the 

lowest. Once the lock-on regions for a mode are determined, the m axim um  possible 

vortex induced vibration amplitude o f that mode is calculated using the prediction 

model. The above procedure is repeated for the next time step. The maximum possible 

amplitude values of each mode obtained at each time step are constructed into time 

histories which are then superimposed to obtain the overall riser vibration time history. 

The results from the prediction analysis are m ost economically provided in graphical 

form. The figures include:

(1) Maximum horizontal velocities with depth showing the individual components 

of wave, vessel motion, and current, as well as the sum.

(2) Maximum normal velocity along the length of the riser.

(3) Extent of the regions o f vortex excitation for the different modes along the 

length of the riser through one wave cycle (prime exciter angle).

(4) Maximum normalised amplitude o f vortex induced vibration for the individual 

modes through one wave cycle.

(5) Predicted envelopes of vibration for each mode and their simple arithmetic sum 

and the sum generated by the time domain analysis.

(6) Displacement time histories at selected locations.
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3 .6  Uncertainties

Since it is impossible at present to solve the Navier-stokes equations for an arbitrary 

body in general flow conditions, various theoretical or semi-theoretical models have 

been developed to sim ulate some (not all) vortex induced vibration phenom ena 

observed in experiments and real life. The behaviour o f vortex induced vibration is 

largely unknown owing to the lack of knowledge on the flow field in wakes. Many 

questions, particularly those concerning fluid kinem atics, rem ain unanswered. The 

areas demanding further work in the present model are summarised below.

(i) Vortex cell properties

(a) In the present model a part o f a structure is considered as a lock-on region if the

reduced velocity is between 4 and 10. These are, of course, simplified values

which depend on a number of factors such as the reduced dam ping value.

Results from different tests tend to suggest different criteria. Furthermore, these 

values are based on experimental results for uniform steady flow. The extension 

to non-uniform flow and unsteady flow has not been entirely justified.

(b) A modal priority scheme is adopted in the model which assumes that regions 

exciting higher modes do not excite lower modes. Again, this is an assumption 

to be justified. It is known that the vibration o f a pipe seems to organise the 

vortex shedding process. So it is likely that if the vibration amplitude of a mode 

is larger than those of its adjacent modes, its lock-on region may grow and 

occupy regions which might otherwise be locked-on to the adjacent modes. 

This can only be clarified by flow visualisation experiments.

(c) The time history o f water particle velocity has some effects on the vortex

shedding process. An accelerating flow and a decelerating flow may generate 

different response amplitudes known as hysteresis behaviour.

(d) According to King (1977) the vortex shedding is governed by the normal 

component of relative velocity when the angle between the relative velocity and 

the normal direction of a pipe is within 0° to 45°. W hat happens when the angle 

is larger than 45° is not known.

(e) For a catenary riser under norm al-to-plane wave action, vibrations in both in

plane and normal-to-plane modes can be excited and their interaction is not clear.
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(f) In waves, the water particle velocity varies both in time and along the riser length. 

The influence o f this three dim ensional flow on the vortex cells has so far not 

been understood. It is thought that the correlation of vortex shedding in waves is 

likely to be weakened.

(ii) Buoy

Single or multiple buoys are used to form  Lazy-S or Steep-S configuration. Their 

hydrodynamic behaviour has not been well studied. The buoy could be a source of 

vortex induced vibration as observed in tests (see Section 4.4), or a source of 

hydrodynamic damping when its vortex shedding frequency is not locked-on to any of 

the natural frequencies. These effects need further research.

(iii) Fluid damping

In the present model the effective fluid damping ratio is obtained by using the Morison 

equation. A problem associated with this approach is the choice o f drag coefficient 

value. From the discussion in Section 3.2.2 it seems that a smaller Cd value should be 

used at low response amplitudes and a larger value at high amplitudes.

Another problem is that the normal relative velocity is used in the Morison equation. In 

Iwan's model (1981), this problem is relatively easy to handle because it is assumed that 

only one mode is dominating and the relative velocity is the vectorial sum of the main 

stream velocity and the velocity of vibration in that mode. However, for cases where 

more than one mode can be excited, the calculation of effective fluid damping for any 

mode is very com plex and sim plification is necessary by ignoring other modal 

velocities and using the velocity o f the mode concerned only. This introduces 

inaccuracy into the hydrodynamic damping calculation.

(iv) Structural damping

No general theoretical structural damping model for flexible riser pipes is available at 

present. So tests are needed to obtain damping values for each of the modes concerned. 

Care must be taken to perform tests under working conditions. Maintaining parameters 

such as temperature and preload is crucial for determining correct damping values for 

structures such as cables and risers. Chapter 7 gives representative self-damping values 

of a flexible riser specimen.
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Chapter 4 Prediction Results of Vortex Induced Vibration and 
Comparison with Tests

Prediction analysis has been carried out for vertical tensioned risers, a Lazy-S and a 

Lazy-wave type catenary risers under various flow conditions. Results are presented in 

this chapter and compared with experimental results available.

4 .1  Prediction results for vertical tensioned risers

For pinned-end risers under high tension, all higher natural frequencies are assumed to 

be integer multiples o f the fundamental frequency. The mode shapes are given by

It is likely that buoyancy dependent effective tension, which varies along the length, 

and added mass will have some effects on natural frequencies and mode shapes. If the 

tension variation is large and the mode shapes deviate significantly from sinusoids, a 

separate eigen value analysis is needed to provide eigen values and eigen vectors as part 

o f the input data. In the following sections, vortex induced vibrations o f vertical risers 

under the separated or combined action o f harmonic motion at top, uniform and sheared 

current, waves are investigated.

4 . 1 . 1  Harmonic motion at top

An extensive series of prediction is devoted to the case where a cylinder is constrained 

at its lower end and driven at the top in still water. A large amount o f experimental data 

is available for this case which is used to validate the present model, particularly the 

extension from steady to oscillatory flows.

Lyons and Patel (1985) performed experiments in a purpose built tall tank, simulating a 

vertical rigid riser subject to the action o f surface vessel surge motions. The tank and 

the test set-up are shown in Figure 4.1. Details of the two model riser specimens, one 

with low tension and the other with high tension, are listed in Table 4.1. Top motion 

frequencies and amplitudes are given in Table 4.2.
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Predictions are made for the test conditions. The predicted m axim um  possible 

displacements at the middle o f the pipes are shown in Figure 4.2 for the high tension 

tether and in Figure 4.3 for the low tension riser. It can be seen from Figure 4.3 that in 

order to achieve sufficiently high resolution, some 200 time steps per wave cycle are 

required. There is a reduction in predicted response amplitude in Figure 4.3 when using 

only 50 time steps per wave cycle. The reason for this is that the most exciting velocity 

distributions are missed out in the coarser calculation.

The extent of lock-on regions for all the mode excited is illustrated in Figure 4.4. It can 

be seen that the lock-on region for each mode covers the same amount o f riser length 

owing to the linearly varying velocity profile. However, their reduced velocity ranges 

are different as the high mode priority assumption is adopted owing to overlap. Hence, 

the maximum displacem ent am plitudes of the modes excited are different. This is 

explained as follows. At an arbitrary time, the lower bound reduced velocity for a mode 

is Vrmin (which is taken as 4.0 in the present model), and the lower bound velocity for 

the (n-t-1 )th mode to be excited is

U = V rminfn+i D  (4.2)

This velocity is also the upper bound for the mode, because when the velocity value 

is larger than U, the (n + l) th rather than the nth mode will be locked-on. So the 

maximum reduced velocity for the n^1 mode is

(Vr n)max = f  n £) = min (fn+l/fn) (4 .3 )

For the tensioned riser in question, the upper bound reduced velocity for the 4th mode 

is 5.0. This is obtained by substituting Vrmin = 4, fs = 5 fi and f4 = 4 fi into equation 

(4.3). So the maximum response amplitude of the mode predicted will not exceed half a 

riser diameter, as can be seen in Figure 3.2.

One must bear in mind that the above conclusion is sensitive to the selection of lock-on 

criteria and the response amplitude level in Figure 3.2. However, high order modes are 

generally not likely to be excited because their frequencies are too closely spaced.
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4 . 1 . 2  Steady flows

In this case the riser is subjected to uniform current. W hen the uniform current covers 

the whole riser length, the vortex induced vibration amplitudes reduces to the values in 

Figure 3.2. This is expected because the present prediction m odel is based on the 

experimental results for uniform cylinders in uniform currents.

W hen the uniform  current covers only part of a riser length and there is no flow 

elsew here, the relative response am plitude depends on the coverage as well as its 

position as shown in Figure 4.5, Lyons (1986).

4 . 1 . 3  W aves

Vortex induced vibration in waves is simulated. Figures 4.6, 4.7 and 4.8 show the 

prediction results for a deep water case. Owing to the exponential decay o f velocity 

with depth the extent o f the lock-on regions for each mode decreases compared with the 

top motion case with the same maximum top velocity. This results in a much smaller 

transverse response in deep water waves than in the top motion case. In shallow and 

interm ediate w ater depths, on the other hand, the velocity profile is less sheared 

com pared with the top m otion cases and generates larger responses as shown in 

Figures 4.9, 4.10 and 4.11.

4 . 1 . 4  Combined action of wave, top motion and current

Since the level of response amplitude depends largely on the resultant relative velocity 

profile, there is no general trend. Each case needs to be analysed individually. The 

results o f exam ple responses under the com bined action o f wave (2s, 0.4m), top 

motion (2s, 0.2m, lag the wave by 90°) and uniform current (0.216m/s) are shown in 

Figures 4.12, 4.13, 4.14 and 4.15.
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4 .2  Comparison with experimental results for vertical risers

Model scale tests enable us to validate theoretical models and provide correct values for 

param eters needed in the theoretical models. H ow ever, one m ust be careful in 

extrapolating the model scale test results to full scale problems directly. Vortex induced 

vibration involves flow separation and the Reynolds number has profound influences 

on separation and wake structures etc. Usually only Froude number scaling is achieved 

in order to take account o f free surface effects and m ake the tests m anageable as 

discussed by Lyons (1986). Since the Reynolds number scaling law can not be achieved 

at the same time, many important features related to different flow regimes such as Cm, 

C d  values and vortex street formation are not accounted for. Additionally, the two 

im portant param eters, reduced velocity and reduced dam ping, are difficult to keep 

constant for both the model scale and full scale.

The tests carried out by Lyons and Patel (1985) were used to validate the prediction 

model developed. They carried out tests in a deep tank, shown in Figure 4.1, purposely 

built for riser investigations. The hydraulically driven carriage at the top can undergo 

both horizontal and vertical motions simulating surface vessel surge and heave.

A CAB pipe was used as the riser model, details of which are given in Table 4.1. Its 

top was driven harmonically in the horizontal direction at various frequencies and 

am plitudes. Figures 4.2 and 4.3 present test results for the high tension and low 

tension cases respectively. Also plotted in these two figures are the predicted results 

from Section 4.1.1. It can be seen from these figures that the comparison between the 

present prediction and experim ent is good. The test results show a earlier onset o f 

response than the model predicts. There could be several causes for this. Firstly, it is 

possible that the onset o f vortex induced transverse vibration is at a reduced velocity Vr 

lower than 4. This is likely for relative oscillatory flow cases as have been shown by 

other researchers, Verley et al (1979) and Bearman and Mackwood (1991). Secondly, a 

better fit amplitude m ultiplier to that shown in Figure 3.2 can be used rather than the 

coarse triangle function representation, especially at Vr near 4. Thirdly, turbulence level 

in the tank is high.

The use of large Cd values leads to smaller amplitude and vice versa. A drag coefficient 

of Cd=2.0 seems to give better prediction at high response amplitudes compared with 

C d = L 2 as shown in Figure 4.2. W hile the use o f a Cd o f 1.2 gives better fit at low 

response regions.
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4 .3  Prediction for catenary flexible risers

Vortex induced vibration predictions of two realistic catenary risers, a Lazy-S in 350m 

water depth and a Lazy-wave in 110m water depth have been carried out and the results 

are presented here. Their static configurations are plotted in Figures 4.16 and 4.17. 

Flows coming from directions either in or norm al to the riser plane are considered, 

which may be separately current, waves, and vessel motions or in combination. The 

details of two configurations are listed in Table 4.3. The first eleven natural frequencies 

of both risers are listed in Table 4.4.

4 . 3 . 1  Response in uniform current

Responses o f both risers to in-plane currents with various speeds are predicted. Figures 

4.18 and 4.19 show the maximum possible amplitude for each mode for the two risers. 

The response amplitude reaches as high as one diameter as shown in both figures. The 

most important parameter in the uniform current cases is the natural frequencies of the 

risers. W hen two adjacent natural frequencies are closely spaced, the response of the 

lower mode is virtually eliminated as shown in Figure 4.18 for the 3rd, 5th, and 7th 

modes. W hen they are sufficiently separated, the lower mode may be excited to a high 

amplitude as shown in Figure 4.19 for the first four modes, and in Figure 4.18 for the 

2nd, 4th, and 6th modes. The ratio of adjacent natural frequencies of high order modes 

approaches unity. This indicates that high m odes are usually not excited by vortex 

shedding. The higher structural damping o f high order modes also tends to prevent this 

from happening. Another im portant factor is the inclination o f the riser member. It 

results in a sheared normal relative velocity distribution along the riser length even in 

uniform incident currents. This effectively reduces the maximum response amplitude.

Uniform currents with various speeds are im posed normal to the riser plane for both 

risers. Figures 4.20 and 4.21 show the mode excited and its m axim um  possible 

amplitude as a function of the current speed. The response amplitude can reach as high 

as one diameter as shown in both figures. It can be seen that only one mode is excited 

for one current speed because the normal relative velocity profile is uniform in these 

cases. The response amplitude again depends on the natural frequency spacing.

The maximum amplitudes o f both catenary risers are less than those of vertical risers. 

This is because the buoy on a Lazy-S riser increases the effective system mass and the 

buoyancy module on a Lazy-wave riser acts as a damper.
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4 . 3 . 2  Response in sheared current

When a sheared current is incident normal to a riser plane, the relative velocity profile is 

sheared and a reduction in amplitude results. This is demonstrated in Table 4.5 for the 

Lazy-wave riser in normal-to-plane currents of various degrees o f shear.

W hen a sheared current is incident in a riser plane the normal relative velocity profile is 

further com plicated by the varying inclination o f the riser member. In general, the 

vortex induced response amplitude is reduced as the degree of shear o f the incident 

current is increased.

4 . 3 . 3  Response in waves

Figure 4.22 is a wave scatter diagram for three-year m easurem ent at the Stevenson 

Station in the North Sea, taken from Patel (1989). It can be seen that waves with period 

ranging from 5s to 12s are encountered much more frequently than others in that part o f 

the North Sea. No significant vortex induced vibration is likely to occur for the Lazy-S 

and Lazy-wave risers studied when the wave period is within that range. For instance, 

a wave of 10 second period and 2 m etre height is considered for the Lazy-S riser. 

Assuming that the wave comes perpendicular to the riser plane, in-plane vibrations may 

occur. The lowest possible vortex shedding frequency is the wave frequency, ie, 0.1 

Hz. This happens when a pair o f vortices are shed in one wave cycle. The first four 

natural frequencies of the in-plane modes of the riser are below 0.1 Hz (see Table 4.4) 

and no lock-on could happen for these modes. The higher modes are not excited either 

since their natural frequencies are too closely spaced and not a single mode has lock-on 

regions large enough to achieve large amplitude resonance.

If waves o f longer periods are encountered the present analysis model predicts quite 

high amplitude of in-plane and norm al-to-plane responses for both the Lazy-S and 

Lazy-wave risers. This is clearly shown in Table 4.6. For example, the frequency o f a 

25 second wave is 0.04 Hz and Table 4.4 shows that modes higher than the second 

may be excited because their natural frequencies are higher than 0.04 Hz. If the wave 

height is such that a large portion o f the riser length is locked on to one mode, large 

response results.
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The foregoing suggests that vortex induced vibration o f flexible risers can occur and its 

occurrence depends on the following parameters:

(1) Values of the first few natural frequencies relative to wave frequency.

(2) Values of reduced velocity which depend on wave period, wave height, and pipe 

diameter.

Here the structural damping value is not so important since the fluid damping from the 

non-lock-on regions is much higher than the structural damping.

The natural frequencies of a riser are governed by water depth, riser configuration and 

riser pipe properties. The deeper the water, the lower the natural frequencies o f a riser. 

For a given riser configuration and water depth one can always find waves whose 

periods are long enough to cause vortex induced vibration. Waves with periods longer 

than 25 seconds excite the 110m depth Lazy-wave and 350m depth Lazy-S risers to 

vortex induced vibration provided the wave height is appropriate. However, 25 second 

waves are not common and the vibration does not contribute much to the fatigue 

dam age of the riser. W hen a riser goes into deeper w ater, its natural frequencies 

decrease and only longer period waves can cause vortex induced vibration. These 

waves are rare according to the scatter diagram, Figure 4.22.

On the other hand, in shallower waters the natural frequencies of risers increase and 

waves with shorter periods can result in vortex induced vibration provided the wave 

height is such that the reduced velocity requirement is met over a certain proportion of 

the riser length. It is concluded from  the above discussion that significant vortex 

induced vibration can only occur in the first few modes whose natural frequencies are 

spaced sufficiently apart from each other, and higher modes are generally not excited. 

For catenary flexible risers, the first few natural frequencies are com parable to 

predom inant wave frequency. So even if vortex induced vibration does occur for 

catenary risers, its frequency will not be significantly higher than the wave frequency, 

as in the case o f tensioned rigid risers. From the fatigue point o f view this low 

frequency vibration is not im portant since its displacement amplitude and stress level 

are much lower than those of the response caused by in-line wave forces. However its 

importance lies in the fact that the vortex induced vibration increases the drag coefficient 

as a result o f the increase in effective diameter, G riffin and Ram berg (1982), and 

consequently increases the in-line wave forces and responses.



-80-

4 . 3 . 4  Response in waves and under surface vessel motions

Surface vessel surge is considered together with waves. The waves and vessel motions 

are listed in Table 4.7 for the Lazy-S and Lazy-wave risers. Five cases are calculated 

for each riser and the results show that under realistic waves in either the in-plane or 

norm al-to-plane direction, no significant vortex induced vibration is predicted. The 

reason for this is that the wave frequency is higher than the natural frequencies of 

several o f the lowest modes, and the relative velocity is too high for lower modes to be 

excited. For instance, Figure 4.23 shows a m axim um  relative velocity o f 3.0 m/s, 

giving a reduced velocity for the first mode o f 727.5. High order modes are not excited 

either because o f their closely spaced natural frequencies. A typical case is presented 

from Figures 4.23 to 4.27 for the Lazy-wave riser subjected to a combined action o f in

plane wave and surface vessel motion.
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4 .4  An experimental observation for a catenary riser model

A video recording was provided by Hartnup et al (1987) o f Heriot-W att University to 

dem onstrate vortex induced vibrations of a model scale Steep-S riser in current only 

and wave only flows. A sketch of the configuration of this riser model and the position 

of the observing cameras are shown in Figure 4.28. The model riser is 3.68m in length 

and 7mm in diameter. No detailed information of the riser is available, and the natural 

frequencies and eigen vectors are not known. Hence, no attempt has been m ade to 

com pare prediction with experiments quantitatively. Only the observed responses are 

described. Table 4.8 shows the test conditions. In-plane, norm al-to-plane and 45° 

incident flows are investigated.

(i) Uniform current

W hen the model riser was subjected to an in-plane current, normal-to-plane vibrations 

were observed. A vibration of 2.5 Hz frequency was observed when the current speed 

was 0.1 m/s. It looked like the third mode vibration judging by its shape. This is 

expected because if  the natural frequency of this mode is taken to be 2.5 Hz, the 

reduced velocity at the riser top is Vr = U/ (fnD) = 0.1/(2.5 x 0.007) = 5.71 . The 

maximum vibration amplitude was seen in the video to be lower than half a diameter.

W hen the current speed increased to 0.15 m/s vibration o f two modes were observed. 

One had a high frequency of 2.91 Hz and very low amplitudes. The other had a low 

frequency of about 0.5 Hz and amplitude of about 2 to 3 diameters. The latter was in its 

first mode and is not thought to be caused by the vortex shedding from the pipe, but 

from the buoy. Because the reduced velocity for this mode of vibration based on the 

pipe diam eter is Vr =U/ (fnD) = 0.15/(0.5 x 0.007) = 42.9 , which is far away from 

the lock-on regime. The size of the buoy used was so large that the whole riser system 

was excited to vibrate despite the fact that hydrodynamic damping effectively acted all 

over the riser length.

At current speeds of 0.2 m/s and 0.25 m/s, the low frequency high amplitude vibrations 

were still observed together with a high frequency vibration.

W hen a norm al-to-plane current was applied, the riser was excited to in-plane 

vibrations. At current speed o f 0.1 m/s, a vibration of 2.5 Hz frequency was present. 

The amplitude of this vibration was about 0.5 diameter. W hen the current speed was 

increased to 0.15 m/s, 0.2 m/s and 0.25 m/s, in-plane vibrations o f higher frequency



-82-

were observed and the amplitudes were very low. From Figure 4.20, it can be seen that 

the vibration amplitude is sensitive to the approach current speed. No low frequency 

response was found for any of the four current speeds. This was probably because the 

vortex shedding frequency at the buoy was well separated from any natural frequency 

of in-plane modes in the system.

In currents of 45° incident angle, high frequency vibrations were found for 0.10 m/s 

speed. For the three higher speeds, the riser was excited to low frequency large 

amplitude oscillations (two to three diameters) and at the same time a high frequency, 

low amplitude vibration.

(ii) Regular waves

When the model riser was subjected to in-plane waves, normal-to-plane vibrations were 

observed. However, no well established standing wave vibration was seen. It seemed 

that in the first half o f a wave cycle there were two oscillations but in the second half 

there were not. The reason is not clear.

W hen a wave came in the normal-to-plane direction, in-plane vortex induced vibrations 

were observed for all waves except those of 1.41s period. D uring every half wave 

cycle, vibrations were first excited and then damped away until excited again in the next 

half cycle.

No high frequency vortex induced vibration was found in any of the waves with a 

incident angle o f 45°.
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4 .5  Conclusions

The present simulation model predicts vortex induced vibration for long, slender bodies 

with application for marine cables and risers. Despite the uncertainties discussed it 

serves as a rapid and effective way of assessing the complex vortex induced vibration 

problems for risers under the separate or combined action of wave, current, and vessel 

motion. The following conclusions are made based on the case study and experimental 

results.

(i) For vertical risers the model gives results which agree well with experiments.

(ii) Current is more important than waves in the vortex induced vibration problem 

of marine risers. One reason is that the water particle velocity in wave decays 

significantly with water depth in deep and interm ediate w ater depths. This 

makes the lock-on region for any mode very limited and generates low response 

amplitude. Another reason is that the response of one mode may experience 

some inactive periods as the velocity varies in one wave cycle, whereas in 

currents the structure undergoes vortex induced vibration continuously and 

leads to a potentially reduced fatigue life. However, in shallow waters the 

velocity profile in waves is less sheared and a significant level of response may 

occur.

(iii) Catenary flexible risers can be excited to an amplitude as high as about one 

diameter in steady current of the appropriate velocity. The model predicts very 

low response for Lazy-S and Lazy-wave risers in both in-plane and normal-to- 

plane waves in general operation conditions. This is because the first few 

natural frequencies of these risers are too low for lock-on to occur. The natural 

frequencies of high modes are spaced closely to each other so that no single 

mode can occupy large enough lock-on regions to be excited. Also the structural 

damping values for higher modes are believed to be large.

(iv) The most important factors determining the level of vortex induced vibration are 

firstly, how closely the natural frequencies o f a structure are spaced and 

secondly, how shear the relative normal velocity profile is along a riser length.
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Chapter 5 Structural Damping of Pipes, Cables and Risers 
- Theoretical Analysis

5 .1  Introduction

Rope slings hanging from the tips of cranes are a familiar sight. It is often observed that 

the swing motion o f a long rope sling can last for a long period o f  time before dying 

out. Sometimes vibrations o f higher modes are observed to occur and also decay 

slowly. This seems to suggest that the modal decay rates o f pipe-like structures are 

low. Is this a inherent property o f these structures?

Unlike mass and stiffness, the determination o f damping o f a structure involves many 

uncertainties. In a structure comprising many elements, vibrational energy is dissipated 

through a number of mechanisms: m aterial dam ping, Coulom b dam ping owing to 

friction in joints and between contact surfaces, air pumping in gaps and ambient fluid 

dam ping etc. M aterial dam ping is the main subject o f this chapter and readers are 

referred to Ungar (1973) for the treatment of other forms of damping.

W ith the increasing application o f flexible pipes in the marine and offshore industry, a 

better understanding of their dynam ic behaviour is required. In the cases of resonant 

responses to current and wave actions such as vortex-shedding induced vibrations, 

structural dam ping is the m ain restric ting factor in preventing large am plitude 

vibrations. However, dam ping o f a flexible riser is a com plex problem  because it 

involves material damping as well as frictional forces between components. To solve 

this problem, the first step is to understand the dam ping behaviour o f homogeneous 

pipes where only material damping exists. Once this is achieved, progress can then be 

made to include frictional force effects.

Herein, the formulations of modal damping (loss factor or logarithmic decrement) are 

obtained analytically for free-hanging and tensioned homogeneous pipes where the 

material damping is the only source o f damping. The relationship between the material 

loss factor and the modal loss factors o f a structure is obtained by using a hysteretic 

material damping model. Key param eters determining the modal dam ping values are 

identified. The dependence o f modal dam ping ratios on axial tension, which is well 

known from general experience with cables is explained. When there are other forms of 

damping such as dry friction and fluid damping, as in the cases o f cables and marine 

risers, the formulation is extended to give an equivalent modal loss factor.
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5 .2  Material damping of free-hanging pipes

The total stored energy in a free-hanging pipe is the sum of the bending strain energy 

and the gravitational potential energy. As the energy dissipated per cycle when 

subjected to harmonic motions is proportional to the bending strain energy, the ratio of 

the energy dissipated to the total stored energy is then low. In other words, the 

structural damping ratio is low. This intuition is based on energy considerations, and it 

is verified by the rigorous theoretical evaluation presented herein.

5 . 2 . 1  Governing equation

A pipe of length L is fixed at the top and hung freely as sketched in Figure 5.1. If  the 

pipe is made of homogeneous material possessing hysteretic damping, the equation of 

its small lateral motion is derived in Appendix HI to be

2 3 2
3 . i r ,  d ,iL j d y , .  a  y n imt

^ ( EI ^ +  “ E  W  - 1 * 4  m gdx f ( x ) e (5.1)

with the boundary conditions 

By
y = —  = 0

Bx at x=0

B2y B3y
— -  =  — -  =  o
dx2 Bx3 atx= L  (5.2)

where E is the elastic modulus of the material, I is the second moment of area, rj is the 

material loss factor, co is the excitation frequency, m is the mass per unit length and f(x) 

is the amplitude o f a distributed harmonic excitation force.

The derivation dem onstrates the validity o f the common practice o f replacing E for 

elastic materials by E (l+ ir|) for materials possessing hysteretic damping when the pipe

is subjected to harmonic motion y = Y (x )e icot
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5 . 2 . 2  Solution for forced harmonic vibrations

Modal analysis is em ployed to solve the governing equation. Denoting the natural 

frequencies and mode shapes o f the pipe to be C0n and £n00» n= l,2 ,3 ,..., the solution 

can then be written as

y(x, t )  = X U x ) p . ( t )
i =1 (5.3)

where pi(t) is the principal coordinate. Substituting equation (5.3) into (5.1), one has

^2 oo d ^ j ( x )  ^2 yj oo d J^(x )

3x2 j=i d x 2 1 3x 2 w i=i d x 2 1
I o o  d^ : ( x )  o o

3 - [ (  mgdx • X ( — - - — p ( t ) ] + m Z ( ^ i (x )p . ( t ) )  =  f (x ) e ‘“ tox x j=1 ox i i=1 i i ( 5 4 )

where dot (’) denotes differentiation with respect to t.

M ultiplying both sides o f the equation by £n(x), integrating for x over [0, L] and 

considering the boundary conditions and the orthogonality conditions given by 

equations (AIV.8) and (AIV.9) in Appendix IV, one arrives at

.L d 2^ n(x) 2 f LTl d 2^ n(x) 00 d U x )

t JE1̂ 1?1Î - p'">ldx *
^ ( ^ m g d x  )[ ^  V dx • p n(t)  +  | )Ln i ^ ( x ) d x -  p n( t ) =  { ^ ( t ^ W d x  ■ e l(ot

(5.5)

The couplings between the modes can not be removed. This is because for the second 

term in equation (5.5), one generally has

fL d 2^ n(x) d 2^ . (x )
L E l  ----------- -— d x *  0
v d x z d x z (5.6)

for any i. This indicates that the motions of different modes are generally coupled and 

no classical normal modes exist. Readers are referred to Caughey and O ’Kelly (1961) 

for the definition of classical normal modes. Energy is transferred from one mode to
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others in vibrations. However, if  the couplings between modes are assumed to be weak 

and negligible, equation (5.5) then becomes

M n P n ( t ) + ^ { ) LE I ( f  • P n( 0

+ n(x ))2dx + jQL(JxLmgdx ) ( ^ 'n(x ))2dx] • p n( t)  = fQLf ( x ) ^ n(x)dx • e 1CDt

(5.7)

where prim e (') denotes differentiation with respect to x. Each mode can then be 

considered as an effective single-degree-of-ffeedom system.

The steady state solution to equation (5.7) can be written as

(5.8)P n ( t )  =  A ne '“ ‘

W hen calculating energies, the real part o f equation (5.8) is used. By referring to 

equations (2.12), (2.18) and (2.19), the energy dissipated per cycle in the single- 

degree-of-freedom system described in equation (5.7) can be shown as

2
it fEr-Tr^ ^ n ( x ) t2j  a 2
U d = KT[' l ) EI[ , 2 ] * nd v d x 2 n (5.9)

and the total stored energy in the system is

, _ 2 ,  rL -L
V = y t j j  E l C n(x ))Zdx + fQ (^  mgdx ) ( ^ n (x ) )Zdx] • A*

Then the loss factor of the n ^  mode is by definition, equation (2.23),

U d f E I ( ^ n (x ))2dx

T[n = 27tV =T[ ' T  2 fL .L 2
p E I (£  n( x)) + {) ^  n ( x))

(5.10)

(5.11)

When the pipe vibrates in its n*  mode shape £n(x), the maximum bending strain energy 

in the pipe can be shown as

v  A 2 L d 2^ n(x) 2 
B n = 2 {) (5.12)



and the maximum gravitational potential energy in the pipe is shown by Jacobsen and 

Ayre (1958) as

2 fLr fx 1
i t  ( v l l  f l Y Ir lY

(5.13)
V pn = A n ' | ( ^ n(x ))2dx]dx

Integrating by parts, Vpn can be written as

A 2
v Pn = ( ^ „ ( * ) ) 2dx] ■ d[JoXm gdx]

A 2 1 * 2

= “2^ ft n^x )) * [(, mgd x l “  [ [  mgdx] • d ^  (£ n(x)) dx]
0

A 2 A2
= “25’[()L(^ n (x))2dx] • [ fm g d x ] - mgd x • ( £ n(x ))2]dx

A 2
= - y ^ t j S r ig d x  -  JQXmgdx] • ( £ n(x ))2dx

A n rL.L „/ 2
= — {j 4  m gdx  • (£ n(x)) dx

(5.14)

L A TfLr ,x ,x „/

Hence, considering equations (5.11), (5.12) and (5.14), the loss factor o f a pipe 

vibrating harmonically in its n111 mode can be expressed in terms of energies,

V Bn
v „  + vBn Pn (5.15)

This expression shows the effects o f gravitational potential energy on m odal loss 

factors quantitatively.

5 . 2 . 3  Solution for free-decay vibrations

W hen a free-hanging pipe undergoes dam ped free vibrations, its modal logarithmic 

decrement is shown in Appendix V as
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X ■> 1,08 n =  2 7 f

1 + V 1 - ^ (5.16)

where r\n is the modal loss factor of the pipe when subject to harmonic motions in the 

n1*1 mode.

5 . 2 . 4  Uniform pipes

The modal loss factor in equation ( 5 . 1 5 )  can be written as

^ n =T* 1 + v  T v
P n  B n  ( 5 . 1 7 )

W hen El and m are constant over the entire pipe length, the substitution o f equation 

( 5 . 1 2 )  and ( 5 . 1 4 )  into ( 5 . 1 7 )  gives

H n = n - Y 7 1
atln (5.18)

mgL 3
where a ~  g j  ( 5 . 1 9 )

n (x»  d x d x  

_  3 rL 2
L • U 5  n(*)) dx (5.20)

and V Pn/ V Bn =  0CCln (5-21)

When VpnA^Bn is very large and rjn is then much smaller than unity, the logarithmic 

decrement can be shown from equation (5.16) to be

* 1 O n =  7CTln =  7tri •  -------------
1+otcIn (5.22)

a  and qn are dimensionless parameters. qn is a function o f mode shape and it indicates 

the dependence of the relative importance of gravitational potential energy and bending
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strain energy on a vibration mode whereas a  indicates its dependence on physical 

parameters of a pipe. A pipe behaves more like a chain when a  is large and more like a 

short beam when a  is small, a  is a characteristic param eter of a free-hanging pipe. It 

influences the natural frequencies and mode shapes of the pipe as shown in Huang and 

Dareing (1969), and modal damping as shown in the foregoing.

The roles played by material loss factor T|, mass per unit length m, pipe length L, 

bending stiffness E l and m ode shapes in determ ining m odal dam ping ratios are 

apparent from equations (5.18) to (5.22). For example, a longer pipe has a larger a  

value and consequently a lower modal loss factor. W hile a pipe which is short or of a 

large bending stiffness will have a very small a  value, hence the loss factors of all 

modes are very much the same and equal to the material loss factor T|.

The elastic modulus E and loss factor r\ o f materials such as polymers and rubbers are 

tem perature and frequency dependent. So tem perature and vibration frequency 

influence modal damping of a structure through E and rj.

Generally speaking, higher modes have higher modal loss factors because the ratio of 

the gravitational potential energy to the bending strain energy is smaller for a mode with 

a higher order. For a sufficiently large mode order, n, the value of qn approaches zero 

and its modal loss factor then approaches the material loss factor. W hen making this 

statement, an assumption is made that the rotatory inertia and shear deformation of the 

pipe can be ignored and the governing equation remains valid for the mode studied.

5 . 2 . 5  Comparison with the viscous damping model

If the material dam ping is assum ed to be of the viscous type: o  = Ee + %Ee as in 

equation (2.29), the governing equation can be shown as

d 2 d 2y 3 3y d fL dy d2y •

^ (E I^  + XEW " ^ ^ mgdX ' ^ ) + m ^ = f(X )e  (5 .23)

where % is the viscous damping constant and the other notations are the same as those 

in equation (5.1). The boundary conditions are as in equation (5.2).



-91-

From  equations (5.1), (5.18) and (5.23), it is evident that the loss factor of an uniform 

free-hanging pipe undergoing harm onic m otion w hich is in its nth mode and o f 

frequency co is

1]n %C° l + a q n (5 2 4 )

where a  and qn are those defined in equations (5.19) and (5.20).

For Tjn much sm aller than unity the logarithm ic decrem ent o f the n1*1 m ode can be 

shown as

s 10 .  = 7trin = 7tYC0_ •  ----------
*  n l +  a q n (5 2 5 )

where On is the natural frequency o f the n1*1 mode.

The difference o f the hysteretic and viscous damping lies in their different dependences 

on the vibration frequency. By com paring equations (5.18) with (5.24), and (5.22) 

with (5.25), one concludes that the viscous damping model predicts a modal loss factor 

(in harmonic motions) or a logarithmic decrement (in damped free vibrations) explicitly 

proportional to the vibration frequency while the hysteretic damping model does not.
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5 .3  Material damping of tensioned pipes

An analytical solution of m odal loss factor is obtained herein for tensioned 

hom ogeneous pipes where the m aterial dam ping is the only source o f structural 

damping. The formulation for modal damping is then extended to include the Coulomb 

dam ping and am bient fluid dam ping as well as the m aterial dam ping. It explains 

satisfactorily the observed effects of tension on damping ratio of cables and pipes.

5.3.1 Governing equation

In this section, damping properties of tensioned homogeneous pipes where the material 

damping is the only source of damping are explored.

As shown in Figure 5.2, a pipe o f length L, mass per unit length m(x) and rigidity 

EI(x) is subject to axial tension T(x) which may generally vary with length. If the 

increase in axial tension owing to flexural deformation is negligible compared with the 

tension at equilibrium, the differential equation of the lateral motion can be shown to be

d 2 d 2y d dy d2yd rlE I(x ) • ^ -4 -] -  4 t [ T ( x )  • 3 T ] + m (x ) • t t t  = f (x ,t)dx2 dx2 dx dx dt2 ’ (5.26)

In the derivation, no external dam ping force is considered and f(x,t) is the excitation 

force. When f(x,t) is harmonic with a frequency co, and the hysteretic material damping 

model

a  = Ee + g jE e  (5.27)

is employed, the equation of motion can then be shown in a similar way as in Appendix 

III to be

d 2 3 2y tj ^ 3y d ^y d2y
* [E I(x ) . r H r  + t t E I ( x )  • ^ - 4 - ]  -  4 t [ T ( x )  • 3 4 ]  + m (x ) • - r r  =  f ( x ) e imi
dx2 dx2 w dx2dt dx dx dt2

(5.28)

The boundary conditions for pipes with fixed ends are

y = t r = 0  a t x = 0 a n d L  (5 .2 9 )
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where G is the stress, £ is the strain, T| is the material loss factor.

5 . 3 . 2  Solution for forced harmonic vibrations

The orthogonality conditions of the system  can be shown in a sim ilar way as in 

Appendix IV as

J m ( x ) ^ ( x ) 4  (x)dx = jJJ1 ' ‘ I
o [0  l *  j (5 30)

• L // // * L / f I
J0 E I(x )^  ,(x)^  .(x)dx +  JoT(x)£ ,(x)5 /x )d x  = ■!

co*M, i =  j

> * ■ >  ( 5 . 3 1 )

where ton and ^n(x) are the natural frequencies and mode shapes of the pipe and n is an 

integer, prime (') represents the differentiation with respect to x.

Modal analysis is employed to solve the equation. The solution to equation ( 5 . 2 8 )  can 

be written as the expansion in its principal modes,

y (x ,t)  = (x )p  ( t)
( 5 . 3 2 )

where pi(t) is the principal coordinate. Substitution o f equation ( 5 . 3 2 )  into ( 5 . 2 8 )  gives 

7\2 “ d 2̂ .(x )  :)2 n  ~ d 2̂ .(x )

Pi -  d£ .(x )
3 t [ T ( x )  • I ( — r — P i(t))] + m l ( ^ . ( x ) p . ( t ) ) =  f (x )e ,Qn

i = l U X  i = l  ( 5 . 3 3 )

where dot (') represents differentiation with respect to time, t. Multiplying both sides of 

the equation by £n(x)> integrating for x over [0, L], then integrating by parts and 

considering the boundary conditions, equation ( 5 . 2 9 ) ,  and the orthogonality  

conditions, equation ( 5 . 3 1 ) ,  one arrives at
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C m ( x)^ " (x )dx ' P n ( 0 +  ^ £ [ f E I ( x ) £ ' . ( x ) £ 'n(x)dx • p .(t)]  +
i=l

[JoLE I ( x ) ( f  n(x))2dx + J j(x )(); 'n(x))2dx] ■ p„(t)= JoLf(t)4„(x)dx • e‘“‘

For pipes under varying axial tensions, the second term o f equation (5.34) generally 

does not vanish,

IoLEI(x)^"1(x)^"„(x)dx * 0

This shows that the motions o f different modes are generally coupled through the 

damping term and vibration energy is transferred from one mode to others. No pure 

modes can be achieved. Note that if there is no tension, the modes are not coupled as 

dem onstrated by the orthogonality property, equation (5.31). H ow ever, if  the 

couplings are assumed to be weak and negligible, equation (5.34) then becomes

M „ p „ ( t)+  • ĴoLEI(x)(£"„(x))2dx • p„(t) +

[l0LE I(^ "„ (x ))2dx +  [LT (x ) (^ „ (x ) )2dx ] • p„(t) = £ f (x )£ „ (x )d x  ■ e iaH

Each mode can then be considered as an effective single-degree-of-freedom system.

The loss factor r\ of a single-degree-of-freedom system possessing hysteretic damping 

is defined in the following equation

M £ +  ^ K x  + Kx = f 0e ‘“ ‘ (5 3 ? )

Under harmonic motions Tj describes the energy dissipation ability of the system,

Tl = 2rtV (5.38)

where Ud is the energy dissipated per cycle by the hysteretic damping and V is the 

maximum potential energy of the system.

By com paring equations (5.36) and (5.37), the loss factor for the effective single- 

degree-of-freedom system of equation (5.36) can be obtained as
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JoLE I(x)(^ 'n(x ))2dx
iln  = ri-  —

joLE I(x ) ( f n(x ))2dx + joLT ( x ) f t 'n(x ))2dx (5.39)

The steady state solution to equation (5.28) is harmonic, that is,

y (x ,t)  = A n£ n(x )e i<Bl (5.40)

W hen the pipe vibrates harmonically in its n1*1 mode shape ^n(xX the maximum bending 

strain energy in the pipe can be shown as

Hence, by substituting equations (5.41) and (5.42) into (5.39), the loss factor o f a 

tensioned pipe vibrating harmonically in its n^  mode can be expressed in term s of 

energies,

The physical meaning of this expression is that the energy dissipated by the material 

dam ping is proportional to the m axim um  bending strain energy irrespective o f the 

tension level, whereas the modal loss factor is tension-dependent because the potential 

energy o f tension is in the denom inator. For pipes of low rigidity or under high 

tension, the bending strain energy becomes much smaller than the potential energy of 

tension. The modal loss factor is then alm ost inversely proportional to tension and 

becomes very low under high tension.

V B „= % 0LE I ( x ) ( f  „ (x ))2dx
(5.41)

and the maximum potential energy of tension in the pipe is

(5.42)

The dependence of material loss factor rj on preload is reported in engineering data 

sheets. Doubts are raised as whether the effects of potential energy of tension have been 

taken into account when evaluating loss factor r\ from test results. In other words, the
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dependence o f r jn on tension might be caused by changes in r| as well as by the 

presence of V rn as shown in equation (5.43).

5 . 3 . 3  Solution for free-decay vibrations

W hen the pipe undergoes free decay vibration in its n1*1 mode, its modal logarithmic 

decrement is shown in Appendix V to be

5 . 3 . 4  Vertically tensioned uniform pipes

The tension in this case varies linearly with length owing to its self-weight, so

where Tb is the tension at the bottom of the pipe. By substituting equation (5.46) into 

(5.39), the modal loss factor of the pipe then becomes

(5.44)

where rjn is the modal loss factor o f the pipe when subject to harmonic motions in its 

n111 mode. At low modal loss factor, 5n can be approximated by

(5.45)

T (x) = T b + jSngdx = T b + m g ( L -  x ) (5.46)

^LE I ( f n(x ))2dx

1
^ 1 + Phn + a  q (5.47)

T  L 2
in which B =

El
(5.48)
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J0L (^ „(x ))2dx
2 2 

L • JQ (£ „(x)) dx (5.49)

(5.50)

JqL(L - x ) ( ^ n(x ))2dx 

L 3 - ^  „(x)) dx (5.51)

a ,  p, hn and qn are non-dim ensional parameters, a  and p demonstrate the effects of

mode shape. Modal damping depends on these non-dimensional parameters rather than 

on tension itself. For exam ple, the effects o f pipe length on modal dam ping is more 

important than those of tension since P is proportional to L squared. A longer pipe has

which is short or o f a high bending stiffness will have very small values of a  and p and 

the bending strain energy is dom inant in the total potential energy. Hence the loss 

factors of all modes are very much the same and equal to the material loss factor rj.

The elastic modulus E and loss factor r\ of materials such as polymers and rubbers are 

tem perature and frequency dependent. So tem perature and vibration frequency 

influence modal damping o f a structure through E and rj.

H igher modes have higher m odal loss factors because their bending strain energies 

become more dom inant in the total energy. For a sufficiently large mode order, the 

value of hn and qn approach zero and its modal loss factor then approaches the material 

loss factor.

W hen there is no external tension (Tb=0), the expression o f modal loss factor in 

equation (5.47) reduces to that for free-hanging pipes, equation (5.18). In other words, 

a free-hanging pipe is a special case o f vertically tensioned pipes. A lthough the 

boundary conditions and consequently the mode shapes are different for tensioned and 

free-hanging pipes, the way in which pipe self-weights affect damping is the same.

gravitational force and tension on modal damping while hn and qn show the effects of

larger values of a  and p and consequently has a lower modal loss factor. W hile a pipe
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5 . 3 . 5  Equivalent modal loss factor for other forms of damping

W hen a vertically tensioned pipe possesses not only material damping, but also other 

sources o f dam ping such as Coulom b dam ping and am bient fluid dam ping, an 

equivalent hysteretic damping loss factor can be evaluated for harmonic motions by 

energy balance as

X U d.
d 1i_______

T|ne‘i = 2 k  • I V .
i 1 (5.52)

in which £ U d 4 is the sum of the energy dissipated by all the damping mechanisms in
i

the system and I V .  is the total energy in the system.

As an illustration of the application o f this formula, a tensioned pipe with only material 

damping and ambient fluid damping is considered as follows. W hen the pipe vibrates 

harm onically in its n th mode at frequency co as in equation (5.40). The energy 

dissipated by the material damping can be shown as in equation (5.9) to be

U dm = 1l '  2 x V B, (5.53)

where Vgn is the maximum bending strain energy in equation (5.41).

The fluid dam ping is usually expressed by an equivalent viscous dam ping ceq. Its 

energy dissipation is given as

U d f  =  C e q 7 C C 0 A n ( 5 5 4 )

An equivalent modal viscous damping ratio, £eq, is defined as

C c q  =  2 C c q C° n M n ( 5  5 5 )

where con is the natural frequency o f the mode and Mn is the effective modal mass in 

equation (5.30). Substitution of equation (5.55) into (5.54) gives

U d f = 4 ^ q  - C 5 7 -T (5.56)



-99-

in which Tnmax is the maximum kinetic energy of the pipe in that mode,

1 2
max "2 "Mn(A nG)n) (^ ^y)

According to the principle o f the conservation of energy, one has 

X V . = T „ m„  =  V .  + V T
i ' B” T" (5.58)

where VTn is the maximum potential energy o f tension as in equation (5.42). Thus the 

equivalent hysteretic damping loss factor is obtained by substituting equations (5.53), 

(5.56) and (5.58) into (5.52) and becomes

^  dr "*"Udm y CO , „  ^ B n
- p —   i------------   =  21  ■ — —  -j- p'111  O t t  'T’ S  e q I27C-Tn_  ^ e<1 C0n ■» Vd. + V t_ (5 59)B n  T n

W hen the pipe undergoes free decay vibration in its nth mode, the modal decay rate 

(logarithmic decrements) is given by equation (5.44). In low damping cases, the modal 

logarithmic decrement can be approximated by equation (5.45) as

0), V n
• -p r-^+ T tlleq ^ e q  CO ' 'v , ‘ V  +  V

n B n  T n

a  y Bn
= 2 icC.o +  i i t i

*’ V B„ + V Tn (5.60)

in which (0dn is the frequency of free decay vibration and is very close to con at low 

dam ping. Equations (5.59) and (5.60) dem onstrate that the fluid dam ping can be 

sim ply subtracted from  the m easured dam ping values (loss factor or logarithm ic 

decrement). This is because the energy dissipated by viscous damping is proportional 

to the total energy, therefore its equivalent modal loss factor does not depend on 

tension, while the energy dissipated by material damping is proportional to only part of 

the total energy so that its damping ratio is tension-dependent.

For structures such as cables, flexible risers and umbilicals, Coulomb damping o f dry 

friction force between components is normally the dominant factor. The energy loss 

owing to the slippage between components can be estimated using appropriate models, 

V inogradov and Atatekin (1986), Feret and Boum azel (1987) and Tan et al (1991). 

This is discussed in detail in the next section.
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5 .4  Extension to cables and risers

5 . 4 . 1  Energy dissipation behaviour of cables and risers

The total dam ping of a flexible riser consists o f dam ping sources such as material 

dam ping (internal friction), Coulomb dam ping (dry friction between com ponents), 

am bient fluid damping, and end losses. The resultant structural modal damping when 

subject to harmonic vibration can be represented by an equivalent hysteretic damping 

loss factor which is defined by

potential energy in the structure.

The application of this equivalent modal loss factor can be better understood if a vertical 

free-hanging flexible pipe is considered as an example. As shown in Section 7.2, the 

still air fluid damping is negligible compared with the Coulomb damping for a flexible 

pipe. There is no satisfactory modelling of the end loss, but it can be greatly reduced by 

using effective built-in end supports in experiments. Thus only the material damping 

and Coulomb damping are accounted for in the following analysis. Let us consider.a 

free-hanging pipe which is forced to oscillate harmonically with frequency co in its n ^  

mode shape 4n00»

y (M )  = A n • 5 „ (x ) • sin (cot +  4>0) (5 62)

where y(x,t) is the lateral displacement, A n is the amplitude of the vibration, <J>o is a 

phase angle and x is the position along length, being zero at top and L at bottom.

The total energy in the system is the sum of the maximum bending strain energy, Ven» 

and the maximum gravitational potential energy, Vpn.

.  I (A W ,)
1 i

(5.61)

in which £ (A W .) and £ V .  are the sums o f energy dissipated and that of the total
i J ^

(5.63)
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A.2  ̂ ^
V pn = - j -  J J m (x)gdx ' ( ^ 'n(x ))2dx

Z o * (5.64)

where m(x) is the mass per unit length, g is the gravitational acceleration, Eili(x) is the 

bending rigidity of each layer o f the pipe and EI(x) is the effective bending rigidity of

the pipe cross section, E l (x) = X ^ U x ) ]
i

The energy dissipated per cycle by the material damping, AWm, is shown in equation

(5.9) to be proportional to the maximum bending strain energy

m = S [27 t • 'n j • ( v Bn)j]
i (5.65)

in which rji is the material loss factor o f each layer.

The energy dissipated per cycle by the friction force between component layers can be 

described by calculating the slip o f helical armour layers when bent. Various models for 

slip calculation are available, Feret and Boum azel (1987), and Tan et al (1991). Feret 

and Boum azel (1987) assumed that the helical arm our strips follow a geodesic path 

once slip occurs. Based on this assumption, they calculated the slippage transverse to 

and in the axial direction o f a strip. Tan et al (1991) argued that the armour strips are 

not expected to form a geodesic path because o f their significant bending and torsional 

stiffnesses. The dominant slip mode for the arm our strips is believed to be axial slip 

and it is calculated by applying the principle o f least work. A lthough different 

approaches were used, both estimated the local averaged slip distance at interface, i, 

between two adjacent layers, to be proportional to the bending curvature to the first 

order,

A. — C. K fL(L\i i (5.66)

where A . is the local averaged slip distance, k  is the local bending curvature and q  is

the constant which depends on lay angle and helical radius.

Having obtained the slip distance, the energy dissipated per cycle by the friction force is 

calculated as
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k 2 re
A W C=  I | “ [ f j - j i . P . - b -  A. s (x ,t )d x ]d t

i=l

L
j • |i.P . • b • A. • s(x ,t)d x]d t

(5.67)

where j is the number o f helical strips

}ii is the dry friction coefficient between contact surfaces

Pi is the contact pressure

b is the width of a helical strip

f 1 w here static  fric tion  is overcom e and slippage occurs 
s(x,t) = j

I 0 e lse w h e re

k is the number o f interface between helical layers and adjacent layers 

By substituting equation (5.66) into (5.67) and taking the bending curvature 

K  = y"(x,t) =  A n  • 5 \ ( x )  • sin (cot +<j>0) (5 6g)

one has

AWC = f * H jV  Pi bA„ • |£,"(x)|• s(x,t)dx]sin(m t +  <)0)d t
i=i J° Jo (5.69)

W hen a flexible pipe is bent, the com ponent helical strips o f different layers have a 

tendency to slip against each other, but this tendency is resisted by the static friction 

force when the bending curvature is small, and cross-sections remain in a plane when 

deformed. When the bending curvature exceeds a critical value, the static friction force 

can no longer hold these layers together, slippage occurs and propagates. The average 

slip distance is a linear function o f bending curvature. The energy dissipated by the 

friction force can be estimated by equation (5.69).

The modal loss factor of harmonic vibrations in the n ^  mode is obtained from equation

(5.61) as

_ 1_ AW  m +  AW  c
T’ -  2tc V . . + V *  (5.70)

w here VBn> Vpn, AW m and AW c are given in equations (5.63), (5.64), (5.65) and 

(5.69).
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5 . 4 . 2  Uncertainties in Coulomb damping calculations

The energy dissipation by the Coulomb damping is a function o f a range o f factors such 

as slip distance, contact pressure and dry friction coefficient. The slip region is another 

im portant factor which is determined by contact pressure, dry friction coefficient and 

bending curvature. Since the internal structure of a flexible pipe is generally unlikely to 

be in the ideal state in which all the foregoing is based, uncertainties arise in the 

determination of the following aspects:

(i) Contact pressure

Contact pressure between layers o f helical armour strips of an unpressurised pipe is 

maintained by geometrical restriction after construction. When the pipe is deformed in 

either the axial, torsional, or lateral directions, changes in contact pressure may occur, 

W itz and Tan (1991). For instance, for flexible riser pipes the rectangular cross-section 

of armour strips prevents them from twisting. The contact pressure is then no longer 

evenly distributed along the strip width owing to the tendency to twist. A lso gaps 

between layers may emerge from place to place. The changes in contact pressure caused 

by deformation might be insignificant if  the pipe is pressurised, but could be quite 

significant for unpressurised pipes. Neither the initial state of contact pressure nor that 

after deformation can be evaluated without knowing the exact internal structure o f an 

individual pipe.

(ii) Dry friction coefficient

This parameter is a function o f material o f armour strips, lubrication, and fatigue wear 

history. Lubricants may not be evenly distributed. Furthermore, the fatigue wear effects 

are difficult to model.

(iii) Slip region

As a consequence of the uncertainties in determining contact pressure and dry friction 

coefficient, it is difficult to locate the slip region accurately.

(iv) Microscopic asperities

Energy is also dissipated through microscopic asperities between contact surfaces as 

pointed out by Claren and D iana (1969), even though there is no m acroscopic slip
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between them. This energy loss, however, is believed to be small com pared with the 

Coulomb damping.

5 . 4 . 3  Natural frequencies of flexible pipe structures

W hen slip takes place, the bending rigidity o f arm our layers decreases. Since the 

armour layers are important contributors to the total bending rigidity of flexible pipes, a 

decrease in bending rigidity o f arm our layers results in a decrease in total bending 

rigidity of flexible pipes. This nonlinear behaviour can be m odelled mathematically, 

Feret and Boum azel (1969), and W itz and Tan (1969). It is also well known from  

general experience with cables. Since the bending rigidity decreases as vibration 

amplitude is raised, the natural frequencies of the structure will decrease with increasing 

amplitude. In other words, the occurrence o f slip between armour layers is reflected by 

the changes in natural frequencies which can be measured in dynamic tests.

5 . 4 . 4  Free-decay vibrations

W hen a system  undergoes free-decay vibration in its nLh m ode, its decay rate 

(logarithmic decrement) is shown in Appendix V to be

where T|neq is the equivalent m odal loss factor o f the system  when subjected to 

harmonic vibration, which is defined by equation (5.61). Equation (5.71) relates the 

modal logarithmic decrement measured in free-decay tests with the energy dissipation 

ability o f a system when subjected to harmonic motions. At low damping, ie, r jneq is 

much smaller than unity, equation (5.71) can be approximated as

The modal damping ratio can also be expressed as modal dam ping ratio, ^n> as the 

percentage o f the critical damping, which is used in association with viscous damping

S = 2 k ■
(5.71)

S n ft ' T| n cq (5.72)

model. The relation between the logarithm ic decrement 8n and the damping ratio is 

known to be
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S n =  2 n  ■

(5.73)

At low damping, equation (5.73) is approximated as

s „  = 2itC n (5.74)

It is to be pointed out that the modal loss factor T|neq, modal damping ratio and 

logarithm ic decrem ent 5n are ju st different means o f representing damping. In other 

words, one can express total damping by either an equivalent loss factor (hysteretic 

dam ping model) or an equivalent dam ping ratio (viscous dam ping model). Their 

common basis is the energy dissipated per cycle.

5 . 4 . 5  Effects of physical parameters on damping

(i) Vibration frequency co

It can be seen from equation (5.69) that the energy dissipated by the Coulomb damping 

does not depend on frequency. Material damping is a weak function of frequency as the 

material loss factor r\ in equation (5.65) varies slightly with frequency. Thus the total 

structural damping is a very weak function of frequency.

(ii) Contact pressure between layers

If there is no contact pressure anywhere, there is no energy dissipation although slip 

takes place. At the other extreme, the layers will be held together when under very high 

pressure (internal or external). No slip occurs and no energy is dissipated by the 

friction force. At intermediate pressure, the relationship between contact pressure and 

resultant structural damping is complex. One result of an increase in contact pressure is 

the increase in friction force and work done (ie. energy dissipated) by this force. On the 

other hand, the increase in pressure results in a decrease in the slip region. The 

combination o f these two effects determines the outcome of the Coulomb damping and 

it depends on the internal structure of the pipe, structure configuration and vibration 

amplitude.
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(iii) Vibration amplitude An

A free-hanging pipe is considered here as an example. If slip takes place everywhere, it 

is shown in equation (5.69) that the energy loss o f Coulomb damping is proportional to 

am plitude A n. The bending strain energy, gravitational potential energy and energy 

dissipation by the material dam ping are all proportional to the square o f A n as in 

equations (5.63), (5.64) and (5.65). Therefore, the modal damping ratio (loss factor or 

logarithmic decrement) is lower at higher vibration amplitude. This is the behaviour of 

an one-degree-of-freedom  oscillator w ith Coulom b damping. However, for flexible 

risers the dry friction force is distributed along the length and the slip region takes up 

only part o f the total pipe length. The higher the amplitude, the larger the slip region. 

Thus, the energy dissipated by the dry friction force is not a linear but a com plex 

function of amplitude An and so is the modal damping ratio.

(iv) Mode order

At the same modal vibration amplitude, the Coulomb damping dissipates more energy 

for vibrations in higher modes because their slip regions are larger. However, the total 

potential energy is also larger in higher modes. The modal damping ratio, as a ratio of 

the energy dissipated to the total potential energy, is not a simple function of m odal 

order.

(v) Pipe length L

A t the same vibration amplitude, a longer span has lower bending curvature. If slip 

occurs everywhere, equation (5.69) gives the result that AWC is inversely proportional 

to L. If taking into consideration the fact that low er bending curvature gives rise to 

sm aller slip region, then AW C would be proportional to L 'a  where a > l .  In other 

words, a longer pipe has a smaller energy dissipation when the vibration amplitude is 

the same.

For a vertically free-hanging riser, its gravitational potential energy, Vpn, is usually far 

greater than its bending strain energy, Vpn- Since Vpn is largely independent o f pipe 

length L, as can be seen in equation (5.64), the modal damping ratio o f a longer pipe is 

then lower according to equation (5.70). This is also true for other configurations of 

flexible risers, such as the Lazy-wave type riser where the gravitational potential energy 

is much larger than the strain energy.
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5 .5  Conclusions

Conclusions and their implications from the foregoing are summarized as follows.

(i) A free-hanging pipe differs from a short beam in that an important role is played 

by the gravity force. Its effect on the natural frequency and mode shape of free- 

hanging pipes is generally well understood. The effect of the gravity force in 

respect o f dam ping has to date been less well understood. This has been 

exam ined in detail herein. By using a hysteretic material damping model and 

assuming material damping as the only source o f damping in a pipe, the loss 

factor of the n ^  mode has been shown to be

Tl n  = V + V Bn Pn

in w hich Vfin and Vpn are the m axim um  bending strain energy and the 

maximum gravitational potential energy respectively. The explanation o f this 

formula is that the energy is only dissipated through bending but not through 

rigid body movement, and the damping ratio is taken to be the ratio o f energy 

dissipated to the total energy including gravitational potential energy, which is 

associated with the rigid body movement. The modal loss factors are always 

lower than the material loss factor T|.

For an uniform pipe, the modal loss factor given by the above formula becomes

1
5„ = tctv

J0J ( £ n(x ) )2dxdx
1 + a -  ----------------

L3 * J (£ '„ (x ))2dx

mgL
where ot = ——— which is a characteristic param eter o f a free-hanging pipe

that determines whether the pipe behaves m ore like a chain or a beam. The 

dependence of modal damping (loss factor or logarithmic decrement) on mode 

shapes, a ,  and temperature indicated by the formula is confirmed by test results 

on PVC pipe specimens. The theory predicts that higher modes have higher 

modal damping.

(ii) A tensioned pipe differs from a beam in that an important role is played by the 

tensile force. Its effect on the natural frequency and mode shape is generally
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well understood. The effect o f the tension in respect of dam ping has to date 

been less well understood. This has been exam ined in detail herein. By using a 

hysteretic material damping model and assuming material damping as the only 

source of damping in a pipe, the loss factor o f the nth mode has been shown to 

be

VB„
11" 11' v „  + vBn T n

in w hich VBn and VTn are the m axim um  bending strain energy and the 

maximum potential energy o f tension respectively. The total energy is the sum 

of these two. The above formula indicates that since the energy dissipated is 

proportional to the bending strain energy (which is only part o f the total 

energy), the modal loss factors, taken as the ratio o f the energy dissipated to the 

total energy, are always lower than the m aterial loss factor T|. It also indicates 

that the modal loss factor depends on the relative importance of Ven and Vxn in 
any mode.

For a vertically tensioned uniform  pipe, the modal loss factor given by the 

above formula becomes

1 + a q n + (3hn
2

mgL T bL
where cc = — — and p =  —jg — are characteristic parameters of a vertically

tensioned pipe which indicate the effects o f self-weight and tension on natural 

frequencies and mode shapes o f the pipe as well as its modal damping. qn and 

hn are constants which depend only on the mode shape. Since the tension term 

appears in the denom inator of the formula, higher tension usually results in 

lower modal damping ratio, which is well known from general experience with 

cables. The formula also predicts that the modal damping ratio decreases with 

increasing pipe length or decreasing mode order.

(iii) The theory developed here can be applied to more general cases with structures 

o f other configurations such as catenaries or where other forms o f dam ping 

exist. The modal loss factor o f a structure defined in equation (5.38) can be 

extended to a general form as



in which and X V. are the sum of energy dissipated and that o f the total

energy in the structure respectively. In estim ating the modal dam ping o f a 

structure, one m ust first identify the sources o f structural dam ping, then 

calculate the energy dissipated per cycle by each damping source and the total 

stored energy in the system in the mode of interest. The modal loss factor can 

then be obtained from the general formulation.

An example of the application of the general damping formulation is given in the 

following for vertical uniform pipes with their bottoms fixed and top ends free 

(with application to structures such as buildings and chimneys). Considering 

the case where the material damping is the only source o f structural damping, 

the modal loss factor can be shown, by following the procedures in Section 

5.2, to be

n V Bn n

V Bn — V Pn ~   ̂ ~  ac ln

where VBn>Vpn, otherw ise buckling occurs. The expression predicts that 

modal loss factors are always larger than the material loss factor T|, and the 

higher modes have lower modal loss factors. This indicates that care m ust be 

taken when using measured damping values of towers and buildings to bridges 

and marine risers for the reasons discussed above.

Similarly, for a pipe under compression the modal loss factor can be shown as

T, „  V °"
T1" = T1- V B -  VBn T n

where VBn>VTn> otherw ise buckling occurs. The expression predicts that 

modal loss factors are always larger than the material loss factor rj. Unlike in 

the case of tensioned pipes, the modal damping ratio increases with increasing 

compression or pipe length or decreasing mode order.

Temperature has considerable effects on elastic modulus and material loss factor 

o f materials such as polymers and rubbers. Care must be exercised to perform
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tests under controlled temperatures in order to obtain reliable and meaningful 

results.

(vi) The damping behaviour of cables and flexible marine risers is more complicated 

than that of a homogeneous pipe owing to the slip between helical com ponent 

layers and the resultant Coulom b damping. A t a certain amplitude, slippage 

occurs only at those parts where the local bending curvature exceeds the critical 

value needed to overcome the static friction force between com ponent parts. 

This critical curvature generally varies along the pipe as a result of the varying 

local contact pressure.
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Chapter 6 Model Scale Parametric Tests of Structural Damping

In the last chapter, a form ulation o f m odal dam ping (loss factor or logarithm ic 

decrement) is obtained analytically for free-hanging and tensioned homogeneous pipes 

where the material dam ping is the only source of damping. The relationship between 

the material loss factor and the modal loss factors o f a structure is obtained by using a 

hysteretic material dam ping model. Key param eters determining the modal damping 

values are identified. The dependence o f modal damping on axial tension, which is well 

known from general experience with cables is explained. W hen there are other forms of 

dam ping such as dry friction and fluid damping, as in the cases o f cables and marine 

risers, the formulation is extended to give an equivalent modal loss factor. In this 

chapter, the results o f a model scale param etric experimental study are presented to 

achieve a better understanding of the damping behaviour of pipe-like structures.

6 .1  Parameters investigated

U nlike mass and stiffness, the theoretical determ ination o f dam ping o f a structure 

involves many uncertainties. In a structure com prising many elem ents, energy is 

dissipated through a num ber o f mechanisms: material dam ping, Coulom b damping 

owing to friction in jo in ts and between contact surfaces, air pumping in gaps and 

am bient fluid dam ping etc. M easurem ent is the only reliable means o f providing 

damping values of structures. However, this approach suffers from its own limitations. 

Experimental measurements o f damping values at model scale can not be extrapolated 

into full scale prototypes in a straightforward way. So full scale tests are necessary 

although they are expensive and difficult to perform. Furtherm ore, dam ping values 

obtained from  m easurem ents on a full scale structure are usually the sum o f the 

contributions from more than one damping source. Since these damping sources differ 

in nature and hence have different dependences on physical parameters, the measured 

damping values do not provide the ability to accurately predict damping o f structures of 

other configurations or in other conditions.

W ith the increasing application o f flexible pipes in marine and offshore industry, a 

better understanding o f their dynamic behaviour is required. In the cases o f resonant 

responses to current and wave actions such as vortex-shedding induced vibrations, 

structural dam ping is the main restric ting factor in preventing large am plitude 

vibrations. However, dam ping o f a flexible riser is a com plex problem  because it 

involves material damping as well as frictional forces between component layers. To
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solve this problem , the first step is to understand the dam ping behaviour of 

hom ogeneous pipes where only m aterial dam ping exists. Once this is achieved, 

progress can then be made to include frictional force effects.

To this end, a parametric experimental study o f damping behaviour o f homogeneous 

pipes at model scale was carried out in the Department o f M echanical Engineering at 

University College London. The dependence o f dam ping on vibration am plitude, 

modes, pipe length and temperature was investigated  in the tests.

Seven reinforced PVC pipes with different lengths and diameters and a rubber pipe 

were tested. The details o f these pipes are listed in Table 6.1. Free-hanging, tensioned 

and catenary pipes were tested using the free decay method. The test results are 

presented herein.

The free decay method was used because it was easy to conduct and did not need 

sophisticated equipment. Also it is an efficient method to examine the nonlinearity o f a 

structure as a single decay record provides values o f logarithmic decrem ent and free 

vibration frequency over a range of vibration amplitude.

Logarithm ic decrem ents for the first few m odes have been m easured to  com pare 

damping o f different modes for a pipe. This inform ation can also be used to decide 

w hether the hysteretic or viscous dam ping model is a better representation o f the 

material damping since they differ in the degree of dependence on vibration frequency.

Temperature has considerable influence on both the stiffness and damping properties of 

m aterials like polym ers and rubbers. It was not possible to control the am bient 

temperature precisely, so care was taken to perform  tests under similar temperatures 

which were recorded for analysis.
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6 .2  Tests on free-hanging specimens

Test results on seven model scale free-hanging PVC pipes o f different lengths and 

cross sections are presented. The effects of temperature and mode shapes are examined. 

The agreement with the theory developed is good.

6 . 2 . 1  Test set-up and test procedures

Tests were perform ed in air in an empty 4m deep still water tank with a 1.5 x 1.5m 

base. The test set-up is shown in Figure 6.1. The free decay method was used. The 

pipe was excited by an electrically controlled shaker. The frequency o f the harmonic 

excitation was set by varying the electric current input to the shaker. W hen the 

excitation frequency was near one o f the natural frequencies o f the pipe, a resonance in 

that mode built up. The shaker was then released and the pipe underwent a free decay 

vibration.

A displacement tracking system was used and is explained as follows. The points A, B 

and C in Figure 6.1 represent the antinodes o f the first, second and third modes of a 

pipe. A steel ball bearing target was fixed at either point A, B or C depending on which 

mode was being studied. The light provided by a powerful light source was reflected 

by the ball bearing and picked up by a video camera. The camera generated an analogue 

voltage signal which only depended on the position o f the ball bearing. This signal was 

first input into a conditioning unit and then fed into an analogue/digital convertor and 

digitised. It was then sampled and recorded in binary form by a microcomputer PDP- 

11/73. The sampling rate was chosen such that there were more than 25 sampling 

points per oscillation cycle in order to identify the maxima and minima in the record 

accurately.

6 . 2 . 2  Data analysis

Inevitably the decay time traces recorded contained decays o f more than one mode. A 

digital time domain 3rd order Chebychev band-pass filter was developed and used to 

filter out frequency components not o f interest in the raw data. This is a very selective 

filter, whose characteristics are given in Lyons and Fang (1989). Digital filter design 

techniques are provided in detail in O ppenheim  and Schafer (1975). In order to 

minimise the distortion caused by the filter, the raw decay time series were reversed
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before and after the filter. The logarithmic decrements and free vibration frequencies

amplitudes. A filter will change the relative amplitude level of these harmonics, hence 

the sum of these changed harmonic components will give a different decay time history 

from the original. However, these changes are small when the effective band-width of 

the filter is sufficiently large compared with that o f the peak in the spectrum of a decay

constant frequency and constant logarithmic decrement ranging from 0.04 and 0.2 is 

1%. However if the free vibration frequency varies as it decays owing to nonlinear 

effects, then the error in logarithmic decrements calculated from the filtered data will 

increase because the attenuation factor varies as the frequency varies.

The so calculated logarithmic decrement contained fluid damping of still air, which had 

to be estim ated and eliminated. Sarpkaya (1979) gave a semi-empirical form ula to 

estimate the effective viscous damping ratio for a rigid cylinder

for A/D < 1.6 and Re^ < 104’ where p is the density of the fluid, and p= 1.225 kg/m 3 

for air, ps is the density of the cylinder, A/D is the dimensionless vibration amplitude, 

D is the diameter of the cylinder and

where co is the frequency of the vibration and v is the kinetic viscosity of the fluid, and 

v = 1 .45x l0 -5 m2/s for air.

To account for the variation in local displacement amplitude the formula was extended

were then calculated for all the maxima and m inima identified from the filtered decay 

time series.

A free decay vibration is not harmonic. It is the sum of infinite harmonics with different

time history. The m axim um  error caused by filtering artificial decay histories w ith

(6.1)

(6 .2)

to the case for elastic vibration of a cylinder. The effective damping factor o f still air 

damping is given in Appendix VI to be

(6.3)
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for Yn/D < 1 . 6  and Re© < 104, and the logarithm ic decrem ent of the still air fluid 

damping is given by

5 f « 2 * C f (6.4)

where Yn/D is the dimensionless vibration amplitude of the n*  mode, y is  the mode 

shape factor

fLm (x)£(x)dx
y — ____ *0 - ---

£ L . ( X) • J0Lm ( x ) ^ ( x ) d x  5

where m(x) is the mass per unit length, ^n(x) is the mode shape and ^nmax(x) is the 

maximum value of |£ n(x)| •

The fluid damping is nonlinear owing to the separation o f the fluid and is accounted for 

by the second term in the bracket in equation (6.1). The first term, however, resulted 

ffom the viscosity of the fluid and is an analytical solution for fluid frictional damping.

Equation (6.3) was used here to estimate the fluid damping o f still air. The structural 

dam ping was then obtained by subtracting the fluid dam ping from  the m easured 

damping.

6 . 2 . 3  Test results

Detailed test results are shown in Table 6.2 for the PVC pipes and Table 6.3 for the 

rubber pipe. A typical raw  decay time history is shown in Figure 6.2. This was 

subsequently filtered. Logarithmic decrem ents were calculated for all the amplitudes 

identified from the filtered data, and are depicted in Figure 6.3. Also plotted in Figure

6.3 are estimated still air fluid damping.

Figure 6.4 presents the measured logarithmic decrements (before subtracting the fluid 

damping) of the first four modes for the PVC pipe G against vibration amplitude. It is 

evident from this figure that the modes o f higher orders possess higher modal damping. 

The logarithm ic decrements are found to be quite constant for the am plitude range 

tested. Therefore a linear damping model is thought to be a reasonable representation of
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damping of the material tested. The variations at low amplitude in Figure 6.4 are caused 

by the low signal/noise level in the measurement.

The measured logarithmic decrement of the first mode o f PVC pipe G is so low that it 

consists o f m ainly fluid dam ping as shown in Table 6.2. In fact, the measured 

logarithmic decrement o f the rubber pipe is even lower than the estimated fluid damping 

value as can be seen in the Table 6.3. This indicates the inadequacy o f equation (6.3) in 
predicting still air fluid damping at low Re© numbers since the frictional damping part

alone is already larger than the measured damping.

In order to com pare with the theory in the previous section, the test results (after 

subtracting still air fluid damping) for PVC pipes are plotted in Figure 6.5 as a function 

o f the param eter a ,  which is defined by equation (5.19) and each a  corresponds to a 

particular pipe. From  this figure, one concludes that a pipe with a larger a  value has a 

lower decay rate (logarithmic decrement). This is consistent for all the four modes 

tested. It is also true for all the pipes tested that higher modes have higher damping.

The effects o f temperature on natural frequencies and logarithmic decrements of the 

PVC pipes are shown in Figure 6.6. It is evident that an increase in temperature within 

a range o f 17°C to 28°C results in  a decrease in  both natural frequencies and 

logarithmic decrements for pipes made of this material.

6 . 2 . 4  Mode shape effects

The test results for the seven PVC pipes are com pared with the theory. Recall the 

theoretical formulation of equations (5.17) to (5.20) for structural damping o f uniform 

pipes with hysteretic material damping. In respect o f the dependence o f logarithmic 

decrement on a  and mode shapes, qualitative agreements have been achieved between 

the theoretical predictions and experimental measurements discussed in the previous 

two sections. However, similar trends can be produced by using the viscous material 

dam ping model in equation (5.24). Therefore, quantitative analysis is necessary to 

identify which model represents material damping better.

In order to do so, inform ation o f m aterial loss factor T|, a  and mode shapes are 

required. U nfortunately, none o f them is readily available. There is no closed form 

analytical solution of mode shapes for a free-hanging pipe with an arbitrary a  value. 

Num erical evaluation is dem onstrated by H uang and Dareing (1969). They also
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showed that the mode shapes vary with different values o f a . To avoid resorting to a 

numerical evaluation, an energy method is used in the following discussion to obtain 
approximate value of Vpi/VBn for each mode without knowing the exact mode shapes. 

N ashif et al (1985) and other material handbooks provide data sheets on E and rj for 

some commonly used materials, but the material in the present test is not listed in the 

data sheets. Since the material properties vary from one manufacturer and one product 

to another, it is preferable to obtain E and T| from tests.

The elastic modulus E was obtained by loading and unloading a vertical free-hanging 

pipe in the axial direction statically. The value o f r\ was obtained by using part of the 

free decay data. The strategy was

(a) estimate the r| value from the first mode logarithmic decrements obtained in the 

tests by using equation (5.22).

(b) predict logarithmic decrements of other modes using again equation (5.22) with 

the so estimated rj value and compare with those obtained in the experiments.

This strategy also means that the expressions developed allow one to estim ate the 

dam ping of a free-hanging pipe for other modes o f interest by m easuring only the 

damping of its fundamental mode.

(a) Estimation of T| from the decay rates of the first mode

For a free-hanging pipe undergoing free undamped harmonic motion in a shape ^(x), 

the displacement can be written as

y (x ,t)  = A • £(x) • sin cot 6 )

Assuming that the rotatory inertia o f the pipe is negligible, its kinetic energy is 

T (t) =  y J 0Lm (y (x , t ) ) 2d x =  y | )Lm ^ 2(x)dx  • A 2 CD2  • c o s2cot

The gravitational potential energy is
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V p(t ) = 4 -J  J  mSd x - ( / ( x , t ) ) 2dx^ 0 x

= i f  f mgd x • ( ^ ( x ) ) 2dx • A 2sin 2cot
^ 0 X (6 .8)

The bending strain energy is

V B( t ) =  y{,LE I [ / '( x , t ) ] 2dx = i { )LE I [ f ( x ) ] 2dx • A 2s in 2cot
(6.9)

According to the law of conservation of energy, one has 

T ( t1) + V p( t 1) + V B( t 1) = T ( t 2) + V p( t 2) + V B( t 2)

TZ
Taking ti=  0 and t 2 = in equation (6.10) and considering equations (6.7), (6.8) 

and (6.9), one has

T  =  V +  V  
max Pmax Bmax (6.11)

2 2

where T max = — ■ ( x) dx (6.12)

V P m a x  =  x  ■ ( ^ ' ( x ) ) 2 d x  < 6 1 3 )

2

“ d V Bmax = (6.14)

If ^(x) is one o f the eigenvectors o f the pipe, then the frequency co is the natural 

frequency of the mode. If a selected shape function ^(x) is an approximation o f one of 

the eigenvectors o f the pipe, the co obtained from  equation (6.11) is then an 

approximation to the natural frequency o f that mode. This is utilized to estimate the 

value of Vpmax/VBmax by using the natural frequency values obtained in the tests. The 

procedure is demonstrated as follows.

Assume the mode shape of the first mode can be approximated as



-119-

(6.15)

By substituting equations (6.15) into (6.12), (6.13) and (6.14), one has

max

2 3V = A • TZ-mg Pmax 16

and
V Bmax

If PVC pipe A is considered, from equation (6.11) one obtains cjl>i = 2.01 rad/s and 

f i = coi/ 27C = 0.319 Hz. This value is 4% higher than the m easured value, 0.307Hz. 

Here the m easured free vibration frequency can be taken to be equal to the natural 

frequency because the damping is very low. This over-prediction in natural frequency 

suggests that the proposed shape function does not approximate the mode shape well. 

So, since Vpmax is two orders of magnitude larger than Vemax in this case, its value 

needs to be corrected to satisfy equation (6.11). So let

Vpmax = A2di-mg (6.16)

where di is a constant to be determined. Equation (6.11) becomes

2 2 3 3  2 3
A (271^) • ^ Q -m L  = A “ • d j • mg + A • —2 J3 El

Inserting fi = 0.307 Hz into the equation, one obtains di =0.173 and

V Pmax A 2 - 0.173 • mg
= 0 .1 1 5 a  =  139.0V Bmax

One also has q j = 0.115 from its definition, equation (5.21).

Having obtained the value o f V pmax/VBmax and the first mode logarithmic decrement 

after subtracting still air fluid damping, one has from equation (5.22)
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0.0086 7cr| 1 + 1390

This gives an estimation of the material loss factor of r\ ~ 0.38 .

The same procedure has been applied to all the other PVC pipes for the first mode and 

the results are listed in Table 6.4. It can be seen from Table 6.4 that the value o f 

estimated material loss factor varies from one pipe to another. This discrepancy could 

be caused by several factors. Firstly, the still air fluid dam ping is not evaluated 

accurately. Secondly, in the above procedure, the value o f E used is that m easured at 

25.7°C and considered as constant. However, the value o f E varies with temperature 

and these tests were carried out at different am bient temperatures. M oreover the 

temperature varied within the testing tank. Thirdly, the value o f T\ itself varies with 

tem perature and frequency. In spite o f these uncertainties, an average value of the 

m aterial loss factor has been chosen as t j= 0 .4  and used to predict logarithm ic 

decrements for the first four modes of all the seven pipes.

( b )  Prediction of modal damping using the estimated T|

(i) The fundamental mode

The values o f a  and q i of all the pipes have been obtained in the foregoing. The 

logarithmic decrement of PVC pipe A is predicted as

8 = JtTV - J  = 7C X  0.4  X ---------------- L „  0.0090
a q l 1 +  1.20 x 10J x 0.115

The logarithmic decrements o f fundamental modes for the other pipes are similarly 

predicted and listed in Table 6.5 and plotted in Figure 6.5.

(ii) The second mode

It is not as easy to choose a good shape function for higher modes as for the first mode, 

so the measured natural frequencies of two pipes were used to obtain the relative values 

of Vpmax> VBmax Tmax.

From  equations (6.12), (6.13) and (6.14) and using dim ensional analysis, one can 

assume
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V P max = e r meA 2  V Bmax = V  f r  A '

and T max = e 3 mL“ nA2

where e i, e2 and e3 are dim ensionless constants to be determined. From  equation 

(6.11), one has

2 FT 2 o 2
e j • mgA + e 2 - —  A = e 3 • m Lco^A

L

By dividing both sides of the equation by e3mgA2 and denoting constants di and d2 as 

d i=  e i/e 3 and d2= e2/e3 , one has

d l + ^  =  T ( 2,Cfn )2 (6 ' 17>

From Table 6.2, one reads a = 4 .0 6 x l0 2, L=2.70m  and f2=0.917Hz for the second 

mode vibration o f PVC pipe C, the substitution of these variables into equation (6.17) 
gives

d + ------— -----r  =  M r(2 7 C  x 0 .917)2
4 .06 x 10 V tl1

Similarly, for PVC pipe E, one has

 ̂0  2  7 1  2
d . + -------- — t  x 0.741)

1 .5 7 x 1 0

Solving for d i and d2 , one has di = 7.87 and d2 = 5 .15x l02. So

V Pmax _  e r  2 _  d ,
V FI 2 d a

Bmax e • • A a 2
L 5

From equation (5.22), one has q2 = d i/d 2 = 0.0152
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Hence, for PVC pipe C, one has

V p  ?
y  max = q 2a  = 0.00152 X  4.06 x 10 = 6.17 

B m a x

Its logarithmic decrement for the second mode is predicted as

x  3 ___________„  0 .4
2 “ ™' 1 +  V -  / V n _  1 + 6 .17

P m a x  B m a x

Similarly, the second mode logarithmic decrements for other pipes are predicted by 

using q2=0.0152 and the prediction results are listed in Table 6.5 and plotted in Figure 

6.5. It must be noted that this is an approximate method and introduces errors because 

the value of q2 depends on the value o f a  which was different for each pipe.

(iii) The third mode

The procedure used for the second mode is repeated here. By using values o f a ,  L  and 

the third mode natural frequency f3 in Table 6.2 for PVC pipe E and F, inserting them 

into equation (6.17) and solving the two equations, one obtains di=20.6, d2= 6 .6 8 x l 0 3 

and q3 = d i/d 2 = 0.00308. Then the values of Vpmax/VBmax and S3 o f the third mode 

are calculated from equations (5.21) and (5.22) for all the pipes by using the same q3 

value. They are listed in Table 6.5 and plotted in Figure 6.5.

(iv) The fourth mode.

The same procedure is repeated here. By substituting the values of a , L and f4 of PVC 

pipes E and F into equation (6.17) and solving the two equations, one obtains di=38.6, 

d2 = 2 .86x l0 4  and q4 = d i/d 2 = 0.00135. Then the values of Vpmax/VBmax and 84  of 

the fourth mode are calculated from equations (5.21) and (5.22) for all the pipes by 

using the same q4 value. They are listed in Table 6.5 and plotted in Figure 6.5.

The measured and predicted logarithmic decrement values for the first four modes of all 

seven PVC pipes are shown together in Figure 6.5. Although the predicted values are 

generally larger than the measured values, the agreement between them is considered to 

be good. The different levels of damping ratios for different modes are well predicted. 

The deviation of the predicted dam ping values from those measured are thought to be 

caused by the uncertainties in values o f still air damping, elastic modulus E, loss factor
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rj and Vpmax/VBmax used in the prediction rather than by the theory itself. It m ust be 

noted that E and rj are frequency and temperature dependent in reality but have been 

kept constant in the prediction owing to the lack o f information.

6 . 2 . 5  Suitability of viscous damping model

Under the viscous material damping assumption, the logarithmic decrement is given by 

equation (5.25) and is explicitly proportional to the natural frequency o f the mode. This 

indicates that the viscous damping model predicts still higher logarithmic decrements 

for higher m odes than the hysteretic dam ping model. For exam ple, the natural 

frequencies o f the third mode are about four times those of the first mode for all the 

PVC pipes tested, the logarithm ic decrem ents o f the third mode predicted by the 

viscous damping are then four times those predicted by the hysteretic damping. This is 

obviously not correct when compared with the measured values shown in Figure 6.5. 

The conclusion is thus reached that the hysteretic material damping model constitutes a 

closer approxim ation to material dam ping than the viscous dam ping model as one 

would expect.

6 . 2 . 6  Temperature effects

As can be seen in Figure 6.6, an increase in temperature results in decreases in both 

natural frequencies and logarithmic decrements within the temperature range 17°C to 

28°C. The effects of temperature on damping ratio o f a free-hanging pipe are three fold. 

First, the material loss factor r\ is temperature dependent. Second, the elastic modulus 

E is also temperature dependent and a change in E will give rise to a change in a  and 

consequently on mode shape and qn . Third, the length o f the pipe changes with 

temperature. Thus values of all the parameters in equation (5.22) are altered by changes 

in temperature. Since these changes were not measured or not measurable in the tests, 

no attempt was made to analyse the effects of temperature on damping quantitatively.

6 . 2 . 7  Conclusions

The test results obtained showed a variation o f modal dam ping ratio with pipe cross 

sectional area and length. The longer the pipe, the smaller its damping ratio. Also the 

damping ratios were different for different modes. Higher modes had higher dam ping
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ratios. The modal loss factors m easured in the tests were one to two orders o f 

magnitude smaller than the values of the material loss factor given in Nashif et al (1985) 

for the material tested. These findings can be well explained by the theory developed in 

Section 5.2.

The hysteretic dam ping model is supported by test results as providing a closer 

approximation to material damping than the viscous damping model.

Tem perature has considerable effects on elastic m odulus and material loss factor of 

materials such as polymers and rubbers. Care must be exercised to perform tests under 

controlled temperatures in order to obtain reliable and meaningful results.
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6 .3  Tests on tensioned specimens

Test results on vertical tensioned pipes with pivoted ends and fixed ends are presented. 

W hen pivoted joints were used Coulomb dam ping dominated the structural damping 

behaviour, which is presented in detail. W hen the pivoted ends were replaced by fixed 

ends, the dam ping values were reduced greatly, and were o f a sim ilar level to those 

measured when the pivots stopped moving in the tests with pivoted ends. It is shown 

that these low damping values were contributed by the dry friction force between the 

pipe specimen and metal shafts in the push-fit fixings used in the tests. Consequently 

the difficulties in obtaining m aterial dam ping factors for cable-like specim ens are 

highlighted. The material damping was predicted by the formula developed in Chapter 5 

to be only a small part o f the structural damping in all the tests.

6 . 3 . 1  Test set-up, test procedures and data analysis

A reinforced PVC pipe and a number of other pipes and cables have been tested. The 

test results for PVC pipe G are presented herein because it has been the m ost 

extensively tested and its mechanical and dynam ic properties are known from  the 

foregoing. The details o f the pipe are listed in Table 6.1.

Tests were performed in air in the same tank where the tests on free-hanging pipes were 

carried out. The test set-up is shown in Figure 6.7. A tight push-fit connection between 

end blocks and the pipe was used. The end blocks were either fixed or pivoted to rigid 

frames. Axial tension was set by a weight and pulley system. The upper end block was 

free to move vertically so that the pipe was stretched under tension. The end block was 

then bolted in position to maintain tension in the pipe.

The free decay method has been em ployed to examine the dependence o f logarithmic 

decrement, on the vibration amplitude. Logarithmic decrements for up to the first 

three modes have been measured to compare dam ping o f different modes for a pipe 

under the same tension. Tem perature has considerable influence on both the stiffness 

and damping properties o f materials such as polymers and rubbers. It was not possible 

to control the ambient temperature precisely, so care was taken to perform tests under 

similar temperatures which were recorded for analysis.

The excitation method, displacement tracking system, data acquisition system and data 

reduction technique were the same as for the free-hanging pipe tests. Raw free-decay
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time histories were filtered and the logarithmic decrement values calculated from the 

maxima and minima identified from the filtered decay curves. The structural damping 

was then obtained by subtracting the fluid damping from the measured damping.

6 . 3 . 2  Test results for specimen with pivoted ends

The PVC pipe was tested under several tensions, whose values and measured natural 

frequencies are given in Table 6.6. Only the first mode was tested.

A typical decay time history is shown in Figure 6.8. This was subsequently filtered. 

Logarithm ic decrem ents were calculated for all the am plitudes identified from the 

filtered data, and are depicted in Figure 6.9. Also plotted in Figure 6.9 are the measured 

decay rates of the pipe under another tension level for comparison. As the estimated 

fluid damping of still air was one order o f magnitude smaller than the measured decay 

rates in these cases, it is not subtracted. This is not believed to affect the qualitative 

description o f the test results. It is evident from  Figure 6.9 that the decay o f the 

fundamental mode o f the pipe was strongly amplitude dependent and can be divided 

into three phases. Let us consider an example case with a pipe tension o f 16.8N. At the 

first phase, the logarithmic decrem ent 5 rose as the vibration decays. At A/D about 

0.78, 5 reached a maximum. This phase is thought to be controlled by the Coulomb 

damping associated with the relative motion of the pivots at ends. It can also be seen in 

Figure 6.8 that at the first phase, the motion decayed nearly linearly with time. Then 5 

dropped sharply. This was the second phase and the motion of pivots started to stop. 

At A/D about 0.45, 5 remained low. This was the third phase and was owing to the fact 

that the relative motion at pivots virtually stopped and could not be seen visually.

This pattern was consistent for other tension levels. It can be characterised by four 

param eters, the amplitude at w hich the motion in pivots starts to stop A i/D , the 

maximum 6max, the amplitude at which the motion in pivots virtually stops A 2/D, and 

the logarithmic decrement value 5’ at amplitude below A2/D. Figure 6.10 shows how 

A i/D , 5max» A 2/D  and 5’ changed as the tension level varied. It is evident from the 

figure that motion in pivots started to stop at higher amplitude under higher tension. 

The motion in pivots stopped when the inertia force can not overcom e the static 

frictional force. The value of the inertia force depended on the displacement amplitude, 

mass per unit length, and the vibration frequency, while the value o f the frictional force 

was directly proportional to the friction coefficient and the normal contact force between 

the surfaces of the pins and bearings. It was very likely that the pivot at the top stopped
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moving earlier than that at the bottom because the contact force in the pivot at the top 

was higher owing to the self-weight o f the pipe. This complicated the matter further. 

Also this may well be the cause of the travelling wave which can be seen in Figure 6.8.

The motions in pivots of lighter pipes stop earlier if the same pivots are used and the 

tension at the lower pivot remains the same. This was verified from  the tests with a 

rubber pipe although the details are not reported herein.

6 . 3 . 3  Test results for specimen with fixed ends

In order to minimize the end losses introduced by pivoted ends, which was found to be 

the dominant part of total energy losses, the PVC pipe G was mounted to connectors at 

both ends which were fixed to the fram es o f the testing tank. The push-fit type 

connection was used again between the pipe and the end connectors. Logarithm ic 

decrements of up to the first three modes were measured for various tension levels. 

Detailed test results are shown in Table 6.7. A typical raw decay time history is shown 

in Figure 6.11. This was subsequently filtered. Logarithmic decrements were calculated 

for all the amplitudes identified from the filtered data, as depicted in Figure 6.12. Also 

plotted in Figure 6.12 is the estimated still air fluid damping.

Figure 6.13 presents the measured logarithmic decrements including the fluid dam ping 

of the first three modes under tension Tb= -0.08N against vibration amplitude. It can be 

seen from this figure that the modes of higher orders possessed higher modal damping. 

The variations at low amplitude in Figure 6.13 were caused by the low signal/noise 

level in the measurements. The m easured logarithm ic decrem ents were reasonably 

constant with am plitude, so a representative value of decay rate, for instance at 

amplitude A/D of 1.0, was plotted in Figure 6.14 as a function o f tension Tb (or rather, 

non-dim ensional tension value TbL2/EI). It is evident from the figure that higher 

tension resulted in lower decay rate.

The measured natural frequencies varied slightly with amplitude. The stretch in the pipe 

introduced nonlinearity into the system. The natural frequencies were slightly higher at 

higher amplitudes. However, the changes were not significant for the small amplitude 

to span ratio tested.
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6 . 3 . 4  Contribution of the material damping

The formulation of the material dam ping o f vertically tensioned pipes is given by 

equations (5.47) to (5.51). A ssum ing the mode shapes can be approxim ated by 

sinusoids, that is, the mode shape o f the n1*1 mode is

t ,  v n7tx
§ ( x )  = s i n

Substitution o f equation (6.18) into (5.49) and (5.51) gives 

£ ( £ n ( x ) ) 2dx !

(6.18)

h„ =
l M q ( r n( x ) ) 2dx 71 (6<19)

_ X ) ( ^ n ( x ) ) 2d x  1

q " ”  L 3 - [L (t"  (x ))2dx ~  Z*2*2 and L I  ^  ax  (6.20)

Thus, the modal loss factor of the material damping is b y  equation (5.47)

Ti „ =  n -  5------------------   5---------
, + . _ ! _  +  I & L . . 1

EI 7t2n 2 EI 2 ji2n 2 (6.21)

In free decay vibrations, the logarithmic decrement is related to small rjn by

5„ = 7tT|n (6.22)

T L 2
Equation (6.21) indicates that for values o f —-—  much larger than unity, the material

EI
damping loss factor is proportional to n2. When the tension is much larger than the pipe 

self-weight, it predicts a m odal loss factor o f m aterial dam ping to be inversely 

proportional to tension.

T L<2 m e L 3
By substituting the values of —-—  and —— — listed in Table 6.7 and the material

EI EI
loss factor rj o f 0.4 as estimated in Section 6.2.4 into equation (6.21), the contribution 

of the material damping to the total structural damping is estimated and plotted in Figure 

6.14 for the fundamental mode of the pipe with fixed ends under various tensions. It is 

obvious from the figure that the material damping constituted only a small part o f the
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m easured total damping. The dominant damping source was therefore identified to be 

the end losses and the Coulomb damping owing to the dry friction between the pipe and 

the end connectors. The use of fixed ends instead of pivoted ends did reduce greatly the 

energy loss at joints, but the push-fit type connection still introduced a significant 

amount o f damping. In order to measure only the material damping, pipe ends needed 

to be built in more effectively.

An aspect o f interest is the am ount o f energy dissipated per cycle by the material 

damping. By substituting equations (6.18) and (5.41) into (5.53), one has

it   A 2 EI n47t4 k5BEI 2 ,L , - s
dm TV 2  3 — n -  2  * A n - ( n )

z  2L  z  (6.23)

This expression is very close to Claren and D iana’s (1969) test results given in equation 

(2.31).

6 . 3 . 5  Damping behaviour of pivoted joints and its implications

The difference in dam ping behaviour of a vertically tensioned pipe with pivoted and 

fixed ends are apparent by com paring Figures 6.10(b) and 6.14. It is noticed that the 

marked variation o f logarithmic decrem ent with amplitude in the case o f the pivoted 

ends was caused by the motions of the end couplings. W hen the macroscopic motions 

in the joints stopped, the measured values of logarithmic decrement were similar to 

those measured from pipes with fixed ends.

Since the pivoted joints can be considered as lumped Coulomb dampers, their damping 

behaviour can be used to understand dam ping of cables and flexible m arine risers 

where slippage between structural com ponents occurs along the pipe length. So the 

overall effects of these distributed dampers are expected to result in a more complex 

logarithmic decrement-amplitude relationship than that by pivots shown in Figure 6.9.

The drastic drop in logarithmic decrement from a slack cable to a taut cable as observed 

by Ramberg and Griffin (1977) was very likely to be caused by the pivoted ends used 

in their tests. As shown in Figure 6.10(a), the amplitude at which the pivoted joints 

stop moving is higher with higher tension. In their slack cable tests, the tensions at 

joints were low. There were probably relative motions in the joints, resulting in the 

high decay rates observed. W hile in their taut cable cases, the joints had already
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moving at the amplitude tested because the static friction force is higher under higher 

tension. This gave rise to a significant decrease in 8 com pared with the slack cables. 

After all, one would not expect a sudden change in structure dynamic properties such as 

damping if there is no change in the dynamic mechanism.

6 . 3 . 6  Conclusions

Conclusions and their implications from this study are summarized as follows.

The tests on vertically tensioned pipes showed that the Coulomb dam ping owing to 

relative motion in pivoted joints dominated the total structural damping. At a certain 

displacem ent am plitude A i, the m otion started to stop. The logarithm ic decrement 

dropped sharply but not immediately. Then the motion in joints virtually stopped at 

amplitude A 2 and the logarithmic decrement took the values o f those with fixed end 

supports. Both Ai and A2 depended on tension level, mass o f pipe, vibration frequency 

and individual pivoted joints. Tests also showed that push-fit type connection, not as 

intended, still introduced dam ping owing to the slippage between pipe and shaft. 

Therefore, in order to measure only the material damping pipe ends need to be built in 

effectively.

The damping behaviour of cables and flexible marine risers is more com plicated than 

that o f the homogeneous pipes with pivoted joints. A t a certain am plitude, slippage 

occurs only at those parts where the local bending curvature exceeds the critical value 

needed to overcom e the static friction force between com ponent parts. This critical 

curvature generally varies along the pipe as a result of the varying local contact 

pressure.
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6 .4  Tests on catenary specimens

Structural dam ping o f a catenary riser is m ore difficult to estim ate than that o f a 

tensioned or a free-hanging riser in the sense that it may involve energy dissipation by 

torsional deformation and it is difficult to estimate the gravitational potential energy 

accurately owing to its three dim ensionality and varying static tension. Tests were 

carried out on a PVC pipe, G, in a catenary configuration to obtain representative 

damping values and compare with those of straight free-hanging pipes.

6 . 4 . 1  Test set-up, test procedures and data analysis

The catenary shape tested is shown in Figure 6.15. The free decay m ethod was 

adopted. The excitation method, displacement tracking system, data acquisition system 

and data reduction technique were again the same as in the free-hanging pipe tests. The 

logarithmic decrement values were calculated from the maxima and minima identified 

from the filtered decay curves.

6 . 4 . 2  Test results and discussions

Test results are presented in Table 6.8. The relationships o f damping with displacement 

amplitude, mode order, and temperature are discussed as follows.

The typical logarithmic decrement-amplitude relation is plotted in Figure 6.16 for PVC 

pipe G. At low amplitude (A/D < 2.0), 5 was a weak function o f amplitude. W hile at 

high amplitude, the non-linearity was stronger, with the damping factor being larger at 

higher amplitudes.

The PVC pipe was tested at 25°C and 26°C. As shown in Table 6.8, an increase in 

temperature caused decreases in both stiffness (frequency) and logarithmic decrem ent 

in the same way as for the pipe in free-hanging or tensioned forms.

As can be seen in Table 6.8, the natural frequencies o f in-plane modes were higher than 

those of the normal-to-plane modes (the swing modes). The damping factor o f the first 

in-plane mode was higher than that of the first normal-to-plane mode because the latter 

had more gravitational potential energy involved. For the same reason, the dam ping
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factors of a catenary PVC pipe were much higher than those of the free-hanging ones 

presented in Section 6.2.3..

Hence, it is concluded that the values o f modal dam ping ratios of a catenary pipe 

depend on the relative im portance o f the bending strain energy and gravitational 

potential energy in each mode, as revealed by equation (5.15). Although this was 

originally derived for free-hanging pipes. One then proceeds to expect that a catenary 

pipe with a deeper sag has lower modal damping factors. This is confirmed by the tests 

on a flexible riser specimen which is discussed in detail in the next chapter.
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Chapter 7 Full Scale Structural Damping Tests on a Riser Specimen

7 .1  General

The increasing use o f flexible pipes as marine risers in floating production systems 

dem ands better understanding o f their m echanical properties such as structural 

damping. Unbonded flexible pipes are considered herein as they are more commonly 

used than bonded pipes in the offshore industry. As shown in Figure 1.1, flexible 

pipes usually consist o f a helically wound interlock inner steel carcass, contrawound 

helical steel arm our layers and plastic sheathes made o f synthetic materials. A  most 

important feature of an unbonded pipe is that slip between layers may occur when it is 

subjected to axial, torsional, or bending loadings. This slip is caused by the 

deformation o f helical components such as the arm our layers. Two consequences of 

this slip are the decrease in bending rigidity of the pipe, and the energy dissipation by 

the dry friction force between layers.

M easurements o f self-damping o f an unpressurised flexible riser specimen in various 

suspension configurations are described and measured representative damping values 

are presented herein. Tests were perform ed at both ambient and elevated temperature 

using high temperature water to examine the effects of temperature on damping. The 

effects of structure configuration, mode order, and displacement amplitude on structural 

damping are also discussed. Coulomb damping owing to the slippage between various 

com ponent layers is found to be the dom inant factor in the total dam ping. The 

im plications drawn from the test results enable a more confident choice o f modal 

damping values for the global dynamic analysis of flexible marine risers.
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7 .2  Test set-up, test procedures and data analysis

A 10m long, 2 inch bore full size specimen flexible riser was provided by Coflexip 

(UK) Ltd. to enable representative values o f structural damping to be measured. Details 

of the specimen are given in Table 7.1. In order to carry out these measurements it was 

necessary to design and construct a substantial steel support structure from which to 

suspend the riser. This structure was mounted on one external wall face of part o f the 

Department o f Mechanical Engineering at University College London, see Plate 7.1. It 

was designed with care so that the structural dam ping of the specimen, and not the 

support structure, would be measured. Both free-hanging and catenary suspension 

were provided for. The end connectors were designed such that the riser ends could 

rotate freely before being bolted in position. W hen the riser was suspended in any 

catenary configuration both ends were allowed to rotate to their natural angle and then 

be fixed. In this way, no initial bending moments were introduced at either end. The 

riser was tested in five configurations, one being vertically free-hanging and the other 

four catenaries as shown in Figure 7.1.

The free decay method was em ployed and damping is presented in terms of modal 

logarithmic decrement. The pipe was excited by an electrically controlled shaker. The 

frequency of the harmonic excitation was set by varying the electric current input to the 

shaker. W hen the excitation frequency was near one of the natural frequencies o f the 

pipe, a resonance in that mode built up. The shaker was then removed and the pipe 

underwent a free decay vibration.

A video cam era system was used to track the displacement o f any point on the pipe, 

which has been described in detail in Section 6.2.1 and is not repeated here. The data 

acquisition system was also the same as that described in Section 6.2.1 and is om itted 

here.

Testing at both ambient and elevated temperature using water at 100°C was carried out 

to study the influence of temperature on structural damping o f the specimen. W ater was 

heated to the boiling temperature and was then pumped through the pipe for several 

hours to achieve a stable temperature distribution within the pipe. The free decay 

measurements were then made with the pump off. The temperature of water was kept at 

100°C and the temperature at the outer wall of the pipe was m easured to be around 

45°C , depending on the surrounding temperature. Tests at am bient tem perature for 

catenary configurations 3 and 4 were carried out with cold water in the pipe so that the
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measured vibration frequencies and decay rates can be directly compared with those at 

elevated temperature with hot water in the pipe.

Logarithmic decrements of the first three modes o f the free-hanging configuration, the 

first two norm al-to-plane modes and the first in-plane m ode o f the catenary 

configurations were measured to investigate the effects o f mode order. Two factors 

limited the number of modes to be tested. Firstly, as the video cam era scanning rate 

was 50 Hz, the frequency of interest had to be lower than some 2 Hz in order to give 

adequate resolution of the decay curves. Secondly, a more powerful shaker would be 

needed to excite higher modes to the vibration amplitudes o f interest.

Inevitably the decay time traces recorded contained decays o f more than one mode, 

usually the fundamental mode was always present. The reason for this is that many 

modes including the fundamental mode are excited simultaneously if the pipe is forced 

at only one position, and the fundam ental mode decays m ore slowly than higher 

modes. A digital time domain third order Chebychev band-pass filter was used to filter 

out frequency com ponents not of interest in the raw data. In order to minimise the 

distortion caused by the filter, the raw decay time series were reversed before and after 

the filter. The logarithm ic decrem ents and free vibration frequencies were then 

calculated for all the maxima and minima identified from the filtered decay time series.

If the free vibration frequency varies as it decays owing to nonlinear effects, then the 

error in logarithmic decrements calculated from the filtered data will increase because 

the attenuation factor varies as the frequency varies. In the tests, the free vibration 

frequencies increase significantly as the motions decay. The error caused in decay rates 

obtained from the filtered data was significant, depending on the difference between the 

filter cut-off frequency and the vibration frequency. So, filtering was used where 

necessary.

The measured damping is dominated by the structural damping since the fluid damping 

of still air is very low. For exam ple, for the pipe tested  in the free-hanging 

configuration, the fundamental frequency was about 0.25 Hz, so Reco=1297. By taking 

y=l and p s=3824 kgm*3 in equation (6.3), one has 5f=0.001 for Y n/D =l. The values 

of still air damping for other modes and configurations were o f the same order and 

were negligible compared with the measured damping shown in the next section.
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7 .3  Test results and discussions

Detailed test results (free vibration frequencies and logarithmic decrements) are given in 

Table 7.2 for all the configurations tested at am bient tem perature. The logarithmic 

decrement can be converted to the more familiar damping ratio by equation (5.73) if  so 

wished. Typical raw  decay time histories are shown in Figure 7.2 for the first three 

modes of the free-hanging pipe. They were subsequently filtered. Logarithm ic 

decrements were calculated for all the amplitudes identified from the filtered data, and 

are depicted in Figure 7.3.

It can be seen from Figure 7.3 that the dependence o f decay rates on amplitude was 

highly non-linear. For the first mode, 8 was higher at larger am plitude. A lso it is 

evident from Table 7.2 that the free vibration frequencies for all the three modes tested 

became greater whilst decaying. The softening spring effects o f rigid body movement 

(pendulum effects) only accounted for 3% of the frequency increase over the amplitude 

range tested. Thus, this significant increase in frequency indicated that the slip region 

was reduced continuously whilst decaying. The decrease in slip region resulted in the 

decrease in logarithm ic decrem ent observed for the first mode. H owever, for the 

second and third mode, the decay rates increased with increasing amplitudes at small 

amplitude ranges but decreased with increasing amplitude at high am plitude ranges. 

This can be interpreted as follows. As discussed in Section 5.4.5, the logarithmic 

decrem ent o f the Coulom b dam ping decreases as vibration am plitude increases 

provided the slip region does not change. A t small amplitudes, the rate of increase in 

the slip region as amplitude increases is high and this results in the overall increase in 

decay rate. Whereas the rate o f increase in slip region as amplitude increases is reduced 

at high amplitudes, as a result the decay rate decreases.

It can be seen in Figure 7.3 that higher modes possessed higher modal damping ratios 

for the small amplitude ranges tested. Since the shaker was not powerful enough to 

excite large amplitude vibrations for modes higher than the first mode, the dependence 

of logarithmic decrem ent on amplitude and mode order at large am plitudes was not 

examined for higher modes. Further tests at higher amplitude ranges are desirable.

The material damping is relatively linear for the strain range tested as shown by the test 

results of monofilam ent free-hanging PVC pipes, Section 6.2. The m aterial damping 

contribution in the flexible riser tests can be taken as those m easured at very low 

displacement am plitudes where no slip has yet occurred. This value is low as can be
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seen from  Figure 7.3. Therefore, it is concluded that the Coulomb damping dominated 

the total structural damping of flexible pipes under the testing conditions.

It is of interest to estimate the value of the effective bending rigidity EI of the pipe from 

the m easured free vibration frequency. The natural frequencies o f a structure can be 

estim ated using the energy method. Assum ing a free-hanging pipe undergoes free 

harmonic vibration in its n111 mode

y (x ,t)  = A ^ n(x )s in  cot ^  ^

where ^ n(x) is the mode shape, A is the displacem ent am plitude and co is the natural 

frequency, the maximum kinetic energy in the pipe can be shown as

m ( x ) ^ „ 2(x )d x
z 0 (7.2)

For free vibrations, the law of energy conservation gives

T nn,.*= V Pn +  V Bn (7.3)

in which Vpn and Vpn are maximum gravitational potential energy and m axim um  

bending strain energy respectively as given in equations (5.12) and (5.14). The 

substitution o f Tn max , Vpn, and Vpn into equation (7.3) yields the solution for the 

natural frequency co. If a selected shape function ^(x) is a close approximation o f one o f 

the eigenvectors of the pipe, then the co obtained from  equation (7.3) is a close 

approximation to the natural frequency of that mode according to Rayleigh’s principle.

Assum e the mode shape of the fundam ental mode o f a free-hanging riser can be 

approximated by

6 3 x 2 x 3
S 1 ( 2 32L 2L (7.4)

By substituting equations (7.4) into (5.12), (5.14) and (7.2) and taking m(x) and EI(x) 

as constant along the pipe length, one has

T „ m„ = A ^  <  ■ - | L .  mL V Pn = A j • ^ m g
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. v  — a 2 — -S -and v Bn -  A ,  • • 3
^ L

By taking m=31 k g m '1, L=9.75m (the rigid upper end fitting is 0.25m  long and is 

subtracted from the total pipe length) and taking the first mode natural frequency fi as 

the same as the free decay vibration frequency 0.25Hz, and substituting these energies 

into equation (7.3), one obtains the estimated value of the effective bending rigidity to 

be EI = 19000 N m 2. This value is an order of magnitude larger than that estimated 

from the data provided by the manufacturer. In the estim ation, errors are introduced 

from the assum ptions made. The free decay vibration frequencies norm ally deviate 

from natural frequencies. However, this deviation is very small at low dam ping ratios 

such as in the case in question. EI(x) is assumed as constant in the estimation, but it 

generally varies along the pipe owing to the slip between layers. Error also arises from 

the approxim ation o f the mode shape. Despite the existence o f these sources of error, 

the estim ated EI is apparently significantly larger than the suggested value listed in 

Table 7.1. A likely explanation for this is that the m anufacturer’s value was obtained 

for the bending curvature range where slip had fully developed over the whole length, 

while in the dynamic measurements slip only occurred at part o f the pipe span.

Figure 7.4 shows the dependence o f logarithmic decrement on displacement amplitude 

for various m odes o f the pipe in catenary configuration 3 at am bient and elevated 

tem peratures. The am bient tem perature varied from 11°C to 15°C. The effect o f 

temperature on damping ratio is obvious from the figure. The decay rates were higher at 

the higher tem perature and this is true for all the m odes tested. The vibration 

frequencies were also higher at the higher temperature when comparing Tables 2 and 3. 

This im plies that the effect o f the higher temperature was to increase the contact 

pressure betw een layers caused by the expansion o f these layers. The two 

consequences o f this increase in contact pressure are opposite, one is the decrease in 

slip region as indicated by the increase in vibration frequencies just mentioned, the 

other is the increase in the amount o f work done by the friction force over the same 

am ount o f slip. U nder the test conditions (the pipe specim en, am plitude and 

temperatures), the outcome of these two effects was a net increase o f decay rate as the 

temperature was elevated.

The decay rate is shown again to be a complex function of amplitude in Figure 7.4. It is 

very similar to that o f the free-hanging pipe shown in Figure 7.3. For the first modes of 

both normal-to-plane and in-plane directions, the logarithmic decrements 5 increased 

with increasing am plitude over the am plitude range tested. W hilst for the second
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norm al-to-plane mode, 8 first increased with am plitude and then decreased as the 

am plitude increased further. The explanation o f this behaviour is the same as that for 

the free-hanging pipe. The increase in vibration frequencies as the vibrations decayed 

was m ore significant than that in the case o f the free-hanging pipe. For instance, an 

increase o f 25% was noticed for the first normal-to-plane mode when the amplitude 

decayed from 1.0 to 0.1 diam eter as shown in Table 7.2. S ince there was less 

gravitational potential energy for the catenary configuration than for the free-hanging 

pipe, the effect of the change in bending stiffness on free vibration frequency was, 

hence, more significant.

Different modes had quite different damping values. As can be seen in Figure 7.4, the 

norm al-to-plane modes (swing modes) had much lower decay rates than the in-plane 

mode. The reason is that the swing modes involved much higher gravitational potential 

energies which appeared in the denom inator o f equation (5.61) and gave rise to the 

lower decay rates measured. The difference in damping values between modes for the 

catenary shape was not as significant as that for the free-hanging pipe, when comparing 

Figures 7.3 and 7.4. This is because in the case o f free-hanging pipe, the increase in 

im portance of the bending strain energy relative to the gravitational potential energy 

from one mode to the next higher mode is more significant.

The above discussions are also valid for tests in the catenary configuration 4 as shown 

in Tables 7.2 and 7.3. The variation of bending stiffness with displacem ent was also 

observed in a static test for this configuration. The loading and unloading curves are 

shown in Figure 7.5. A residue deformation was detected and thought to be caused by 

the static frictional force and is the sum of the distributed residue deformations along 

the span. As to the free decay vibration o f a pipe structure, the slip region decreases 

gradually  as the vibration am plitude decays. Residue deform ation is therefore 

accum ulated as the slip region reduces. The equilibrium position o f the riser is thus 

changed after each half cycle, which can be seen in Figure 7.2(a). This certainly affects 

the decay time history measured at any point and make it different from that o f a single- 

degree-of-freedom  oscillator subjected to Coulom b damping. This may im ply that a 

forced vibration test is preferable to the ffee-decay method if  distributed dry friction 

forces are the subject o f study as in the case o f flexible pipes.

The comparison between decay rates of the configurations tested indicates that the free- 

hanging pipe had the lowest decay rates and the catenary configurations 1 and 2 had the 

highest decay rates. The amount o f gravitational potential energy in the total potential
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energy o f a vibration mode is the factor for this variation in 5 between configurations. 

Generally speaking, a catenary with a deep sag has lower damping ratios.



-141-

7 .4  Application in global riser analysis

The representative dam ping values m easured help to understand the dam ping 

behaviours o f unbonded flexible risers w here slip between layers is an im portant 

feature. The theoretical model presented herein is able to explain qualitatively some of 

these behaviours. Theoretically, param eters such as the contact pressure and dry 

friction coefficient which governs the Coulomb dam ping can be quantified by back- 

fitting the test results using equation (5.61), and the modal damping prediction can then 

be made with these parameters known. However, this approach is not attempted for the 

test results presented herein because of a number of difficulties. First, no information 

o f the detailed internal structure of the riser is available. Second, there are uncertainties 

in determining the values of contact pressure, dry friction coefficient and slip region as 

discussed in Section 5.4.2. Even if  this is satisfactorily done, the dam ping values 

presented herein can not be applied directly to risers in service simply because the 

working conditions of risers in service are very different from those in the experiments. 

The values o f the above mentioned param eters depend very much on the working 

conditions which include riser length, temperature, internal and external pressures, and 

tension. M oreover, for risers in service, energy losses from  end jo ints m ay be 

significant whereas only the riser self-damping is measured in the experiments.

Therefore, it is essential to conduct tests on riser specimens under similar conditions 

(temperature, internal and external pressures and tensions etc.) to those o f the full scale 

risers in order to yield reliable estimates of structural damping. If damping values are 

measured under these conditions, then estimation o f the structural damping of full scale 

risers can be m ade using the follow ing procedures. F irst, the m easured modal 

logarithmic decrement value of the test specimen is converted to modal loss factor using 

equation (5.71). As the damping value generally varies with amplitude, it is important 

to use dam ping values at those vibration amplitudes o f interest. Second, estimate the 

total vibrational energy of the specimen vibrating harmonically in that mode, and then 

calculate the energy dissipation per cycle using equation (5.61). Third, estimate the 

energy d issipated per cycle for full scale risers based on those for the specim en 

obtained in the last procedure. Fourth, estimate the total vibrational energy o f the full 

scale risers vibrating harmonically in that mode, and then obtain the modal loss factor 

o f the full scale riser by using again equation (5.61). This modal loss factor can be 

converted into logarithmic decrement or modal damping ratio.

The weakest link in this estimation procedure is to extrapolate the energy loss o f the 

specimen to those of the full scale risers which are usually much longer. In order to
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minimise the uncenainties in doing so, tests on several specimens of different lengths 

are required.

The modal damping ratios of risers in service are believed to be a great deal less than 

those given in this chapter. This is because the risers in service are much longer and 

under much higher internal and external pressure than the riser specimen tested. W hen 

under very high pressure, the contact pressure between the com ponent layers of a 

flexible riser becomes too high for slip to occur and the Coulom b dam ping is then 

reduced greatly. As discussed in Section 5.4.5 the Coulom b dam ping is low er for 

longer risers. The material dam ping also becomes lower as the length increases as 

dem onstrated by both theoretical analysis, Sections 5.2 and 5.3 and experim ental 

measurements, Section 6.2. Hence, the total modal damping ratios are lower if  the riser 

is longer.
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7 .5  C onclusions

The structural dam ping o f flexible pipes with helical armour layers mainly consists of 

Coulom b dam ping and material damping. The Coulomb dam ping results from  the slip 

between the armour layers themselves and between armour layers and adjacent polymer 

layers. The slip also results in a decrease in bending rigidity and natural frequencies. 

Thus, measured natural frequencies can be used to detect the occurrence and degree of 

slip.

The dam ping behaviour o f the 10m long unpressurised flexible riser specim en tested 

can be summarised as follows:

(i) The decay rate is a nonlinear function o f vibration amplitude, being greater at 

higher am plitudes for the first modes. The natural frequencies increase as 

vibration decays. This is owing to the decrease in slip region when amplitude 

reduces.

(ii) Higher modes have higher decay rates.

(iii) Among the configurations tested, the free-hanging configuration has the lowest 

damping ratio. W hilst the pipe in catenary configuration 1 has the highest decay 

rates. For all the four catenary shapes, decay rates o f in-plane modes are larger 

than those of out-of-plane modes. The reason for these is the different amount 

of gravitational potential energy in relation to the total vibrational energy.

(iv) Temperature affects the structural damping of flexible pipes. Damping is higher 

at high temperature, so are the natural frequencies. A t high temperatures, the 

com ponents o f various layers expand and the contact pressures are increased. 

Although this reduces the slip region as a result o f an increase in static friction 

force, the energy dissipated on the reduced slip region is still increased because 

of the increase in normal contact force.

Q uantitative prediction o f flexible pipe structural damping requires the knowledge of 

internal structure of the pipe. Further research is needed to remove the uncertainties in 

determining contact pressure, dry friction coefficient and most important of all, the slip 

region.
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Chapter 8 Flow visualisation on vortex cells

Vortices are shed in cells behind a stationary cylinder in uniform flows. The length of 

cells depends on many parameters such as Reynolds number, length to diam eter ratio, 

end conditions, surface roughness and turbulence. When the cylinder vibrates with an 

amplitude larger than a certain value, the correlation length is increased. This interaction 

between fluid and structure goes on until energy balance is reached. The size of the cell 

length has profound effects on the resultant hydrodynamic forces on the cylinder and 

therefore on its response amplitude. The larger the cell length, the higher the vortex 

induced vibration amplitude.

In sheared flow, vortices are shed in cells with different frequencies behind stationary 

cylinders. Little information on the cell length and boundaries of the cells is available if 

a cylinder is free to vibrate and this vibration may be multi-modal. The problem is even 

more complex in the presence of waves or other oscillating flows. Flow visualisation is 

the only direct way o f revealing the process o f vortex shedding. Inform ation is 

expected from the flow visualisation on aspects such as the criteria for determining the 

boundaries of vortex cells and the spanwise correlation within a cell. This information 

serves to improve the developed prediction model discussed in Chapter 3.

Various flow visualisation techniques have been discussed in Section 2.3. Tests using 

hydrogen bubbles, dye and pressure sensors have been carried out and the results are 

presented herein.
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8 .1  Visualisation tests using hydrogen bubble technique

Prelim inary tests at U niversity College London were carried out using hydrogen 

bubbles to visualise vortex cells shed from a 600 mm Length o f CAB pipe in uniform 

flows and in waves. The external diameter of the pipe is 9.5mm. The circuit used is 

shown in Figure 8.1. The wire was made of stainless steel with a diameter of 0.1 mm. 

It was placed along the pipe axis with a small gap between it and the pipe surface. It 

was positioned in the wake behind the pipe.

In still water, the hydrogen bubbles formed a clear vortex street behind the pipe being 

towed. However, no vortex cells could be clearly observed because the formation of 

bubbles in the wire was not uniform. The reason for this might be that the wire was not 

fine enough and the distance between the wire and the pipe surface along the length was 

not uniform . Also, the density of hydrogen bubbles was not high enough. H igher 

voltage and current were required to produce sufficient hydrogen bubbles.

For the same reasons, vortex cells were not observed in waves. The life of hydrogen 

bubbles in w aves was shorter than in steady flow, making the visualisation more 

difficult.
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8 .2  Visualisation tests using dye

Tests were carried out on a 1.3m long PVC pipe (26.9mm in diam eter) towed in still 

w ater in a 25m long, 2.5m wide, 0.9m deep flume in the D epartm ent o f Offshore 

Engineering at Heriot-W att University. This was the result of collaboration between 

UCL and H eriot-W att University, with UCL indicating the form  o f measurements 

required, and Heriot-Watt the experiments.

The pipe was cantilevered and towed in still water at constant speed ranging from 

0.12m /s to 1.09m/s. Red food dye was used to visualise vortex cells. The dye was 

stored inside a PVC pipe and released through one hundred very fine holes of 0.2mm 

diameter, which were equispaced at intervals of 2.5mm aligned along the axis of the 

pipe. The direction of the holes was 90° to the towing direction. The resultant motion 

of the dye filaments were photograghed so that an estimate o f cell size could be made 

afterwards from the pattern of these filaments. When the pipe was towed in still water 

at low speed with no vibration, it was observed that the density of the dye changed 

regularly along the length, Plate 8.1. It can be seen from this photo, in which the pipe 

was towed from right to left, that the streaklines formed by the dye were not all parallel 

to the relative flow direction. The flow in the near wake is three dim ensional. There 

seem to be several cells where the streaklines in the centre of each cell are parallel to the 

relative incident flow while the streaklines at both sides o f a cell bend towards the 

centre. The length of each cell was about two pipe diameters.

However, when the towing speed was increased so that the pipe was excited by the 

vortex shedding to vibrate, the pattern observed at low speeds was no longer 

recognisable because the dye dispersed rapidly owing to the high frequency vibration of 

the pipe.
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8 .3  Experiments using pressure transducers

8 .3 .1  Tests at University College London

These tests were conducted in the 4.5m deep still water tank at UCL with the aim of 

obtaining some basic information on cell length. This aspect was again a collaborative 

effort between Heriot-W att University and UCL. The instrum ented riser was provided 

by Heriot-W att, and the testing facilities by UCL. Figure 8.2 shows the experiment set

up, and Table 8.1 gives the details o f the pipe tested.

The pipe was tensioned at top by a constant force spring. Both ends o f the pipe were 

mounted on universal joints. Its upper end was fixed to a carriage, which was driven to 

undergo any prescribed motion by a com puter controlled hydraulic system. Five 

excitation conditions were tested where the carriage oscillated sinusoidally. Table 8.2 

lists the amplitude and frequency of each test and the maximum reduced velocity for the 

first mode.

The pipe consisted o f nine sections which could be threaded together. One o f these 

sections was instrumented with pressure transducers. Eleven pressure transducers were 

m ounted in this section at intervals o f half a diameter. The tappings were placed at 90° 

to the direction of carriage motion to measure the fluctuating lift component of pressure. 

For the five excitation conditions the position of the instrumented section along the pipe 

was varied five times descending from  the upper end. This was to provide reasonable 

coverage of the total length of the riser with the limited number o f transducers available.

Two video cameras were used to measure transverse and in-line displacem ent of the 

riser at a position a quarter o f the pipe length from the bottom. D ata from  thirteen 

channels were measured. The first channel is in-line displacem ent, the second is 

transverse displacem ent with the others being pressure signals from  the eleven 

transducers. Signals from the video cam eras and pressure transducers were digitized 

using a analog/digital converter and then recorded in binary form  using a PDP-11 

microcomputer.

A typical time history is shown in Figure 8.3. It has not been possible to obtain cell 

lengths from the output o f the pressure transducers. This is because the pipe vibration 

caused a pressure variation which could not be discriminated from pressure fluctuations 

owing to the vortex cells. Consequently the pressure transducers are o f lim ited value 

for the purpose o f observing vortex cells if  the pipe is allow ed to vibrate. However,
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som e useful conclusions can be deduced from  the test data and provide some 

verification o f  the prediction technique described in Section 3. The detailed time 

histories are plotted from Figures 8.4 to 8.7 for the range of test conditions.

As expected, no vibration was excited in case (1) where the maximum reduced velocity 

was 3.81 for the first mode (that is below the m inimum level of 4 which has been well 

reported).

In cases (2), (3) and (4), the pipe vibrated m ainly in its first mode with a maximum 

amplitude of about one diameter. While in case (5) it vibrated mainly in its second mode 

with a m axim um  amplitude o f about one diameter. The maximum amplitude occurred 

when the carriage m oved near the centre point of its travel and thus had maximum 

velocity. W hen the carriage m oved to either end o f its travel where velocity was low, 

the transverse vibration decayed to a m inim um  and then grew again as the velocity 

increased.

Cases (2) and (3) had the same maximum reduced velocity. According to the prediction 

model they should have the same maximum vibration amplitude. But from Figures 8.4 

and 8.5 it is observed that case (3) had a larger maximum amplitude than case (2). The 

reason is probably that the in-line response levels for the two cases were different.

8 .3 .2  Tests at Heriot-Watt University

Tests were carried out on two lm  long pipes towed in still water in the same flume in 

which visualisation using dye was conducted. This was also the result o f collaboration 

betw een U CL and H eriot-W att U niversity , with U CL indicating the form  o f 

measurements required, and Heriot-W att the experiments.

Tw o specimens were used. One was a brass pipe which was considered to be rigid, its 

purpose was to act as a non-vibrating control. The outside diameter o f the brass pipe 

was 25.4mm. The other is PVC which could be excited to vibrate by vortex shedding. 

Its outside diam eter was 26.9mm. Ten pressure transducers were mounted in the pipes 

with intervals of half a pipe diameter to detect vortex cells. The tappings were placed at 

90° to the direction of carriage motion to measured the fluctuating lift com ponent of 

pressure.
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The pipes were cantilevered and towed in still water at constant speed ranging from 

0.12m/s to 1.09m/s. For the same reason as described in the last section the data for the 

PVC pipe did not enable us to observe vortex cells. However, data for the brass pipe 

provided some information. In some cases, there was a phase difference between two 

signals from adjacent transducers. This is believed to indicate a boundary between two 

cells. In some other cases all ten transducers gave signals with no phase shift, 

indicating that the cell length was longer than five diameters since the intervals between 

two transducers were half a pipe diameter.
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8 .4  Future work

As discussed in the foregoing, the visualisation techniques used did not provide the 

desired information on vortex cells. The major difficulty was owing to the vibration of 

the pipes which accentuated the scattering of hydrogen bubbles or dye.

A new technique, particle image velocimetry, has been developed by researchers at 

H eriot-W att University, Grant and Lyons (1989). A laser beam is used to illuminate 

particles in an air or water flow. The laser is pulsed and multiple images of the flow are 

recorded by a camera. Evaluation o f flow field is done automatically. This technique 

has been proven to be effective in visualising unsteady flows such as a wake behind a 

model TLP platform.

It is hoped that in the future, tests will be conducted using the particle im age 

velocimetry technique. This should include visualising vortex cell patterns behind rigid 

cylinders and flexible cylinders in increasingly com plex flow conditions, namely, 

uniform currents, sheared currents, uniform (in space) oscillatory flows, and waves. 

The influence of yaw angle on vortex shedding for inclined cylinders and catenary riser 

models should be exam ined along with vortex shedding properties behind spherical 

buoys.
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Chapter 9 C onclusions

This thesis describes a theoretical model developed to predict vortex induced vibrations 

o f marine cables and risers with an emphasis on catenary flexible risers. It also presents 

the work on two important aspects o f vortex induced vibration o f marine risers, that is, 

structural damping of cable-like structures, and vortex cell properties. Theoretical and 

experimental studies have been carried out to improve our understanding o f structural 

dam ping o f cable-like structures. A num ber o f flow visualisation tests have been 

perform ed to detect vortex cells. Conclusions from these studies are grouped into 

several categories and given as follows.

9 .1  Vortex induced vibration prediction model

A prediction model for vertical tensioned risers is presented and extended to more 

general unsteady flows. The model is then further extended to catenary flexible risers, 

taking their characteristics into consideration. Only the transverse response is modelled, 

while the in-line response is less important and thus not considered herein.

The model is developed for circular cylindrical bodies in steady flows. Tw o governing 

equations, one for the fluid and the other for the structure, are derived following the 

approach proposed by Iwan. W hen either the flow or the structure is not uniform, lock- 

on may occurs over only part o f the cylinder length and many more m odes may be 

excited. The two equations are solved sim ultaneously to give m axim um  response 

am plitudes under perfect lock-on. W hen the lock-on is not perfect, which depends on 

the reduced velocity, the response amplitude is then scaled down based on the large 

am ount of experimental data built up over the past decades. The present derivation is 

more rigorous than Iwan's, thus giving different formulations for calculating the fluid 

damping and response amplitude. The solution allows the inclusion o f non-uniformities 

in flow or/and structures, namely local velocity, local diameter and mass, explicitly in 

the formulations. The derivation shows that when lock-on happens over only part of 

the length, the responses of modes are coupled, or in other words, the vibration in one 

mode gives rise to vibrations o f other modes. This coupling between modes, however, 

is omitted in the present derivation for simplicity. In this way, each mode can be treated 

separately and the m axim um  possible m odal am plitude is obtained based on the 

know ledge o f the relative velocity profile only and thus avoids the requirem ent of 

knowledge o f the details of the lift force.
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The m odel was then extended to oscillatory or w ave flow s based on a practical 

consideration that in the ocean environm ent it is reasonable to expect the riser vortex 

shedding behaviour within a wave cycle to be very close to that observed in the steady 

flow situation. More generally, an assum ption was made that the vortex shedding 

phenomenon is dependent on instantaneous normal velocity of relative flow. Hence, the 

model can then be applied to the com bined action o f current, wave and surface vessel 

motion on vertical tensioned risers. Experim ental tests on vertically tensioned model 

pipes with prescribed top motions in still water were conducted and the results showed 

good agreem ent with the theoretical prediction. This validated the extension o f the 

model from steady flow to unsteady flow for the conditions tested.

The model is further extended to predict vortex shedding induced vibrations of catenary 

flexible risers. Only in-plane or norm al-to-plane flows are considered. O therwise, a 

flow with an arbitrary incident angle may excite vibrations o f both in-plane and normal- 

to-plane m odes at once and the interaction between these m odes has not been 

understood. A major difference between the response o f a vertical tensioned riser and a 

catenary flexible riser is described as follows. For a tensioned riser, the direction of 

response is transverse to the incident flow regardless o f the flow direction. However, 

since the mode shapes of a catenary riser are either in or normal to the riser plane, the 

response in any mode is not always transverse to the local incident flow. It depends on 

the local velocity direction which varies in a wave cycle in the presence o f waves. This 

means that the response o f a mode is not generally in the same direction as the lift force 

created by the vortex shedding, and the response amplitude is reduced. This aspect has 

been incorporated in the present model. So with due consideration to the above 

discussed difference between tensioned and catenary risers, the prediction model has 

been extended to catenary risers. The varying inclination angle along arclength o f a 

catenary riser merely introduces another degree o f shear on top o f any shear in the 

incident flow, and this is included in the model without difficulty.

A com puter code was written to im plem ent the prediction model presented herein. 

Predictions are made for tensioned risers and two realistic flexible riser geom etries 

under separate or combined action of current, wave and surface vessel motion.

The prediction results show that two factors are of particular importance in determining 

the am plitude o f the vortex induced response. One is how closely the natural 

frequencies of a structure are spaced and the other is the degree o f shear of the relative 

normal velocity profile along the riser length. The combined effects o f these two factors 

determ ines the extent o f lock-on regions for each m ode excited, and this in turn
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determ ines the level o f fluid dam ping and excitation, and finally the response 

amplitude.

W hen uniform  currents are imposed normal to the riser plane for the two catenary 

risers, the maximum possible amplitude has been shown to be a function of the current 

speed and natural frequency spacing, and can reach as high as one riser diameter. W hen 

the current is sheared, the vortex induced response amplitude is reduced as the degree 

of shear o f the incident current is increased.

In waves, the response amplitude largely depends on whether it is a deep or a shallow 

water wave. For a deep water wave, the water particle velocity decays exponentially 

with depth, resulting in a highly sheared velocity profile and consequendy small extent 

of lock-on regions and low response amplitude. W hereas in shallow water waves, the 

velocity profile is less sheared and a significant level o f response may occur.

W ater depth is the most significant physical parameter for the vortex induced vibrations 

of marine risers. This is because both the natural frequency spacing and degree o f shear 

in velocity profile are greatly influenced by the water depth. The deeper the water, the 

lower the natural frequencies of a riser. In wave only cases, the natural frequencies o f 

the first few modes may be even lower than the wave frequency. These frequencies will 

then be low er than the vortex shedding frequency which is no less than the wave 

frequency. Hence, these modes are not excited. W hilst the natural frequencies o f higher 

order m odes are closely spaced so that the extent of lock-on region of each m ode is 

rather limited, leading to low response amplitudes. Also, in deeper waters, currents are 

increasingly sheared and more waves fall into the category of deep water waves, the 

degree o f shear in the velocity distribution is higher, thus leading to lower response 

amplitudes.

The results o f prediction for the two flexible risers under the action o f waves with 

various periods and heights show that there is no significant vortex induced response in 

waves o f general operation conditions. This is because o f the fact that the first few 

natural frequencies o f these risers are too low and the natural frequencies of high order 

modes are spaced too closely to each other.
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9 .2  Theoretical analysis of structural damping of cable-like structures

Form ulae o f  m odal dam ping (loss factor or logarithm ic decrem ent) are obtained 

analytically for free-hanging and tensioned hom ogeneous pipes where the material 

dam ping is the only source of damping. The relationship between the material loss 

factor and the modal loss factors of a structure is obtained by using a hysteretic material 

damping model. Key parameters determining the modal damping values are identified. 

The dependence of modal damping on axial tension, which is well known from general 

experience with cables is explained. W hen there are other forms o f dam ping such as 

dry friction and fluid damping, as in the cases o f cables and marine risers, the formulae 

are extended to give an equivalent modal loss factor.

A free-hanging pipe differs from a short beam in that an important role is played by the 

gravity force. Its effects on the natural frequency and mode shape o f free-hanging pipes 

are generally well understood. The effects of the gravity force in respect o f dam ping 

have to date been less well understood. These effects have been exam ined in detail and 

revealed by the formulation of modal damping ratio. The total stored energy in a free- 

hanging pipe is the sum of the bending strain energy and the gravitational potential 

energy which is associated with the rigid body m ovem ents. As the energy is only 

dissipated through bending but not through rigid body movement, the energy dissipated 

per cycle when subjected to harmonic motions is proportional only to the bending strain 

energy. The ratio of the energy dissipated to the total stored energy is then low. In other 

w ords, the structural dam ping ratio  is low. This in tu ition  is based on energy 

considerations, and it has been verified by the rigorous theoretical evaluation presented 

herein.

The dependences o f modal damping (loss factor or logarithmic decrement) o f a free- 

hanging pipe on pipe length, mass, bending rigidity, mode shapes and material loss 

factor are given by the formula derived. The theory predicts the following trends.

The modal loss factors of each mode are always lower than the material loss factor r).

Higher modes have higher modal damping ratios.

Longer pipes have lower modal damping ratios.

Pipes with higher bending rigidity have higher modal damping ratios.
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W hile for vertical structures such as chim neys and buildings whose low er ends are 

fixed and upper ends free to move, the dependence o f their m odal dam ping ratios on 

various parameters are opposite to those o f the free-hanging pipes. This is because of 

the fact that the gravity force creates tensions in a free-hanging pipe, but compressions 

in a building or a chimney. This im plies that modal damping ratios o f a pipe depend 

very much on the loading condition and the geometry of the structure, and one cannot 

use the existing measured dam ping values for towers and high buildings or bridges 

directly on marine risers although they may of the similar lengths.

Similarly, a tensioned pipe differs from an untensioned beam in that an important role is 

played by the tensile force. Its effects on the natural frequency and mode shape are 

generally well understood. The effects of the tension in respect o f damping have to date 

been less well understood. These effects have been shown by the form ula developed. 

The formulation indicates that the energy dissipated is only proportional to the bending 

strain energy. The modal damping ratio is, however, the ratio o f energy dissipated to 

the total energy which is the sum of the bending strain energy and the potential energy 

of tension which does not involve any energy loss. Hence, the modal loss factors are 

always low er than the material loss factor T|. Since the tension term appears in the 

denom inator o f the formula, higher tension results in low er m odal dam ping ratio, 

which is well known from  general experience with cables. The form ulation also 

predicts that the m odal dam ping ratio  decreases with increasing pipe length or 

decreasing mode order.

The theory developed here can be applied to more general cases with structures o f other 

configurations such as catenary or where other forms o f damping exist. The modal loss 

factor of a structure can be defined in a general form as

_ J _  i *
2 k  ' IV.  

i 1

in which and £ V .  are the sum  o f energy dissipated and that o f the total

energy in the structure respectively. In estimating the modal damping of a structure, one 

m ust first identify the sources o f structural dam ping, then calculate the energy 

dissipated per cycle by each damping source and the total stored energy in the system in 

the mode o f interest. The modal loss factor can then be obtained from  the general 

formulation.
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9 .3  Model scale experiments on structural damping of homogenous 
pipes

A wide ranging param etric study on structural dam ping o f m odel scale pipes is 

presented. Free decay tests were conducted on free-hanging, tensioned and catenary 

pipes to identify the effects o f parameters such as vibration am plitude, modes, pipe 

length, temperature, frequency, tension, and material on structural damping.

The test results showed a variation o f modal damping ratios with pipe cross sectional 

area and length. The longer the pipe, the smaller its damping ratios. Also the damping 

ratios were different for different modes. H igher modes had higher dam ping ratios. 

M odal dam ping ratios decrease with increasing tension. The m odal loss factors 

m easured in the tests were one to two orders o f magnitude smaller than the values of 

the material loss factor given in N ashif et al (1985) for the m aterial tested. These 

findings can be well explained by the theory developed.

The tests on vertically tensioned pipes showed that the Coulomb dam ping owing to 

relative motion in pivoted joints dominated the total structural damping. The tests also 

showed that push-fit type connection, not as intended, still introduced dam ping owing 

to the slippage between pipe and shaft. Therefore, in order to measure only the material 

damping pipe ends needed to be built in effectively.

The dam ping factors of a catenary PVC pipe are much higher than those o f the free- 

hanging ones because the latter has more gravitational potential energy involved. For 

the same reason, the damping factor o f the first in-plane mode o f a catenary pipe is 

higher than that o f the first normal-to-plane mode.

The hysteretic dam ping m odel is supported by test results as providing a closer 

approximation to material damping than the viscous damping model.

Tem perature has considerable effects on elastic modulus and m aterial loss factor of 

materials such as polymers and rubbers. Care must be exercised to perform tests under 

controlled temperatures in order to obtain reliable and meaningful results.
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9 .4  Large scale experimental study on structural damping of flexible 
risers

A series o f full scale tests using a 10 m eter long, 2 inch bore flexible riser section, 

provide typical damping values of such structures. This information is used as input for 

vortex induced vibration analysis as well as for general dynamic analysis o f risers.

The structural dam ping of flexible pipes with helical armour layers mainly consists of 

Coulom b dam ping and material damping. The Coulom b damping results from the slip 

between the armour layers themselves and between armour layers and adjacent polymer 

layers. The slip also results in decreases in bending rigidity and natural frequencies. 

Thus, measured natural frequencies can be used to detect the occurrence and degree of 

slip.

D am ping m easurem ents were made when the riser specimen was hanging freely or 

suspended in various catenary configurations. The measured decay rate is a nonlinear 

function of vibration amplitude, being greater at higher amplitudes for the first modes. 

The natural frequencies increase as vibration decays. This is owing to the decrease in 

slip region when amplitude reduces. Higher modes have higher decay rates. As in the 

m odel scale tests, the free-hanging configuration has lower dam ping ratios than the 

catenary configurations. For all the four catenary shapes, decay rates of in-plane modes 

are greater than those of normal-to-plane modes.

Tests w ere carried out at both am bient and elevated tem peratures. The effects of 

temperature on structural damping o f flexible pipes were evident from the test results. 

D am ping is higher at high tem perature, so are the natural frequencies. A t high 

temperatures, the components of various layers expand and the contact pressures are 

increased. A lthough this reduces the slip region as a result o f an increase in static 

friction force, the energy dissipated on the reduced slip region is still increased because 

o f the increase in normal contact force.
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9 .5  Flow visualisations

W ork on flow visualisations is reported. A num ber o f m ethods such as hydrogen 

bubbles, dye, and pressure sensors have been used in order to detect vortex cell shed 

from model circular cylinders undergoing vortex induced vibration in steady and 

unsteady flows. However, these methods did not provide as much inform ation as 

desired.
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9 .6  Further research areas

There are some areas in the vortex induced vibration prediction m odel where further 

work is needed, particularly in areas concerning the fluid kinematics. A modal priority 

scheme is adopted in the model which assumes that regions exciting higher modes do 

not excite lower modes. However, the precise influence o f vibration modes on one 

another in sheared or oscillatory flows has not been proven. For a catenary riser under 

norm al-to-plane wave action, vibrations in both in-plane and norm al-to-plane modes 

have the potential o f being excited, and their interaction is not clear. Flow visualisation 

experiments may be helpful to solving the problem by identifying the vortex cells and 

their shedding frequencies. Tests in sheared flows or on stepped cylinders may also 

provide information on modal interaction and validate the prediction model.

The hydrodynamic behaviour o f buoys has not been well studied. A buoy could be a 

source of vortex induced vibration, or a source of hydrodynamic dam ping when its 

vortex shedding frequency is not close to any o f the natural frequencies. In addition, its 

large size introduces a large mass including added mass into a riser system. These 

effects o f a buoy on the vortex induced vibrations of the whole riser system need 

further examination.

In the respect of structural damping, further investigation is needed on end losses and 

friction between the components o f a structure. Quantitative prediction o f flexible pipe 

structural dam ping requires know ledge of internal structure o f the pipe. Further 

research is needed to remove the uncertainties in determ ining contact pressure, dry 

friction coefficient and most im portant o f all, the slip region. Tests on a number of 

flexible riser specimens o f various lengths are required to understand the dependence of 

Coulom b dam ping caused by slippage between helical layers on pipe length, thus 

giving confidence in extending the test results to in-service flexible risers which are a 

great deal longer than the specimens tested.

Advanced flow visualisation techniques are required to detect vortex cells in various 

flow conditions. They are expected to be able to give details of the wake structure along 

adjacent lengths o f cylinder simultaneously, and to be able to overcome the difficulties 

caused by the motions of cylinder. Tests conducted on cylinders which are free to 

respond to vortex shedding are preferable to those with forced vibrations.
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Appendix I Derivation of the governing equations for vortex induced 
vibrations

In deriving the governing equations for the vortex induced transverse vibrations of 

flexible cylindrical bodies, the approach by Iwan and Blevins (1974), and Iwan (1975) 

is adopted. Bearing in mind the fact that for a two-dimensional catenary riser the modal 

response is either in or normal to the riser plane, ie, the response is not necessarily 

transverse to an incident flow, a generic cylindrical structure is considered in the 

derivation w hich is allow ed to vibrate in a direction which takes an angle (3 to the 

incident flow, which is shown in Figure A I.l. The angle p generally varies along the 

riser length owing to the change in the inclination angle o f a catenary riser. W hile in the 

two-dimensional analysis by Iwan, the angle p was 90° everywhere.

The basic fluid mechanical assumptions of the model made by Iwan (1974) are retained 

in the present model and are given as follows.

(1) Invisid flow provides a good approximation for the flow field outside the near 

wake.

(2) There ex ists  a w ell-form ed vortex sheet w ith a w ell-defined  shedding 

frequency.

(3) Vorticity is generated only in the near wake of the cylinder while vortices grow 

uniformly to a maximum strength and move downstream.

(4) The flow is two dimensional.

(5) The force exerted on the cylinder by the flow depends only on the velocity and 

acceleration o f an averaged flow relative to the cylinder.

The vortex shedding is assumed fully correlated spanwise by assumption (4). This will 

overpredict the response when the response amplitude is low where the shedding is less 

correlated, and is thus considered as conservative. In addition to these assumptions, the 

three-dimensional feature of catenary risers is accounted by the following assumption:

(6) The wake follows the direction o f the incident flow and the vortex shedding 

induced force acts on the cylinder in the direction transverse to the flow.
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However, the cylinder is restrained to vibrate only in a prescribed direction 

which has an angle p with the incident flow.

This assumption simplifies the complex three dimensional problem and represents it by 

an equivalent two dim ensional structure. The value of angle p is that between the 

direction of the local relative velocity component normal to the riser axis and that o f the 

plane of the natural mode of concern. In the following derivation the approach by Iwan 

and Blevins (1974), and Iwan (1975) is adapted and remains the same apart from  the 

inclusion of p.

Figure AI.2 shows schem atically a cross-section o f  the cylinder and the control 

volume. The forces on the cylinder are evaluated from the momentum equation in the y* 

direction for the control volume. This equation may be written in the form

dJ .
P .=  - r ^  + S . + F .

dt * * (A I.l)

where Fy’ is the fluid force on the cylinder, Py’ is the pressure force on the control 

surface parallel to the y ’-axis, Sy* is the momentum flow through the control surface, 

and Jy’ is the vertical momentum within the control volume. The momentum Jy’ will be

J , .= f f AP v d x 'd y '

where v is the vertical component o f fluid velocity and p is the fluid density. A so 

called ‘hidden’ fluid variable z was defined by Iwan (1974) such that

J r  =  a oPzD (AI 3)

where D is the cylinder diameter, ao is a constant of proportionality and z represents a 

weighted average of the transverse component of the flow within the control volume.

The far field flow diminishes as 0 ( l / r )  where r  is the distance from the vortex street. 

Application of the Bernoulli equation and integration o f the fluid pressure along the 

boundaries AB and CD in the limit as L i approaches infinity while L 2 remains finite 

therefore gives

p ,  = 0 (AI.4)
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Sy’ is expressible as a line integral along the sides BC and AD of the control volume. If 

the oscillating com ponent of the transverse flow upstream of the cylinder is neglected, 

Sy’ may be evaluated by considering a line integral bisecting the infinite vortex street. 

U nder these conditions, according to Iwan and Blevins (1974), Chen (1972) has 

shown that |S y.| = pu tT where V is the circulation of a vortex and ut is the translational

velocity o f the vortex street. Hence, assuming that the oscillating com ponent o f the 

transverse upstream flow is small, let

|S y.| =  pu tr+correction terms (AI.5)

The circulation will be a function only of the induced transverse component of velocity 

on the surfaces BC and AD. Hence, it is reasonable to expect the circulation of a vortex 

to be nearly proportional to the magnitude of the transverse component of velocity in 

the control volume. It is therefore assumed that

r = K |z |D  (AI.6)

where K is a proportionality constant. Examining the phase of the momentum flow in 

the control volum e and that across the boundary BC, it can be argued that Sy’ must lag 

z by approximately one-quarter cycle. Hence

S . =  K p u , z ( t -  T/4)D-(-correctionterms (AI.7)

where T is the period of vortex shedding. The correction terms may be expressed in a 

power series o f odd powers of z and z. For simplicity only linear and cubic terms in z 

will be retained in Sy\  Assuming that z oscillates harmonically at the frequency of 

vortex shedding, this gives

S y.=  K p u tcos z D  -  ajpU D z + a 2p z 3D /U  (AI 8)

where a i and a2  are dimensionless constants which are assumed to be small compared 

to K, U  is the velocity of the incident flow and cos is the circular frequency o f vortex 

shedding.

It is assum ed that the force between the cylinder and the fluid depends only on a 

weighted average velocity and acceleration o f the fluid relative to the cylinder. Hence 

there is no fundamental fluid mechanical distinction between forced cylinder motion and
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elastically mounted cylinder motion. The force on the cylinder which is dependent on 

the relative acceleration o f the fluid to the cylinder is assumed to be a linear function of 

this variable. The force exerted on the cylinder by the relative fluid velocity may be 

written in the form o f a lift coefficient whose magnitude is proportional to the relative 

angle between the free stream and the normal component o f the incoming flow to the 

cylinder, Iwan and Blevins (1974). The component o f the force on cylinder in the y* 

direction is then given as

F y. = a 3p D 2(z -  y sin P) + a 4pD [(U  -  y c o s p )2 + (z -  y sin p )2] 1/2(z -  y sin p)

(AI.9)

where a3 and m  are dimensionless constants. For small displacements, one has 

£  = 0(1) and £  = 0 (1 )

Therefore Fy’ in equation (AI.9) becomes

F y.=  a 3p D 2(z -  y sin P) + a 4pD U (z -  y sin p) ^

The fluid oscillator is assembled by substituting the component expressions, equations 

(AI.3), (AI.4), (AI.8) and (AI. 11) into the momentum equation, equation (A I.l). This 

gives

a 0p z D 2 + [ K p u tO ),zD  -  a ,pU D z + a ^ z t / l l ]

+ a 3pD 2(z - y  sin P) + a 4pD U (z -  y sin P) = 0 rAT 12\

If the cylinder is flexible, it will respond to the fluid forces on it. The equation o f 

motion of the cylinder will be

m(s) y(s, t )  +  ^ C [ y ( s , t ) ]  +  L [y (s ,t)]  =  F ,

where s in the distance o f a point along cylinder length to its lower end, m(s) is the 

mass per unit length, C[y] and L[y] are linear hom ogenous differential operators 

representing the structural damping and stiffness respectively, and Fy is the fluid force 

component on the cylinder in the y direction. Sim ilar to the evaluation o f Fy’, Fy is 

obtained to be
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F y = a 3pD 2(z sin p -  y ) + a 4pD U (U cos P + zsin P -  y ) (A L U )

Substituting of equation (AI.14) into (AI.13) and dropping the time invariant term 

a 4pD U 2cos p gives the governing equation for the structure

m (s) y + ^ C [ y ]  + L[y] = a 3pD 2(z sin p -  y ) + a 4pD U (zsin  P -  y )

More generally, if lock-on only occurs along part o f the cylinder length, equations 

(AI.12) and (AI.15) are modified. The fluid force on the cylinder, which is described in 

equations (A I.l 1) and (A L U ), acts only on lock-on regions and the rest o f cylinder is 

subject to hydrodynamic damping originated from the fluid drag force. Therefore, by 

introducing a function sj(s) defined as

1 for those portions o f  the structu re w here vo rtex
, x shedd ing  is locked  on to the s truc tu ra l m otion  , Ar

s i( s )=  i (A I.l 6)
. 0 o therw ise

the governing equations for the vortex induced vibrations, equations (AI.12) and 

(AI.15), become

a 0p z D 2- s ,( s )+  [K p u .c o ,z D  -  a jpU D z + a 2p z 3D/U] • s ,(s)

+ s ,(s) • [ a 3pD 2(z -  y sin P) -I- a 4pD U (z - y  sin p)] =  0 /AI 17x

and

m (s) y  + -^ -C [y ]+  L[y] = s,(s) • [ a 3pD 2(zsin  p -  y ) +  a 4pD U (zsin  P ~  y )]

+ [ l - s , ( s ) ]  c(s)* (0  -  y)

(A I.l 8)

where c(s) is the equivalent viscous damping coefficient for the fluid damping. The 

value o f constants a i, a2 , a3 and a4  was obtained by Iwan (1974) from  experimental 

data on stationary and forced oscillating cylinders to be a i =0.48, a2 =0.44, a3 =0 and 

a4 =0.38. Substituting a3 =0 into equation (AI.17) yields
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( \ r a 4 ^ ( s) a 2 1 -2 . 
z' s i(s) I a0 ' D(s) -  a0 ' U(s)D(s) ' z ] z ' S|(s)

+ • -p^rco.z ■ s,(s) = ^  • y sin P • s,(s)
a° D(s) a 0 D(s) r 1 (AI.19)

Iwan (1974) showed that the natural frequency of the fluid oscillator was obtained from 

his model to be

K u t u (s)
a .  ' U (s ) ‘ D(s) (AI.20)

It has been shown that ut/D was approximately constant for a large range o f Reynolds 

numbers, Chen (1972). So the vortex shedding frequency predicted by Iw an’s model 

was proportional to U/D, which is a well known experim ental fact and is also 

expressed by the Strouhal relationship.

So the substitution of equation (AI.20) into (AI.19) gives

(  \  r  a i ~ a 4 U (S) a 2 1 • 2^ . 2 . .

z - s , ( s ) - [  a 0 D(s) “  a„ u (s)D (s) z ' S 1̂ S) + C0‘ z ' s '( s)

a * U (s) ■ • n r s=  a-  ' r w  \ • y  S in P  ■ S .(S )
° ° ( s) (AI.21)

By taking a3 =0, equation (A I.l8) becomes

m (s) y + ^ - Q y ]  + U y ]  = s.(s) • a 4pD U (zsin  p -  y ) -  [1 -  s ,(s )]  c(s)- y

(AI.22)

Equations (A I.21) and (A I.22) are the tw o governing equations to be solved 

simultaneously.
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Appendix II Solution of the governing equations for vortex
induced vibrations

The governing equations for fluid and structure derived in Appendix I are to be solved 

sim ultaneously using the modal decom position method. The solution to equations 

(AI.21) and (AI.22) can be taken as the superposition of natural modes, ie, let

y(s,t) = Z  y i(t) • £j(s)

z(s,t) = I  z ;(t) • ^j(s)

(A II.l)

(AII.2)

Substituting equations (A II.l) and (AII.2) into (AI.22), m ultiplying both sides by 

^n(s), integrating over [0, L], one has,

Jom (s)^„  (s)ds • + 2 ^ . co„ M„ ■ ^ - +  a /  M„ ■ y„ = a ,p  •

[Jos,(s)U (s)D (s)^ . (s)sin  pds • J0Ls,(s)U (s)D (s)£„ (s)ds • ^ - ]

- ( c ( s ) [ l - s , ( s ) l ^ 2(s )d s . ^  (A II3 )

In deriving (A ll.3), use is made o f the orthogonality properties, 

joL m (s )^ ( s )^ ( s )d s  =  { ^ "

iol c [ ^ , ( s)] • u s ) d s = { ^ - “ - M *

/ > ! ; , ( * ) ] ■  U s ) d s = { “ °2M" |  =  nn

(AII.4)

(AII.5)

(AII.6)

where M n is the effective mass o f the n^  mode, £n is the modal structural damping ratio 

and con is the natural frequency of the mode. A lso use is made of the following 

equations

Jo s ,(s )U (s)D (s)^ .(s )^ n(s)ds = 0  i * n (AII.7)
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Jo s ,(s )U (s)D (s)^ i(s )^ n(s) • sin P- ds = 0 i * n  (A ll 8)

Jo c(s) [1 -  s ,( s ) ]^ i(s )^ n(s)ds = 0 i * n (A ll 9)

It must be pointed out that equations (AII.7), (AII.8)and (AII.9) do not hold generally. 

That is to say, the vibrations of different modes excited by the vortex shedding at one 

of the natural frequencies are generally coupled, especially through the fluid damping 

term if the lock-on regions do not cover the entire cylinder length. That implies that 

other modes will also be excited through the coupling terms even if only one mode is 

locked-on. Hence in order to decouple the response of different modes, these coupling 

terms are assumed to be zero as in equations (AII.7), (A ll.8) and (AII.9). Each mode is 

then treated as a single-degree-of-freedom system. Equation (A ll.3) is rewritten as

d 'y ,  , - r T dy„ 2 a .p U .D , d z„
d t 2 dt C0" y ° v . dt (All. 10)

where Ds is a reference diameter, Us is a reference velocity which gives perfect lock-on 

with D s and is defined as

co, = 2 j t f , = 2k S ■
D . (A II.l 1)

where S is the Strouhal number, v n is the effective modal mass expressed as 

f m (s)^ n (s)ds
v„ =

fL , , U(s) D(s) t  , . 0 ,
J0 s i(s ) ’ “ 0 ----- D— ^  ’ sin P d s (All. 12)

and £nT is the total damping ratio of the system given as

f«- /x  U(s) D (s)t  
t a ,p U ,D .  I  s .(s) '  u ,  D , ^ ” (s )d s

3̂ a ^3 n
2 C 0 ,

'0
L

I  m (s)^n (s)ds

1 /0 c( x) [ i -  s ,(s ) ]^ n (s)ds

2“ ” C  “ (O S .W d s  (A ll. 13)



-179-

The same approach is used to solve the equation for the ‘hidden’ fluid variable z, 

equation (AI.21). Substituting equations (A II.l) and (AII.2) into (AI.21), multiplying 

both sides by m (s)^n(s), integrating over [0, L], one has,

f s ,(s )m (s)^ n (s)ds
d 2z n
d t 2 D , f s,(s)m (s)

U(s) D . t  ^
U , D(s)

(s)ds -

1 fL U, D , t  ( d z
■L Si(s)m (s)~p^~^- (s)dsU iD iJ0 -.v ^ “ *v‘'/ u ( s) d ( s) 

a 4 U . -L
dt

dz,
dt

+ J s ,(s )m (s )^ n (s)ds

w .2 z n = a o D,
* Ilfs') D dy

j s ,(s )m (s)^ n (s)— — 7^777 • sin p d s
U. D(s) dt

(A ll. 14)

In deriving the last equation, the coupling terms between different modes are assumed 

to be zero in order to make the problem manageable, ie, use is made of

f s ,(s )m (s )^ i( s )^ n(s)ds = 0 l *  n
(AIL 15)

1 s,(s)

U(s) D .
u . D(s)

U(s) D .
u . D(s)

U .D . — mfc

m (s)^ ;( s )^ n(s)d s =  0 l *  n

m (s )^ i( s )^ n(s) • s i n p d s  = 0

JoS|(S)U ( ^ ) m(S)^ (S)^ (S)^ (S)^ (S )d S = 0

i *  n

(AIL 16)

(AIL 17)

for all i, j and k except i =j =k =n

(AIL 18)

These equations generally do not hold if lock-on occurs over only part of the cylinder 

length. It implies once again that other modes may also be excited together with the 

mode which is locked-on through the coupling terms. Neglecting these coupling terms, 

as has been done herein, simplifies the problem but may introduce large errors when 

the lock-on region of a mode is only a small proportion of the total length.

Equation (AIL 14) can be rewritten as

d 2z r
d t2

a .~  a 4 U . dz dz ,
dt

U ’ u + co, z n -  a Q d
d y n
dt

(AIL 19)
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W s^ u ^  W s ) m ^ "  ^ d s
where p = -----------[—1-----------------------------

^ s i(s)m (s)^  n (s)ds (A ll 20)

JoS , ( s ) - ^ -  ^ - m ( s ) ^ n (s) • sin P d s  
h — — -

J s ,(s )m (s )5 B (s)ds (AII.22)

Equations (A ll. 10) and (AIL 19) are to be solved simultaneously. The first o f these 

equations is linear while the second is nonlinear. An approximate solution is generated 

by using the method of harmonic balance with an assumed solution for the hidden 

variable z „ of the form

z n (0  = Z n • sin cot (A ll 23)

where to is the frequency of hidden fluid variable and Zn is its amplitude. As equation 

(AIL 10) is linear, y n(t) can be written in the form

y .( t )  =  K , - z .  +  K : d z "
dt (AII.24)

where Ki and K2 are two constants. Substituting equations (AII.23) and (AII.24) into 

(AIL 10) and collecting terms, one has ,

3  T 2
( -  K 2co + 2 £ nconK,co + K 2con co  -----^  ) • cos cot

+ ( -  K ,co2-  2 ^ c o nK 2co2+ K jCO ^ • sin cot = 0

So solving the equations

(con2-  co2)K , -  2 ^ c o nco2K 2 = 0

(AII.25)

y T Tr . / 2  2 s -rr a  4 P  ̂  ,D  .2 £ nconK 1 + (con -  co )K 2 = ------------
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gives

K ,=

k 2 =

 2C„conco2  a 4p U ,P ,

(con2 -  co2) 2 + ( 2 ^ c o nco)2 Vn

(co n" — co2) co a 4p U ,P ,

(con2 -  co2) 2 + ( 2 ^ c o nco)2 Vn (AII.26)

Substituting equations (AII.24) and (AII.26) into (AIL 19) yields

d 2z,

d t2

a, -  a 4 U , K ,a 4 U ,

+ (co, + K

a G D , p +  a Q D 

a^_U.
2ao D

h - U .D . V dt
dz d z ,

dt

hco2) z n = 0
(AII.27)

Equation (AII.27) is a classic Van der Pol type nonlinear equation. The nature of its 

first order approximate solution is well known, Nayfeh and Mook (1979). It consists 

o f a limit cycle oscillation having a frequency co and amplitude Zn where

co2= c o ,2 / ( l - K 2̂ ^ h )
(AII.28)

Z„ = co
a . - a

q +
K ta 4 _h

a 2 ‘ q.

U2

(AII.29)

Substituting from equations (AII.26), (AII.28) and (AII.29) into (AII.24) gives y n(t) 

as a trigonom etric function of t with circular frequency co and an amplitude which 

depends strongly on the ratio con/co. The maximum amplitude o f y n(t) is usually of 

greatest interest from an engineering point of view. This occurs when

con = co (AII.30)

From equations (AII.26) and (AII.30), one has

K ,=
a.pU.D.  

2Cl«a.v„

k 2 = o (AII.31)

Thus, from equations (AII.28) and (AII.31), one has
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C0S = CO (AII.32)

The maximum value of amplitude Zn is then obtained from  equations (AII.29) and 

(AII.31) to be

U^
0)„

a, -  a 4 a 4 p D .U ,  
— -̂--------- +

a 2 • 2 con; Tnv n p

1 / 2

('- ) m q
(A ll.33)

Substituting equations (AII.31) and (A ll.33) into (AII.24), the maxim um  response 

amplitude for the structure in the n ^  mode is thus given by

. a„pD ,u ,2V 473
n max

2<*>„ -C„ -vn ~n n

a , - a 4 i  a42pDsus h
■ +

a 2 a2 -2co„vn; n p_

1/2

(AII.34)

where max (s) is the largest value of the mode shape. By using equations (A II.l 1), 

(A ll.20) and (AII.21), it can be rewritten as

Y„„„ a4v 4 / 3  ■ y,
D _  ̂ 3 n ̂  y2 k s  ■ p.i;,

a , _  a 4 +
a 2 • ^2S

h.
T ■ p

(AII.35)

where

4 7 tD ‘ ’ p (AII.36)

y .  =

>  U(s) D . .  j

J„ s >(s)—u7~ D(sTm (s^ "  ^ ds

,C s -(s)T w ' ^ ) ‘m (s )5 -4(s)ds

£„n«(s)

(AII.37)

It can be seen that when (3 is 90° and the flow and structure are both uniform, equation 

(A ll.35) reduces to Iw an’s solution (1974) for uniform systems.

The equivalent viscous damping coefficient c(x) in equation (All. 13) for hydrodynamic 

damping can be obtained by linearising the fluid drag force using the energy balance 

approach. The drag force is assumed to act on non-lock-on regions. For a cylinder 

section undergoing harmonic oscillations
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y(s,t) = Y n sin cont (AII.38)

the drag force per unit length is given by the Morison equation as 

F d(s) = \  C D(s)p D (s)[(U (s)cos p -  Y„ co.cos co .t)2 +  (U (s)sin  p )2]
1/2

r  T Y c d  f T T f c V ™  R -  V  r.'i -4- f 'TTfc'Kin RV\

• ( U ( s ) c o s p - Y nconcoscont) (AII.39)

The treatment of the drag force in this expression is out o f the scope of the present 

study. In addition, there is little experimental data available as to which drag coefficient 

value to use for the case where a cylinder vibrates in a direction having an angle with 

the incident flow. Therefore a simplification is necessary in order to linearise the drag 

force in a closed-form expression which can be easily incorporated into the prediction 

model. Here, it is assumed that the angle p is close to 90° and the incident velocity 

component in the direction of cylinder oscillation can be neglected when calculating the 

drag force per unit length. This gives

F„(s) = -  cy s)p p ( s ) [(Y„ 0)n coso)„t)2 + (U (s)sinP)2f 2 Y, co„ cosco„t
2 (AII.40)

The linearised drag force is expressed as the product of the velocity of the cylinder 

oscillation and the equivalent viscous damping coefficient c(x),

F d(s) = -  c(s)y (s, t) = -  c (s )Y n concos G)nt (AII.41)

By equating the energies dissipated by the forces in equations (AII.40) and (AII.41), 

one has

<£ [—c(s)y]dy = |  [ -  C p(s)PD (s) ] . f ( y  con cosco„t)2 + (U (s)sinp )2]1' 2 ydy 
J 3 2  1 1 (AII.42)

Substituting equation (AII.38) into (AII.42) yields

,  s  , 2 ., C 0(s)pD (s)
c ( s ) -  Jo (Y no)„coscont) dt =  j ---------

2 jV«o 1 /2

Jo " [(Y n co ncos con t ) 2 + (U (s)sin p )2] (Y n co ncos con t ) 2dt Â n  ^

By using a new variable 0 = cont, and denoting
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U (s)sin (i

(AII.44)a _  lY Jco

one has

2 C D(s)pD (s) f2* j----------------
c ( s ) = -------- ----------- |Y„| co„ • Jo V c o s 20 + a 2 • c o s20d0 (A ll 45)

Integrating by parts gives

2 C n(s)pD (s) , , /--------
c ( s ) = —  4  ~  ' lY "lC0" • V l + a 2 • [(2 + a 2)E (k ) -  a 2K (k)]

where k 2 = *
1 + a 2 (AII.47)

and K(k) and E(k) are com plete elliptic integrals o f the first and second kind 

respectively,

K (k) = ( ,2(1 /V  1 -  k 2sin 26 )d6 and E (k ) = j J V  1 -  k 's in  20 d 6

To simplify the numerical calculation of the fluid damping, two asymptotes are used 

instead of that in equation (AII.46). W hen the cylinder motion amplitude is so low that 

param eter a in equation (AII.44) is much larger than unity, the equivalent viscous 

damping coefficient c(x) can then be obtained from equations (AII.40) and (AII.42) as

, C 0(s)pD (s) , T,  ̂ „
c (s)  = --------- 2--------U(s)sin P (AII.49)

This is a linear damping asymptote whose value depends on the local incident flow 

velocity. W hile when the cylinder motion am plitude is so high that param eter a 

approaches zero, equation (AII.46) reduces to

4C D(s)p P (s)
C(S) 3 it ' I ”l “ ” (AII.50)

This is the velocity square type asymptote o f the expression, equation (AII.46).

These two asymptotes are plotted in Figure A II.l. It is obvious from this figure that 

both asymptotes give lower damping coefficient than equation (AII.46). Hence, the use
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of either the linear or velocity square type damping asymptote leads to an upper bound 

response amplitude and is thus considered conservative. Also, since both asymptotes 

give lower damping than the original solution, the larger of these two is used to replace 

the original solution, equation (AII.46). Hence from equations (AII.49) and (AII.50), it
Q

can be said that when U(s)sin p > - ^ - |Y n|con the linear dam ping asymptote gives a

better approximation to the original solution than the velocity square damping, and vise 

versa.

Thus, the total damping £nT in equation (AII.35) is obtained by substituting equations 

(AII.49) and (AII.50) into (A ll. 13) and also considering that local displacem ent 

amplitude is Y n = Y n ^ n(s) . This gives

_  U(s) D (s)t  NJ 
t a 4p U , D ,  J0 s ' ^ '  U,  d , ^ " ( s ) d s

^ “ ~  ^ n ?fY> ,L 2
jo m (s )^ n (s)ds

1
+

+

JoC D(s)pD (s)[l -  s,(s)]s J s )U (s )s in  (3- (s)ds 

4C0n !qL m (s)^ n (s)ds

2D , J0C D(s)pD(s) [1 -  s ,(s )][ l -  s j s ) ] | ^ n (s)|d s  [y ,

3K J0 m (s )^ n (s)ds D ’ (AII.51)

where snn(s) indicates those parts of the cylinder where the linear damping gives better 

approximation than the velocity square damping. It is defined as

slin(s) —
1 w h e r e  U(s)sin p > ^ - | Y n|(0 n

3ft* 1 (AII.52)

0 o t h e r w i s e

To sum up, the solution of the governing equations (AI.21) and (AI.22) are obtained as 

given in equation (AII.35), where the model param eters, mode shape param eter yn, 

effective m ass v n, effective mass ratio  | i n and total dam ping £nT> are given by 

equations (AIL 12), (AII.37), (AII.36) and (AII.51).
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A ppend ix  III  T h e  d eriv a tio n  of th e  g overn ing  eq u a tio n  o f the

m otion  o f  a free -h an g in g  pipe

The governing equation of small amplitude flexural motion of a free-hanging pipe is 

derived herein. The coordinate system is shown in Figure 5.1. Assuming the cross 

section of the pipe is symmetric about a plane Oxy which is shown in Figure AEII.l, 

bending motions alone can be excited in the plane. Three sets of equations are arrived at 

for an element of infinitesimal length dx at position x.

(i) Equilibrium equations

By applying d ’A lem bert’s principle, the equilibrium equations for forces in horizontal 

and vertical directions and moments are:

2

-  (N + -^-dx )cos0 + Ncos0 + (T+ -^-dx)sin(0 + -^ -d x) -  Tsin 0 + f(x)eltadx -  mdx-^-y- = 0 
dx dx dx

(A III.l)

mgdx + (T + —  dx)cos(0 + —  dx) - Tcos0 = 0
dx dx  (AIII.2)

and

2

(M + — dx) -  M + (N + -2tLdx)dx+ f(x)e'“ dx • —  -  m d x -^ - • = 0
3x 3x 2 at2 2 (a i i i .3)

w here 0 is the angle o f inclination and is considered to be small. So it can be 

approximated as

e - £
3x (AIII.4)

(ii) Kinematic equations

Assuming any cross section of the pipe remains in a plane after being deformed, the 

local strain can be shown as

(AIII.5)



where z is the distance to the neutral axis of the cross section and r is the radius o f the 

local deformation curve. At small deflections of the beam, one has approximately

2
1 3 y
7 = — 7  (AIII.6)

3x

The relation between the bending moment and the stress is given by

M = J o zd A  (AIIL7)

where A is the cross sectional area.

(iii) Constitutive equation

The relation between stress and strain in a material possessing hysteretic damping is 

given as

o=  Ee + (AIII.8)
w 3t

By substituting equation (AIII.6) into (AI13.5), (AIII.5) into (AIII.8) and (AIII.8) into 

(AIII.7), one has

2 3
3 y T| d  y 

M = E l— — + —tEI y
3x2 “  3x23t (AIII.9)

where I is the second moment of the cross sectional area, I = J z2dAA

By taking cos0 = 1 and sin0 = 0 in equations (A III.l) and (AIII.2) and om itting terms 

o f higher orders, the three equilibrium equations (A III.l), (AIII.2) and (Affl.3) become



The solution of equation (AID. 11) is

T= -  1Q mgdx + f^ t)

where fi(t) is a function of time. Since for any arbitrary time t the tension T at x=L is

L
always zero, fi(t) must be a constant and fj(t)= JQ mgdx, so

T= -  Jq mgdx + Jq mgdx = mgdx (AIII.13)

Substituting equation (A III.l2) into (AM . 10), one has

2 2 
3 M 3 ,t o . 3 y
   3 —(T0) + m— -  = f(x )e
dx dx 3t (AIII. 14)

The substitution of equations (AIII.4), (AM .9) and (AIII.13) into (AM . 14) leads to the 

governing equation

2 2 3 2

a ^  3 y x b , rL ,  3 y  „  x i®»(EI— El — =— ) - 3 —0 mgdx • — ) + m— T  = f(x)e
3x2 3x2 “  3x23t ^x x 3x 3t2 (AIII. 15)

The boundary conditions for free-hanging built-in pipes are
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Appendix IV Orthogonality conditions

The equation for free undamped vibration o f a free-hanging pipe is obtained by 

excluding the damping and forcing terms in equation (AIIL15). This gives

d y . a /rL

dx  dxi ( H ^ i ) - t a> g d x l r ) +n , ^ = 0

2
d y

at (A IV .l)

D enoting the nlh mode natural frequency and mode shape o f the pipe to be con and 

^n(x), then a solution to equation (A IV .l) is

y = A £ .(x )e (AIV.2)

where A; is a constant and i is an integer. The substitution of equation (AIV.2) to 

(A IV .l) gives

d2 d ^ i(x) d fl  2
— ? (EI--------— ) ~  ^-(Jx mgdx • —x — ) -  mco .£ . (x ) = 0
dx dx' dx (AIV.3)

M ultiplying both sides of equation (AIV.3) by ^j(x) in which j is an integer, and 

integrating for x over [0, L], one has

fLt d2 d ^ i(x) fL d rL ^ i (x) rL, 2y
0 J ^  ~ 0 x mgdx ‘ " (fr )dx~ ^ j(x)mcD.^i(x)dx =0

<it

(AIV.3)

Integrating by parts yields

dx

d U x )  d |  (x)
■ e —dx dx‘

, d Y ( x ) d 2 $ ( x )

* '■ °  ^  « » »

. L ^ j ( x )
m g d x - - ^ -

L L <£:(*) d^ .(x) ,  L
+ J0 (fx n ig d x ) -^  ^ - d x  -  to ,Jo m f ^ x ^ M d x  = 0

(AIV.4)

By applying the boundary conditions given in equations (AIII. 16), all the terms in 

brackets I I in equation (AIV.4) become zero. Hence equation (AIV.4) reduces to
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L d ^ . ( x ) d Y ( x )  L L d^.(x) d^.(x) ,
J El ----------- -— dx + j (| mgdx)—  — - — dx = 0) . • j m£ ( x £  (x)dx
0 dx2 dx2 0 * d* > o j i

(AIV.5)

Similarly, one has

L d Y ( x ) d Y ( x )  L L d  ̂ (x) d £ (x ) L
J El  ---------- r— dx + 1 (1 mgdx)——— -----—— dx = fl) • f m  ̂ (x)£ (x)dx
0 dx2 dx2 0 x dx dx j o i J

(AIV.6)

From equations (AIV.5) and (AIV.6), one arrives at

f0Lm4 ,(x)§j(x )d x = () ( A I V ? )

-L
If i * j  then and J ;(x)£;(x)dx m ust be zero. This leads to the> * j u i j
orthogonality conditions:

L ( M . . i= j
Jo m ^(x)^(x)dx = | o '

“ J (AIV.8)

A nother set of orthogonality conditions is obtained by substituting equation (AIV.8) 

into (AIV.5),

L d £ .(x ) d  ̂ (x) l  l  d^.(x) d4-(x) [cd2m., i=j
I El  ------------- -— dx + J (| mgdx)— ----- — - — dx =  ]
o dx dx 0 x dx dx [o, i*j (AIV.9)
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Appendix V Calculation of logarithmic decrement

Letting f(x) in equation (5.7) be zero, the motion equation for damped free vibration of 

the n* mode becomes

d2p n(t) ti £fen(t)
M •   —  + ——- K • ----------+ K p (t) — 0

" d 2 “  " *  " n (AV.l)

where

L , L
K„ = J0 E I(C n(x)) dx + JQ (fx mgdx)(V„(x)) dx (AV.2)

and tin is the modal loss factor expressed in equation (5.11) and prim e (') denotes 

differentiation with respect to x.

By considering the orthogonality condition of equation (AIV.9), one has 

K.=  ° . M. (AV.3)

Assuming the solution takes the form as

p n(t) = e^(Acoswt + Bsinon) (AV.4)

where co is the dam ped free vibration frequency (in rad/s), A and B are constants to be 

determined.

For simplicity, the initial conditions are assumed to be

Pn(0) = 0 and M 0) = v o (AV.5)

By substituting the initial conditions into equation (AV.4), one obtains A=0 and 

B=vo/co.

Substituting equation (AV.4) into (A V .l), collecting terms and taking the values of A 

and B, one arrives at
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a 2 - o 2)BMn + ^ f X B K n + BK„ = 0 (AV.6)

T\ _
and 2A,g)BM + coBK = 0 (A V .7)n CO n v '

Solving these two equations for co and X and considering equation (AV.3), one has

/ k 7  V 1+,ln +V 1~rln Ĵ +ri2„+Jl-r\l
co =  /   •   =  Cl) •-------------------------------------------------------

V  M . 2 " 2 (AV 8)

[ * 7  V 1 + 1ln -  V 1 ' 1!2 V 1+112 - - v / 1 - 1!2k = -  /   •  = -  (0 • ------------------------------
V  M n 2 " 2 (AV.9)

If ti is taken as a moment of time at which pn(t) reaches its maximum or minimum 

values, the logarithmic decrement is calculated by definition as

Pn(l l>5 = In-------
/  A

e Bsincot
= In

e 1 Bsin [co (t + 4 ? )]

_ A 271

=  2k  ■

I+ V 1 _11" (AV.10)

W hen the modal loss factor rjn is much smaller than unity, the logarithmic decrement 

can be approximated as

8 n “ *n„ (A V .ll)
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Appendix VI Calculation of equivalent damping factor for fluid
damping of still air

Sarpkaya (1979) gave a semi-empirical form ula to estim ate the effective viscous 

damping ratio for a flexibly mounted rigid cylinder

Ps
-£iL + 0.34(—f

(A V I.l)

for A/D < 1.6 and Re^ < 104,

where p is the density of the fluid, and p = 1.225 kgm -3 for air 

ps is the density of the cylinder.

A/D is the dimensionless vibration amplitude 

D is the diameter of the cylinder.

_  D f a ) '  
0) v (AVI.2)

co is the frequency of the vibration.
— 5 9

v is the kinetic viscosity of the fluid, and v = 1.45 x 10 m /s  for air

W hen a flexible cylinder vibrates in one of its mode shapes, ^n(x)» the formulation 

needs modification to account for the effects of varying displacement amplitude along 

length. Hence, two factors, yi and 7 2 , are introduced, which gives

p. 4 a / I  • Y, +  0 .3 4  • Yj • ( - ^ ) :
a/ r (AVI.3)

The amplitude A in equation (A VI.l) has become Y(x), where

Y ( x )  =  A
^n(x)

U ( x ) (AVI.4)

where ^n max(x) is the maximum value of the mode shape along the length.

W hen the cylinder vibrates harmonically in its n ^  mode shape ^n(x) with a frequency 

co,
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y ( x, t ) =  A ^ n( x ) e i (AVI.5)

the energy dissipated by the fluid damping in equation (AVI. l )  is calculated from 

equation (2.16) as

D = f 7tcoc Y 2(x)dx Jo

= Jo7tco[2conm (x)£ f(x)]Y 2(x)dx
(AVI.6)

where 0>n is the natural frequency of the mode, m(x) is the mass per unit length of the 

cylinder and £f(x) is the local damping factor given in in equation (A VI.l). Substituting 

equations (AVI. l)  and (AVI.4) into (AVI.6) yields

rL PD = 7cco2conm(x)- —J° Pi

= 2710X0
M nA 2 p

J * £  + 0 . 3 4 - & i L ( * ) ’ 
& - ( * > D

4 V2

2 ^ ( x ) ■dx

+ 0.34
J Lm (x )^ (x )d x  A 2

(+ >
^ ™ .( x )  | 0Ln i ( x ) ^ ( x ) d x  D

(AVI.7)

where Mn is the effective modal mass

M n = J m ( x ) ^ D(x )d x
(AVI.8)

W hilst the energy dissipated by the equivalent damping factor in equation (AVI.3) is

=  Jô 00 t2 conm (x )(Cr)«1 J Y2(x )dx

fL P= Ttco 2co m(x)- —
Jo " P.

Y r

= 2 71 coco
M_A‘

L . w  p .
Y r

4 V2  

4 V2

+ 0 .34 y2 ( ^ ) 2 A ’ J ^ L d x
L , ( x >

7 5 T + a 3 4 Y *-(^ . (AVI.9)

By equating D and Deq, one obtains 

Y ,=  1 (AVI. 10)
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y2=
and

JoLm (x)^n(x)dx  

^— (x) • J Lm (x)^n2(x)dx
(AVI. 11)

Thus, the equivalent damping factor o f still air fluid damping for flexible cylinders can 

be estimated as

p . (AVI. 12)

with the mode factor, y, given by equation (A VI.l 1) and

3 x 2 x 3Y » 0.58 for the first mode o f free-hanging pipes, £ ,(x ) = ----=---------- r
1 2L 2L

nroc
Y = 0.75 for sinusoidal mode shapes ^ n(x)  =  sin —j-
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Units Tether Riser

Length m 4.07 4.07

Period maximum s 5.79 5.79

Period minimum s 0.86 0.86

Surge amplitude max. s 0.25 0.25

Surge amplitude min. s 0.05 0.05

Top tension N 160.19 27.59

Materials CAB CAB

E, modulus of elasticity G Pa 1.427 1.427

I, second moment of area m4 3 .9 5 8 x l0 '10 3 .9 5 8 x l0 '10

El, rigidity Nm2 0.5649 0.5649

Axial stiffness k N n r1 22.45 22.45

m, mass per unit length gm '1 91.89 91.89

m+ma g n r1 163.15 163.15

External diameter mm 9.5 9.5

Internal diameter mm 3.0 3.0

f l  water Hz 3.79 1.13

fl air Hz 5.08 1.51

f2 air Hz 10.0 3.13

5i air - 0.11 0.22

82 air - 0.09 0.20

Re max. _ 7 .125x l03 7 .125x l03

Table 4.1 Data for the experimental models, tether and riser, 

from Lyons (1986)
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Run ID Amplitude
(m)

Frequency
(Hz)

Max. top velocity 
(m/s)

KC=33
31 0.050 0.314 0.10
41 0.053 0.439 0.15
51 0.057 0.567 0.20
61 0.063 0.707 0.28
71 0.067 0.845 0.36
81 0.075 0.993 0.47
91 0.081 1.117 0.57
101 0.080 1.171 0.59

KC=66
22 0.095 0.176 0.11
32 0.097 0.314 0.19
42 0.102 0.431 0.28
52 0.106 0.576 0.38
62 0.114 0.714 0.51
72 0.123 0.840 0.65

KC=99
23 0.144 0.172 0.16
33 0.146 0.311 0.29
43 0.154 0.442 0.43
53 0.161 0.576 0.58
63 0.169 0.710 0.75

KC=132
24 0.189 0.175 0.22
34 0.193 0.308 0.37
44 0.202 0.427 0.54
54 0.212 0.565 0.75

KC=165
25 0.232 0.173 0.25
35 0.236 0.313 0.46
45 0.253 0.422 0.67

Table 4.2 Carriage excitation range for vortex induced vibration tests, from Lyons 

(1986)
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Lazy-wave Lazy-S

external diameter (m) 0.1524 0.1524

internal diameter (m) 0.1016 0.1016

mass/length in air (kgm '1) 26.7 26.7

mass/length inc. conts (kgm-1) 35.0 35.0

bending stiffness (El) (Nm2) 3400.0 3400.0

torsional stiffness (GJ) (Nm2) 2600.0 2600.0

axial stiffness (EA) (MN) 115.0 115.0

water depth (m) 110.0 350.0

total riser length (m) 173.79 559.26

buoyancy module dia (m) 0.4064

buoyancy module length (m) 20.0

buoyancy module dens. (kgm-3) 400.0

length o f riser from buoyancy 110.0

module to sea level (m)

buoy diameter (m) 16.0

upthrust owing to buoy (MN) 1.1

buoy height from sea bed (m) 250.0

Table 4.3 Data for the Lazy-wave and Lazy-S risers
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Lazy-S Lazy-wave

mode normal-to- in-plane normal-to- in-plane 
plane plane

1 0.046 0.025 0.027 0.031

2 0.051 0.047 0.054 0.057

3 0.089 0.064 0.074 0.085

4 0.094 0.090 0.108 0.102

5 0.131 0.112 0.139 0.116

6 0.142 0.119 0.156 0.148

7 0.175 0.148 0.190 0.187

8 0.191 0.168 0.222 0.215

9 0.218 0.199 0.244 0.240

10 0.240 0.220 0.274 0.275

11 0.262 0.262 0.307 0.306

Table 4.4 Natural frequencies of the Lazy-S and Lazy-wave risers (Hz)



-200-

Profile Velocity (m/s)

surface sea-bed

1 0.06 0.06

2 0.09 0.03

3 0.12 0.0

Shear parameter Ymax/D

D dV 
r dz )ref

0.0 0.25

0.0014 0.11

0.0028 0.06

Table 4.5 Linearly sheared current profiles in 110m depth water (Vref is taken as the 

mid-depth velocity) and the maximum response amplitude of the Lazy-wave 

riser subject to normal-to-plane currents

No Wave Ymax/D
Lazy-S Lazy-wave

Period
(sec)

Height
(m)

normal-
to-plane

in-plane normal-
to-plane

in-plane

1 10.0 4.0 5 .7 x l0 '4 4 .1 x l0 -3 0.021 0.011
2 10.0 2.6 6.2x10‘4 4.9x10-3 0.012 0.014
3 10.0 1.0 4.6x10"4 4.8x10-3 0.020 0.018

4 25.0 4.0 0.34 0.26 0.39 0.54
5 25.0 2.6 0.81 0.22 0.33 0.45
6 25.0 1.0 0.18 0.04 0.41 0.40

Table 4.6 M axim um possible response amplitude of the Lazy-wave and Lazy-S 

risers in regular waves
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Riser Water Wave Wave Vessel surge Phase
type depth period height amplitude lag

(m) (sec) (m) (m) (deg)

5.0 2.6 0.081 89
10.0 10.4 0.628 91

Lazy-S 350.0 15.0 12.0 3.428 90
20.0 12.0 4.732 90
25.0 12.0 5.452 90

5.0 2.6 0.081 89
Lazy- 10.0 10.4 0.628 91
wave 110.0 15.0 12.0 3.428 90

20.0 12.0 4.732 90
25.0 12.0 5.452 90

Table 4.7 Conditions o f waves and vessel motions studied

Wave Period
(sec)

Height
(m)

Max. top velocity 
(m/s)

1 1.41 0.12 0.267
2 1.7 0.12 0.223
3 2.0 0.12 0.190
4 2.3 0.12 0.166
5 1.41 0.24 0.533
6 1.7 0.24 0.445
7 2.0 0.24 0.381
8 2.3 0.24 0.332

Current Velocity (m/s)

1 0.10
2 0.15
3 0.20
4 0.25

Table 4.8 Test conditions for the Steep-S riser model at Heriot-Watt University
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Pipe Rubber PVC
A B C D E F G

Length
L(m) 3.85 3.88 3.46 2.70 3.92 3.71 3.32 3.95
Outer diameter 
D(mm) 9.5 19.0 16.0 13.0
Inner diameter 
d(mm) 6.5 13.0 10.0 8.0
Mass per unit length 
m(kg/m) 0.049 0.171 0.139 0.094
Second moment of area 
I(m4) 3.12xlO"10 5.00xl0’9 2.73xl0'9 1.20x10*9
Elastic Modulus 
E(Nm*2) 5.72xl06 1.63xl07

Table 6.1 Data for model scale clamping test specimens 

(the value o f E is measured at 25.7°C)

PVC pipe A B C D E F G
3

mgL 
“ = EI

1.20 
x 103

8.55 
x 102

4.06 
x 102

1.85 
x 103

1.57 
x 103

1.12 
x 103

2.90 
x 103

1st
Mode

Temperature 24.5°C 22.5°C 25.7°C 25°C 25.7°C 25.7°C 25.7°C
Nat. freq. (Hz) 0.307 0.325 0.371 0.306 0.315 0.333 0.301

Measured 6 0.0215 0.0236 0.0313 0.0200 0.0220 0.0245 0.0195
Still air 5f 0.0129 0.0126 0.0120 0.0129 0.0128 0.0125 0.0153

51= 5-5f 0.0086 0.011 0.019 0.0071 0.0092 0.012 0.0042

2nd
Mode

Temperature 24°C 24.5°C 25.7°C 25°C 25.7°C 25.7°C 25.7°C
Nat. freq. (Hz) 0.734 0.781 0.917 0.722 0.741 0.792 0.716

Measured 5 0.083 0.098 0.15 0.092 0.086 0.10 0.048
Still air 8 f 0.0098 0.0095 0.0090 0.0096 0.0096 0.0093 0.011

52= 5-8f 0.073 0.088 0.14 0.082 0.076 0.091 0.037

3rd
Mode

Temperature 24°C 24°C 25.7°C 25.7°C 25.7°C 25.7°C
Nat. freq. (Hz) 1.28 1.40 1.72 1.29 1.41 1.23

Measured 8 0.25 0.30 0.38 0.22 0.26 0.13
Still air 8f 0.0083 0.0081 0.0076 0.0081 0.0078 0.0093

53= 8-5f 0.24 0.29 0.37 0.21 0.25 0.12

4th
Mode

Temperature 24°C 25.7°C 25.7°C 25.7°C
Nat. freq. (Hz) 1.95 1.95 2.19 1.85

Measured 8 0.36 0.34 0.39 0.22
Still air 8f 0.0074 0.0071 0.0068 0.0081

84= 8-8f 0.35 0.33 0.38 0.21

Table 6.2 Test results for free-hanging PVC pipes at amplitude A/D=1.0
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Pipe Rubber
3

mgL 
“ = EI

1.54xl04

1st
Mode

Temperature 24.5°C
Natural frequency f(Hz) 0.302

Measured 8 A/D =1.5  
1.0

0.016
0.014

Still air 8f A/D = 1.5 
1.0

0.023
0.021

6 i=  8-8f A/D = 1.5 
1.0

Table 6.3 Test results for free-hanging rubber pipe

PVC pipe A B C D E F G
3

mgL 
“ “  EI

1.20 
x 103

8.55 
x 10^

4.06 
x 10^

1.85 
x 103

1.57 
x 103

1.12 
x 103

2.90 
x 103

1st
mode

Temperature 24.5°C 22.5°C 25.7°C 25°C 25.7°C 25.7°C 25.7°C
Nat freq. (Hz) 0.307 0.325 0.371 0.306 0.315 0.333 0.301

dl 0.173 0.172 0.173 0.173 0.173 0.173 0.169
qi 0.115 0.115 0.115 0.116 0.116 0.115 0.113

V p/V B =aqi 138.0 98.3 46.7 215.0 182.0 112.0 328.0
8i=5-5f 0.0086 0.011 0.019 0.0071 0.0092 0.012 0.0042

T]= 8 ^ 1 +  a q  J/n 0.38 0.35 0.29 0.49 0.53 0.50 0.44

Table 6.4 Estimated material loss factor r| from measured first mode logarithmic 

decrements o f free hanging PVC pipes at amplitude A/D=1.0



-204-

PVC pipe A B C D E F G
3

mgL 
“ = EI

1.20 
x 103

8.55 
x 10^

4.06 
x 10^

1.85 
x 103

1.57 
x 103

1.12 
x 103

2.90 
x 103

1st
mode

Vd/Vb 138.0 98.3 46.7 215.0 182.0 129.0 328.0
Measured 8i= 5-Sf 0.0086 0.011 0.019 0.0071 0.0092 0.012 0.0042

Predicted 8 i 0.0090 0.013 0.026 0.0058 0.0069 0.0097 0.0038

2nd
mode

vP/vB 18.2 13.0 6.17 28.1 23.9 17.0 44.1
Measured 82=8-8f 0.073 0.088 0.14 0.082 0.076 0.091 0.037

Predicted 82 0.065 0.090 0.18 0.043 0.050 0.070 0.028

3rd
mode

Vp/VB 3.70 2.63 1.25 4.84 3.45 8.93
Measured 83=8-8f 0.24 0.29 0.37 0.21 0.25 0.12

Predicted 83 0.27 0.35 0.56 0.22 0.28 0.13

4th
mode

VP/VB 1.62 2.12 1.51 3.92
Measured 8l=8-8f 0.35 0.33 0.38 0.21

Predicted 84 0.48 0.40 0.50 0.26

Table 6.5 Comparison between measured and predicted logarithmic decrements 

of free hanging PVC pipes at amplitude A/D=1.0, the material loss 

factor T| is taken as 0.4 in all the predictions

W (Lb) 2.0 3 .0 4 .0 5.0 6.0 7.0 8.0

Tb(N) 3 .40 7.86 12.3 16.8 21 .2 25.7 30.1

L(m) 3.99 4 .02 4.05 4.07 4.09 4.11 4 .14

T „
mgL 0.94 2.17 3.39 4.62 5.85 7.07 8.30

T .L 2 2.80 6.58 1.04 1.44 1.84 2.24 2.67
EI

xlO3 xlO3 xlO4

•*0X OX 0X xlO4

fl (Hz) at A/D=1.0 0.894 1.387 1.477 1.689 1.905 2.077 2.231

Table 6.6 Test conditions for the tensioned PVC pipe G with pivoted ends
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W(lb) 1.1 1.2 1.5 2.0 2.5 3 .0 4.0 5.0 6.0

Tb(N) -0.08 0.367 1.70 3.93 6.16 8.38 12.8 17.3 21.7

Um) 3.96 3.97 3.98 4 .00 4.01 4.03 4.06 4.09 4.12

Tb/(mgL) -0.022 0.101 0.469 1.08 1.70 2.31 3.54 4.76 5.99

T bL2 -6.40 2.95 1.36 3.21 5.05 6.94 1.08 1.48 1.88
EI

xlO 1 xlO2

oX xlO3 xlO3 xlO3

oX xlO4 xlO4

fi (Hz) at A/D=1.0 0.604 0.647 0.755 0.943 1.111 1.295 1.603 1.761 1.969

A/D=1.5 0.149 0.132 0.091 0.070 0.056 0.052 0.037 0.034 0.033

6 1.0 0.143 0.123 0.087 0.065 0.050 0.046 0.034 0.034 0.029

1st 0.5 0.136 0.119 0 .082 0.064 0.049 0.045 0.034 0.031 0.028

mode A/D=1.5 0.016 0.015 0.015 0.014 0.013 0.013 0.012 0.012 0.011

8 f 1.0 0.012 0.012 0.011 0.010 0.010 0.009 0.009 0.008 0.008

0.5 0.010 0.010 0.009 0.008 0.008 0.007 0.006 0.006 0.006

A/D=1.5 0.133 0.117 0.076 0.056 0.043 0.039 0.025 0.022 0.022

5- 6f 1.0 0.131 0.111 0.076 0.055 0.040 0.037 0.025 0.026 0.021

0.5 0.126 0.109 0.073 0.056 0.041 0.038 0.028 0.025 0.022

f2 (Hz) at A/D=1.0 1.244 1.326 1.550 1.908 2.273 2.588

A/D=1.5 0.212 0.188 0.140 0.119 0.082 0.072

5 1.0 0.204 0.182 0.133 0.095 0.078 0.069

2nd 0.5 0.202 0.177 0 .120 0.090 0.070 0.067

mode A/D=1.5 0.013 0.013 0.012 0.012 0.011 0.011

« f 1.0 0.009 0.009 0.009 0.008 0.008 0.007

0.5 0.007 0.007 0.007 0.006 0.006 0.005

A/D=1.5 0.199 0.175 0.128 0.107 0.071 0.061

5- 8f 1.0 0.195 0.173 0.124 0.087 0.072 0.062

0.5 0.195 0.170 0.113 0.084 0.064 0.062

f3(Hz) at A/D=1.0 1.984 2.083 2.410

6 A/D=1.0 0.295 0.275 0.195

3rd 0.5 0.287 0.253 0.181

mode 5 f A/D=1.0

0.5

0.008

0.006

0.008

0.006

0.007

0.005

5- 8f A/D=1.0

0.5

0.287

0.281

0.267

0.247

0.188

0.176

Table 6.7 Test conditions and results for tensioned PVC pipe G with fixed ends
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Normal-to-plane In-plane

Temperature 26°c 26°c 25°c

1st Mode Natural freq f(Hz) 0.5155 0.6601 0.6645

Measured A/D =1.5 0.179 0.216 0.222

damping 6 1.0 0.179 0.221

Table 6.8: Test results for PVC pipe G in catenary suspension

Length L(m) 10.0

Outer diameter D(mm) 101.6

Inner diameter d(mm) 50.8

Mass per unit length m(kg/m) 31.0

Bending rigidity EI (Nm1) 1500

Table 7.1. Data of flexible pipe specimen (EI value is estimated 

from data provided by the manufacturer)
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Ampl. A/D | 2.0 1.0 0.75 0.5 0.3 0.15 0.1 | Filtered
A Free-hanging

1st f (Hz) 0.244 0.250 0.256 0.256 Yes
mode S 0.26 0.20 0.17 0.16
2nd

mode
f (Hz) 

5
0.981
0.75

1.00
0.67

1.06
0.62

1.14
0.45

1.16
0.38

Yes

3rd
mode

f (Hz) 
8

2.50
0.95

2.63
0.92

2.78
0.90

Yes

B Catenary 1
Normal 1st f (Hz) 0.909 1.02 1.14 1.22 1.25 No

-to- mode 8 1.5 1.1 0.88 0.63 0.40
plane 2nd

mode
f (Hz) 

8
2.94
0.95

3.13
0.93

3.33
0.70

Yes

In 1st f (Hz) 2.00 2.27 2.38 2.63 No
plane mode 8 0.88 1.2 0.99 0.90

C Catenary 2
Normal 1st f (Hz) 0.820 0.935 1.00 1.04 1.09 No

-to- mode 8 1.4 1.1 0.85 0.57 0.50
plane 2nd

mode
f (Hz) 

8
2.78
0.80

2.04
0.80

2.97
0.70

Yes

In
plane

1st
mode

f (Hz) 
8

1.72
1.5

2.00
0.92

2.08
0.90

No

D Catenary 3
Normal 1st f (Hz) 0.625 0.655 0.690 0.725 0.769 0.781 No

-to- mode 8 1.1 0.90 0.70 0.52 0.45 0.38
plane 2nd

mode
f (Hz) 

8
2.17
0.53

2.38
0.65

2.38
0.50

No

In
plane

1st
mode

f (Hz) 
8

1.38
1.1

1.50
0.80

1.58
0.65

No

E Catenary 4
Normal 1st f (Hz) 0.943 1.02 1.06 1.11 1.14 No

-to- mode 8 0.90 0.73 0.50 0.33 0.28
plane 2nd

mode
f (Hz) 

8
1.96
0.70

2.08
0.60

No

In
plane

1st
mode

f (Hz) 
8

1.52
0.95

1.67
0.74

1.72
0.65

No

Table 7.2 M easured free vibration frequency and logarithm ic decrem ent as a 

function o f modal displacementamplitude A/D in various suspension 

configurations, at ambient temperature of 8°C to 15°C
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Ampl. A/D 2.0 1.0 0.75 0.5 0.3 0.15 0.1 Filtered
F Catenary 3
Normal 1st f (Hz) 0.676 0.769 0.877 0.926 0.962 No

-to- mode 5 1.5 1.2 0.95 0.70 0.40
plane 2nd

mode
f (Hz) 

8
2.94
0.75

3.13
0.70

Yes

In 1st f (Hz) 1.61 1.70 1.82 No
plane mode 8 1.6 1.3 1.0

G Catenary 4
Normal 1st f (Hz) 1.03 1.11 1.19 1.27 1.36 No

-to- mode 8 0.95 0.95 0.70 0.50 0.36
plane 2nd

mode
f (Hz) 

8
2.38
1.0

2.63
0.95

2.78
0.95

Yes

In 1st f (Hz) 1.85 1.93 2.17 No
plane mode 8 1.3 0.96 0.91

Table 7.3 M easured free-decay vibration frequency and logarithm ic decrem ent as a 

function of modal displacement amplitude, flexible pipe specimen in catenary 

configurations 3 and 4, at elevated temperature of 100°C (inner wall)

Material PVC

Length 4.0 m

External Diameter 28.6mm
f l  in water 1.22 Hz

5 lin  water 0.346

Table 8.1 Data for the model in vortex induced vibration tests
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Test ID Frequency
(Hz)

Amplitude
(m)

KC Maximum 
reduced velocity

1 0.2 0.1 23.27 3.81

2 0.2 0.3 23.27 11.44

3 0.3 0.2 46.57 11.44

4 0.4 0.1 46.57 7.62

5 0.4 0.3 69.81 22.88

Table 8.2 Carriage excitation range for vortex induced vibration tests and the 

maximum reduced velocity values achieved for the first mode
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A contrawound armours
B inner polymer sheath
C external polymer layer
D interlocked steel carcass

Figure 1.1 Typical unbonded dynamic riser construction
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Re <  5 REGIME OF UNSEPARATEO FLOW

5 TO 15 <  Re <  40 A FIXED PAIR OF FOPPL

40 <  Re <  90 AND 90 <  Re <  150 
TWO REGIMES IN WHICH VORTEX 
STREET IS LAMINAR

150 <  Re <  300 TRANSITION RANGE TO TURBU
LENCE IN VORTEX

300 <  Re <: 3 X 105 VORTEX STREET IS FULLY  
TURBULENT

3 X 105 g  Re <  3.5 X 106

LAMINAR BOUNDARY LAYER HAS UNDERGONE 
TURBULENT TRANSITION AND WAKE IS 
NARROWER AND DISORGANIZED

RE-ESTABLISHMENT OF TURBU 
LENT VORTEX STREET

Figure 2.1 Regimes of fluid flow across circular cylinder, from Blevins (1977)
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1.47

0.4

IJ

0.1

10444)

REYNOLDS NUMBER (U O M

Figure 2.2 Strouhal number variation for stationary circular cylinder, from Blevins 

(1977)

0.00145
= 0.00514•  A f  = 0.00181

1.4

STATIONARY 
CYLINDER  

-  SHEDDING FREQUENCY1.2

1.0
CD

0.8
AO FENG DATA

0.4

1 U a 1a
74 65

fD

Figure 2.3 Resonance of a rigid circular cylinder with vortex shedding, from 

Blevins (1977)
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2.000   G riffin et. al. (1973)
  B levins (1977)
 Iwan (1975)

1.600

1.200
X)

0 .8 0 0

0 .4 0 0

0.000

KS

Figure 2.4 Calculated maximum transverse vortex induced vibration amplitude 

versus reduced damping for mounted cylinders by various authors

10
THEO RY

RIG ID  CYLIN 0E R  EXPERIM ENTS  

PIVO TED R 0 0  EXPERIMENTS  

CABLE EXPERIMENTS

1.37
1

0.1
STRUCTURAL ELEMENT

0.01
0.01

RIGID C Y LIN D E R 1

PIVOTED ROD 1.291

STRING OR CABLE 1.155

SIMPLE SUPPORT BEAM 1.155

C A N TILE VER  BEAM. 1ST MODE 1.305

C A N TILE VER  BEAM. 2ND MODE 1.499

C A N TILE VER  BEAM. 3RD MODE
i i i i 1 i

1.537
i i

0.1

1 2m ( 2 * f )

*2 p D 2

10

Figure 2.5 Normalised maximum amplitude of response versus mass rario damping 

parameter, from Blevins (1977)
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Figure 2.7

10 15 20 25

Frequency (Hz)

Spectra o f the wake at various spanwise positions for the stationary 

cylinder with L/D=16, from Stansby (1976)
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5 - 5 0  n

t r a n s f o r m e r

l i n e  i n p u t
relay

t o  w i r e

5-1 5 0  p F

polarity reversing
sw itch

Figure 2.8 Electric circuit for hydrogen-bubble wire, from Schraub et al (1965)

CAMERA L EN S

. - P R O B E  S U P P O R T  6 A R

DIRECTION OP 
R E F L E C T E D  LIGHT

O

7 5 0  W A TT  P R O J E C T I O N  LA M P 
L I G H T  S O U R C E  L O C A T E D  
O U T S I D E  OF  W A T E R  
CH A N N EL

SHEET O ?  
HYDROGEI 
B U 6 B L P S

O lS T A N C E  OF W l R E ^ O O O l  
F R O M  
F L O O R

O i a p l a t i n u m  
w i r e

E L E C T R O D E  
L O C A T E D  IN 
C H A N N E L

D I R E C T I O N  O F  
. F L O W

C H A N N E L  F LO OR

Figure 2.9 Schematic of a typical bubble lighting arrangement, from Schraub et al 

(1965)

Figure 2.10 Time-streak marker technique applied to flow in a contraction, from 

Schraub et al (1965)
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Normal-to-plane flow
In-plane flow

Figure 3.1 Definition of the riser plane of a two-dimensional catenary flexible riser

experimental data o
1.0

triangular function used -----

1x10

0.5

0.0

4.0 5.0 6.0 10.07.0 9.0ao

Reduced Velocity

Figure 3.2 Transverse oscillations of a circular cylinder versus reduced velocity, 

from Lyons (1986)
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static configuraion

mode shape

Figure 3.3 (a) Sketch of the first normal-to-plane mode (swing mode).
The vector SS' is normal to the catenary at position S.

A

static configuraion

mode shape

Figure 3.3 (b) Sketch of the first anti-symmetric in-plane mode. The vector 
SS' is not normal to the catenary at position S.



-219-

(  START )

►  For time step I

-  For mode N

No

Yes

Go to next mode

Go to next time step

Convergence in response amplitude?

Estimate the highest mode possibly excited

Distretise the riser length into a number of elements

Calculate velocity normal to riser member 
at middle point o f each element

Calculate mode shape factor and effective 
mass ratio from equations (3.15) and (3.17)

Calculate total damping ratio and response 
amplitude from equations (3.19) to (3.23)

Calculate amplitude of velocity components for 
each element (wave, vessel motion and current)

Calculate reduced velocity value at each 
element for the mode, identify lock-on 
regions by using assumptions b) and d)

C End )

Figure 3.4 Flow chart of the vortex induced vibration prediction programme



Still w ater level

O b se rv a tio n  panel

Still water test tank. A, T hree v ideo cam eras; B, riser; C, actuators; D , subm erged v ideo  cam era.

Figure 4.1 Still water test tank - schematic, from Lyons (1986)
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0.8

AO,0.6-

0 .4 -

0.2-

0.0
0.6 0.80.2 0.40.0

Max velocity at top (m/s)

A expt KC=33 theory, Cd=2.0
O expt KC=66 ------ theory, Cd=1.2
+ expt KC=99

X expt KC=132
□ expt KC=165

Figure 4.2 Maximum response amplitude at mid-point, comparison with 
experimental results o f Lyons (1986), high tension cases
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0.8

0.6-

0 .4 -

0.2-

0.0
0.80.2 0.4 0.60.0

Max velocity at top (m/s)

a expt KC=33  theory Cd=2.0,200 time steps per cycle
o expt KC=66 —  theory Cd=2.0, 50 time steps per cycle
+ expt KC=99
x expt KC=132
□ expt KC=165

Figure 4.3 Maximum response amplitude at mid-point, comparison with 
experimental results o f Lyons (1986), low tension cases
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. 4th mode

• 3rd mode

• 2nd mode

■ 1st mode

Figure 4.4 Allocation of lock-on regions for each mode o f the vertically tensioned 
riser model which is pinned at bottom and driven harmonically at top

relative  

am plitude  

of vibration

Tether excited  

region v

bottom

Figure 4.5 Variation of response amplitude with extent of excited region for first 

mode of pinned-end sinusoidal vibrations, from Lyons (1986)



4.500
- LEGEND -

  Sum of velocities

 Wave component

3.600

E
2.700C

o
oo
o1— 1.800CL

0.900

0.000
0.0000 0.1300 0.2600 0.5200 0.65000.3900

V elocity (m /s)

Figure 4.6 M aximum horizontal velocities for tether, depth: 4.07m, wave only 

(0.4m, 2.0s)

4.100
- LEGEND - 

Mode 1

+  Mode 2 

Mode 3 

O  Mode 4
3.280

2.460

1.640

0.820

0.000
100.0 1 20.0 140.0 160.0 1 80.080.060.020.0 40.00.0

Prim e E xciter A ngle

Figure 4.7 Extent of excited regions for tether, depth: 4.07m, wave only (0.4m,



-225-

*o
5=0)
_Q)
.Q'(/)
V)O

CL
E3
E
s

1.000 -1
- LEGEND - 
 Mode 1
- - -  Mode 2
  Mode 3
— • Mode 4

0.800 -

0.600 -

0.400 -

0.200 -

0.000
20.0 60.0 80.0 100.0 120.0 140.0 160.0 180.00.0 40.0

Prime Exciter Angle

Figure 4.8 M odal excitation map for tether, depth: 4.07m, wave only (0.4m, 2.0s)

4.500 —\
• LEGEND•
Sum of velocities
Wave component

3.600 -

_  2.700 -

1.800 -

0.900 -

0.000
0.45000.38000.31000.24000.17000.1000

Velocity (m/s)

Figure 4.9 M axim um  horizontal velocities for tether, depth: 4.07m, wave only 

(0.5m , 5.79s)



M
ax

im
um

 
Po

ss
ib

le
 

Ye
ff/

di
a 

03
’ 

Po
sit

io
n 

Al
on

g 
M

em
be

r(
m

)

-226-

4.100
• LEGEND - 

Mode 1
+  Mode 2

3.280 -

2.460 -

1.640 -

0.820 -

0.000
100.0 120.0 140.0 160.0 180.00.0 40.0 60.0 80.020.0

Prime Exciter Angle

4.10 Extent o f excited regions for tether, depth: 4.07m, wave only (0.5m, 

5.79s)

1.000 - LEGEND - 
 Mode 1
 Mode 2

0.800

0.600

0.400

0.200

0.000
100.0 120.0 140.0 160.0 180.080.060.040.020.00.0

Prime Exciter Angle
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5.79s)
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Figure 6.1 Test setup of model scale damping measurements for free-hanging pipes 

- schematic
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Figure 6.2 Free-decay time history o f free-hanging PVC pipe E, second mode, 

sampling rate: 30Hz
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Figure 6.11 Free-decay time history o f tensioned PVC pipe G with fixed ends, first 

mode, tension at bottom: 17.3N, sampling rate: 50Hz
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17.3N
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Figure 7.2a Free-decay time history o f free-hanging flexible pipe specimen, first 

mode at ambient temperature, sampling rate: 10Hz
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Figure 7.2b Free-decay time history o f free-hanging flexible pipe specimen, second 

mode at ambient temperature, sampling rate: 50Hz
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Figure 7.2c Free-decay time history o f free-hanging flexible pipe specimen, third 

mode at ambient temperature, sampling rate: 50Hz
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Figure 8.1 Electric circuit for flow visualisation using hydrogen-bubble technique
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Figure 8.3 Time traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz
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Figure 8.4 Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.2Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz
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Figure 8.5 Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.3Hz, exci. ampl.: 0.2m, 

sampling rate: 50Hz
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Figure 8.6 Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.1m, 

sampling rate: 50Hz
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Figure 8.7 Tim e traces, tall tank vortex cell tests using pressure transducers, 

instrum ented section at top, exci. freq.: 0.4Hz, exci. ampl.: 0.3m, 

sampling rate: 50Hz



Figure AI. 1 Sketch of a section o f cylinder and an incident flow

U

Control surface

B

D . C

Figure AI.2 Control volume



-253-

Ki 2 0 0

X too10
«  8 0

4-0

Asymptote for r . / f t  - » 0  -  
/  (viscous domping)

2-0

1*0
0*8 Asymptote frr V • 0  

(velocity squored domping)

tooK>
Response ompfilwde iot»o, YmtO,

OH

Figure A II.l Effective viscous damping coefficient for oscillatory motion in a cross- 

flow, com parison o f linear viscous dam ping and velocity squared 

damping asymptotes

0

f(x) e
-  mdx — —

X

mgdx

0N  
N + t—  dx 3M  

+ ——  dx

0 +  dx
T+ dx

Figure AIII. 1 Forces and moments on an infinitesimal element o f a free-hanging pipe



-254-

Plate 7.1 Support structure and catenary suspension



-255-

m & m m  
- - - - ..........

dye filaments

Plate 8.1 Vortex cell structure for a circular cylinder in uniform flow, observed in 

flow visualisation tests using food dye


