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A b s t r a c t

This thesis is concerned with the problem o f early fatigue crack growth in welded 
tubular joints of the type used to construct fixed offshore structures for oil and gas 
production. Offshore structures are inspected periodically to ensure safety in 
operation, but cost effective inspection planning demands that accurate non
destructive techniques be used to size fatigue cracks and reliable fracture mechanics 
models be used to predict their growth.

ACPD, ACFM and MPI were employed in this study to collect detailed crack 
growth data for small surface fatigue cracks in welded T-plates, machined T-plates 
and welded tubular joints. In all cases, crack closure was monitored using a highly 
sensitive clip gauge mounted across the mouth of the crack. High cycle fatigue tests 
were conducted to study the influences of mean stress and notch plasticity on small 
crack growth behaviour. Crack propagation rates were correlated using the 
effective range of the crack tip stress intensity factor. Low cycle fatigue tests were 
carried out to investigate the influence of general plasticity on surface fatigue crack 
growth. The change in crack tip opening displacement was used to characterise 
fatigue crack growth behaviour under conditions o f large-scale yielding. The small 
crack sizing abilities o f ACPD and ACFM were assessed by comparing predicted 
depths with optical measurements taken from several fracture surfaces. Calibration 
curves were derived from the results.

The experimental data was used to develop a fracture mechanics model for 
predicting the early stages of fatigue crack growth in welded tubular joints. 
Empirical equations were found to characterise material behaviour and early crack 
shape development trends. The Newman-Raju equations were used with 
corrections for non-uniform stress and structural restraint to estimate stress intensity 
factors. Model predictions are compared with actual test results for the cases oflPB 
and OPB in tubular T- and Y-joints.
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Ĉ!co

Aog

Ao&

AOy,

AOyviflJt)

Aa^ialt)

Aa^iqJt)

strain range

net section elastic strain range 

net section plastic strain range 

local strain range 

local plastic strain range 

cyclic J integral

linear elastic crack tip stress intensity factor range 

modified stress intensity factor range 

effective stress intensity factor range 

threshold stress intesity factor range

number of fatigue cycles consumed in the i crack growth increment

stress range

hot-spot stress range

nominal surface stress range

crack-site surface stress range

membrane (tensile) component of AcTc„

bending component of ACc„

weld toe stress range

weld toe stress range at crack depth to plate thickness ratio a/t 

membrane (tensile) component of AaJ^dt) 

bending component of AOwia/t)

22



To Jill

23



C h a pter  O n e

INTRODUCTION

24



C h a p t e r  O n e

INTRODUCTION

1.1 Overview

A component critical to the integrity of offshore structures is the tubular welded 
intersection. Small fabrication defects (e.g. under-cuts and slag intrusions) are 
known to be present in the weld toes of tubular joints. Wave loading and other 
environmental factors often create conditions that favour the growth of these initial 
flaws into semi-elliptical surface fatigue cracks. Once a surface fatigue crack is 
present, it can grow until complete separation of the joint has occurred. In 
practice, this problem is controlled with the aid of sophisticated underwater 
inspection equipment deployed by professional divers. Planned periodic 
inspections of critically stressed joints are carried out to prevent catastrophic failures 
from occurring and ensure that the integrity of the structure is maintained 
throughout its useful lifetime. Of course, as the offshore structure ages and the 
incidence of fatigue cracking increases, more frequent inspections become 
necessary to verify that the platform is safe for operation. The time interval 
between inspections depends on the ability of non-destructive testing (NDT) 
technologies to reliably detect and size small surface breaking fatigue cracks, and on 
the accuracy with which their subsequent growth can be predicted. As progress is 
made in each of these areas, inspection intervals can be increased and considerable 
savings realised by those responsible for the safe operation of offshore structures.

The need for dependable information on defect size and location has prompted the 
initiation of several important studies aimed at quantifying the reliability of different 
NDT techniques for the detection and sizing of surface breaking fatigue cracks. 
Many of the research projects conducted by the UCL Underwater NDE Centre are 
concerned with providing the offshore industry with information on the probability 
of detection (POD) and probability of sizing (PCS) for different types of NDT 
equipment. The generation of POD and POS curves for welded joints requires that 
a large number of fatigue cracked samples be made available for inspection trials. 
Welded specimens (especially large scale tubular nodes) are expensive to 
manufacture and difficult to test. In the process of generating these samples, it is 
often possible to collect detailed fatigue crack growth information with little
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additional effort. The only disadvantages are that the experiment must be stopped 
when the crack reaches a pre-determined size, and destructive sectioning to verify 
the final defect size is not always done. These restrictions apply to many of the 
fatigue cracks analysed in this study.

The fatigue crack growth problem in offshore structures is a difficult topic for 
laboratory research, offering unique inter-disciplinary challenges to engineers, 
material scientists, computer scientists, electrochemists and mathematicians alike. 
No single study could be expected to provide all the answers necessary for a 
complete understanding of the fatigue crack growth process. This thesis is 
primarily concerned with the early stages of fatigue crack growth in welded tubular 
joints, for the case of constant amplitude loading in air. Once this case^nderstood, 
it may be possible (in future studies) to evaluate the modifying influences of other 
important variables such as seawater corrosion, cathodic protection and variable 
amplitude loading.

Previous studies concerned with the fatigue behaviour of welded tubular joints have 
tended to concentrate on the behaviour of relatively large (>3mm deep) fatigue 
cracks. The initial stages of crack growth were often neglected in these early 
studies because of experimental difficulties associated with the detection and sizing 
of small (<3mm deep) surface fatigue cracks. Recent advances in NDT have now 
made it possible to detect and size small surface fatigue cracks much more 
accurately. In this study, a special effort has been made to obtain detailed 
experimental data for the purpose of improving our current understanding of the 
early fatigue crack growth problem in offshore structures.

This chapter begins with an introduction to linear elastic and elastic plastic fracture 
mechanics concepts, with particular attention being paid to small fatigue cracks. 
The important mechanical and environmental variables thought to influence the early 
fatigue crack growth behaviour of welded tubular joints are identified and 
discussed. The NDT techniques used in this study for small fatigue crack detection 
and sizing are also described, and the advantages and disadvantages associated with 
each method are pointed out. The objectives and scope of the present study are then 
given.
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1.2 Linear Elastic Fracture Mechanics

In the analysis of stresses near the tip of a sharp crack (where a stress singularity is 
presumed to exist) the concept of using elastic stress concentration factors breaks 
down. Linear elastic fracture mechanics (LEFM) manages to overcome this 
problem by analysing the stress field surrounding the crack tip, rather than the 
infinite stress in this region. Cracked components may be stressed in one or more 
of the following modes:

Mode I - tension, normal to the crack faces (opening mode)
Mode n  - shear, normal to the crack front (edge sliding mode)
Mode m  - shear, parallel to the crack front (tearing mode)

Mode I is the predominant stress situation in most practical cases. Modes U and HI 
to

tend^be less significant and their contributions to fatigue crack growth can often be 
ignored.

The parameter which has been adopted to describe the elastic stress field in a 
cracked structure is called the crack tip stress intensity factor K. The value of K 
depends on the applied stress field, the size and shape of the crack, and the 
geometry of the cracked component. For the case of mode I loading, it is typically 
expressed in the form

K [ = Y G n , i m  ( 1.1)

where cr„„ is the nominal surface stress, a is the crack depth and Y accounts for the 
effects of crack shape and component geometry.

Provided K is the same for two different cracks, the stress fields near both crack 
tips will be identical and both cracks should behave similarly. It is for this reason 
that K can be used to describe the residual strength of a cracked body. When the 
load is increased on a cracked component, the level of stress intensity at which the 
crack begins to propagate is called the fracture toughness of the material. For 
relatively thick materials in which conditions of plane strain develop, this critical 
value of K is considered to be a material property and is designated Kj .̂ For 
thinner materials, where toughness depends on thickness and developed plasticity, 
it is denoted as Kc. An important limitation of LEFM is that it can only be used to 
characterise crack growth under conditions of small scale yielding. If the theory is 
to remain valid, plastic deformation must be confined to a region in front of the 
advancing crack tip, called the crack tip plastic zone. The size of the crack tip
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plastic zone should remain small in relation to the dimensions of the crack and the 
uncracked ligament.

In the analysis of fatigue crack growth, where stresses are cyclic in nature, it 
becomes necessary to define a linear elastic crack tip stress intensity factor range,

— ^m ax  ■ ^m in  ( 12 )

where K,„ax ^nd are the maximum and minimum mode I stress intensity 
factors in the cycle. Equation (1.1) then takes the form

AK = YAa„,fjm  (1.3)

where AOn  ̂= is the nominal surface stress range. Note that the mode
I subscript has been dropped from these expressions. This is done for 
convenience. In cases where the subscript is missing, it is always assumed that 
mode I is being considered.

When crack growth rate (cla/dN) data from a fatigue experiment are plotted against 
AK on a log-log scale, the curve exhibits a sigmoidal shape with three distinct 
regions (see figure 1.1). In region one, the crack growth rate goes asymptotically 
to zero as AK approaches a threshold value {AK^i^. This means that for stress 
intensities below AK̂ l̂  there is no crack growth, i.e. there is a fatigue limit. The 
threshold effect is believed to be caused by a number of different processes which 
lead to crack blocking for small stress intensities. In region two, the log of da/dN 
tends to vary linearly with respect to the log of AK. The crack growth rate {da/dN) 
during this portion of the propagation stage has been successfully related to AK by 
the Paris-Erdogan [1.1] equation

(1.4)

where a is crack depth, N is the number of cycles, and C and m are material and 
environment dependant constants that must be determined empirically. In welded 
offshore structures, the early stages of fatigue crack growth are most likely to occur
in regions one and two. During the transition from region two to region three, the
crack growth rate accelerates dramatically as K ,^  approaches Ki .̂
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1.3 The Anomalous Behaviour of Short Fatigue Cracks

Over the past two decades, AK has been used to correlate long fatigue crack 
propagation data in a variety of engineering materials and structural geometries. 
Despite its success in applications that concern long cracks, the suitability of LEFM 
for predicting the early stages of fatigue crack growth in notched components such 
as welded tubular joints remains questionable. A major complication associated 
with modelling small fatigue cracks in tubular joints is the likelihood of plasticity 
occurring in the blunt notch of the weld toe, an attribute which is inherent to the 
intersection of all welded tubular joints. The size of the notch plastic zone will 
depend on the geometry of the welded joint and the degree of in-service loading to 
which the structure is subjected. When the crack is short and its tip is contained 
within the notch plastic zone (see figure 1.2), the small scale yielding requirement 
of LEFM becomes violated. Fatigue cracks that propagate under conditions of 
gross plastic deformation generally grow at rates faster than LEFM would predict. 
As these cracks extend beyond the field of plastic deformation and into the elastic 
domain of the structure, their growth rates eventually merge with LEFM predictions 
[1.2].

Some investigators have tried to rationalise the anomalous growth behaviour of 
short fatigue cracks in plastic strain fields by providing plasticity corrections to AK, 
while others have resorted to elastic plastic fracture mechanics (EPFM) concepts. 
Before proceeding to discuss each of these approaches in detail, it is appropriate to 
identify the factors which contribute to the anomalous behaviour of short fatigue 
cracks and single out those which apply to welded components. It is also necessary 
to establish a clear distinction between short and long fatigue cracks. This is best 
done by introducing a set of definitions that are based on local stress and strain 
considerations as well as physical crack size.

A fatigue crack is considered to be "microstructurally short" when its depth is 
comparable to some microstructural dimension such as the grain size. Cracks of 
this size exhibit what has been referred to as a "free surface" effect [1.3]. Material 
at the surface is less constrained than material below the surface and tends to flow 
more freely. This results in vastly different fatigue behaviour for a crack growing 
from a free surface than for a crack growing within the bulk. Microstructurally 
short fatigue cracks can, for example, propagate below the threshold intensity range 
established for long cracks [1.4]. Interactions with microstructural barriers such as 
grain boundaries can also influence fatigue behaviour when the crack is on the order 
of the grain size [1.5]. The growth rates of microstructurally short fatigue cracks
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are initially high and decelerate to a minimum as AK increases [1.6]. Depending on 
the applied stress field and crack tip-grain boundary interactions, their growth may 
stop completely (curve A of figure 1.3), or accelerate to match that of long cracks 
growing at the same AK (curve B of figure 1.3). Free surface and grain boundary 
effects are thought to die out once the crack extends through a few grains of the 
material [1.3]. For fine-grained structural steels, this typically corresponds to a 
crack depth of about 0.1mm. i

Once beyond the influence of the free surface, short fatigue cracks may continue to 
exhibit anomalous behaviour if the applied stress and component geometry are such 
that the crack tip plastic zone is contained within a larger region of plasticity caused, 
for example, by the presence of a notch. Fatigue cracks that fall into this category 
are said to be "physically short." The occurrence of large scale plastic strains leads 
to growth rates that are significantly faster than LEFM would predict based on 
stress field considerations alone (curves C & D of figure 1.3). A transition to long 
fatigue crack growth behaviour (curve E of figure 1.3) occurs once the tip of the 
crack extends beyond the plastic zone of the notch [1.7]. The depth of the crack at 
this stage will depend on the severity of the stress concentration caused by the 
notch, material properties, and the level of remote stress applied to the component. 
The growth rate trends for physically short cracks also appear to be sensitive to 
notch geometry [1.8]. Cracks initiating from sharp notches generally exhibit a 
decelerating, then accelerating pattern similar to that observed for short cracks 
growing from smooth surfaces, except the trend can occur at much higher levels of 
AK (curve C of figure 1.3). Cracks which grow from blunt notches tend to display 
a steadily increasing growth rate trend (curve D of figure 1.3).

Since welded components are known to contain sharp fabrication defects with 
depths on the order of the free surface effect [1.9], the growth behaviour of 
microstructurally short fatigue cracks is of little importance in studies concerning 
the fatigue behaviour of offshore structures. Crack growth will most often begin in 
the physically short regime, and the fatigue life will depend on the time it takes to 
propagate a physically short crack to a critical size.
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1.4 Elastic-plastic Fracture Mechanics for Short Fatigue Cracks

1.4.1 Crack Tip Plastic Strain Range

An ability to characterise strain-controlled fatigue crack growth is inherent to the 
plastic shear decohesion model proposed by Tomkins [1.10] to describe fatigue 
crack propagation in regions of low or high stress. Tomkins considered crack 
extension to take place when a new crack surface formed as a consequence of 
irreversible plastic flow (de-cohesion) along the inner edges of two narrow shear 
bands of length D, positioned on ±45° planes immediately in front of the crack tip 
(see figure 1.4). He suggested that the crack growth rate is given by

^  ^  (1.5)

where ASp is the plastic strain range in the vicinity of the crack tip and D is a 
measure of the plastic zone size (which is crack depth dependant). The analysis 
requires a method for calculating A£p that takes into account the cyclic stress-strain 
behaviour of the material. Shin et a l{ \A \\  assume that ACp is approximately given 
by half the plastic strain range at the crack tip position and use the finite element 
method to estimate this quantity.

1.4.2 Total Shear Deformation Parameter

Hammouda et a/ [1.12] consider fatigue crack growth to be controlled by the total 
shear deformation (0,) occurring near the crack tip. When the crack tip is 
embedded in the plastic field of a notch, 0t is made up of shear deformation due to 
notch plasticity (0p) and shear deformation due to crack tip plasticity {0c)- As the 
fatigue crack propagates through the notch plastic zone, 0p decreases while 0e 
increases. Once the crack tip passes the elastic-plastic boundary of the notch stress- 
strain field, 0p is zero and the fatigue process is under crack tip plasticity control 
(0^=0^,). It is suggested that a linear elastic fracture mechanics analysis of the 
crack tip opening displacement can be used to determine 0 g, while 0p can be 
obtained by summing the shear deformation between the crack tip position and the 
boundary of the notch plastic zone for an uncracked specimen.
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1.4.3 Modified Stress Intensity Factor

In order to account for the influence of large scale plasticity on fatigue crack growth 
behaviour in notched steel plates, Gowda and Topper [1.13] defined a modified 
stress intensity factor range.

^  ( 1.6)

where AK is the range of the linear elastic stress intensity factor, and A e^  and A e^  
are the net section elastic and plastic strain ranges, respectively, obtained from a 
cyclic stress-strain curve for the material of interest. The derivation of this 
expression is founded on Neuber's hypothesis that an approximate relation, similar 
to the one he proposed between stress and strain concentration factors in notches, 
exists between the stress and strain intensities at a crack tip [1.14, 1.15].

1.4.4 Strain Based Intensity Factor

El Haddad et al [1.16,1.17] recommend that the growth rates of physically short 
surface fatigue cracks be correlated using a strain based intensity factor of the form

AKe. = E Ae i n  (a + Uc) (1.7)

where E is the modulus of elasticity, Ae is the local strain range near the crack tip, a 
is the crack depth, and is an empirical crack length correction factor introduced to 
compensate for the "free surface effect" discussed in section 1.2. It is suggested 
that estimates of Ae corresponding to different ranges of applied nominal stress may 
be obtained from elastic-plastic finite element models, or from Neuber's rule [1.15] 
combined with cyclic stress-strain data for the material of interest.

1.4.5 Cyclic J Integral

The J integral {J) was first introduced by Rice [1.18] to provide a means of 
determining energy release rates for cracks contained in non-linear elastic solids. In 
the planar case (see figure 1.5), J is defined as

J = I \Wdy - 1 ^ * 1  (1.8)
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where r  is a closed contour surrounding the crack tip, W is the strain energy 
density per unit volume, T is a traction vector, y is a displacement vector, and ds is 
an increment along r. When J is applied around a crack tip, from one crack surface 
to the other, the value obtained is independent of the path which is taken. This path 
independence allows J  to be calculated along a contour remote from the crack tip, 
for which the loads and displacements may be known.

Rice [1.18] managed to show that 7, as defined above, can be interpreted as the 
change in potential energy per unit crack extension. That is,

_ 1/  = -IW  (1.9)
where Ep is the stored mechanical energy of a component under load containing a 
crack of length a, and t is the plate thickness. The physical interpretation of J as an 
energy release rate makes it possible to determine J from load-deflection curves for 
a number of specimens containing cracks of different lengths [1.19]. For example, 
if two specimens of similar geometry containing cracks of slightly different length 
are loaded to the same displacement (%, the area between their load-deflection 
curves will correspond to their difference in stored energy, Ep (see figure 1.6). If 
the difference in crack length is known, calculation of J  is straightforward. For 
certain specimen configurations (deeply notched compact tension and bend bar 
specimens), an approximation is available which allows J  to be determined from a 
single load versus displacement curve [1.20]. For more complicated specimen 
geometries and actual components, it is generally necessary to use equation (1.8) in 
a finite element model in order to obtain estimates of 7.

For elastic-plastic materials such as steel, the quantity Ep does not represent stored 
potential energy. Instead, it is a measure of the total amount of work (elastic and 
plastic) that is needed to deflect the specimen. Since the plastic work energy is 
unrecoverable, 7 loses its physical interpretation as an energy release rate. 
However, it has been suggested that 7 retains physical significance as a measure of 
the intensity of the crack tip strain field up to the beginning of crack extension, and 
it is this interpretation which accounts for its success as a geometry independent 
static fracture toughness criterion for metals subjected to elastic-plastic conditions 
[1.21].

Physical justification for the application of 7 to fatigue loading is more difficult to 
give. The path-independence of 7 only holds for non-linear elastic behaviour, 
where the stress-strain response for unloading is the same as for loading. Since,

33



during each complete fatigue cycle, the material at the crack tip experiences reverse 
plastic deformation, one of the key assumptions surrounding the mathematical 
derivation of the J integral is clearly violated. Despite this limitation, several 
investigators [1.22-1.28] have attempted to correlate fatigue crack growth rates 
using a cyclic J integral (A/) and have met with considerable success. Paris [1.29] 
has suggested the reason for the apparent success of AJ may be that material 
deformations which occur during unloading are insignificant compared to those 
which occur during loading. The implication is that J  defines the stress-strain field 
near the crack tip during the rising portion of the cycle, despite intermittent 
unloading. Leis and Zahoor [ 1.30] disagree with this view. These researchers are 
of the opinion that many of these preliminary test results represent select 
experimental conditions where the influence of history dependent residual stresses 
and transient material response on J determination have not needed consideration. 
They conclude that additional analytical and experimental studies are required to 
evaluate the uniqueness and utility of A/ as a characterising parameter for fatigue 
crack growth in real structures.

1.4.6 Change in Crack Tip Opening Displacement

The presence of a stress singularity near the tip of a sharp crack means that plastic 
deformation occurs in the crack tip region immediately upon application of a tensile 
load. The crack opening displacement at a location close to the crack tip provides a 
unique measure of this localised plastic strain. Use of the crack tip opening 
displacement (CTOD) as an elastic-plastic fracture criterion for engineering 
materials subjected to monotonie loading was first proposed by Wells [1.31]. 
Wells suggested that fracture occurs once the crack tip plastic strain, and hence the 
CTOD, exceeds a critical value that is characteristic of the material containing the 
crack.

Using the Dugdale strip yield model [1.32] for the crack tip plastic zone, Burdekin 
and Stone [1.33] developed an expression for the CTOD in an infinite centre 
cracked plate subjected to a uniform tensile stress, cr. The result is
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where a is half the crack length, <jy is the yield stress and E is the modulus of 
elasticity. Implicit to the derivation of this expression, were the assumptions of a 
state of plane stress and elastic-perfectly plastic material behaviour.

If LEFM conditions prevail (i.e. if (J«Cy), the In sec expression in equation (1.10) 
can be expanded as a series to give

If all teiT ns in  th e  s e r ie s  b e y o n d  th e  f ir s t  a re  n e g le c t e d ,  th e  a b o v e  e x p r e s s io n  r e d u c e s

to

CTOD = ^  . (1.12)

Since an assumption of linear elastic behaviour has been invoked, the terms Tta^a in 
equation (1.12) may be replaced by to arrive at

CTOD = (1.13)

Thus, under conditions of small scale yielding, there is a direct relationship between 
the crack tip opening displacement CTOD and the crack tip stress intensity factor K.

If the material is in a state of plane strain, equation (1.13) needs to be modified to 
include Poisson's ratio (v ) and a plastic constraint factor (Cp) such that

CTOD = ^ ^ ^ ^ .  (1.14)(̂ plhUy

The value of Cp in the above expression is most often taken to be 2 [1.34], but will 
vary depending on component geometry.

Additional modifications to equation (1.14) are necessary if it is to be applied to a 
fatigue crack: K needs to be replaced by AK, and <7y by 2(jyc, where (Jyc is the
cyclic yield stress (refer to section 1.5.1.3 if an explanation of cyclic stress-strain
behaviour is required). Multiplying the cyclic yield stress by a factor of two 
accounts for the influence of the residual compressive stress field that surrounds the 
crack tip each time the component is unloaded [1.35]. The resulting expression is
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AK (l-v^)
'P E ̂ yc

Equation (1.15) demonstrates that for elastic material behaviour, a ACTOD 
approach to fatigue crack growth is compatible with LEFM. However, the ACTOD 
approach is not limited to elastic conditions since the occurrence of plastic strain is 
inherent to it. If the small scale yielding requirement of LEFM becomes violated, 
equation (1.15) will not remain valid, but ACTOD should continue to provide a 
characteristic measure of the crack tip plastic strain range.

Unfortunately, equation (1.10) only applies to an infinite centre cracked plate and 
similar expressions are difficult to derive for practical component geometries. This 
is probably the biggest disadvantage associated with using ACTOD as a correlating 
parameter for fatigue crack growth rate data. Accurate estimates of ACTOD in 
engineering structures may, however, be obtained from finite element based 
methods if the material behaviour is modelled properly.

A second problem arises with respect to the definition of CTOD. In finite element 
models, the crack normally does not advance, but simply becomes blunted as the 
load is applied. In such cases, it is conventional to define CTOD as the opening 
displacement between the intersections of two 45° lines (extending from the crack 
tip) with the crack flanks (see figure 1.7) [1.36]. In real situations, the crack 
extends as it blunts and it is sometimes difficult to decide on a location for 
measuring CTOD. If the increment in crack length is known, the opening 
displacement at the original crack tip position can be used to define CTOD ( see 
figure 1.8) [1.37]. Alternatively, CTOD can be measured at the position where the 
linear part of the crack profile changes slope [1.38] or at the point nearest the crack 
tip where the crack faces are relatively undeformed [1.39]. For each convention, 
the measured values of CTOD may differ slightly and it is important to bear this in 
mind if the results are later used to make crack growth predictions.

In an early attempt to relate ACTOD to the amount of crack extension that occurs 
during each fatigue cycle, Tomkins [1.40] relied on direct observation of the fatigue 
striations left behind on the crack flanks as a result of the crack tip deformation 
process. Although a unique relationship between da/dN and ACTOD could not be 
established, several important insights were gained. It was learned that the space 
between striations does not always represent the amount of new crack surface that 
is produced during a fatigue cycle. At low crack growth rates a single fine striation 
can be the result of several fatigue cycles, whereas at high crack growth rates
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several fine striations can be produced during one fatigue cycle. Coarse striations 
may also form on the fatigue fracture surfaces. The fine striation spacing reflects 
the distance between shear planes and is material dependant. Under certain 
conditions, the coarse striation spacing can approach ACT0DI2. CTOD is achieved 
by decohesion over a number of different shear planes near the crack tip, but only a 
fraction of the deformation that occurs in the crack tip region may actually 
contribute to the production of new crack surface area. A portion of the total CTOD 
can occur as a consequence of slip along previously deformed shear bands adjacent 
to the crack tip and not contribute to crack extension. In such cases, the crack 
growth increment will be less than ACTOD/2.

Others [1.37,1.38,1.41,1.42] have used ACTOD in a general Paris-type power law 
expression of the form

- ^  = A A C T O d ’’ (1.16)

where A and b are empirically determined constants. The most encouraging results 
come from the work of Dover and Charlesworth [1.42]. These researchers have 
shown that it is possible to correlate fatigue crack growth rates under conditions of 
both small and large scale yielding by inserting the plastic component of ACTOD 
into equation (1.16). The material investigated was QIN, a low alloy medium 
strength structural steel. Fatigue crack growth rate data were obtained from load 
controlled and clip gauge (displacement) controlled experiments and ranged over 
four decades in magnitude.

1.4.7 Concluding Remarks

The welded tubular joints used in offshore jacket structures contain blunt notches 
that may be capable of generating large inelastic strains under the severe fatigue 
loading conditions typical of North Sea service. When fatigue cracks propagate 
within such regions of local plasticity they are said to be "physically short" because 
their growth behaviour is not in tune with linear elastic fracture mechanics theory. 
The presence of notch plasticity results in crack growth rates which are faster than 
the LEFM similitude parameter AK would predict.

Accurate modelling of physically short fatigue crack growth behaviour will require 
a fracture mechanics parameter that is capable of correlating fatigue crack growth 
rates under conditions of high cyclic strain. Several different elastic-plastic fracture
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mechanics parameters for dealing with high strain fatigue crack growth problems 
have been introduced. Choosing from this list of options is not an easy task. In the 
literature, the J integral (J) and the crack tip opening displacement {CTOD) seem to 
have received more attention than the others, although their use has been restricted 
mainly to the prediction of crack initiation in fracture toughness specimens. When 
used to characterise fracture toughness, each of these parameters has a separate 
appeal. J gives an indication of the intensity of the critical crack tip strain field, 
whereas CTOD provides some insight into the mechanism of crack extension. 
However, when it comes to describing elastic-plastic fatigue crack growth in 
welded components, ACTOD appears to be the better choice. First off, J  was 
developed mainly as a fracture criterion for materials used in the nuclear power 
industry where no significant variations are expected between laboratory samples 
and real components. The CTOD concept, on the other hand, has been directed 
more towards the design of welded structures in which material properties can vary 
substantially in the region of interest. Secondly, the presence of cyclic plasticity 
near the tip of a growing fatigue crack invalidates one of the key assumptions upon 
which the derivation of J is based. As such, there is no theoretical justification for 
applying AJ to the study of fatigue crack growth. In contrast with this, there exists 
an obvious physical connection between ACTOD and the extent of reversed plastic 
deformation which occurs ahead of a fatigue crack tip. ACTOD also possesses a 
natural ability to account for residual stress effects (e.g. plasticity-induced crack 
closure and over-load retardation), that are a direct consequence of the inelastic flow 
process in the crack tip plastic zone. Based on this rational, it is the author's 
opinion that ACTOD is the most suitable parameter for tracking the growth of 
physically short fatigue cracks in welded tubular joints.
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1.5  Other Factors Important to Early Fatigue Crack Growth

In addition to notch plasticity, other factors that might affect early fatigue crack 
growth behaviour include the mechanical effects of crack closure, mean stress, 
cyclic strain hardening and softening, and variable amplitude loading, as well as the 
environmental effects associated with seawater corrosion and cathodic protection. 
It is important to understand not only how each of these parameters can influence 
the fatigue crack growth process in general terms, but also how the magnitude of 
their effect can change with crack size. Each of these variables will now be 
reviewed and, where possible, their dependence on fatigue crack size will be 
highlighted.

1.5.1 Mechanical Effects

1.5.1.1 Crack Closure

If during the unloading portion of a fatigue cycle, the opposing crack faces near the 
crack tip come into contact before the minimum load in the cycle is reached or, 
during the loading portion of the cycle, the crack tip does not open immediately on 
application of the load, then the crack is said to have experienced "closure" during a 
portion of the fatigue cycle. Elber [1.43] has been credited for discovering crack 
closure more than 20 years ago. Since then, numerous numerical and experimental 
programmes have been undertaken to study its affect on the fatigue crack growth 
process. It is now understood that crack closure can arise as a consequence of 
crack tip plasticity. As the load is raised on a fatigue-cracked component, a forward 
plastic zone consisting of monotonically stretched material develops immediately 
ahead of the crack tip. Since the material in this zone is permanently stretched, 
when the elastic surroundings contract upon load release, compressive stresses 
develop within the material and cause reverse yielding to occur. However, the size 
of the reverse plastic zone is reasoned to be only about one-quarter the size of the 
forward plastic zone [1.44]. Thus, a wake of residual plastic deformation, 
consisting of monotonically stretched material, is left behind on the crack flanks as 
the crack tip moves forward. The residual displacements cause the crack surfaces 
to come into contact before the minimum load in the fatigue cycle is reached, and to 
re-open only after the accompanying residual compressive stresses are overcome. 
Elber [1.43] suggested that crack extension only occurs when the crack tip is fully 
open, and therefore the driving force for crack growth is reduced by the
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development of plasticity-induced closure. The "effective" range of the crack tip 
stress intensity factor was defined as

— ^tnax ~ ^op (1.17)

where K„p corresponds to the value of K at which the crack tip first opens. In the 
literature, crack closure data are usually presented in terms of the Elber closure 
ratio,

U = . (1.18)
AK

The concept of crack closure is sometimes used to explain the anomalous growth 
behaviour of microstructurally short fatigue cracks [1.45,1.46]. Equation 1.3 
dictates that for constant T, the driving force for crack growth, AK, should increase 
with crack depth. This predicted behaviour is in disagreement with the 
experimentally observed trends for microstructurally short cracks (curves A & B of 
figure 1.3). It is believed that cracks in this size range generate smaller wakes of 
residual plastic deformation than longer cracks growing under the same range of 
crack tip stress intensity. This contention is supported by the recent finding that for 
long cracks the reverse plastic zone is a small fraction of the forward plastic zone, 
whereas for microstructurally short cracks the two are nearly equal [1.47]. Thus, 
when the crack is very short (on the order of the grain size), it remains open for a 
greater portion of the load cycle. The driving force for crack growth is higher and 
the crack propagates at a faster rate. As the crack grows deeper into the material 
and its wake increases in size, the amount of closure also increases. becomes 
a smaller fraction of the nominal AK and the crack propagation speed drops off. 
Once the wake is fully developed, the level of crack closure stabilises and AKg^ 
begins to increase with increasing crack depth. The crack growth rate increases 
accordingly and eventually merges with that of longer cracks having similar crack 
tip stress fields and residual plastic wakes. The nonpropagating fatigue crack 
corresponds to the situation in which AK^^ of the developing microcrack falls 
below AK̂ î  established for long cracks.

Some recent work on several different high strength steels suggests that the plastic 
wake associated with a surface fatigue crack is fully developed by the time it 
reaches a depth of 0.1mm [1.48,1.49]. However, this finding could be specific to 
the particular materials investigated.
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Although it widely accepted that plasticity-induced crack closure can influence the 
fatigue behaviour of cracks growing under conditions of plane stress, there is no 
general agreement that this type of crack closure is possible when there is sufficient 
material constraint to promote plane strain behaviour. In the case of a crack 
growing in a thin plate, there is a component of strain in the thickness direction that 
results in a lateral contraction of material in the vicinity of the crack tip. The 
creation of an extra volume of material on the fracture surfaces thus accounts for the 
premature closure of the crack faces. McEvily and Yang [1.50] have argued that 
since, in the case of plane strain, plastic deformation occurs with no lateral 
contraction, there can be no extra material to give rise to a closure effect. Fleck 
[1.51], on the other hand, is of the opinion that plasticity-induced crack closure 
under plane strain conditions is possible and may result either from the local 
redistribution of material near the crack tip or by material displacements remote 
from the crack tip. He used finite element analysis to demonstrate that for plane 
strain conditions and a stress ratio of R=(^,„ir/^max-^^ the Elber closure ratio U 
first drops to a minimum of 0.75 and then increases to unity with increasing crack 
advance. Under plane stress conditions at the same load ratio, U was observed to 
decrease to a steady-state value of 0.5. Llorca and Sanchez-Galvez [1.52] 
investigated the influence of stress state on plasticity-induced fatigue crack closure 
using a finite difference model. Their study showed that for conditions of plane 
strain and R=(), U decreased with crack propagation, reaching a steady-state value 
of 0.77 after approximately 1 mm of crack extension. For conditions of plane 
stress and #=0, U decreased to a steady-state value of 0.61 after the crack had 
grown about 2mm in depth. Their results also demonstrated that in plane stress AK 
was significantly affected by crack closure for R=0.5, whereas in plane strain AK 
was only slightly reduced for /?=0.3 and was unaffected for ^=0.5. It is important 
to note that in both of these studies, the analyses were based on models of long, 
through-thickness fatigue cracks in high strength aluminium alloys.

Soboyejo and Knott [1.53] experimentally investigated the effect of crack closure 
on the propagation of semi-elliptical fatigue cracks in the medium strength structural 
steel QIN. They used near-tip strain gauges to measure closure at the surface and 
back face strain gauges and a clip gauge to measure closure at the depth position. 
They observed a variation of crack closure around the crack front and attributed this 
to the effects of a plane stress/plane strain transition with increasing depth. Closure 
was greatest near the free surface and increased with decreasing load ratio. At a 
load ratio of 0.2 (the lowest value investigated), U reached steady-state values of 
approximately 0.65 near the surface and 0.75 at the depth position. At higher load
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ratios, the effects of crack closure were less apparent at the depth position. Fleck et 
al [1.54] also carried out an experimental investigation into the fatigue crack closure 
response of the medium strength structural steel BS 4360 50B using a variety of 
compliance techniques. They also found that under constant amplitude load 
cycling, the near surface regions of the crack were closed for a greater portion of 
the load cycle than the maximum depth point. For a load ratio of 0.05, closure 
ratios of 0.75 and 0.85 were determined for the surface and depth positions, 
respectively.

In addition to plasticity-induced closure, two other types of closure mechanisms are 
possible under plane strain conditions. These are roughness- and debris-induced 
closure [1.55]. Roughness-induced closure occurs when there is a mismatch 
between asperities on the opposing fracture surfaces. Debris-induced closure arises 
when corrosion products and/or calcareous deposits build up on the fracture 
surfaces and wedge the crack open. Any deposits or microstructural features 
present on the crack faces with a size comparable to the crack tip opening 
displacement {CTOD) will cause premature closure of the fatigue fracture surfaces. 
Since CTOD increases with crack size, the crack closure effects associated with 
these mechanisms are expected to be greater for shorter cracks.

1.5.1.2 Mean Stress

The mean stress in a fatigue cycle is characterised by the stress ratio R, which is 
simply a ratio of the minimum and maximum stresses, i.e.

R = . (1.19)
^max

At low and intermediate values of the crack tip stress intensity factor range {AK), 
the mean stress can have a pronounced effect on the crack propagation rate [1.56- 
1.60]. The crack growth rate tends to increase with increasing R and the effect is 
greatest for small values of AK. The threshold stress intensity factor range {AKth) 
is also mean stress dependant and tends to decrease with increasing R. The 
influence of mean stress on fatigue crack propagation rates is depicted schematically 
in figure 1.9. It has been suggested that crack closure may be the cause of these 
effects [1.61], but this hypothesis has not been accepted universally. The effect of 
mean stress on fatigue crack growth is also known to be strongly material 
dependant [1.62].
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It is apparent that a simple relationship between AK and da/dN, as expressed by 
equation (1.4), does not provide an accurate description of fatigue behaviour at 
near-threshold stress intensities. Smith and Smith [1.57] have found that an 
expression of the form

=  c [ a k  - AK,hY  ( 1 . 2 0 )

provides a good fit to experimental data if AKth is assumed to vary linearly with 
stress ratio. Similar relationships have been proposed by others [1.58,1.63].

Tensile residual stresses up to yield strength in magnitude are now known to exist 
near the weld toes of tubular connections [1.64]. These stresses arise as a 
consequence of thermal transients and material phase transformations during the 
welding process [1.65]. If the applied stress is not too high, tensile residual 
stresses can enhance the fatigue crack growth rate [1.66,1.67]. For a proper 
understanding of this effect, it is necessary to consider the stress-strain response of 
the material located at the weld toe notch of a tubular joint. For the purpose of this 
discussion, it is convenient to assume that the material behaves in an elastic- 
perfectly plastic manner. Before any load is applied to the component, the stress 
and strain at the notch are approximately given by the yield stress Gy and yield 
strain ey, as shown by the position of point A in figure 1.10. Immediately upon 
application of a tensile load, the material at the notch will begin to deform 
plastically. If, after an amount of forward plastic strain gg, the load is removed, the 
material will unload elastically until it occupies nearly the same volume of space as 
it did before the load was applied (point C in figure 1.10).t Note that subsequent 
load cycling between points B and C is associated with entirely elastic behaviour. 
Note also that the minimum stress in the material will not reach zero until the peak 
load in the cycle causes an amount of forward plastic strain equal to eo (return point 
E in figure 1.10). Since fatigue crack growth rates increase with increasing R, it is 
to be expected that crack propagation will be faster in the presence of a tensile 
residual stress which raises the mean stress in the material. If we neglect the small 
amount of strain hardening that occurs during the loading portion of the cycle, then 
it is apparent that once the stress range at the weld toe notch (including the stress 
concentration effect) reaches a level on the order the yield stress, the tensile residual

t An assumption of constant notch strain at zero load has been invoked in figure 1.10 to 
simplify the illustration. In practice, the notch strain will not return to the exact same 
condition after the load has been removed. Instead, it will have increased slightly to satisfy 
equilibrium conditions.
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stress in this region should vanish, as should its influence on the fatigue crack 
growth process.

It is instructive at this point to consider what happens to the notch material when the 
range of developed stress is well in excess of the yield stress. If, in addition to 
neglecting the effects of strain softening and hardening, we assume the absence of a 
Bauschinger effect (i.e. assume the material yields at the same stress in 
compression as in tension), we would expect the cyclic stress-strain response for 
the notch material to remain entirely elastic up to a stress range equal to twice the 
yield stress. The cyclic stress-strain response corresponding to this limiting case is 
defined by the straight line joining points F and G in figure 1.10. Note that applied 
loads which cause forward plastic strains between eo and gf will introduce 
compressive stresses into the notch material during the unloading portion of each 
subsequent fatigue cycle. Once the forward plastic strain exceeds ep, it becomes 
necessary for the elastic material surrounding the notch plastic zone to cause reverse 
deformation in order to compress the notch material back to its original size. The 
local material response to the remote stress field will now be elastic-plastic in nature 
and follow the hysteresis loop FHIG. During each load cycle, the material at the 
weld toe will undergo reverse plastic strain, while material remote from the weld toe 
exhibits purely elastic behaviour.

It is easy to see that the size of the cyclic notch plastic zone, as represented by the 
width of the hysteresis loop, will increase as the peak load in the cycle is raised. In 
the study of physically short fatigue cracks in welded tubular joints, an underlying 
assumption is that the external loads acting on the component containing the crack 
will be great enough to generate a zone of reverse plasticity that is larger than the 
crack itself. Therefore, it is safe to conclude that welding residual stresses will not 
affect the growth rates of physically short fatigue cracks. However, once the crack 
extends beyond the plastic zone of the notch and into the elastic domain of the 
material, an effect of residual stress on the fatigue crack growth rate could very well 
appear.

1.5.1.3 Cyclic Strain Hardening and Softening

The assumption of elastic-perfectly plastic material behaviour is convenient for 
developing simple qualitative models to explain such things as residual stress 
effects and crack tip plasticity when loads increase monotonically, but it does not
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provide an accurate representation of real material behaviour in situations where 
cyclic loading can cause the stress-strain response to vary with cyclic history. 
Deformation resistance can decrease, increase, or remain unchanged under cyclic 
conditions, depending on the strain amplitude and the initial state of the material. In 
general, fully annealed metals tend to harden, whereas heavily cold-worked metals 
usually soften. The cause of this phenomenon has been linked to permanent micro- 
and macrostructural changes involving the intensification and rearrangement of pre
existing dislocation networks called "persistent slip bands" [1.68].

Cyclic softening and hardening is studied experimentally by either controlling the 
stress amplitude and measuring the strain (load control), or controlling the strain 
amplitude and recording the stress (displacement control), as a function of elapsed 
cycles. Irrespective of the control mode selected, there is a continual change in 
dislocation substructure until a stable mechanical hysteresis loop is established. In 
many cases, the transient adjustment is nearly complete after only a few hundred 
cycles have elapsed. The cyclic stress-strain curve is produced by connecting the 
tips of several stable hysteresis loops determined from tests carried out under 
different strain amplitudes (see figure 1.11). It is represented in mathematical terms 
by adding the elastic strain amplitude {e^), expressed in terms of Hooke's law, to 
the plastic strain amplitude (c^), expressed as a power function of stress amplitude 
(cT̂ ). The resulting relationship takes the form

(er^\ 1/%'e “ = e f  + e^ = ^  + (1.21)

where E is the modulus of elasticity, K' is the cyclic strength coefficient and n' is 
the cyclic strain hardening exponent [1.69].

The cyclic yield stress is normally defined as the stress amplitude corresponding to 
a plastic strain amplitude of 0.2%. For a material which cyclically softens, the 
cyclic stress-strain curve falls below the monotonie stress-strain curve, as shown in 
figure 1.11. For a material which cyclically hardens, the reverse is true. The cyclic 
stress-strain curve is most often used in studies concerned with low endurance 
(high strain) metal fatigue.

1.5.1.4 Variable Amplitude Loading

A detailed review of the literature pertaining to variable amplitude loading is beyond 
the scope of this chapter, and is inessential for understanding the work presented in
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this thesis. However, a brief discussion of the topic has been included here to 
provide the reader with a general appreciation for the added complexity which 
variable amplitude loading introduces to the fatigue crack growth problem.

The service-loading experienced by real structures tends to be random in nature 
with the load cycles varying in frequency and amplitude. Therefore, considerable 
effort has been devoted, in recent years, to the development of standard variable 
amplitude load histories for testing welded tubular joints [1.70-1.75]. The 
statistical properties of a service load history are described in terms of a load 
spectrum or a power spectral density (PSD) function. A PSD is the Fourier 
transform of the stress-time history from the time domain to the frequency domain.

An important consequence of variable amplitude loading is that the maximum value 
of the crack tip stress intensity factor (Kmax) fluctuates during fatigue crack growth. 
If one or more large positive peak stresses are followed by several smaller stress 
cycles, it is possible for a retardation effect to appear in the fatigue crack growth 
trend (i.e., the fatigue crack growth rate could be significantly slower than one 
might predict on the basis of constant amplitude fatigue data). An explanation for 
this effect requires consideration of the residual stresses and plastic strains which 
form near the tip of a growing fatigue crack.

Under constant amplitude load cycling in an unrestrained component, K^ax will 
normally increase with increasing crack depth, as will the size of the monotonie 
crack tip plastic zone associated with consecutive fatigue cycles. However, if 
positive peak over-loads are arbitrarily introduced into the load-sequence, larger 
than normal zones of monotonie plasticity will form near the crack tip. The effect 
of the over-load plastic zones will be to reduce the mean stress in the vicinity of the 
crack tip during subsequent crack growth at lower load cycles [1.76]. Since fatigue 
crack growth rates can be sensitive to the effect of mean stress, an abrupt change in 
the crack growth rate is sometimes observed. In some cases (e.g. plane stress 
situations) enhanced crack closure can also result [1.77].

In low strength materials (e.g. the aluminium alloys used in aircraft construction) 
variable amplitude cycling can result in load interaction effects which strongly 
influence fatigue crack propagation rates [1.78]. However, for the higher strength 
materials used in the construction of steel offshore platforms, load interaction^ 
effects appear to be less significant [1.79]. The higher strength material is thought 
to result in smaller over-load crack tip plastic zones which do not cause significant 
interference with subsequent fatigue crack growth [1.80].
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Foroughi and Radon [1.81] tested semi-elliptic notched plate specimens made of 
50D steel under variable amplitude loading and observed a notable influence of 
mean stress on fatigue fracture resistance. Increases in mean stress for a given PSD 
were found to enhance fatigue crack growth rates in 50D steel. The mean stress 
effect was observed to be significantly greater for variable amplitude loading than 
for constant amplitude loading.

Although there is no evidence to support such a claim, it is conceivable that load- 
sequence effects in welded tubular joints could be crack size dependant. Under the 
plane strain condition and tensile residual stresses associated with a welded tubular 
joint, the monotonie plasticity generated by a positive peak overload might not be 
sufficient to cause crack closure to occur, but it could lead to a retardation effect if 
subsequent fatigue crack growth was sensitive to mean stress. For small fatigue 
cracks, AK will be closer to AKth and the crack growth rate will be more sensitive 
to the effect of mean stress (see figure 1.9). Thus, for a small fatigue crack 
growing in a welded tubular joint, the change in residual stress brought about by a 
peak positive over-load could significantly alter the crack growth rate if subsequent 
load cycling took place in the near threshold region of the log(AK)-log(da/dN) plot. 
However, in the case of a large fatigue crack subjected to the same load-sequence, 
crack growth retardation effects might not be significant because AK would be 
much greater during the period of crack growth following the peak over-load.

1.5.2 Environmental Effects

1.5.2.1 Fatigue Crack Growth Under Free Corrosion

For steel freely corroding in seawater, a major factor controlling the fatigue crack 
propagation rate appears to be the stability of the protective oxide film which forms 
at the crack tip [1.82]. A necessary condition for accelerated fatigue crack growth 
is the repeated fracture of this film. As the crack tip undergoes plastic deformation, 
the oxide layer is ruptured and slip steps generated in the surface grains provide a 
clean new surface upon which electrode reactions can take place. If the crack 
solution chemistry (e.g. pH, salinity, etc.) is capable of retarding oxide 
reformation, anodic dissolution of the bare metal generated at the crack tip

Fe —> Fê "̂  + 2e '
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will result in an enhanced crack propagation rate.

Although hydrogen ion reduction

13+ + e-

is possible at the free coiTosion potential, measurements of hydrogen uptake in 50D 
steel undergoing free-corrosion in synthetic seawater suggest that hydrogen does 
not play a significant role in the crack propagation mechanism [1.83]. Also, 
discontinuous crack propagation behaviour, which is indicative of a hydrogen- 
assisted mechanism, is seldom observed for structural steel in the absence of 
cathodic protection [1.84].

The presence of dissolved oxygen is one of the key elements responsible for the 
faster fatigue crack growth rates observed for corroding steel in sea water as 
compared with steel in air. Scott and Silvester [1.85] tested compact tension 
specimens, machined from BS 4360 50D steel in a natural seawater environment at 
oxygen levels of lmg/1 and 7-8 mg/1 (air saturation). It was found that the reduced 
oxygen level gave substantially slower crack growth rates under free corrosion 
conditions, but had no significant effect at potentials more negative than -800mV 
versus Ag/AgCl. These results lend support to the belief that anodic dissolution 
may be the predominant cause of enhanced crack growth at the free corrosion 
potential.

The alternate opening and closing of a fatigue crack results in the pumping of 
solution into and out of the crack. Crack growth by a mechanism of anodic 
dissolution or hydrogen assist will only continue if products are removed and 
reactant depletion does not occur. Otherwise, local changes in the solution at the 
crack tip will suppress further reaction. In the other extreme, excessive pumping 
will retard crack solution modification and this will also suppress corrosion fatigue 
crack propagation. The mean stress level, cyclic frequency and crack depth all 
influence the pumping action and can have significant effects on the extent to which 
the crack electrolyte becomes modified. A model developed by Hartt et al [1.86] to 
predict the influence of each of these variables on crack solution modification 
projected mixing to increase linearly with increasing frequency and to increase with 
the cube of crack depth. Mean stress levels that allowed crack closure during a 
portion of the cycle (i.e. low R ratios) were also projected to increase mixing. This 
is to be expected, since at low R ratios, the crack is practically emptied for each 
cycle.
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Turnbull [1.87,1.88] has performed a theoretical evaluation of the oxygen 
concentration within fatigue cracks at the free corrosion potential in a marine 
environment. For a given crack length, increasing AK (constant R) or decreasing R 
(constant AK) was predicted to increase the concentration of dissolved oxygen 
within the crack. The oxygen concentration at the same distance from the crack 
opening was predicted to be greater for longer cracks. However, the oxygen 
concentration at a given distance from the crack tip was predicted to decrease as 
crack length increased. For values of the mechanical and environmental parameters 
of practical relevance to offshore structures (low AK, high R and low cyclic 
frequency) the crack was believed to be almost completely de-aerated.

The above predictions are in relatively close agreement with experimental 
observations. Gangloff [1.89] has noticed a decline in the environmental 
component of fatigue crack growth with increasing AK and has suggested that the 
crack electrolyte becomes less aggressive with increasing crack opening. For 
constant AK, corrosion fatigue cracks were observed to grow fastest for a crack 
depth of one millimetre and decrease by up to an order of magnitude for both 
shorter and longer cracks. This effect was explained in terms of the oxygen 
concentration within the crack. Oxygen reduction at the crack tip was reasoned to 
inhibit corrosion fatigue by preventing crack acidification. Dissolved oxygen was 
thought to be supplied from the bulk solution to the crack tip by diffusion for very 
shallow cracks (<lmm) and by convection for deep cracks (>5mm). Intermediate 
size cracks (1-5 mm) were believed to be depleted of oxygen. Jones [1.90] has 
found that the fatigue crack growth rate for BS 4360 50D steel under free corrosion 
is fastest for shallow cracks in the depth range 0.5-2.0 millimetres when the stress 
intensity factor range is kept low (/lÆ<30MPaVm). For deeper cracks under low 
stress levels and for all cracks under high loads, crack depth did not appear to exert 
a significant influence on crack growth rate.

1.5.2.2 Fatigue Crack Growth Under Cathodic Protection

When steel is polarised cathodically in aerated seawater, two reduction processes 
may take place on the metal surface: oxygen reduction and hydrogen reduction. 
The cathodic reduction of dissolved oxygen occurs according to the reaction

O2 + 2 H2O + 4 e' —̂ 4 OH .
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Hydrogen reduction is possible via two different mechanisms, depending on the pH 
of the solution [1.91]. Under acidic conditions, the reduction of hydrated hydrogen 
protons

H3O+ + e- H adsorbed + HgO

is the charge transfer process responsible for hydrogen adsorption onto the steel 
surface. In neutral or alkaline solutions, as is the case in seawater (bulk pH 8.2), 
the reduction of H2O (water reduction)

H2O + e- -> Hgjgorbed + OH

is energetically favoured. The adsorbed hydrogen atoms produced by this reaction 
may either recombine to form hydrogen gas molecules

^ adsorbed  ^ ad sorbed   ̂ ^ 2  (g)

or diffuse into the steel [1.92]

^ adsorbed   ̂ ^ ab sorbed  *

Once absorbed into the lattice of the metal, hydrogen atoms can diffuse to the highly 
strained crack tip plastic zone and accelerate the fatigue damage process.

Although a precise mechanism for hydrogen-assisted fatigue crack growth in 
medium strength structural steels remains to be established, the role played by 
interstitially dissolved hydrogen atoms is clearly an important one. Crack tip 
potential measurements made within growing fatigue cracks [1.83,1.93] 
demonstrate that anodic dissolution is unlikely for external control potentials more 
negative than about -8(X)mV versus SCE (complete protection against corrosion is 
possible for crack tip potentials more negative than -780mV versus SCE). Hence, 
atomic hydrogen is probably the dominant cause of the enhanced crack growth rates 
often observed for structural steels under cathodic protection in sea water.

The severity of hydrogen-induced damage in steels is highly dependant upon the 
rate of diffusion of hydrogen into the highly stressed region ahead of the crack tip. 
It has been argued that the maximum effect of the environment on the crack growth 
rate will not be seen unless sufficient hydrogen has had time to accumulate in this 
region of high tri-axial stress [1.94]. Consequently, the influence of absorbed 
hydrogen atoms on fatigue crack growth behaviour will depend on crack growth 
per unit time rather than on crack growth per cycle.
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Variations in plateau crack growth rates (i.e. regions on the log(da/dN)-log(AK) 
plot where the crack growth rate is independent of AK) with temperature and with 
cyclic frequency, are well explained in terms of a hydrogen-assisted fatigue 
mechanism. Vosikovsky et al have shown that slower cyclic frequencies [1.95] 
and warmer temperatures [1.96] both result in substantially higher plateau crack 
growth rates. As the cyclic frequency is increased, the rate of supply of atomic 
hydrogen becomes limited at lower values of AK because crack growth is faster on 
a time basis. Since hydrogen adsorption [1.97] and diffusion [1.98] both increase 
with temperature, a higher plateau crack growth rate would be expected at higher 
temperatures. Cottis et al [1.98] have shown that the hydrogen permeation current 
for a low carbon steel approximately doubles for every 10°C rise in temperature. It 
is probably no coincidence that Vosikovsky et al [1.96] have measured plateau 
growth rates for cathodically polarised steel specimens that were about four times 
faster at 25°C than at 0°C. Hence, with decreasing testing temperature or increasing 
strain rate, hydrogen diffusion is less able to keep up with the propagating crack 
front and the influence of atomic hydrogen on the failure mechanism decreases until 
it is not observed at all [1.99].

Scott et al [1.100] recognised that atomic hydrogen could play an important role in 
the fatigue crack growth mechanism and suggested that, for the case of plateau 
crack growth, the supply of hydrogen becomes rate limiting. The plateau rates of 
crack growth were correlated with the cathodic protection potential and it was 
concluded that the hydrogen/water reduction reaction, under activation control at the 
crack tip, was the important rate determining step. The effect of cyclic frequency 
on crack growth rate was also studied. It was observed that on changing the cyclic 
frequency by a decade at a time, the crack growth rate changed relatively slowly to 
that characteristic of the new cyclic frequency. This phenomenon was attributed to 
the time-dependence of hydrogen diffusion ahead of the crack tip and the resultant 
size of the damaged plastic zone.

Fractographic examination of the fracture surfaces produced in fatigue specimens of 
structural steels cathodically polarised in sea water provides additional evidence in 
support of a hydrogen-assisted fatigue crack growth mechanism. Scott [1.94] has 
found numerous cleavage planes on the fracture surfaces of cathodically protected 
BS 4360 50D steel specimens, corresponding to AK  values in the range 10- 
30MPaVm (i.e. where "plateaus" normally appear). Maahn [1.83] has reported that 
lowering the protection potential from -800mV down to -1200mV versus SCE 
increases hydrogen uptake by a factor of about 25 and has associated the higher
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crack growth rates observed for more negative cathodic potentials with an 
increasingly brittle appearance of the fatigue fracture surfaces.

The relative influence of mechanical variables such as crack depth, crack tip stress 
intensity range, stress ratio and cyclic frequency on solution pumping, outlined for 
fatigue cracks undergoing free corrosion, will not be dissimilar for fatigue cracks 
propagating under the influence of cathodic protection. However, under conditions 
of external polarisation, the crack electrolyte will be modified differently. Under 
free corrosion, anodic dissolution followed by hydrolysis of ferrous ions will tend 
to make the crack solution more acidic than the bulk sea water. Renewal of the 
crack electrolyte will act to increase the pH and maintain it slightly below the bulk 
solution value. For potentials more negative than about -800mV versus SCE, 
significant dissolution would not be expected and enhanced oxygen and/or water 
reduction will tend to make the solution within the crack more alkaline. The effect 
of solution pumping, in this case, will be to reduce the pH of the crack electrolyte.

For experimental conditions appropriate to fatigue cracks in service, the pH of the 
crack electrolyte is typically in the range 10-13 [1.93]. Turnbull [1.101] has shown 
that the rate for water reduction is not significantly affected by changes in pH for 
pH values less than about 10, but that the current density for water reduction is 
reduced substantially when the pH is raised above 10. The fact that the rate for 
water reduction is very sensitive to variations in pH under the alkaline conditions 
normally present within fatigue cracks is an important consideration when studying 
the influence of atomic hydrogen on the fatigue crack growth rate. Turnbull [1.93] 
has assessed the relative importance of bulk surface charging, in comparison with 
charging through the crack tip and crack faces, on the concentration of hydrogen 
that collects in the plastic zone. It was concluded that, for potentials more negative 
than about - 1000mV versus SCE, bulk charging supplies the majority of atomic 
hydrogen to the plastic zone and, at more positive potentials, crack tip charging 
begins to dominate. Of course, alterations to any of the variables which affect the 
extent of crack solution mixing may result in changes to the crack tip pH and/or 
potential and influence the relative importance of these two hydrogen sources. In 
the case of shallow fatigue cracks, it might even be expected that bulk surface 
charging will dominate the supply of hydrogen atoms to the crack tip in the majority 
of situations.

The concentration of dissolved oxygen in a fatigue crack is also influenced by the 
extent to which the solution is pumped. Dissolved oxygen has, in turn, been 
shown to affect the rate for hydrogen permeation into steel membranes immersed in
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3.5% sodium chloride solution [1.102]. De-aerated solutions of sodium chloride 
have been found to promote hydrogen absorption. It has been suggested that as the 
concentration of dissolved oxygen increases, adsorbed hydrogen coverage is 
reduced and oxygen reduction becomes the principle cathodic reaction [1.89].

At first glance, it might appear that there is little concurrence in the fatigue crack 
growth rate data published for offshore structural steels subjected to cathodic 
protection in marine environments. It has been reported that polarisation to just 
below the free corrosion potential reduces the fatigue crack growth rate, but does 
not return it to that found in air tests [1.103]. This slight improvement in fatigue 
fracture resistance has been attributed to a reduced contribution of anodic 
dissolution to crack propagation. However, polarisation to more negative potentials 
has been shown to cause the fatigue crack growth rate to rise, especially under 
relatively high ranges of cyclic crack tip stress intensity [1.99]. In addition, tests 
performed at very negative potentials and low cyclic stress intensity ranges have 
produced fatigue crack growth rates that are actually slower than those derived from 
corresponding air tests [1.96,1.104,1.105].

The slower crack growth rates measured at low stress levels can often be explained 
in terms of a crack closure mechanism. In seawater, an increase in pH for the 
electrolyte adjacent to a steel surface results in the formation of hard, dense mineral 
deposits (commonly termed "calcareous deposits"), rich in calcium and/or 
magnesium [1.106,1.107]. It has been observed that when the crack opening 
displacement is small, the effective range of the stress intensity factor can be 
substantially reduced by the precipitation of calcareous deposits within the crack 
[1.100,1.108]. At higher stress levels, the rate of calcareous deposition is not fast 
enough to keep up with crack extension and AK is unaffected. Also, the plastic 
zone generated ahead of the crack tip is larger and therefore more sensitive to 
hydrogen-induced damage. The result is a greater enhancement of the fatigue crack 
growth rate at high stress levels when cathodic over-protection is in use.

1.5.3 Concluding Remarks

The various mechanical and environmental factors which may influence the early 
fatigue crack growth behaviour of welded steel components have been reviewed. 
Included were the effects of crack closure, mean stress, cyclic strain hardening and 
softening, variable amplitude loading, seawater corrosion and cathodic protection.

53



The degree of influence which each of these parameters may exert on the fatigue 
crack propagation process will depend not only on the properties of the material, 
but also on the geometry of the component being tested.

Past attempts to study and rationalise short fatigue crack growth behaviour have 
invariably concerned themselves with edge cracks rather than surface cracks, as the 
former can be more readily observed. However, the nature of edge cracks is 
different from that of surface cracks for the simple reason that different conditions 
of stress and strain exist along the advancing crack front. An edge crack has a 
straight crack front, whereas the front of a surface crack is semi-elliptical in shape 
(see figure 1.12). The in-depth tip of an edge crack is subjected to conditions of 
plane stress where it approaches the free surfaces on either side of the cracked 
body, whereas the in-depth tip of a surface crack remains in plane strain. Since 
conditions of plane stress lead to greater levels of crack closure than due conditions 
of plane strain, and crack closure has been identified as a major factor influencing 
the growth behaviour of fatigue cracks, it would seem inappropriate to predict the 
growth behaviour of semi-elliptical surface flaws using data collected from simple 
edge crack experiments. In studies concerned with fatigue crack growth in offshore 
structures, it is more realistic to use specimen configurations that represent 
conditions of plastic constraint similar to those occurring in real tubular joints. It 
will also be necessary to monitor the crack closure level throughout testing, in order 
to allow for a proper evaluation of the fatigue test results. These considerations 
have been implemented in the experimental procedures followed in this study.

54



1.6 Monitoring Early Crack Growth with ACPD, ACFM and MPI

Past attempts to study the early stages of fatigue crack growth in welded joints have 
been hampered by the need for an NDT technique suitable for detecting and sizing 
small surface-breaking fatigue cracks. In a welded component, small cracks 
usually initiate at a number of different sites and eventually link up to form a long 
continuous defect. In the crack growth period preceding coalescence, individual 
fatigue cracks can reach aspect ratios (i.e. ratios of crack depth a to surface length 
2c) as high as 0.35 [1.109], The alternating current potential difference (ACPD) 
technique [1.110] gives reliable results once crack coalescence has occurred, but it 
lacks precision during the early stages of defect development, when several small 
intermittent cracks with high aspect ratios may be present [1.111].

The early fatigue crack growth problem in welded joints has been recognised for 
some time, but it is only recently that an NDT technique with the ability to detect 
and size small surface breaking defects has become available. The name given to 
this new method of NDT is Alternating Current Field Measurement (ACFM) 
[1.110]. ACFM was developed within the NDE Centre at UCL and is actually an 
extension of the well-known ACPD technique. Both techniques require an AC 
current to be introduced into the surface of the component such that it flows in a 
"thin uniform skin" perpendicular to the plane of the surface flaw. The major 
difference between the two techniques is that ACPD relies on measurements of the 
surface electric field in the region of the crack, whereas ACFM measures and 
interprets perturbations in the near-surface magnetic field in the free space above the 
crack. A great deal of theoretical work has gone into modelling the electric and 
magnetic fields that surround surface cracks interrogated by a uniform AC current 
and this has virtually eliminated the need for calibration prior to testing.

Consider first, the basic principles of ACPD measurement for the case of a flat plate 
containing a shallow edge crack of depth a (see figure 1.13). A uniform high 
frequency AC field is injected into the surface of the cracked component by means 
of shielded field lead wires. The high frequency associated with the injected field 
causes the current to flow in a thin skin close to the metal surface. The skin depth 
5s can be calculated using the relationship

where }i is the relative magnetic permeability of the metal, fio is the magnetic 
permeability of free space, k  is the electrical conductivity of the metal, and f  is the
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frequency of the alternating current. For mild steel, an operating frequency of 
5kHz results in a skin depth of approximately 0.1mm [1.110].

If the voltage drop measured in front of the crack (Vi) using a fixed probe spacing 
(5p) is compared with the voltage drop measured across the crack (V2) using the 
same probe spacing, it will be found that V2 >Vi. This is because the crack 
increases the surface distance between the probe contact pins by an amount equal to 
twice the crack depth (Ji). This change in surface distance (2di) is related to the 
increase in voltage drop by the equation

^  (1.23)
Sp

which, when solved for d\ becomes

^ ■ 4 (1 24)

Equation (1.24) is refened to as the one-dimensional interpretation of ACPD crack 
depth. It is reasonably accurate for surface cracks when the crack length (2c) is 
large compared with the ACPD probe spacing, and the crack aspect ratio (a/2c) is 
less than about 0.1. When either of these conditions is not met, the one
dimensional estimate needs to be corrected using a theoretically derived 
modification factor called a "multiplier" [1.112].

Consider next, the basic theory surrounding ACFM. Figure 1.15 shows some 
ACFM data which was collected above a well-defined fatigue crack in a submerged 
arc-welded flat plate. Figure 1.14 illustrates the geometry for the case being 
considered. The two magnetic field components of interest are the ones which are 
directed parallel to the crack (Bx) and perpendicular to the surface of the metal (B )̂. 
The magnitudes of these two parameters are recorded as a function of time as the 
ACFM probe is traversed along the toe of the weld. The probe deployed in ACFM 
incorporates one large induction coil for generating the surface current and two 
small pick-up coils for measuring Bx and B  ̂ in the vicinity of the crack. The 
introduction of a uniform high frequency surface current causes a Bx magnetic field 
component to be present everywhere above the surface of the plate. The presence 
of a surface discontinuity such as a fatigue crack results in less current flowing 
towards the defective region and a noticeable drop occurs in the strength of the Bx 
signal. As the current is diverted around the ends of the defect, positive and
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negative peaks appear in the signal and these are used to size the crack for 
length. Interpretation of the crack depth is based on the background and minimum 
Bx levels and on the estimate of crack length [1.113]. A semi-elliptical crack 
shape is assumed in the calculations.

Removing the time base from the measurement of Bx and B  ̂ and graphing one 
against the other results in what is called a "butterfly plot" (see figure 1.15). The 
advantage of the butterfly plot becomes apparent when the technique is used for 
crack detection. Changes in magnetic permeability near the toe of a welded joint are 
not uncommon and can lead to considerable roughness in the Bx and scans. In 
such cases, the butterfly plot enables the operator to clearly distinguish between 
spurious indications and true crack signals.

Appendix A gives some additional examples of ACFM signals, which were 
produced above a fatigue crack growing in a manual arc-welded T-plate. The data 
was collected using the same ACFM probe as for the submerge arc-welded flat 
plate. The slightly higher background level for Bx is a result of the different plate 
geometry. Figure 1.16 is a plot of ACFM depth as a function of elapsed cycles for 
the same fatigue crack. Accurate monitoring of early fatigue crack growth appears 
to be possible, despite significant variations in weld toe geometry and magnetic 
permeability.

There are several obvious advantages of ACFM over the conventional ACPD 
method for monitoring the growth of small isolated fatigue cracks. Defects can be 
spotted at a very early stage in their development and by the time they reach 0.5 mm 
in depth, an indisputable crack signal is usually present. Measurements of crack 
depth are stable and repeatable, even when the sensing coils are deployed manually 
on unpolished welds, and interference from stray electrical noise is seldom a 
problem. With ACPD, early crack detection is not normally possible, and its 
proper application necessitates a shiny metal surface for good electrical contact and 
careful positioning of the field and probe wires. However, the ACPD technique 
becomes an indispensable tool when closely situated defects interact to produce 
long shallow fatigue cracks that are not semi-elliptical in shape.

Although ACFM is very reliable for detecting the initial presence of a small fatigue 
crack, its ability to measure surface length accurately depends on the quality and 
strength of the Bj signal. When a fatigue crack first appears, the signal strength is 
sometimes too weak to obtain accurate estimates of the B̂  crack length. In these
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cases, it is often better to rely on magnetic particle inspection (MPI) for measuring 
the crack surface length.

The basic theory surrounding MPI for surface crack detection in welded joints is 
straightforward. The specimen is first subjected to a strong magnetic field using a 
portable electromagnet. A discontinuity lying in a direction perpendicular to the 
direction of the magnetic field will generate a leakage flux. The leakage flux is 
detected using a fine dispersion of ferromagnetic particles suspended in a volatile 
liquid called an "ink". The ferromagnetic particles are drawn to the discontinuity 
and held in place by the leakage field. The collected particles form an outline of the 
defect which is readily discernible.

MPI inks are commercially available in a variety of colours and compositions. The 
choice of ink will depend on the particular application intended. Fluorescent 
magnetic particles which glow when exposed to an ultra violet light source produce 
excellent visibility of weld toe cracks.

MPI is a reliable NDT technique for detecting the presence of a surface breaking 
fatigue crack and for sizing its length, but it does not provide any information about 
the depth of the crack. However, once a fatigue crack has been detected using 
MPI, it is possible to use other techniques (e.g. ACPD or ACFM) for crack depth 
sizing.
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1.7 Objectives and Scope of Research

This thesis is concerned with the study of small surface fatigue cracks in welded 
tubular joints. In a welded steel joint, where small fabrication defects (e.g. 
undercuts and slag intrusions) abolish the presence of an initiation phase, crack 
growth through the first 15-20% of the plate thickness can represent a substantial 
portion of the total fatigue life of the component. It is conceivable that the presence 
of notch plasticity and/or tensile residual stresses could act to reduce the length of 
this early fatigue crack growth period. From a non-destructive evaluation 
standpoint, it is important to be aware of such influences in order that inspection 
schedules and residual life calculations remain on the conservative side. Fatigue- 
critical locations on offshore structures may be inspected periodically to ensure 
safety in operation, but cost effective inspection planning demands that accurate and 
reliable information be made available for estimating inspection intervals. An 
improved NDT technology and fracture mechanics model for dealing with small 
surface fatigue cracks will help to satisfy this requirement and are the main 
objectives of this study.

In order to realise these objectives, the following research tasks were undertaken:

1.) The design and fabrication of a special purpose ACFM probe for 
small crack detection and sizing.

2.) The design and fabrication of a highly sensitive weld toe clip 
gauge for monitoring crack closure.

3.) The design and fabrication of fatigue test rigs for loading welded 
T-plates, machined T-plates and welded tubular joints.

4.) An investigation of crack closure effects for small surface fatigue 
cracks.

5.) An investigation of notch plasticity effects for small surface 
fatigue cracks.

6.) An investigation of mean stress effects for small surface fatigue 
cracks.

7.) A study of surface crack tip opening displacement under high 
strain conditions.
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8.) An NDT calibration study to validate and improve the accuracy 
of the ACPD and ACFM techniques for sizing small surface 
fatigue cracks.

9.) An experimental analysis of the surface stress distributions in 
multi-brace tubular joints.

10.) The derivation of parametric equations for predicting through
thickness weld toe stress distributions.

11.) The collection of accurate fatigue crack shape and weld profile 
measurements for validating and improving the application of 
fracture mechanics to early fatigue crack growth in welded 
tubular joints.

In the chapters that follow, the results of numerous laboratory experiments carried 
out to collect detailed infoiTnation on the growth behaviour of small surface fatigue 
cracks are presented; testing was limited to the case of constant amplitude loading in 
air. Large scale welded tubular joints are expensive to manufacture and difficult to 
test, therefore smaller, less complicated specimens were used as well. In summary, 
fillet-welded T-plates and machined T-plates were used to investigate the effects of 
notch plasticity, crack closure and mean stress. Multi-brace tubular nodes were 
tested to collect detailed crack growth and crack shape development data. The 
information obtained from these experiments was then used to develop a fracture 
mechanics model for predicting the early fatigue crack growth behaviour of welded 
tubular joints.
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Figure 1.1 Typical crack growth rate data for fatigue tests conducted in air.

74



a

SHORT
FATIGUE
CRACK

NOTCH
PLASTIC

ZONE CRACK TIP 
PLASTIC 

ZONE

REMOTE STRESS-STRAIN FIELD
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Figure 1.3 Growth rate trends for short fatigue cracks.
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Figure 1.4 Shear decohesion model for fatigue crack propagation [1.10].
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Figure 1.6 Experimental determination of J  [1.20].
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Figure 1.7 CTOD determination by the 45° line method [1.36].
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Figure 1.8 CTOD determination by the crack extension {Aa) method [1.37].
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Figure 1.9 Influence of stress ratio on fatigue crack growth rate data.
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Figure 1.13 One-dimensional prediction of crack depth with ACPD.

Figure 1.14 Geometry for the case of a surface crack interrogated by ACFM.
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Figure 1.15 ACFM signals for a surface crack in a submerge arc-welded 
flat plate («=4.5mm, 2c=39mm).

83



Q 2.5

N (key des)

Figure 1.16 ACFM crack growth curve for a surface crack in a manual 
arc-welded T-plate (^a^l50MPa, R=0.05).
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C h a p t e r  2
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2.1 Overview

As a first step towards understanding the fatigue crack growth behaviour of small 
surface cracks, a series of simple experiments were carried out using 45° fillet- 
welded T-plates fabricated from BS 4360 grade 50D structural steel, the same 
material used in the fabrication of most offshore structures operating in the North 
Sea. These initial tests provided an opportunity to develop new tools for 
monitoring the growth of small fatigue cracks, while producing some useful data 
for fracture mechanics analysis. The T-plates were to be later used in POD and 
PCS trials and, as such, they could not be destroyed completely. However, 
important insights into the influence of welding residual stresses on fatigue 
behaviour were gained from the crack growth rate and closure measurements 
collected during testing.
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2 .2  Experimental Procedure

The geometry of the welded T-plate (WTP) sample is shown in figure 2.1. All 
specimens were fabricated in accordance with standard offshore welding practices 
and inspected with ultrasound prior to leaving the supplier. A portion of the 
samples were later given a post-weld heat-treatment (PWHT) for stress rehef. This 
consisted of heating the plate to 600°C at a rate of 50°C/hour, holding it at that 
temperature for a minimum of one hour, and then slowly cooling it to room 
temperature. The mechanical properties of BS 4360 50D steel are given in table 2.1 
[2.1].

A two-part silicone replicating compound was used to sample the weld toe radius 
(p) of the T-plates. Rubber impressions taken from fifteen different locations were 
sectioned with a scalpel knife and viewed on a shadow graph at a magnification of 
100 times. Values of p ranged from 0.61-1.68mm with the average being 
1.09mm. The results are presented in table 2.2.

Fatigue tests were carried out in three-point bending using a ±200kN Schenck 
servo-hydraulic test machine. A special apparatus was constructed to load the T- 
plate over a fraction of its 600mm width. This system made it possible to grow 
isolated fatigue cracks either in the centre or near one end of the specimen. The 
variation in crack location was needed to satisfy POD trial requirements and was not 
intended to reflect fracture mechanics considerations of fatigue crack growth 
behaviour.

Strain gauges were used to estimate the nominal strain at the "crack site." The 
"crack site" in this case refers to the weld toe region located directly above the 
centre support (see figure 2.1). The nominal strain at the crack site was found by 
extrapolating the strain gauge measurements to the weld toe and thus excludes the 
strain concentration effect due to the weld geometry. This information was used to 
set the load range on the Schenck control unit to give a nominal crack site stress 
range of either 150, 200, 250, 300 or 350MPa. A stress ratio of 0.05 was used in 
all tests.

Fatigue crack growth was monitored using a combination of the ACPD and ACFM 
techniques described in section 1.6. The mathematical theory developed at UCL to 
interpret ACFM signals relies on an assumption that the surface crack is semi
elliptical in shape. However, this is only the case when a fatigue crack initiates and 
grows without significant interference from neighbouring defects. Otherwise,
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rather complex crack profiles may develop. In welded specimens of this type, there 
is a tendency for multiple crack initiation to occur at high nominal stress ranges. In 
this study, the use of ACFM for monitoring fatigue crack growth was mainly 
limited to tests carried out using relatively low nominal stress ranges (150-250MPa) 
since these experiments often produced single isolated defects that maintained a 
semi-elliptical shape for the duration of the test Magnetic particle inspection (MPI) 
was used for crack surface length measurement and ACPD was used for crack 
depth sizing whenever two or more cracks were in close proximity or when crack 
coalescence was in progress. Measurements were recorded while the specimen was 
held at the mean load for the cycle.

Some preliminary ACFM data was collected using a manufacturer supplied hand
held probe furnished with pick-up coils that were approximately 5mm in both 
diameter and length. However, the limitations of a large coil size soon became 
evident. When the surface length of a crack was long in comparison with the 
dimensions of the coil, reasonably accurate estimates of crack depth were possible, 
even when the crack was extremely shallow. However, as the surface length of the 
crack approached the coil dimensions, it became difficult to size the crack for length 
or depth. The positive and negative peaks in the signal became inseparable and 
the Bx coil tended to give an integrated measure of magnetic field strength, rather 
than the value at a point. To overcome these problems, a special purpose ACFM 
probe containing much smaller (2mm diameter) pick-up coils was designed and 
constructed and fitted to a motor-driven carriage for automatic scanning of the weld 
toe (see figure 2.3). The motorised carriage improved measurement precision by 
minimising variations in probe location and also made it easier to locate the crack 
ends. The resolution of crack depth and surface length measurements were better 
than ±0.1mm and ±0.2mm, respectively. Probe traces were recorded using an 
IBM compatible 386 PC running TSC's WAMI software in a Microsoft Windows 
environment, while interfaced to a UlO ACFM Crack Microgauge. A computer 
programme, written in Microsoft Quick Basic, was used to translate the ACFM 
signals into measurements of crack length and depth.

Prior to gathering experimental data for inclusion in this study, a number of 
preliminary fatigue experiments were carried out on welded T-plate specimens of 
the same geometry as those described previously. In these earlier experiments, 
significant variations in fatigue crack growth behaviour were observed under 
seemingly identical experimental conditions. When crack growth rates were plotted 
against the linear elastic stress intensity factor range {AK), a large degree of scatter
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was observed to be present in the data. It was reasoned that some uncontrolled 
factor(s) must have influenced the fatigue crack growth behaviour of these 
specimens. Since crack closure was not monitored when the initial T-plate tests 
were carried out, it was decided that the development of a weld toe clip gauge 
suitable for monitoring the crack mouth opening displacement response of a small 
semi-elliptical surface crack might help to resolve some of discrepancies observed 
in the results. A double cantilever clip gauge sensitive to small (0.25 |im) changes 
in crack mouth opening displacement (CMOD) was designed and manufactured for 
this purpose. The weld toe clip gauge arrangement is detailed in figure 2.2. Two 
slender (0.75mm diameter) steel pins, spaced approximately 3mm apart, were spot- 
welded across the toe of the weld. The free ends of the cantilevers were angled 30° 
from vertical and honed to a knife edge so as to contact the base of the pin without 
backing onto the weld metal. One leg of the clip gauge was made slightly longer to 
accommodate the change in elevation across the weld toe. Four linear resistance 
strain gauges bonded near the clamped ends of the cantilevers were connected to a 
Vishay P-3500 strain indicator to form a Wheatstone full-bridge circuit. The strain 
indicator was calibrated, using slip gauges of known thickness, to give an output of 
0.2 millivolts per micrometer of CMOD. Analog outputs from the strain indicator 
and hydraulic control panel were fed into a Bryans (2600 A4) X-Y recorder, 
making it possible to plot the change in crack mouth opening displacement 
{ACMOD) as a function of actuator load P. Figure 2.4 illustrates how the crack 
closure ratio U is determined from a typical ACMOD plot. The occurrence of 
fatigue crack closure causes an abrupt change in specimen compliance. The point at 
which the plot begins to deviate from linear behaviour marks the crack opening load 
Pop. Once Pop is known, the crack closure ratio can be computed using the formula

u = (2.1)
P m ax ~ Pm in

where P,nax ^nd are the maximum and minimum loads used in the fatigue 
cycle, respectively.
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2 .3  Presentation of Results

2.3.1 Performance of 2mm ACFM Probe

Experimental results for fifteen weld toe fatigue cracks were collected for analysis. 
ACFM was used to size cracks until they reached depths of approximately 3mm, 
unless the initiation of an adjacent fatigue crack interfered with the interpretation of 
the crack signals. The 2mm pick-up coils allowed fatigue cracks to be detected 
before they reached a depth of 0.3mm, but analysis of the ACFM crack signals for 
the purpose of sizing was not possible if the crack surface length was less than 
about 3mm.

The accuracy of the ACFM technique for measuring small surface fatigue cracks 
was assessed after a welded T-plate specimen containing three isolated defects was 
accidentally over-loaded. After the sample was removed from the load frame the 
cracks remained open, making it possible to replicate the crack profiles using a two- 
part silicone replicating compound. The compound was forced into the cracks as a 
liquid and carefully removed after it had solidified. The process was repeated to 
ensure that accurate representations of the crack shapes were obtained. Close visual 
observation, using a Nikon low power (x30) optical microscope with x and y 
vernier scales accurate to ±0.001mm, indicated that both silicone replicas were 
identical. Figure 2.5 shows what the ACFM signals looked like immediately before 
the overload, and figure 2.6 gives a direct comparison between the ACFM predicted 
crack depth and the actual crack shape for each defect. It is seen that although the 
actual crack shape is not always a perfect semi-ellipse, the ACFM technique 
consistently provides a reasonable estimate of the overall crack dimensions.

2.3.2 Fatigue Crack Growth Data

Figures 2.7-2.11 show how the crack aspect ratio (a/2c) changes as a function of 
the crack depth to plate thickness ratio (a/t) for each stress range investigated. Each 
data set is coded to give information about the heat treatment (as-welded "AW" or 
stress-relieved "SR"), crack location (plate end "E" or centre "C") and the nominal 
crack site stress range (a three digit designation followed by a small letter if more 
than one test was carried out under the same set of conditions). The majority of 
cracks which grew under nominal stress ranges less than or equal to 250MPa 
developed aspect ratios greater than 0.16 at some stage during their growth. Some
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of these cracks even achieved aspect ratios as high as 0.23. Cracks which grew 
under the higher nominal stress ranges (300-350MPa) behaved differently. The 
aspect ratio did not peak above 0.06 in any of these tests. The residual stress state 
(AW or SR) appears to exert little or no influence on crack shape development, 
whereas the applied stress range seems to limit the crack aspect ratio to very low 
values when it is greater than or equal to 300MPa.

2.3.3 Fatigue Crack Closure Data

The crack closure measurements were grouped according to heat-treatment, crack 
location and stress level, and plotted as a function of crack depth in figures 2.12 
and 2.13. For tests carried out using nominal crack-site stress ranges less than or 
equal to 250MPa, the data appear to fall into three distinct groups (see figure 2.12). 
Closure was not detected for cracks that grew in the centre of as-welded specimens 
(f/=l). On the other hand, cracks introduced into the ends of the as-welded 
samples developed closure ratios that decreased with increasing crack depth. The 
closure behaviour of cracks introduced into the stress-relieved specimens did not 
seem to depend on their location in the plate. U decreased initially, with increasing 
crack depth, but levelled off once the crack reached a depth of about 1.5mm. It is 
also worth noting that cracks which grew in the stress-relieved samples consistently 
developed closure ratios that were higher than those measured for cracks which 
grew near the ends of the as-welded specimens.

Closure measurements made on cracks that grew under nominal stresses greater 
than or equal to 3()()MPa, did not display a similar pattern (see figure 2.13). 
Closure was detected for cracks which grew in the centres, as well as the ends, of 
the as-welded plates. In all cases, the closure ratio was greater than 0.78, with U 
for the centrally located cracks being, on average, only marginally higher than U for 
the cracks situated in the plate ends.

2.3.4 Discussion

An explanation for the variation in crack closure behaviour observed in the welded 
T-plate specimens is possible through consideration of the residual stress 
distribution which exists in welded components of this type. In an uncracked fillet- 
welded T-plate, the transverse residual stresses are tensile near the centre of the
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plate and compressive near the ends, as shown in figure 2.14 [2.2]. The magnitude 
of the transverse residual stress increases with plate thickness, approaching the 
yield stress in the case of low-carbon steel weldments. For plate thicknesses of 
25mm or less, the through-thickness stress variation is considered to be negligible 
[2.3]. Since crack closure decreases with increasing mean stress, it is to be 
expected that a higher crack closure ratio will occur in the presence of a tensile 
residual stress which raises the mean stress in the material. If the tensile residual 
stress is high enough, crack closure will not occur at all. On the other hand, if the 
residual stress is compressive in nature, a low crack closure ratio is to be expected. 
If the specimens are stress-relieved, an intermediate level of crack closure should 
result. Of course, the observed crack closure ratio will also depend on the 
magnitude of the applied stress, since with high applied stresses there is the 
possibility of significant mechanical stress relief. The effect of mechanical stress 
relief is no doubt responsible for the different crack closure behaviours observed in 
the as-welded T-plates tested at nominal stress ranges greater than or equal to 
300MPa.
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2 .4  Fracture Mechanics Analysis of Results

2.4.1 Stress Intensity Factors for Surface Cracks

The mode I stress intensity factor (SIP) for a central crack of length 2a in an infinite 
plate subjected to a uniform tensile stress cris given by

Kj = a i m  . (2.2)

SIP solutions for cracked specimen geometries other than the infinite plate must 
include various correction factors to account for such things as boundary effects, 
crack shape and load redistribution. A general expression for the SIP of a surface 
crack in an engineering component is

Ki = (2 .3)

where cTh,, is the nominal surface stress; a is the crack depth; corrects for a free 
front surface; Y^ accounts for finite plate width; Ŷ  corrects for crack shape; Yg
accounts for a non-uniform stress field; Yk corrects for the presence of a
geometrical discontinuity; and T,,, accounts for changes in structural restraint.

Several different SIP solutions for semi-elliptical surface cracks subjected to tension 
and/or bending in flat plates exist in the literature. Included among these are the 
equations derived by Holdbrook and Dover [2.4], and those due to Newman and 
Raju [2.5]. Both solutions account for free surface effects, variable crack shape 
and finite specimen width. However, the Newman-Raju solution, which is based 
on a parametric fit to numerous three-dimensional finite element calculations, has 
received more widespread use and is better validated. The Newman-Raju equations 
are used in this study to develop simple fracture mechanics models for analysing the 
early fatigue crack growth behaviour of welded joints.

The Newman-Raju SIP solution [2.5] for the deepest point of a semi-elliptical 
surface crack of depth a and length 2c is

Ki = (Fm f m  (2.4)

where (T,„ and cJh are the components of tension and bending stress, F,„ and Ft are 
their respective boundary correction functions, and 0  is the complete elliptic 
integral of the second kind. An accurate approximation for 0  is
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$  = y  1 + 1.464(g)"^^ . (2.5)

The boundary coiTection function for tension is

F.» = M, + + Af3(^)"]/w (2.6)

where
M, = 1.13-0.09(a) (2.7)

(2.8)

+ (2.9)

and

= y ^ ^ y f [  (2.10)

is a correction function for finite plate width w. The boundary correction function 
for bending is

Fb = H'Fnt (2.11)

where

H = 1 +G,(a) + G2(a)" (2.12)

G, = -1.22-0.12(2) (2.13)

G2 = 0.55 - 1.05(2) ■'" -H 0.47(2)' " . (2.14)

The above equations are valid for fl/c<LO, a/t<\.0 and 2c/w<0.5.

The Newman-Raju SIF solution was derived for the case of a semi-elliptical crack 
in a flat plate. However, the same equations may be used to model semi-elliptical 
cracks in T-plates if a correction is added to account for the influence of the weld 
detail. Two different methods for achieving this correction are presented next.
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2.4.2 Weight Function Method

Bueckner [2.6] and Rice [2.7] have shown that the SIF for a crack subjected to an 
arbitrary stress field can be obtained from expressions for the elastic strain energy 
release rate if a reference SIF is known for the same crack and component geometry 
subjected to a different stress field. For the case of mode I loading, the result of 
their analysis can be expressed in the form

^/ = f <y(x)'m (x,a) dx (2.15)
Jo

where g {x ) is the through-thickness stress distribution in the potential crack plane 
of the uncracked body and in{x,a) is a geometry dependant expression called a 
weight function. For two-dimensional problems, the weight function is given by

= (2.16)
K[ 3a

where H is E for plane stress and £ /( l-v  for plane strain, K f  is the reference 
SIF, and Ur{x,a) is the crack opening displacement at the loading point x of the 
reference solution, but in the direction of loading for the stress distribution being 
analysed.

Using the Newman-Raju equations for tension as a reference SIF solution (o]r,=0 in 
equation (2.4)) and the Petroski-Achenbach [2.8] expression for crack opening 
displacement, Niu and Glinka [2.9] derived a set of weight functions for computing 
the SIF for the deepest point of a semi-elliptical surface crack in a finite-thickness
plate with an angular corner. Full details of the derivations may be found in
references [2.9,2.10].

The Niu-Glinka solution can been used to model semi-elliptical surface cracks in 
welded T-plates, provided the stress distribution through the prospective crack 
plane is known. The solution has been shown to be in good agreement with other 
weight function methods and with available finite element data [2.11]. The only 
drawback associated with using the Niu-Glinka approach is the extensive 
computational effort required to determine Kj for a single set of parameters a/t and 
a/c, as each evaluation requires the numerical integration of several different weight 
functions.
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2.4.3 Albrecht's Method

A simpler approach to developing an SIF solution for a surface crack in a welded 
component is to introduce to a flat plate solution, a correction factor that accounts 
for the influence of the stress concentration produced by the weld detail. If the 
stress distribution through the uncracked specimen is known, a non-uniform stress 
correction factor (F^) can be computed using the method proposed by Albrecht and 
Yamada [2.12]. The derivation begins with the SIF solution for a central crack of 
length 2a in an infinite plate with two equal pairs of line forces Q, located a distance 
±x from the centre of the crack [2.13]

= ■ (2.17)

Taking a Green's function approach, the line forces may be replaced by an 
equivalent non-unifoi*m stress distribution a{x) that remains symmetric with respect 
to the crack centre line (see figure 2.15). The mode one stress intensity factor due 
to a{x) is then given by

Ki = fm  ^  \ - p ^ = d x  . (2.18)

According to Bueckner [2.6], the non-uniform crack line stress distribution used in 
equation (2.18) should be that which is present in the uncracked body. For the case 
where a{x) is given in discrete form (e.g. as obtained from a finite element 
analysis) the crack length can be divided into n elements and equation (2.18) 
modified to give

n rxi+i
K i ^ m i ^ J ^ a J  (2.19)

^  1=1 J x i

where Ox, is the discrete stress applied over the element width from to jc,+i. 

Factoring out the mean stress cr and integrating equation (2.19) then gives

K, = (T'fm I  X  . (2.20)
/=  1
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Dividing this result by equation (2.2), the Kj solution for the same crack subjected 
to a uniformly distributed mean stress C7, leads to the following expression for the 
non-uniform stress correction factor

i'* = f  . (2.21)
i= 1

Implicit to Albrecht's approach is the assumption that there is no interaction 
between the individual correction factors in equation (2.3) and the crack line stress 
distribution. Also, the global geometry effect due to the weld discontinuity (7*:) 
has been ignored. Therefore, a certain degree of uncertainty exists in the analysis. 
However, the method has been used by others [2.14-2.16] to predict the fatigue 
behaviour of welded components with good accuracy. Its relative simplicity, as 
compared with the more complicated weight function approach, provides ample 
incentive for further testing. In the following section, Albrecht's method is used 
with the results of a through-thickness finite element stress analysis to calculate a 
non-unifoiTu stress correction factor for the welded T-plate specimen.

2.4.4 Stress Intensity Factor Solution for the Welded T-plate

Equations fitted to the results of finite element calculated weld toe stresses in 
uncracked T-plates subjected to three-point bending may be found in reference 
[2.17]. Results are given for a 45° weld angle and ratios of weld toe radius to plate 
thickness {p/t) of 0.01, 0.05 and 0.4. Weld toe radius measurements made on the 
T-plates used in the present study indicated an average p/t ratio of 0.06. The 
equations reported in reference [2.17] for the case of p/f=0.05 should, therefore, 
provide a satisfactory representation of the weld toe stress distribution in these 
specimens. The curve fit is presented in two parts:

For a/ z<0.4,

SCF„ = = 2.0476e-55A /̂' + (0.8624- 1.8624;c/«) (2.22a)
n̂„

and for x/t>OA,
SCF„ = = 0.8624 - 1.8624;c/« (2.22b)
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where SCF^ is the weld toe stress concentration factor, <Jw(xIt) is the weld toe 
stress at a non-dimensional depth to thickness ratio x/t below the surface of the 
plate, and cr„„ is the nominal surface stress at the weld toe. The non-uniform stress 
distribution defined by equations (2.22) and a linear stress distribution for a flat 
plate in three-point bending

SCF = = 1 2x/t (2.23)
r̂in

are plotted together in figure 2.16.

Equations (2.22) and (2.23) were used in conjunction with equation (2.21) to 
determine non-uniform (T̂ ,/,) and linear (T/zn) stress correction factors for three- 
point bending. The results of these calculations are presented in figure 2.17. The 
presence of the weld discontinuity is seen to influence the stress intensity factor to a 
greater extent than it does the stress distribution in the uncracked body.

If a flat plate SIF solution includes its own adjustment for a linear stress distribution 
due to bending, this part of the correction must be removed from Ygb before it is 
applied to the flat plate solution. This is achieved simply by multiplying the flat 
plate SIF solution for bending by the non-uniform stress correction (NSC) factor

NSC = ^  (2.24)
Y  l i n

where Yun is given by

Yiin = 1 - 1.273fl/r . (2.25)

The above procedure was applied to the Newman-Raju equations for pure bending 
(cr,„=0 in equation (2.4)) to develop an approximate SIF solution for a welded T- 
plate in three-point bending. For future reference, this solution will be denoted by
the abbreviation N&R+NSC. The results obtained for several different crack aspect
ratios {a/2c) are plotted in tenns of the stress intensity calibration factor

Y = (2.26)

in figure 2.18, for a/t<().S. For a/t>0.2, the influence of the weld detail is 
negligible (see figure 2.17) and the Newman-Raju equations may be used without 
NSC.
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It should be pointed out that three-point bending of a welded T-plate specimen will 
result in mixed-mode crack loading. However, it has been noted elsewhere [2.9] 
that for the various combinations of weld toe radii and weld angle typically 
observed in practice, the mode II contribution to fatigue crack growth is small and 
can usually be neglected.

2.4.5 Analysis of Welded T-plate Data

The N&R+NSC SIF solution developed in the previous section was used to 
correlate and compare crack growth rate data collected from fifteen different weld 
toe fatigue cracks on a single \o^{AK)~\og{da/dN) plot. Growth rates for the 
deepest point of each crack were calculated using the secant formula

i(M\ = - g.
W 'z  Nm  - Ni (2-27)

where a, is the crack depth corresponding to Ni fatigue cycles and

— _  fli+l + üi 
“ -  ~ (2.28)

is the crack depth used in the calculation of AK. The results are presented in figure 
2.19. Included in the same figure, is a curve fitted to the results of previous fatigue 
tests carried out at UCL, using centre cracked tension (CCT) specimens machined 
from a similar grade of steel [2.18]. The equation representing the UCL CCT data 
is given by

^  = 4.5x 10-‘24^:-’ -3. (2.29)

It is seen that, in addition to a large degree of scatter being present in the data, the 
SIF solution consistently over estimates AK for the range of crack depths 
investigated.

Figure 2.20 shows the same crack growth rates plotted against the effective crack 
tip stress intensity factor range,

AKeff = U AK, (2.30)

where U is the crack closure ratio defined earlier. Graphing the results in terms of 
AKeff removes most of the scatter and shifts the data closer to the standard curve.
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The appearance of a fatigue threshold effect for crack growth rates below about 10'  ̂
m/cycle also becomes evident.

2.4.6 Discussion

It would appear that, under the experimental conditions studied thus far, linear 
elastic fracture mechanics is adequate for characterising fatigue crack growth 
behaviour. Considering the relatively high stress ranges (e.g. 300-350MPa) used 
in some of the welded T-plate tests, one might have expected to see some influence 
from notch plasticity on the fatigue crack growth rates of the very short cracks. The 
absence of any such anomalous behaviour might be rationalised as follows. The 
cyclic stress-strain behaviour of a metal will remain predominantly linear-elastic 
until the stress range exceeds twice the cyclic yield stress (cTyc). For 50D steel 
tested in plane stress, oyr is 312MPa [2.1]. However, plasticity at the toe of a 
welded T-plate is limited by the development of stress tri-axiality. A gradual 
transition from plane stress to plane strain occurs with increasing depth below the 
surface of the T-plate, and the amount of yielding depends on the degree of plastic 
constraint afforded by this mixed state of stress. Thus, the weld toe stress range 
(including the stress concentration effect) would need to be greater than the product 
of the plastic constraint factor (Cp) and twice the cyclic stress before any significant 
notch plasticity resulted. If we assume a value of 1.5 for Cp (which is not 
unrealistically high) and take the nominal surface stress range (AcJnJ to be 350MPa, 
the condition for significant notch plasticity is

5CF„ > £ p - 2 ^  = = 2.67. (2.31)
Aa„„

According to the through-thickness finite element stress distribution defined by 
equations (2.22), the depth at which SCF^ drops below 2.67 in a 20mm thick T- 
plate (with «=45° and p/r=0.05) is 0.05mm. Therefore, once the crack is more 
than about 0.05mm deep, its tip will have passed beyond the influence of the cyclic 
notch plastic zone.

This simple analysis does not take into account the stress redistribution which 
occurs in the weld toe region as a result of yielding. However, it does give a 
reasonable first order estimate of the cyclic notch plastic zone size and helps to
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explain why plasticity-induced anomalous crack growth behaviour was not 
observed in any of the fatigue tests carried out thus far.
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2 .5  Summary and Conclusions

The recent development of a new NDT technique (ACFM) for detecting and sizing 
semi-elliptical surface fatigue cracks has made it possible to monitor the early stages 
of fatigue crack growth in welded joints. A number of fillet-welded T-plate 
specimens were fatigued in three-point bending using a constant amplitude load 
cycle with a stress ratio of 0.05. Some specimens were stress-relieved prior to 
testing while others were fatigued in the as-welded condition. Fatigue crack growth 
rate data was collected for defects ranging from about 0.3 to 3.0mm in depth.

Crack closure measurements were obtained using a highly sensitive clip gauge 
mounted across the toe of the weld and centred over the mouth of the crack. The 
presence of welding residual stresses was found to have a measurable influence on 
the crack closure ratio (U) and on crack growth behaviour in general. The crack 
growth rate data was correlated on a \og(AK)-\og(da/dN) plot using a stress 
intensity factor solution derived for a T-shaped weldment (N&R-f-NSC). An 
improved data correlation was realised when the effective stress intensity factor 
range {AK f̂f) was used in place of AK. No evidence of faster than normal crack 
growth rates due to plasticity effects was obvious for nominal stress ranges up to 
350MPa. The absence of any such anomalous behaviour is thought to be due to the 
sharp stress gradient and high level of stress tri-axiality present at the weld toe.

The ability of the N&R-hNSC SIP solution to correlate the welded T-plate fatigue 
crack growth rate data collected in this study would suggest that the application of a 
non-uniform stress correction factor to account for the influence of the weld 
geometry is a valid technique. In light of this finding, it would seem appropriate to 
employ a similar approach to finding non-uniform stress correction factors 
applicable to surface cracks in other types of welded components, including tubular 
joints.
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Table 2.1 Mechanical properties of BS 4360 50D steel [2.1].

Property Value

Monotonie Yield Stress, Gy 386 MPa

Ultimate Tensile Stress, Guts 560 MPa

Modulus of Elasticity, E 210 GPa

Cyclic Yield Stress, Gyc 312 MPa

Cyclic Strength Coefficient, K' 1063 MPa

Cyclic Strain Hardening Exponent, n' 0.177

Table 2.2 Results of weld toe radius measurements for welded T-plates.

Sample No. Weld Toe Radius, p  (mm)

1 0.83
2 1.15

3 1.04

4 0.72

5 0.95

6 1.46

7 1.68
8 1.02
9 1.37

10 1.21
11 0.91

12 1.33

13 1.12
14 0.61

15 0.98

Average 1.09
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Figure 2.1 Geometry of welded T-plate specimen.
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Figure 2.2 Clip gauge for measuring crack closure in welded T-plates.
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Figure 2.5 ACFM signals for three small surface fatigue cracks.
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Figure 2.6 Comparison of ACFM predictions with actual profiles for three 
small surface fatigue cracks.
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Figure 2.7 Crack shape development in welded T-plates (2icT=150MPa).
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Figure 2.8 Crack shape development in welded T-plates (zlcr=200MPa).
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Figure 2.9 Crack shape development in welded T-plates (zlcP=250MPa).
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Figure 2.11 Crack shape development in welded T-plates (zlo^350MPa).
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Figure 2.14 Transverse residual stress distribution in a welded T-plate.
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Figure 2.17 Non-uniform and linear stress correction factors for three- 
point bending (a=45° and p/t=0.05 for the T-plate).
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3.1 Overview

The results of the welded T-plate experiments suggest that notch plasticity effects 
are negligible for nominal stress ranges up to 350MPa, but that welding residual 
stresses can exert a significant influence on early fatigue crack growth behaviour at 
lower nominal stress ranges. The effect of mean stress on fatigue behaviour needs 
to be carefully studied and quantified before accurate crack growth predictions may 
become possible for welded joints. Also, the influence of notch plasticity needs to 
be investigated for nominal stress ranges greater than 350MPa. The results of an 
experimental programme designed to achieve these objectives are presented in this 
chapter.

Variations in specimen geometry and residual stress state are unavoidable in welded 
test specimens and serve to increase the amount of scatter in results. As a short 
fatigue crack makes its way through the heat affected zone of a welded component, 
it can also encounter a significant variation in material properties. These material 
changes may cause the crack to speed up or slow down, depending upon how they 
influence the fracture toughness. In order to eliminate the presence of uncontrolled 
variables and have better control over the mean stress level and notch plastic zone 
size, 20mm thick T-plate specimens were machined from 60mm thick hot-rolled 
steel plate (no welding was used), and a special load frame was constructed for 
testing at stress ratios less than zero.

1 2 0



3 .2  Experimental Procedure

The geometry of the machined T-plate is shown in figure 3.1. Seven specimens 
having the same overall dimensions were fabricated. The included angle was 45° 
for all seven samples, but two different notch toe profiles were used. Five of the 
specimens were given a notch toe radius of 0.20±0.05mm and an undercut of 
0.12±0.03mm as shown by "detail A" in figure 3.1. The remaining two specimens 
were produced with a notch toe radius of 1.0±0.1mm as shown by "detail B" in 
figure 3.1. In order to prevent fatigue cracks from initiating near the ends of the 
stub, the notch toe within 50mm of each end was ground to a 3mm radius and 
polished with sandpaper to obtain a smooth surface finish. This left 100mm long 
starter notches on both sides of the five specimens with the 0.2mm notch toe 
radius. A scalpel knife was used to introduce starter notches of shorter length into 
the two specimens with the 1.0mm notch toe radius. The tip of the blade was 
guided back and forth over a small distance (approximately 6, 8, 10 or 12mm) at 
the centre of each side of the stub to produce V-notches 0.12±0.03mm deep. All 
notch toe dimensions were verified to be within the ranges quoted by taking silicone 
replicas of the different notch toe profiles and measuring them under a low power 
(30x) optical microscope with x and y vernier scales accurate to ±0.001mm. Table
3.1 gives a summary of the results.

Figure 3.2 is a photograph of the test frame, showing how the specimen was 
loaded in three-point bending. The apparatus was designed to permit testing under 
positive or negative stress ratios. The sample was clamped tightly between two 
cylindrical bearing rods in the centre and gripped on the ends by yoke and pin 
assemblies. The V-notch in the top of the stub ensured that the specimen remained 
centred in the test frame for the duration of the experiment. The end connections 
were cleaned and lubricated with a special anti-scuffing paste prior to each test and 
carefully adjusted to allow freedom of rotation with a minimum amount of play. 
This helped to ensure that the T-plate was loaded uniformly over its entire width.

A ±1000kN Instron servo-hydraulic actuator and electronic control unit were used 
to cycle the specimen in a sinusoidal waveform at frequencies between 0.2 and 2 
Hz. A MetraByte DAS-8/AO input/output board was used with an IBM 386 PC to 
generate the command signal for the controller and log an output from the load cell. 
Special purpose software was written in Microsoft Quickbasic computer language. 
This arrangement enabled precise control over the load/position settings and led to 
the development of an improved technique for measuring crack closure. The clip 
gauge arrangement was the same as that used for the welded T-plate experiments.
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However, instead of using an x-y recorder to plot the change in crack mouth 
opening displacement {ACMOD), analog outputs from the load cell and clip gauge 
were sent through the DAS-8/AO's analog to digital (A/D) converter and stored on 
the computer's hard disk. The data could then be used to generate ACMOD Offset 
plots for crack closure detection.

The five specimens containing the 100mm long starter notches (MTP1-MTP5) were 
tested first. Each experiment was conducted in two stages. The main objective of 
the first stage was to obtain high cycle fatigue (HCF) crack growth rate data for 
several different stress ratios. This part of the experiment was carried out under 
load control. A stress ratio of R=-l was used at the start of each test and was 
subsequently increased to obtain data for higher R values. This was achieved by 
raising the minimum load in the cycle while holding the maximum load constant. 
The crack depth was allowed to increase between 0.5 and 1.0mm at each stress 
ratio. This procedure served to maximise the amount of information that could be 
obtained from each specimen. Since plasticity induced crack closure arises from the 
monotonie plastic zone which is K^ax dependant, increases to the minimum load 
setting should not adversely influence the results. The control settings used for 
each specimen are detailed in table 3.1.

Strain gauges were used to relate the nominal stress at the notch toe to the load 
applied by the hydraulic actuator. Controller settings were calculated for maximum 
nominal surface stresses of 100, 150, 200, 250, and SOOMPa, and stress ratios of 
-1,0, 0.2, 0.4 and 0.6. This choice of settings meant that nominal stress ranges up 
to 600MPa could be investigated for notch plasticity effects during the initial stages 
of crack growth. As a result of the starter notch geometry, long shallow surface 
cracks developed on both sides of each specimen. A smooth continuous crack front 
appeared soon after cycling commenced, making the ACPD technique an ideal 
candidate for crack depth measurement. A UlO ACFM Crack Microgauge was 
used with 5 and 10mm ACPD probes to obtain crack depth estimates at regular 
intervals during each test. An average of four sets of readings was recorded for 
each probe. MPI was used to measure the crack length. Crack sizing was carried 
out while the specimen was held at the mean load for the cycle. At the end of stage 
one, fatigue cracks having surface lengths between 95 and 106mm and depths 
between 2 and 7mm were present on either side of the T-plate.

In the second stage of each experiment, the specimen was tested under high strain 
conditions to collect low cycle fatigue (LCF) data. Fully-reversed, displacement- 
controlled cycling was used to extend the crack an additional 0.5mm or so. This
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took between 25 and 50() cycles, depending on the displacement amplitude used. 
The load peaks were observed to change slightly as the specimen compliance 
increased, so a tracking digital voltmeter was employed to monitor these values. At 
the end of the test, a cold cure silicone mould rubber (TSE-3562) was used to 
obtain replicas of the crack tip profiles. The mixture was forced into the cracks as a 
viscous liquid and allowed to solidify while the specimen was held in the maximum 
displacement position. The displacement was then increased slightly to enlarge the 
crack openings and facilitate the removal of the rubber samples. The silicone 
replicas were later sectioned at the maximum depth location, coated with a thin (25- 
30Â) layer of gold, and photographed in a Hitachi S-570 scanning electron 
microscope (SEM) to enable precise measurements of the change in crack tip 
opening displacement {ACTOD).

Depending on the condition of the T-plate at this stage, the process was either 
repeated to obtain additional low cycle fatigue data at larger displacement 
amplitudes, or cycling was allowed to continue uninterrupted (under position 
control) until complete separation of the specimen occurred. If both sides of the 
plate did not separate from the stub, the unbroken portion was cooled in a bath of 
liquid nitrogen and broken open by means of a sharp blow from a hammer. Optical 
measurements of actual crack depth were obtained from the fatigue fracture surfaces 
using a linear vernier microscope accurate to ±0.01mm. The transition from high 
cycle to low cycle fatigue provided one indication of actual crack depth. Permanent 
ink stains (introduced intentionally) and beach marks (introduced by changes in 
stress ratio) provided additional indications. These optical measurements of crack 
depth were used to calibrate the ACPD technique for the measurement of long, low 
aspect ratio {aJ2c < 0.05) surface cracks.

The two specimens containing the smaller starter notches (MTP6 & MTP7) were 
tested last. These experiments were conducted entirely under load control, with the 
stress ratio held constant for the duration of the test. The same peak nominal stress 
was used in both cases, but the stress ratio was different. Table 3.1 gives full 
details of the control settings. The experiment was stopped at regular intervals to 
obtain measurements of crack depth using the 2mm ACFM probe as well as the 5 
and 10mm ACPD probes. The signal processing was handled by a UlO ACFM 
Crack Microgauge. Crack lengths were estimated using the 2mm ACFM probe and 
verified using MPI. All measurements were recorded with the specimen held at the 
maximum load. The main purpose of this work was to obtain crack closure data for 
comparison with that collected from the welded T-plates. A secondary objective
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was to obtain optical measurements of high aspect ratio (al2c > 0.05) crack shapes 
for assessing the accuracy of the ACPD and ACFM techniques. Fatigue cracks 
were allowed to grow on both sides of the stub until the deepest crack reached a 
depth of between 3 and 4mm. The surface crack lengths were between 8 and 
19mm at this stage. The T-plates were then broken open and optical measurements 
of crack surface length and depth obtained by means similar to those described for 
the first five specimens.
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3.3  Presentation of Results

3.3.1 Calibration of NDT Techniques

Typical examples of the two different types of fatigue cracks which were produced 
in the machined T-plate specimens are shown in figures 3.3 and 3.4. These have 
been designated low aspect ratio (type A) cracks and high aspect ratio (type B) 
cracks. Note the absence of surface irregularities and the presence of smooth 
continuous crack fronts. Ink stains are visible in some cases. These fracture 
surfaces offer ideal conditions for the application of NDT techniques to crack 
measurement. When crack growth is this well controlled, discrepancies between 
predicted and actual crack sizes will be at a minimum for a given NDT technique.

After the machined T-plates were broken open, it was noted that the fatigue fracture 
surfaces were inclined at angles up to 18° from the vertical. This behaviour has also 
been observed for fatigue cracks growing in welded tubular joints [3.1]. It seems 
that whenever there is a sudden change in section geometry, the crack path tends to 
deviate towards the thicker section. In the fracture mechanics analysis of welded 
joints, it is normally assumed that the fatigue crack will follow the shortest path 
straight through the plate wall. In practice, this is rarely the case. However, when 
the crack is small (less than say 4 or 5mm deep), differences between the actual 
crack path and the assumed crack path are not likely to contribute significant errors 
to the fracture mechanics calculations. In this section of the thesis, NDT 
predictions are compared with optical measurements of the inclined crack depth, 
since it is this dimension upon which the ACPD and ACFM theories are based. In 
the fracture mechanics analysis of results to follow, the crack path is assumed to be 
vertical.

Optical measurements of maximum depth for the low aspect ratio (type A) cracks 
are compared with predictions obtained using 5 and 10mm ACPD probes, in 
figures 3.5 and 3.6. In most cases, the ACPD technique under estimates the actual 
crack depth by a small percentage. The cause of this consistent deviation is not 
apparent. ACPD multipliers (i.e. theoretically derived correction factors) for long 
surface cracks with aspect ratios {allc) less than 0.05 are close to unity [3.2]. Their 
application to these results would not, therefore, lead to an improved correlation. 
Some unknown factor is responsible for this behaviour.
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The data shown in figures 3.5 and 3.6 was used in a linear regression analysis to 
generate empirical calibration functions for the two ACPD probes. The calibration 
function obtained for the 5mm ACPD probe is

5̂ = 1.08^1+0.13 (3.1)

and that obtained for the 10mm ACPD probe is

dio = 1.09 /̂1 + 0.09 (3.2)

where ds and dio represent the calibrated crack depth and di is the one-dimensional 
estimate of crack depth obtained using equation (1.24) from chapter one. Equations 
(3.1) and (3.2) appear as solid lines in figures 3.5 and 3.6. It is interesting to note 
that the offsets in both equations are on the order of the skin depth for the injected 
AC field.

The ACPD predictions of maximum depth for the high aspect ratio (type B) cracks 
are compared with measurements obtained by optical means in figures 3.7 and 3.8. 
In each figure, two sets of results are given. The open circles represent the one
dimensional (1-D) estimates of ACPD depth obtained using equation (1.24). The 
solid circles represent the two-dimensional (2-D) estimates of ACPD depth, 
obtained after correcting the 1-D estimates with ACPD multipliers taken from 
reference [3.2]. Equations (3.1) and (3.2) have been replotted in figures 3.7 and
3.8 to show that although the multipliers improve the accuracy of the ACPD 
technique for high aspect ratio crack depth prediction, they do not bring the results 
in line with the ACPD calibration curves established for the type A cracks.

The crack depth comparisons obtained from the machined T-plate (MTP) 
experiments for the type B cracks using the 2mm ACFM probe are presented in 
figure 3.9. Included in the same figure, are the three results obtained from the 
welded T-plate (WTP) experiments of chapter two. Once again, the predicted crack 
depths are consistently lower than the actual depths, but the errors are much smaller 
than for the ACPD technique. ACFM clearly demonstrates a remarkable 
improvement over ACPD for predicting the sizes of these type B cracks. An 
empirical calibration function for the 2mm AFCM probe (calculated using linear 
regression analysis) is given by

acai = 1.05a + 0.06 (3.3)
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where Ucai is the calibrated crack depth and a is the crack depth predicted from a 
theoretical interpretation of the ACFM signals [3.3]. Equation (3.3) is shown in 
figure 3.9 as a solid line.

Figure 3.10 shows what the ACFM signals look like for the smaller of the two type 
B surface cracks presented in figure 3.4. The low background noise level is a 
result of homogeneous material properties and a near perfect notch geometry for the 
machined T-plate. Note that the ACFM signals appear slightly offset. If Bx was 
graphed against the plot would look skewed. This is a result of the 2mm 
ACFM probe geometry. In order to make the pick-up coil dimensions small, it was 
necessary to wind them separately and position them next to one another in the 
probe head. When larger pick-up coils are used, it is possible to wind one outside 
the other and this results in a symmetrical butterfly plot. An offset in the ACFM 
signals might be visually unappealing, but it does not affect the crack size 
prediction.

3.3.2 Crack Closure Measurements

The change in crack mouth opening displacement (ACMOD) was recorded as a 
function of actuator load (P), each time a test was interrupted to take crack size 
measurements. As the specimen was being ramped (under computer control) 
through one complete load cycle, analog outputs from the load cell and clip gauge 
were digitised and stored on the computer's hard drive. The data was later copied 
onto an electronic spreadsheet for crack closure analysis.

For the case of high cycle fatigue, an offset displacement technique was devised to 
estimate the crack opening load. This involved subtracting a linear curve fit to the 
straight section of the crack closure trace from a polynomial curve fit to the entire 
data set. The difference (i.e. the ACMOD Offset) was plotted as a function of 
actuator load and the crack opening point was taken as the load at which the 
ACMOD Offset first began to deviate from zero. Sample ACMOD and ACMOD 
Offset plots are shown in figures 3.11 and 3.12, respectively.

In the experiments involving specimens MTP1-MTP3, the stress ratio was different 
each time crack closure measurements were taken. Increasing the minimum load in 
the cycle was observed to cause transients in the crack closure response, and a 
steady-state condition was not always attained before moving on to a higher stress 
ratio. The results were used to calculate the effective range of the crack tip stress
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intensity factor {AKejfi, but they are not presented here in graphical form because 
they do not represent normal crack closure behaviour for developing fatigue cracks. 
One observation worth noting, however, is that crack closure was not detected at 
stress ratios greater than or equal to 0.2, in either of these experiments.

The crack closure data collected from specimen MTP4 shows what happens when 
the stress ratio is increased from minus one to zero, after a steady-state condition 
appears to have been reached at R=A (refer to figure 3.13). The response is 
transient in nature and crack closure does not return to a steady-state condition until 
the crack extends an additional millimetre or so.

In the experiments involving specimens MTP5-MTP7, the stress ratio was held 
constant throughout each test. The crack closure results are shown in figure 3.14. 
The crack depths plotted in this figure are the calibrated values obtained from the 
10mm ACPD probe and the 2mm ACFM probe. For stress ratios of zero and 
minus one, the crack closure ratio decreases steadily with increasing crack depth 
until a steady-state condition is reached. This appears to happen at a crack depth of 
about 1.5mm in both cases. For a stress ratio of 0.2, crack closure does not 
develop at all (i.e. U=l for all crack depths investigated). The data obtained for 
crack depths greater than 1.5mm was used to calculate steady-state crack closure 
ratios for the two R ratios of concern. For R=-l, U was found to stabilise at an 
average value of 0.59 and for R=Q, U reached an average steady-state value of 
0.79.

The crack closure ratio seems to approach unity when the crack depth drops below 
about 1mm. This is an important point to consider when making early fatigue crack 
growth predictions at weld toes. In cases where the stress ratio is less than 0.2 and 
the crack is quite small, it would be unconservative to base the calculation of AKeff 
on the steady-state value of U. Unless the actual crack closure behaviour is known, 
it might be better to assume that t/=l (even for R < 0).

The development of greater crack tip plasticity in the low cycle fatigue tests resulted 
in crack closure plots with substantially wider hysteresis loops than observed for 
the high cycle fatigue tests (see figures 3.15 and 3.16). The low cycle fatigue 
cracks were also noted to open and close at different load levels. This meant that 
the offset compliance technique could not be used, and estimates of the crack 
opening load had to be obtained directly from the P versus ACMOD plots. The 
stress ranges quoted in the captions of figures 3.15 and 3.16 are nominal linear
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elastic values, estimated from the load cell output and an experimentally determined 
load versus elastic strain relationship.

3.3.3 ^CT(9D Measurements

The fourteen silicone replicas obtained from the low cycle fatigue tests were 
photographed in a SEM at magnifications of between 200 and 2000 times, 
depending on the size of the crack tip opening. The CTOD was measured for each 
sample using the crack extension (ACTOD^) method and the 45° line (ACTOD^s») 
method, both of which are described in section 1.4.6 of chapter one. Since the 
crack tip always closed at some point during the cycle, ACTOD could be taken to 
equal the CTOD at maximum load. The results are presented in table 3.2, in order 
of increasing crack growth rate. The crack growth rates were deduced from optical 
measurements of the fatigue fracture surfaces and silicone replicas. The high cycle 
to low cycle fatigue transition point was taken as the initial crack depth and 
subsequent crack depth measurements were taken from the silicone samples. The 
average crack depth (Ji) corresponding to each crack growth rate is given in table 
3.2.

Prints, showing the actual the crack tip profiles from which measurements were 
taken, are provided in appendix B. They have been labelled with the same sample 
numbers used in table 3.2. In most instances, the crack tip assumed a blunted 
profile and measurement of ACTOD was straight forward. In a few cases, the tip 
profile varied along the crack front, making it difficult to define ACTOD at certain 
locations. This problem was usually caused by the presence of one or more 
bifurcations at the crack tip (see samples numbered 3 and 4 in appendix B). In 
these cases, additional sections were taken from the silicone replica until a blunted 
crack tip profile was obtained.
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3 .4  Fracture Mechanics Analysis of Results

3.4.1 Analysis of High Cycle Fatigue Data

Albrecht's method [3.4] (see section 2.4.3 of chapter two) was used to derive a 
non-uniform stress correction factor (Ygb) for the machined T-plate with the 0.2mm 
notch toe radius. The through-thickness stress distribution for a T-plate in three- 
point bending with a notch angle of 45° and a p/t ratio of 0.01 was obtained from 
reference [3.5]. For x/t <0.4, it is given by

(3.4a)

and for x/t >0.4,

SCF„ = = 0.8624 - lM 24x/t (3.4b)
^rio

where SCF^ is the weld/notch toe stress concentration factor, c^(xlt) is the 
weld/notch toe stress at a non-dimensional depth to plate thickness ratio x/t below 
the surface of the plate, and cr„„ is the nominal surface stress at the notch toe. 
Equations (3.4) are shown plotted in figure 3.17. The linear stress distribution for 
a flat plate in three-point bending

SCF = = 1 - 2 x!t (3.5)
^ J lo

has been included for comparison.

The non-uniform {Ygb) and linear (F/,>,) stress correction factors corresponding to 
equations (3.4) and (3.5) are given in figure 3.18. Ygb for the case of a 1mm 
notch/weld toe radius was calculated previously and is given in figure 2.16 of 
chapter two. These correction factors were used with the Newman-Raju equations 
[3.6] to calculate stress intensity factors for the fatigue cracks which grew in the 
machined T-plates. The approach was similar to that used in the welded T-plate 
study, and the same abbreviation has been used to represent the SIF solution for the 
machined T-plate (i.e. N&R+NSC). As before, the secant formula (refer to section
2.4.5 of chapter two) was used to calculate growth rates {da/dN) for the deepest 
point of each crack.
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The results are grouped according to stress ratio and presented in figures 3.19 and 
3.20. The crack growth rates are plotted as a function of the total crack tip stress 
intensity factor range (AST) in figure 3.19, and as a function of the effective crack 
tip stress intensity factor range {AKeff) in figure 3.20. An equation fitted to the 
results of centre cracked tension (CCT) tests carried out at UCL on a similar grade 
of steel [3.7],

^  = 4.5x 10-‘24X-3.3_ (3.6)

has been included in both figures as a reference line.

Consider first, the results obtained at stress ratios less than 0.2, for which crack 
closure was found to be present. The scatter within and between these data sets is 
considerable. In one of the R=~\ tests, the crack growth rate decreases with 
increasing AK. However, when the same crack growth rates are plotted as a 
function of AKeff-, the trend appears normal. It seems that in this case, crack 
closure is responsible for the anomalous behaviour. Taking account of crack 
closure is seen to eliminate most of the scatter and move the results in line with the 
data for R=0.2. Note that all of the data points fall below the UCL CCT reference 
line. This is remarkable considering the /?=>! tests were carried out at nominal 
stress ranges as high as 600MPa during the initial stages of crack growth. 
Although notch plasticity must have been present, it does not appear to have 
influenced any of the results.

A first order estimate of the notch plastic zone size can be obtained from equations 
(2.28) and (3.4) (refer to section 2.4.6 of chapter two). For a cyclic yield strength 
of 312MPa, a plastic constraint factor of 1.5, and an applied nominal stress range 
of 600MPa, the method of calculation described in section 2.4.6 gives a notional 
depth of 0.3mm for the elastic-plastic boundary. If this result is considered with 
the fact that the smallest crack depths used to compute fatigue crack growth rates 
were close to 0.3mm, it becomes apparent why notch plasticity did not influence the 
data.

Consider next, the results obtained at stress ratios greater than or equal to 0.2. At 
constant stress intensity, there is a tendency for the fatigue crack growth rate to 
increase with increasing stress ratio, and the effect is greatest at the smaller values 
of AK investigated. Since crack closure was not detected in any of these tests, it 
must be concluded that some other phenomenon is responsible for the mean stress 
effect observed at stress ratios greater than 0.2. Whatever its cause, the effect
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needs to be modelled if accurate predictions of early fatigue crack growth are to 
become possible for welded tubular joints.

In section 1.5.2 of chapter one, an equation of the form

^  = c U k -A K ,hT  (3.7)

was recommended for characterising the influence of mean stress at low and 
intermediate levels of AK [3.8]. Trial and error was used to find values of AKth, C 
and m that provided reasonable fits to the experimental data collected for stress 
ratios of 0.2, 0.4 and 0.6. These are given in table 3.3. Regression analysis was 
then used to express AKth, C and m in terms of R. The equations which resulted 
are:

AKth = 8.6 - 9.5R (3.8)

C = 2.8x10'" (l + /? - 3.16A4 (3.9)

m = 2.76-0.651? +1.751?^ (3.10)

Equation (3.7) is plotted in figure 3.20 for R equal to 0.2, 0.4 and 0.6. It is seen to
model the mean stress effect reasonably well at near-threshold levels of AK, and
appears to follow a proper trend at higher AK. The lack of data available for 
validating the model at higher AK is a result of specimen limitations. Large nominal 
stress ranges could not be combined with high mean stresses without causing 
plastic collapse of the sample.

If AK is replaced with AK^ff in equation (3.7) to obtain

^  = C (AKeff - AKth) , (3.11)

crack growth rates for stress ratios less than 0.2 may be predicted by letting R=0.2
in equations (3.8-3.10). This approach could prove useful for predicting early 
fatigue crack growth in cases where R is less than 0.2, but the crack closure ratio is 
known.
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3.4.2 Analysis of Low Cycle Fatigue Data

The crack growth rates obtained from the low cycle fatigue tests are plotted on a 
log-log scale as a function of AKeff'm figure 3.21. Although the peak loads used in 
most of these tests were large enough to cause permanent deformation of the 
specimen, no attempt was made to measure the total (i.e. elastic+plastic) surface 
strain. The stress range used to calculate AKgff was based on an estimate of the 
nominal elastic strain at the crack site. Also shown in figure 3.21, are the data 
obtained from the high cycle fatigue tests for the case /?=-l. Linear elastic fracture 
mechanics is capable of correlating the low cycle fatigue crack growth rates up to a 
AKeff wdlwQ, of about 80 MPaVm. Above this point, the crack growth rates are seen 
to increase sharply. This anomalous behaviour is more likely to be a result of 
general plasticity rather than notch plasticity, since the smallest crack used to collect 
the LCF data was more than 2mm deep, and the stress in the T-plate specimen 
drops below that in a flat plate for x/t>0.08 (see figure 3.17).

There is a connection between the onset of abnormal crack growth behaviour and 
the amount of plastic strain occurring near the crack tip. The LCF data points 
which fall below the UCL CCT line were obtained from specimens for which 
ACTOD<26\im, and those which fall above the UCL CCT line correspond to 
cracks for which ACT0D>38pm (see table 3.2). It would seem that for 50D steel, 
the small scale yielding requirement of linear elastic fracture mechanics is violated 
once ACTOD exceeds about 30p.m. This finding might be used to establish safe 
limits for the application of LEFM to late fatigue crack growth if an accurate method 
for predicting ACTOD was to become available.

The LCF crack growth rates are re-plotted on log-log scales as functions of 
ACTOD^ and ACTOD4 5 0 , in figures 3.22 and 3.23, respectively. When the data is 
presented in this form, the crack growth rates increase steadily with the correlating 
parameter. ACTOD is clearly a better choice than AKeff., for characterising fatigue 
crack growth under conditions of LCF. Power law relationships between ACTOD 
and da/dN were computed for each data set using regression analysis. They are 
given by

^  = IMACTODm  ̂ (3.12)

and
= 8.13 ACTOD4 5 . . (3.13)

d N
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The exponents in these power law expressions compare favourably with those 
quoted by Tanaka et al [3.9] for a low carbon steel with significantly different 
mechanical properties: 1.17 for ACTOD^  and 1.40 for ACTOD450. The results are 
quite similar even though the material was of much lower strength and the ACTOD  

measurements were made on the surfaces of centre-cracked specimens using an 
optical microscope.

Included as a reference line in figures 3.22 and 3.23, is the equation

Æ . = AÇTQD  (g 14)
dN  2 ’  ̂ ^

This simple expression is based on a shear decohesion model for crack tip blunting 
(see figure 1.4) and an assumption that the new fracture surface produced at the 
crack tip during each cycle is equal in size to the crack tip opening displacement. At 
the top end of figures 3.22 and 3.23, da/dN approaches ACTOD /2 , but at the lower 
end of each graph, da/dN is much less than A C T O D /2 . There is an obvious 
tendency for the LCF data to deviate from equation (3.14) with decreasing da/dN. 
This finding agrees with the observation made by Tomkins [3.10] that, as the crack 
growth rate decreases, an increasing portion of the crack tip opening displacement 
arises from deformation processes which take place behind the crack tip and do not 
contribute to crack extension.

It is possible to derive a power law expression of the form

■ ^ ^ A A C T O d ’’ (3.15)

from the results of the HOP tests. It is first necessary to modify equation (1.15) of 
section 1.4.6 to include the effects of crack closure and mean stress,

ACTOD  = (3.16)
ÀCpthOyc

and solve the relationship for {AKejf - AKth):

1/2

(3.17)

Substituting this expression into equation (3.11), then gives
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Direct comparison of equations (3.11) and (3.14) indicates that

and

,  .  (3 .,9 ,

Values for E, Cyc and v  are given in table 2.1, and values for C and m which fit the 
HCF data for E<0.2 may be found in table 3.3 . The only unknown constant is the 
plastic constraint factor Cp. According to Ewalds and Wanhill [3.11], a value of 
Cp=2 is most often used in calculations involving the crack tip opening 
displacement. If these values are used to calculate A and 6, the power law 
expression based on high cycle fatigue becomes

= 7.89ACTODilé¥ . (3.21)

Equation (3.21) is plotted in figures (3.22) and (3.23) for comparison with the 
previous results. The agreement is quite good, considering the many assumptions 
and approximations surrounding the derivation of equation (3.16). The low cycle 
fatigue data points fall neatly between equations (3.14) and (3.21).
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3 .5  Discussion

The sensitivity of 50D steel to mean stress at low values of AK has important 
implications with regard to early fatigue crack growth in welded tubular joints. The 
mean stress in the material surrounding a small fatigue crack located near a stress 
raiser (such as a weld toe) will depend on a number of factors, the most important 
of which are the residual stress state and the applied stress range.

The weld toe regions of tubular joints are known to contain tensile residual stresses 
on the order of the monotonie yield strength [3.12,3.13]. The presence of high 
tensile residual stresses will serve to raise the mean stress in the fatigue cycle, but 
only up to a certain point. The upper limit on the mean stress will depend on the 
range of stress developed at the weld toe and on the strain hardening/softening 
characteristics of the material. High applied stresses have a tendency to 'shake- 
down' (i.e. mechanically relieve) the residual stresses initially present near weld 
toes. The reason for this was discussed in section 1.5.1.2 of chapter one.

The stress concentrating effect of weld toes is such that relatively high ranges of 
developed stress may exist near small fatigue cracks for relatively low ranges of 
apphed nominal stress. Therefore, low mean stresses may be associated with small 
fatigue cracks in welded tubular joints, despite the initial presence of high tensile 
residual stresses. In the case of variable amplitude loading, the monotonie notch 
plasticity caused by a positive peak overload might even create a zone of 
compressive residual stress in the vicinity of the weld toe. Of course, it is also 
possible for a negative peak overload to return the weld toe material to a state of 
tensile residual stress.

Since AK depends on crack size as well as stress range, it is possible for AK to be 
close to AKth for large weld toe stress ranges if the crack is small. It is apparent 
from figure 3.20 that combinations of low mean stress and low AK result in a 
significantly different fatigue crack growth rates than combinations of high mean 
stress and low AK. Therefore, if the influence of mean stress is not included in a 
fracture mechanics analysis of early fatigue crack growth, there is a strong 
likelihood that the assessment procedure will produce inaccurate results.

It is also important to realise that environmental factors such as seawater corrosion 
and cathodic protection may significantly alter the AK-do/dN relationship embodied 
in equations (3.7-3.10). It is possible for anodic dissolution to enhance fatigue 
crack propagation rates at low and intermediate levels of AK. Absorbed hydrogen
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atoms may also raise the fatigue crack growth rate at intermediate ranges of AK, and 
calcareous deposits may act to reduce the crack growth rate when AK is low. 
However, welded tubular joints are often protected from the marine environment by 
means of high quality coating systems. In these cases, if surface fatigue cracks 
were to develop, their growth rates might be predicted using equations (3.7-3.10).

Although notch toe plasticity effects were not found to be significant in any of the 
fatigue tests carried out in this study, this finding does not rule out the possibility 
for anomalous fatigue crack growth behaviour in welded tubular joints. The size of 
the cyclic notch plastic zone will depend on plate thickness as well as component 
geometry and nominal applied stress range. For a given weld profile and applied 
stress range, the depth of the elastic-plastic notch boundary should increase with 
increasing plate thickness. In cases where the walls of welded tubular joints are 
several times thicker than the machined T-plates tested here, the effects of weld toe 
plasticity may indeed become significant. However, additional testing with thicker 
specimens is needed before any valid conclusions may be drawn.
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3 .6  Summary

Experiments were carried out to investigate the effects of mean stress and notch 
plasticity on early fatigue crack growth in 50D steel. Machined T-plates with 
controlled notch profiles were used to produce cracks of either high or low aspect 
ratio. Crack closure was monitored using a weld/notch toe chp gauge and an offset 
compliance technique. Distinguishing marks left behind on the fracture surfaces 
were used to calibrate the ACPD and ACFM techniques for short crack depth 
measurement.

High cycle fatigue tests were conducted in load control at stress ratios of -1, 0,0.2,
0.4 and 0.6, and nominal stress ranges up to 600MPa, Stress intensity factors 
were calculated using the Newman-Raju equations with non-uniform stress 
correction (N&R+NSC). Crack closure was not detected in tests carried out at 
stress ratios greater than 0.2, but a strong influence of mean stress on the crack 
growth rate was apparent at low AKgff. Notch toe plasticity effects were not 
observed in any case.

Low cycle fatigue tests were carried out under fully-reversed displacement control. 
A high-strength silicone replicating compound was used to measure the change in 
crack tip opening displacement. AKgff failed to correlate the fatigue crack growth 
rates on a log-log plot when the change in crack tip opening displacement was more 
than about 30|im, whereas power law expressions for da/dN in terms of ACTOD 
represented this data remarkably well.
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3.7  Conclusions

Based on the work presented in this chapter, it is possible to draw the following 
conclusions:

1. ACPD is an accurate and reliable tool for measuring the depths of low 
aspect ratio surface cracks. Under the experimental conditions 
considered in this study, it could be used to size cracks as small as 
0.25mm in depth. ACFM gives excellent results when it is used to 
characterise high aspect ratio surface cracks. ACPD tends to under- 
predict the crack depth when the aspect ratio is high.

2. Crack closure develops in surface-cracked components when the stress 
ratio is less than 0.2. Its influence is to reduce the applied range of the 
crack tip stress intensity factor {AK) to a less effective value (AKgff).
The crack closure ratio decreases steadily over the first 1.5mm of crack 
growth until a steady-state condition is achieved. The steady-state 
closure level appears to be a function of the stress ratio. Changing the 
stress ratio during fatigue cycling causes transients in the crack closure 
response.

3. There exists a strong influence of mean stress on the fatigue crack 
growth rate which is not accounted for by crack closure. The observed 
trend is for the crack growth rate to increase (at constant AKgff) when 
the mean stress in the fatigue cycle is raised. The effect only appears at 
stress ratios greater than 0.2 and is most apparent at low AKgff.

4. The crack extension (Aa) and 45° line methods used to define ACTOD 
produce similar results when applied to surface cracks undergoing low 
cycle fatigue. In both cases, the results fall between predictions based 
on simple crack tip geometry considerations and predictions based on a 
power law expression derived from high cycle fatigue data.

5. LEFM breaks down once ACTOD reaches a value of about 30p.m. 
When ACTOD is more than about 30pm, A ^ ^ is  no longer capable of 
characterising fatigue crack growth behaviour and ACTOD must be used 
instead.
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6. LEFM can be used to predict early fatigue crack growth in welded joints 
fabricated from 50D steel, without concern for weld toe plasticity, 
provided that:

a) the nominal stress range applied at the crack site is not more than 
600MPa;

b) the crack depth to plate thickness ratio (a/t) is more than about 
0.015;

c) the weld/notch toe geometry is no more severe than that of the 
machined T-plate for which cc=45° and p/f=0.01; and

d) the mechanical properties of the heat-affected zone are at least on par 
with those of the parent plate.

In the majority of cases concerning welded tubular joints, all of the 
above conditions will be met and LEFM will provide a satisfactory basis 
for dealing with the early fatigue crack growth problem. In the event 
that one or more of these conditions is not met, an elastic-plastic 
analysis based on crack tip opening displacement might be in order. If 
LEFM is used outside of the above restrictions, it will be necessary to 
proceed with caution and qualify any predictions which are made.
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Table 3.1 Experimental details for high cycle fatigue tests.

Specimen
Code

Notch Dimensions (mm) Control Settings

P ao (MPa) R

MTPIA
MTPIB

0.20±0.05 0.1210.03 95.3
101.1

100 -1, 0, 0.2, 0.4, 0.6

MTP2A
MTP2B

0.20±0.05 0.1210.03 103.5
105.8

150 -1, 0.2, 0.4, 0.6

MTP3A
MTP3B

0.20±0.05 0.1210.03 102.3
96.7

200 -1, 0, 0.2, 0.4, 0.6

MTP4A
MTP4B

0.2010.05 0.1210.03 102.6
101.5

250 -1,0

MTP5A
MTP5B

0.2010.05 0.1210.03 98.9
103.2

300 -1

MTP6A
MTP6B

1.010.1 0.1210.03 10.1
12.0

250 0

MTP7A
MTP7B

1.010.1 0.1210.03 8.2
5.9

250 0.2

Nomenclature : MTPIA Machined T-plate "1", Side "A", etc.

P Notch toe radius

tto Notch depth
2.C0 Notch surface length

cyiir Maximum nominal surface stress
R Stress ratio
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Table 3.2 ACTOD measurements from low cycle fatigue tests.

Sample
Number

ACTOD (nm) a
(mm)

da/dN
(|im/cycle)Method 45° Line Method

1 4.5 6.5 2.3 1.2

2 6 7.5 3.3 1.8

3 11.5 13 3.0 3.2

4 12 14.5 2.8 3.6

5 18.5 21 4.5 5.2

6 21.5 25 3.8 6.4

7 20 22 5.1 6.5

8 23 26 6.9 7.5

9 38 40 2.6 15.4

10 56 57.5 3.7 23.6

11 84 86 5.6 31.1

12 73 79 8.6 33.2

13 85 85 6.6 37.8

14 94 92 10.2 46.5

Table 3.3 Values of AKth> C and m used to fit equation (3.7) to HCF data.

R AKth C m

< 0.2 6.7 3.0 X 10-11 2.70

0.4 4.8 2.5 X 10-11 2.78

0.6 2.9 1.3 X 10-11 3.00
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Detail B

p  = 0.20±0.05mm p = 1.010.1mm

0 .1210.03mm0.1210.03m m

20 mm 30 mm
200 mm

10 mm

400 mm

Figure 3.1 Geometry of machined T-plate specimen.

Figure 3.2 Test frame for loading machined T-plates.
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Figure 3.3 Examples of type A (low aspect ratio) fatigue cracks. 
Top photograph: a = 2.4mm, 2c = 101mm.
Bottom photograph: a = 3.4mm, 2c = 106mm.
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F igure 3.4 Examples of type B (high aspect ratio) fatigue cracks. 
Top photograph: a -  3.0mm, le  = 15.6mm.
Bottom photograph: a -  3.8mm, 2c = 20.5mm.
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Figure 3.5 5mm ACPD probe measurements for type A fatigue cracks.
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Figure 3.6 10mm ACPD probe measurements for type A fatigue cracks.
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Figure 3.7 5mm ACPD probe measurements for type B fatigue cracks.
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Figure 3.8 10mm ACPD probe measurements for type B fatigue cracks.
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Figure 3.9 2mm ACFM probe measurements for type B fatigue cracks.
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Figure 3.10 2mm ACFM probe signals for a type B fatigue crack in 

a machined T-plate (a=3.0mm, 2c=15.6mm).
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Figure 3.11 ACMOD plot for a high cycle fatigue test (2i(T„=250MPa, 
R=0, C/«0.78, fl=3.2mm, 2c= 17.5mm).
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Figure 3.12 ACMOD Offset plot generated from the data in figure 3.11.
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Figure 3.13 Effect of stress ratio on crack closure (/^?%onstant).
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Figure 3.14 Effect of stress ratio on crack closure (7?=constant).
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Figure 3.15 2ICMOD plot for a low cycle fatigue test (2i(T„«1050MPa, 
/?«-!, f/M).69, fl=2.9mm, 2c=102mm, Sample No.4).
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Figure 3.16 2ICMOD plot for a low cycle fatigue test (/4<Jn=1250MPa, 
/?«-!, C/=0.66, fl=3.8mm, 2c=105mm, Sample No. 10).
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Figure 3.17 Non-uniform and linear stress distributions for three-point 
bending («=45° and p/t=O.Ol for the T-plate).
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Figure 3.18 Non-uniform and linear stress correction factors for three- 
point bending («=45° and p/t=O.Ol for the T-plate).
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Figure 3.19 High cycle fatigue crack growth rate data (da/dN vs. AK).
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Figure 3.20 High cycle fatigue crack growth rate data {da/dN  V5 . AKgff).
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Figure 3.21 High and low cycle fatigue crack growth rate data for R = -l.
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Figure 3.22 Low cycle fatigue crack growth rate data {da/dN vs. A C T O D ^ .
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C h a p t e r  F o u r

WELDED TUBULAR JOINT EXPERIMENTS

4.1  Overview

Steel offshore jacket structures are constructed from complex tubular nodes 
consisting of one or more cylindrical brace members welded to a cylindrical chord 
of the same or larger diameter. Two basic approaches are available for the fatigue 
life assessment of welded tubular joints. One method involves the application of an 
empirically derived relationship between the applied stress range and the number of 
cycles to failure (S-N approach). A major drawback with the S-N approach is that 
it can only be used to predict the total fatigue life of the joint. For fatigue crack 
growth predictions, an approach based on fracture mechanics is needed. Provided 
that the weld toe notch strains are not too high, linear elastic fracture mechanics can 
be used to characterise the early stages of fatigue crack growth in welded 
components (LEFM approach). However, a major difficulty associated with the 
application of LEFM to a tubular joint is the need for accurate descriptions of the 
various stress fields acting at the joint intersection. The complex geometry of a 
tubular joint necessitates the use of numerical and/or experimental techniques for 
obtaining this information, and many assumptions and approximations may be 
introduced to simplify the analysis. It is for this reason that large-scale laboratory 
experiments are often needed to validate the method and improve its accuracy. The 
work presented next was carried out with this objective in mind.

The tubular joints made available for this study were to be used later in crack 
detection and sizing trials, and this placed certain restrictions on how the samples 
could be tested. The main objective from an NOT standpoint, was to produce a 
selection of small, isolated fatigue cracks at random locations in several of the 
joints. This meant that large nominal stress ranges could not be used to investigate 
the possibility of notch plasticity effects. In any case, the results gathered from the 
T-plate experiments tend to suggest that anomalous fatigue crack growth behaviour 
is not a problem for concern in welded steel joints. At the end of testing, the 
detailed information obtained from these samples provided an excellent data base 
for assessing the accuracy of several different LEFM models for predicting stress 
intensity factors in tubular joints.
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4 .2  Apparatus for Experimental Stress Analysis and Fatigue Testing

Two multi-brace nodes (M-nodes) and two X-nodes, all fabricated from BS 4360 
50D structural steel, were used for stress analysis and fatigue testing. The two 
different node geometries are depicted in figures 4.1 and 4.2. Each X-node has 
two T-braces only, whereas each M-node is made up of two T-braces and four Y- 
braces. The Y-braces intersect the chord wall at an angle of 35°. All four nodes 
were fabricated in accordance with standard offshore welding practices and 
inspected with ultrasound prior to leaving the supplier. One of the X-nodes was 
also given a post-weld heat-treatment (PWHT) for stress relief. The other three 
nodes were received in the as-welded condition. The node with the PWHT was 
heated to 600°C at a rate of 28°C/hour, held at that temperature for two hours, and 
then cooled to room temperature at a rate of 34°C/hour. Steel rings were later 
welded to the open ends of each chord and brace for the purpose of clamping the 
specimens in a test rig.

Six different experimental set-ups were used to load various braces for stress 
analysis and fatigue cycling. Figure 4.3 illustrates the three different types of 
loading that are possible for tubular joints. In this study, tests were either carried 
out under in-plane bending (IPB) or out-of-plane bending (OPB). Two of the Y- 
braces were tested under IPB and four of the Y-braces were tested in OPB. One of 
the larger T-braces was tested under IPB and two were tested in OPB. Two of the 
smaller T-braces were tested in OPB.

The OPB tests were performed by reacting two braces on different nodes against 
one another. Two nodes having the same geometry were ahgned on a strong floor 
with their braces running parallel. The chord ends were clamped in a rigid 
framework constructed from floor plates, header plates and I-beams. A ±500kN 
hydraulic actuator was then fastened between two of the braces using an 
arrangement of swivels and clamping plates. The weight of the actuator was 
counter-balanced by two chain hoists suspended from a gantry. Photographs of 
the T-OPB and Y-OPB experimental set-ups are presented as figures 4.4-4.6. Only 
one photograph of the Y-OPB experiments is shown, since both set-ups were 
geometrically similar.

The T-IPB test was carried out with the actuator positioned vertically, as shown in 
figure 4.7. The same configuration of base plates and I-beams was used to hold 
both M-nodes in position while one of the T-braces was reacted against the strong
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floor. A special purpose clamping plate with raised swivel attachments was 
introduced to accommodate the overall height of the actuator. A spherical bearing 
mount supported the base of the actuator and allowed it to pivot freely as the T- 
brace and clamping plate deflected under load.

Figure 4.8 shows how two Y-braces on the same node were self-reacted under 
IPB. Tubular attachments were used to extend the Y-braces above the height of the 
chord so that the actuator could be connected between them. The top end of the 
chord was clamped tightly against the header plate for added rigidity. Since the line 
of action of the applied force was not at right angles to the Y-braces, a small 
component of axial loading developed in each brace when the actuator was in 
operation. However, a preliminary analysis indicated that the axial component of 
force was responsible for less than 1% of the total stress occurring at the weld toe. 
In subsequent calculations, the weld toe stresses were assumed to be due entirely to 
the bending component of force.

The same Instron actuator, load cell and control panel were used in all six 
experiments. The load cell was calibrated by electronic means, prior to 
commencing the work.
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4 .3  Stress Analysis

4.3.1 Definitions of Stress and Related Terms

A fracture mechanics analysis of fatigue crack growth requires detailed knowledge 
of the stresses acting in the anticipated crack plane. In welded tubular joints, 
through-thickness stresses arise from the following sources:

1.) The basic structural response of the joint to an applied load. This gives 
rise to a nominal stress distribution in the brace wall. The nominal 
stress is calculated from simple beam theory. For the case of a bending 
moment M applied to the brace.

M y
(4.1)

where Cn is the nominal stress at a distance y from the neutral axis and 
I  is the second moment of area for the brace section.

2.) Deformation of the tubular walls due to secondary bending. Under the 
action of an applied load, the chord walls must bend to maintain 
continuity with the brace. This serves to amplify the nominal stresses 
near the brace-chord intersection. The extent to which the stresses are 
raised depends on the global geometry of the welded joint. The 
geometric stress concentration factor (SCFg) is used to define this 
effect. That is,

SCFg = ^  (4.2)
(T,n

where CT̂ is called the geometric stress. (Jg can be measured 
experimentally using strain gauges, or computed from a 3-D finite- 
element model of the joint. The geometric stress will vary around the 
circumference of the brace, as well as through the wall thickness.

3.) The local weld geometry. The presence of a blunt notch at the weld toe 
raises the geometric stress in this region. The magnitude of this effect 
is characterised by the weld toe stress concentration factor

SCF„ =  ^  (4.3)
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where is the weld toe stress. The effect of SCF^ is a maximum at 
the surface and diminishes with increasing depth. Weld toe stress 
distributions are difficult to measure experimentally, but are readily 
determined from fmite-element analysis.

4.) The welding process. Residual stresses arise as a consequence of the 
thermal transients and material phase transformations that take place 
during welding. Any applied stress distributions will be super
imposed on these stresses. Residual stresses in uncracked tubular 
joints may be measured by destructive block-sectioning, but there is no 
easy way of finding out how they are affected^the presence of a 
growing fatigue crack. ^

The maximum geometric stress occurring at the weld toe of a tubular joint is called 
the hot-spot stress (cr*). cr̂  is determined from a linear extrapolation of strain 
measurements made in a region of geometric stress linearity (see figure 4.9). The 
concept was developed within the UK Department of Energy Guidance Notes [4.1] 
to provide a consistent definition of fatigue stress for use with the traditional S-N 
design approach. The ratio of hot-spot to nominal stress is called the hot-spot 
stress concentration factor,

SCFh = ^  . (4.4)
CFfi

SCFfj incorporates the effect of overall joint geometry but neglects the effect of the 
weld profile.

The location of the hot-spot depends on the type of loading applied to the brace. 
Under IPB, the maximum geometric stress develops at or near the crown position, 
whereas in OPB, the geometric stress peaks at or near the saddle point (see figure
4.3 for the locations of the crown and saddle positions on a typical tubular joint). 
In most instances, fatigue cracks will first appear at the hot-spot location, but this is 
not always the case. Variations in the local weld geometry can sometimes move the 
crack initiation point away from the saddle or crown point. In these cases, it 
becomes more appropriate to base fracture mechanics calculations on the geometric 
stress at the crack-site (c^), rather than O),.

f
The variation of geometric stress through the wall of a welded tubular joint can 
either be defined in terms of the bending to membrane ratio.
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BIM = ^  (4.5)
^go

or the bending to total stress ratio,

BIT =
^  ■ i  <«>

where Cĝ  is the bending component, and Ggl the tensile component, of the total 
geometric surface stress Gĝ . B/T is related to B/M by the following expression:

=  (^7)

The global geometry of a welded tubular joint is defined in terms of the following 
geometric parameters:

^  _ 2 X chord length 
chord diameter

Q _ brace diameter 
chord diameter

y  _ chord diameter
2 X chord wall thickness

^ _ brace wall thickness 
chord wall thickness

0 = brace angle

The geometrical complexity of tubular joints makes it extremely difficult to 
determine analytical solutions for their stress distributions. Parametric equations 
derived from thin shell finite element models are available for predicting geometric 
stress concentration factors [4.2] and bending to membrane ratios [4.3] in certain 
types of tubular joints. Parametric formulae have also been proposed for the 
geometric stress distribution around the joint circumference [4.4]. These equations 
are expected to provide reasonably accurate results if the geometric parameters of 
the joint fall within the following validity ranges:

« > 6.21 

0.20 <P<  0.80 

7.60 < r<  32.0
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0.20 <T <1.00 

35°<0<9O°

If the geometric parameters of a particular joint do not fall within these ranges, the 
essential information should be obtained by other means. The techniques used to 
find geometric surface stress distributions and bending to membrane ratios for the 
tubular joints analysed in this study are described in the following section.

4.3.2 Experimental Procedure

A stress analysis programme conducted within the first phase of the United 
Kingdom Offshore Steels Research Project (UKOSRP 1) has produced guidelines 
for defining the extent of the linear geometric stress regions in tubular joints [4.5]. 
In the present study, strain gauge rosettes were used to measure the principle 
surface strains acting in these linear regions of stress decay. Pairs of rosettes were 
stationed at prescribed distances from the weld toe, in accordance with the 
recommendations of UKOSRP 1 (positions 1 and 2 in figure 4.9). Hot-spot 
locations were strain-gauged on all eleven of the braces tested. In the experiments 
carried out under fully-reversed loading, both sides of each brace were 
instrumented. In the tests conducted at positive stress ratios, only the hot-spot on 
the tension side of each brace was strain-gauged. Additional gauges were used to 
estabhsh the geometric surface stress variation around the brace-chord intersection 
for each different joint geometry and loading combination used (i.e. T-OPBx2, Y- 
OPB, T-IPB and Y-IPB).

The choice of which side of the weld to place the gauges (i.e. brace toe or chord 
toe) depended on where the fatigue cracks were expected to grow. The Hellier- 
Connolly-Dover (HCD) parametric equations [4.2] were used to predict the most 
likely locations for fatigue cracks to develop. For the T-OPB, Y-OPB and T-IPB 
tests, higher geometric SCFs were predicted for the chord weld toes than for the 
brace weld toes. Figure 4.10 shows how the strain gauges were laid out around the 
chord weld toe for one of the T-OPB tests. In the case of the Y-IPB experiment, 
the highest geometric SCF was expected at the brace weld toe. Figure 4.11 shows 
how the gauges were positioned around the brace weld toe for the Y-IPB test. In 
all cases, the gauges were positioned so that the results could be extrapolated 
perpendicular to the weld toe.
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Strain measurements from each gauge were recorded while the specimen was held 
static at a number of different load levels. A Vishay P-3500 strain indicator was 
coupled to a ten-channel switch and balancing unit for this purpose. Caution was 
exercised to ensure that the peak load used for stress analysis was always less than 
that which was to be used for fatigue testing. The strain measurements and load 
settings were used to calculate the maximum principle geometric surface stress per 
unit load (i.e. MPa/kN) at each gauge station, according to

O j. =  f  + Y ^ V ( e a - e c )^  + 2(2ei,-ea-ecpj (4 .8 )

where E is the modulus of elasticity, v is Poisson s ratio, e is strain, and the 
subscripts a, b and c denote the orientations of the individual strain gauges with 
respect to a line drawn perpendicular to the weld toe. The stresses calculated using 
equation (4.8) were then extrapolated to the weld toe to obtain estimates of the 
maximum principle geometric surface stress per unit load in that region. Figure 4.9 
gives a graphical description of this procedure.

In cases where the actual stress directed perpendicular to the weld toe is less than 
the extrapolated maximum principle stress, the above approach yields conservative 
estimates of In the fatigue design of offshore structures, this added degree of 
conservatism is considered desirable.

In the T-OPB experiment involving the two X-nodes, a strain gauge rosette was 
positioned opposite one of the weld toe saddle points, on the inside surface of the 
chord wall (position 3 in figure 4.9). This was done to calculate the bending to 
membrane ratio {B/M) at the saddle position. B/M ratios for the other tubular 
geometries were calculated using the parametric equations derived by Connolly et al 
[4.3]. The need for an experimental approach to calculate the B/M ratio for the X- 
node became apparent once it was realised that the beta ratio for this particular joint 
{p=0.9) was outside the validity range of the parametric equations. A Wells 
Krautkramer USK6 ultrasonic flaw detector was used in through-transmission 
mode with two 10mm diameter transducers to position the inside gauge. One of the 
transducers was fixed adjacent to the chord-toe on the outside surface of the tube 
wall and the other was moved around on the inside surface until the signal strength 
reached a maximum. The location for the inside strain gauge was then inferred 
from the position of the inside transducer and a line drawn parallel to the axis of the 
chord.
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Once the geometric surface stresses on both sides of the chord wall were measured, 
it was possible to calculate the individual membrane and bending components using 
the relationships

(4.9)

and

<  = (4.10)

where (T̂ , is the geometric stress on the inside surface of the chord wall.

4.3.3 Presentation and Analysis of Results

Experimental hot-spot stress concentration factors computed from the strain gauge 
measurements are compared with those predicted using the HCD parametric 
equations [4.2], in table 4.1. Each hot-spot is referred to in terms of a "brace 
code". Figure 4.12 shows how the different brace codes are related to the various 
joint configurations. The geometric parameter ratios for each joint are also given in 
table 4.1. In most cases, the alpha ratio (a) is below the minimum specified for use 
with the parametric equations. The predicted values of SCFf  ̂ over-estimate the 
experimental values for all test configurations except the Y-OPB case. The 
differences range from +27% (over-prediction) to -37% (under-prediction). Some 
of these errors may be accounted for by the simple fact that the HCD parametric 
equations were derived from models of single brace nodes. Additional braces 
increase the stiffness of the chord wall, and this can affect the geometric stress 
concentration factor. The results also show that the experimental SCFf  ̂can vary by 
as much as 20% within the same joint geometry. The latter effect is probably due to 
small differences between chord and brace wall thicknesses for each joint.

The reason for the large under-prediction in the Y-OPB case is not apparent. The 
alpha ratio for the Y-brace (a=4.44) is slightly less than the minimum allowable 
value (0^6.21), but the SCF|  ̂is not particularly sensitive to changes in a. A two
fold increase in a, for example, would increase the predicted SCFf  ̂from 2.17 to 
2.26 for the Y-OPB case. Based on this calculation, it may also be concluded that 
reducing a  gives rise to a lower SCF^. Application of the parametric equations in 
cases where a  is less than the specified minimum should, therefore, lead to 
conservative results. This is true for the T-OPB, T-IPB and Y-IPB configurations, 
in which the alpha ratio is also less than the specified minimum.
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The geometric surface stress distributions measured (using strain gauges) and 
predicted (from parametric equations) for each different brace geometry and loading 
combination tested, are compared in figures 4.13-4.17. The results are presented in 
terms of the normalised geometric SCF, defined here as

SCFgA(l>) 
SCFh

where SCFgĴ ij)) is the geometric surface stress concentration factor extrapolated to 
the weld toe, at an angular location <j> degrees from the reference position. The 
reference position is taken to be the saddle point in the OPB case, and the crown 
point in the IPB case. The parametric equations used in the comparisons are those 
recommended by Hellier et al [4.4]. For the cases considered here, the equations 
could be simplified to obtain the following expressions:

T-OPB (M- & X-nodes): s Cf T  ^  (4.11)

T-IPB & Y-OPB; SCf T  = coj (0) (4.12)

Y-IPB: = 0.152 + 0.848cos (^)
SCFh

(4.13)

The predicted geometric surface stress variations are reasonably good, considering 
the relative simplicity of equations (4.11-4.13). There is, however, room for 
progress to be made here. The predicted trends are unconservative for the T-IPB 
case and one of the T-OPB cases. For the Y-OPB case, the results compare 
favourably, even though the hot-spot is shifted slightly from the saddle reference 
point, towards the acute crown position. In the other two cases, the parametric 
equations over-predict the experimental stress distribution. Better predictions might 
be achieved if more attention was paid to certain of the geometric parameter ratios. 
Future finite-element studies may lead to improvements in this area.

The shape of the geometric surface stress distribution is sometimes characterised by 
the average stress parameter

'  -  m
where
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5CF„v = ^ f  SCFg^{^)d(p, (4.15)
h

The average stress parameter provides an indication of the rate at which the 
geometric stress decreases to either side of the hot-spot. It has also been recognised 
as an important factor influencing the fatigue crack growth behaviour of welded 
tubular joints [4.6].

Trial and error was used to find simple equations that provided good fits to the 
experimental stress distribution data. The following results were obtained:

T-OPB (M-node): — = coj (^) (4.16)

T-OPB (X-node); SCFh^ = coŝ H<j>) (4.17)

T-IPB:

Y-OPB: ^^^CFh^  == l.Olcoi°®(0-5°) (4.19)

Y-IPB: ^^SCFh^ ^  cos^H^) (4.20)

Equations 4.16-4.20 are the "best fit curves" plotted in figures 4.13-4.17. These 
equations were used to calculate experimental S values for the five different joint 
configurations tested. The results are presented in table 4.2, in order of increasing
S. The greater S is for a particular joint configuration, the faster is the rate at which 
the geometric stress decays while moving away from the hot-spot. This trend is 
best illustrated by figure 4.18, in which the experimental curve-fits have all been 
plotted together. Note that in this figure, the angular co-ordinate (j> is measured 
relative to the position of the hot-spot.

An experimental bending to membrane ratio of B/M=4.92 was determined for the 
saddle point on the X-node (loaded in OPB). A value of B/M=5.25 was predicted 
for the same geometry and loading arrangement, using the parametric equations 
derived by Connolly et al [4.3]. The two results compare favourably despite the 
fact that the beta ratio for this joint exceeds the validity limit specified with the
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parametric equations. It would be interesting to know if the same equations work 
this good when used to calculate bending to membrane ratios for joints having 
geometric parameter ratios that are within the specified validity ranges.
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4 .4  Fatigue Testing

4.4.1 Experimental Procedure

Once the experimental stress analysis was complete, fatigue tests were carried out 
on each of the strain-gauged joints. A constant amplitude, sinusoidal load cycle and 
a test frequency of 1.0 Hz were used in all cases. The environment was room 
temperature (15-20°C) air. The T-OPB experiment with the X-nodes and one of the 
Y-OPB experiments with the M-nodes were conducted under fully-reversed loading 
(R=-l). The other four experiments with the M-nodes (T-OPB, T-IPB, Y-OPB & 
Y-IPB) were performed using a load ratio of 0.05. Special swivel connections 
were used to eliminate backlash from the /?=-l tests.

The strain gauge results were used to establish appropriate load settings for the 
Instron controller that would result in a hot-spot stress range (AcJh) of 
approximately 200 MPa for each joint. As each experimental set-up for OPB 
consisted of reacting two brace members against one another, the same actuator 
load was applied to both braces. However, due to small differences in overall 
specimen geometries, the SCF for each saddle point was not the same. This 
resulted in different saddle points having different hot-spot stress ranges in the 
same experiment. A similar situation existed for the crown points in the Y-IPB test. 
The distinctions are made in table 4.3, which gives information about the 
experimental conditions applicable to each brace.

Fatigue crack growth was monitored using the same instrumentation described for 
the welded T-plate study. In summary, this included a combination of ACFM, 
ACPD and MPI for crack sizing, and a weld toe clip gauge for taking crack closure 
measurements (the reader is referred to section 2.2 of chapter two for specific 
details). The ACPD and ACFM crack depth predictions were corrected using the 
empirically derived calibration functions given in section 3.3.1 of chapter three. 
The ACPD results were also corrected using the semi-elliptic multipliers derived by 
Collins and Michael [4.7]. Owing to the curved geometry of the tubular joint, it 
became necessary to deploy the 2mm ACFM probe manually. Since this made 
precise measurement of the surface crack length more difficult, MPI was used to 
verify the result each time. In the OPB tests, the vertical orientation of the crack 
plane made it necessary to support the weight of the clip gauge using a spring 
balance arrangement (see figure 4.19), but this did not seem to affect its 
performance.
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At the end of fatigue testing, a two-component dental replication silicone (Provil P) 
was used to obtain detailed impressions of the weld toe geometry at each dominant 
crack-site. The rubber samples were sectioned at evenly spaced intervals over the 
surface length of the crack, and viewed on a shadow graph at a magnification of 
100 times. Five independent measurements of the weld angle and weld toe radius 
were obtained for each of the dominant cracks.

4.4.2 Presentation of Results

In many of the fatigue experiments, more than one isolated crack developed in each 
brace. This was especially true for the tests carried out at R=-l. Detailed crack 
growth information was collected in the majority of cases, but results are only 
presented for the dominant crack in each brace. This decision was made in order to 
reduce the number of data sets to a manageable size. The discarded data was 
considered to be of secondary importance, since it is the dominant fatigue crack 
which dictates the fatigue life of the joint.

Table 4.4 gives the location of each dominant crack relative to a "reference 
position". The reference position is the saddle point for the OPB tests and the 
crown point for the IPB tests. In the Y-OPB case, the angular co-ordinate is taken 
to be positive in the direction of the acute crown point. Values of the crack-site 
surface stress range (AcTcJ  are also provided in table 4.4. In the context of a tubular 
joint, the "crack-site surface stress" is the geometric surface stress at the precise 
location of the crack. In cases where the crack-site does not correspond to the hot
spot, it is necessary to estimate AcTc„ from a knowledge of the geometric surface 
stress distribution around the joint. In this study, values of A(Tc„ were calculated by 
combining equations (4.16-4.20) with the following expression:

■ (4.21)

The weld toe profile measurements are summarised in table 4.5. The weld angle 
and weld toe radius quoted for each dominant crack-site is an average of five 
measurements taken at evenly spaced intervals over the surface length of the crack. 
The weld toe radii are slightly larger than the average value of 1.09mm observed for 
the welded T-plate specimens. This could be due to the weld angle being less than 
45° at the majority of crack-sites on the tubular joints. A shallower weld angle 
would allow for a smoother transition with the surface of the tube wall.
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Figures 4.20 and 4.21 show the crack growth behaviour of the dominant chord-toe 
cracks which grew in the two T-braces fatigued in OPB using a load ratio of 0.05. 
Both cracks initiated at about the same time, but one grew as an isolated semi
elliptical flaw while the other took on an irregular shape as a result of early 
interference with neighbouring cracks. ACFM was used to monitor the entire 
growth of the isolated defect, but it could not be used on the brace which initiated 
multiple cracks, once interference began. A hand-held 10mm ACPD probe was 
used to measure the maximum depth of the irregular-shaped crack, once it grew to 
become more than about 2mm deep.

A total of three isolated fatigue cracks developed on the tension sides of the two Y- 
braces fatigued in OPB using a stress ratio of 0.05. The entire growth behaviour of 
each of these cracks was successfully monitored using ACFM. Results for the two 
dominant cracks are displayed in figures 4.22 and 4.23.

In the fully reversed (R=-l) OPB experiment carried out on two of the Y-braces, a 
total of eleven isolated chord toe cracks initiated and grew in the four saddle regions 
under test. Interference from neighbouring defects was minimal and the growth 
behaviour of each crack was also successfully recorded using the 2mm ACFM 
probe. Figures 4.24 and 4.25 show how the dominant fatigue crack in each of 
these braces behaved as it penetrated the chord wall.

In the T-OPB (R=-l) experiment involving the two X-nodes, fatigue cracks 
developed on both sides of the as-welded joint, but none appeared in the joint that 
was stress-relieved. Figure 4.26 traces the development of the dominant fatigue 
crack from this experiment. ACFM was used for sizing until the crack was about 
3mm deep. At this point, the ACFM signals from neighbouring defects interfered 
with those of the dominant crack, and a hand-held 10mm ACPD probe was used 
instead.

On the tension side of the T-brace tested in IPB, a series of small, closely spaced 
defects coalesced at an early stage to form a long shallow fatigue crack that was 
slightly offset to one side of the crown point. A hand-held 10mm ACPD was used 
to measure the maximum depth of this crack over the duration of its growth. The 
results are presented in figure 4.27.

One of the Y-braces tested in IPB developed a fatigue crack at the brace-chord 
intersection. The crack initiated in the brace toe near the crown position, on the side 
of the joint that was placed in tension. The tight geometry at the acute crown point
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made it difficult to reach the brace weld toe with the 2mm ACFM probe. It was 
necessary, instead, to use the hand-held 5mm ACPD probe for crack depth sizing. 
The growth behaviour of this brace toe crack is shown in figure 4.28. The second 
Y-brace began to crack where the steel clamping ring was welded to the end of the 
brace. This happened at an early stage in the experiment, making it necessary to 
construct an external support for the second brace in order to continue with the test. 
The external support reduced the load applied to the second brace, but did not 
interfere with the load applied to the first brace.

Note the sudden acceleration in crack growth, following an abrupt decrease in 
aspect ratio, for T2-0PB (figure 4.21). Similar, but less pronounced effects are 
apparent for some of the other cracks. In all cases, the crack growth rate increases 
substantially once a/2c drops below about 0.10. The crack aspect ratio appears to 
exert a significant influence on the fatigue crack growth behaviour of welded 
tubular joints.

Crack aspect ratios (a/2c) are plotted as a function of the crack depth to plate 
thickness ratio (a/t) in figures 4.29-4.31. The trends in early crack shape 
development for the tubular joints do not appear to differ significantly from those 
observed for the welded T-plate specimens tested at similar stress levels. In most 
cases, the pattern of behaviour is the same. The aspect ratio of the isolated crack 
rises steadily as it makes its way through the first 5-10% of the tube wall thickness, 
and then drops off sharply as it begins to coalesce with neighbouring defects. In 
most cases, relatively high aspect ratios are achieved before adjacent cracks 
coalesce. Once coalescence has taken place, the aspect ratio tends to remain quite 
low (a/2c<0.10).

Printed records of the fatigue crack growth data {N, a and 2c) used to generate 
figures 4.20-4.31 may be found in appendix C. Note that the crack depths given 
are the ones obtained after all necessary corrections were applied.

It is interesting to compare the crack growth results obtained for the two different 
stress ratios used in the Y-OPB tests. All four Y-braces were tested in the as- 
welded condition, using similar hot-spot stress ranges. Figure 4.32 gives the 
number of fatigue cycles required to grow the dominant crack in each brace to a 
depth of a/r=0.10. It is apparent from this figure that the early crack growth 
process is considerably slower in the Y-braces that were fatigued at a load ratio of 
/?=-l. Some of this scatter might be explained in terms of different weld toe 
geometries and initial defect distributions, but statistical variations are unlikely to be
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responsible for the large difference observed between load ratios. An effect of 
mean stress is more likely to be the cause of this phenomenon.

The weld toe clip gauge was used to record the change in crack mouth opening 
displacement as a function of actuator load, each time a test was interrupted to take 
crack size measurements. However, crack closure was not detected for any of the 
tubular joint fatigue cracks studied. A plausible explanation for this behaviour is 
presented in the following section.
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4 .5  Discussion

Mean stress appears to be an important factor influencing the early fatigue crack 
growth behaviour of welded tubular joints. This realisation is based on the 
following experimental observations:

1.) The number of fatigue cycles required to grow a crack through the first 
10% of the chord wall thickness was considerably greater for Y-joints 
tested in OPB at R=-l, than for Y-joints tested in OPB at /?=0.05.

2.) In the fully reversed (/?=-l) OPB test involving the two X-nodes, 
fatigue cracks developed on both sides of the as-welded joint, but none 
appeared in the stress-relieved joint.

3.) In all tests conducted at a load ratio of 0.05, fatigue cracks never 
developed on the side of the joint that was loaded in compression.

4.) Crack closure was not detected for any of the tubular joint fatigue 
cracks.

Also, Dover and Connolly [4.8] have reported a measurable influence of post-weld 
heat-treatment on the early fatigue crack growth behaviour of tubular Y-joints tested 
under variable amplitude loading.

Understanding how mean stresses affect the early fatigue crack growth process in 
welded tubular joints requires consideration of elastic-plastic material behaviour at 
the weld toe, as well as the interaction of applied and residual through-thickness 
stresses acting in the plane of the crack.

At this stage, it becomes important to distinguish between the applied stress ratio 
(R) and the effective stress ratio {Rejfi. If there are no residual stresses to consider 
and material response is entirely elastic, R and /?g^will be the same. However, in 
cases where residual stresses are known to exist and/or weld toe plasticity is 
present, the two stress ratios will be different. If we assume elastic-perfectly plastic 
material behaviour with the flow stress

(Jy + (Juts

acting as a yield criterion, it is possible to calculate Reff from a simple set of rules. 
In cases where the weld toe stress range (Aa^) is less than 2qyand the sum of the
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maximum weld toe stress ((T̂  and the residual stress {Or) is less than oy, Reff is 
given by

fytnin I

where c C i s  the minimum weld toe stress. If Aa^ < 2<Jf, but > Of,

■ (4.23)

Finally, if Acj^ >2<jf,
Reff = -1 . (4.24)

If the weld toe and residual through-thickness stress distributions, <Jw{x/t) and 
(Jr(x/t), are known for a tubular joint, equations (4.22-4.24) may be used to predict 
the effective stress ratio as a function of depth.

Porter Goff et al [4.9,4.10] used a block sectioning technique to measure the 
residual stress distributions in tubular T- and Y-joints and found that they were 
similar in both cases. In the uncracked chord wall, the transverse residual stresses 
were tensile near both surfaces and compressive at mid-thickness, as shown in 
figure 4.33. The maximum tensile residual stress always occurred within a few of 
millimetres of the chord welded surface and was close to the yield stress in 
magnitude. The transition from tension to compression occurred at x/t^ .25 , and 
the transition back to tension occurred at x/t-0.15. The through-thickness, 
transverse residual stress distribution was noted to be similar at different locations 
around the brace-chord intersection.

The presence of high tensile residual stresses in the first few millimetres of the 
chord wall explains why crack closure was not observed at short crack depths, but 
it does explain the absence of crack closure at crack depths greater than a/t^.25. If 
one was to assume that the residual stress distribution is unaffected by the presence 
of a growing fatigue crack, one would expect to see crack closure develop as the 
crack tip enters the region of compressive residual stress. The absence of crack 
closure from fatigue tests conducted on cracks as deep as a/f=0.6, would suggest 
that this assumption is inaccurate. It is more reasonable to assume that part of the 
residual stress is released as the fatigue crack penetrates the chord wall, and the 
remaining residual stress is some how redistributed throughout the uncracked 
ligament. This scenario is depicted schematically in figure 4.34, where it is 
assumed that the residual stress distribution in the uncracked ligament takes on a
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shape similar to the initial distribution, but is scaled down in size as the crack makes 
its way through the chord wall. According to these assumptions, the residual stress 
near the crack tip remains tensile at all crack depths. This hypothesis helps to 
explain why crack closure did not develop in the welded tubular joints, at crack 
depths beyond a/t=025.
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4 .6  Fracture Mechanics Analysis of Fatigue Test Results

Analytical stress intensity factor (SIF) solutions for welded tubular joints are not 
available because of the complex geometry existing at the brace-chord intersection. 
Three-dimensional finite element techniques may be used to calculate SIFs for 
specific cases, but the incentive to carry out this operation on a scale large enough 
to produce a general solution is cost-prohibited. In most cases, solutions are either 
empirical or semi-empirical in nature, and involve several assumptions and 
approximations. In the sections to follow, a number of different fracture mechanics 
models are introduced and evaluated against the experimental results obtained for 
the welded tubular joints.

4.6.1 Parametric Equations for Predicting Weld Toe Stress

The fracture mechanics analysis of welded tubular joints requires knowledge of the 
stresses acting perpendicular to the prospective plane of the crack. The relative 
magnitude of these stresses will vary in the through-thickness direction and the 
shape of the distribution will depend on the local geometry of the weld toe and the 
global geometry of the tubular joint. Parametric equations [4.3] are available for 
predicting the geometric bending to membrane stress ratio {B/M) in tubular joints of 
various global geometries. If the geometric surface stress is known, these 
equations may be used to separate it into components of pure tension and pure 
bending. The Newman-Raju equations [4.11] may then be used to estimate the SIF 
due to each component of stress and the two results may be added to give the total 
SIF.

For small cracks, it will also be necessary to include the effect on K, of the non- 
uniform stress gradient caused by the weld toe discontinuity. If the through- 
thickness stress distributions for pure tension and pure bending are available for a 
given weld toe geometry, suitable non-uniform stress correction factors may be 
calculated for each stress field component using the method proposed by Albrecht 
and Yamada [4.12].

Kare [4.13] has shown that finite-element (FE) calculated weld toe stress 
distributions in tubular joints are well-represented by combining the results of T- 
plate models loaded in pure tension and pure bending, provided the weld 
geometries are the same in both cases. This finding warrants the use of simple.
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two-dimensional FE models to calculate through-thickness stress distributions in 
welded tubular joints.

Based on the FE results obtained from several different T-plate models, Niu and 
Glinka [4.14] concluded that the non-uniform stress field produced by a weld toe 
discontinuity depends mainly on the angle (a) which the weld makes with the base 
plate, and on the ratio of weld toe radius to plate thickness (p/t). For the case of a 
T-plate subjected to a bending load, they proposed the following expression for the 
through-thickness weld toe stress distribution:

^  (^rio

2VI 

where
 Io\-0*69

SCF*. = 1 +0.512a‘>” 2 |q  (4.26)

Co = 1 .459a^-3 .056a+ 2.4 (4.27)

Cl = -1 (4.28)

for

6 - “ ^ f  50 ^ 7 - 1 ^

It should be noted that x is distance measured in the through-thickness direction, 
(Tn„ is the nominal surface stress at the weld toe, and SCF^^ is the weld toe surface 
stress concentration factor for bending.

In an independent study [4.15] carried out within TSC Ltd., several different finite 
element models were used to calculate through-thickness stress distributions in T- 
plates subjected to either pure tension or pure bending. Numerous cases of weld 
geometry were investigated with values of a  ranging from 30 to 60 degrees, and p/t 
ratios ranging from 1/15 to 1/50. A comparison of results for the case of pure 
bending with predictions made using equations (4.25-4.28) showed that 
satisfactory results may be obtained so long as x/t is less than 0.5. However, for 
x/t>0.5, equations (4.25-4.28) do not provide an accurate representation of the 
weld toe stress distribution. For the case of pure tension, equations (4.25-4.28) are 
not applicable.
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In order to circumvent these problems, the finite element results of reference [4.15] 
were used by the author to:

1.) derive a parametric equation similar to equation (4.26) for predicting 
the weld toe surface stress concentration factor for pure tension 
{SCFZ)\ and

2.) find individual expressions, similar to equation (4.25), for predicting 
weld toe stress distributions for pure tension and pure bending as a 
function of the local weld geometry (a, p/t).

For pure tension, the proposed equation is:

(C  = (4.29)

where

5CFÆÎ = 1 +0 .388a“ ” i -
-0.454

(4.30)

Gm = 0.06 +  0.94gjcp(-Em i  > 0.3
I + E) » p

E„ = 1.05a"

q = -0.12a-®"2

r„ = i  - 0.3̂

(4.31a)

(4.31b)

(4.32a)

(4.32b)

(4.33)

For bending only, the following equation is recommended:

0>v —
2V%

( l  - 2(x/f)0 89)

Gb
(4.34)
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where
.  /^ \-0 .469

= 1 +0.512a®” 2 |q  (4.35)

Gi, = 1 for i  < 0.4 (4.36a)
P

Gfc = 0 .07+-------0.93exp(-Ei, Tb)------  for i  > 0.4 (4.36b)

/o\-(0.0026 + 0.0825/O)
Eb = 0.9 (4.37)

Tb = ^  - 0 .4 ^  . (4.38)

The general form of equations (4.29) and (4.34) is based on an expression 
proposed by Glinka [4.16] for the stress field ahead of a blunt notch tip. The 
coefficients and exponents associated with the individual correction functions were 
determined using regression analysis. Equations (4.29-4.38) may be used to 
predict through-thickness weld toe stress distributions in T-plates or tubular joints 
provided a  and p/t are within the following ranges:

6 - “ - f

The above conditions were satisfied at all of the dominant crack-sites investigated in 
this study, except Yla-IPB, for which the weld angle was 75°.

Figures 4.35 and 4.36 compare the FE calculations taken from reference [4.15] for 
a=45° and p/f=l/25, with predictions made using equations (4.25-4.28) and 
equations (4.29-4.38). Results are plotted in terms of the weld toe SCF for tension

SCF”  = ^  (4.39)
r̂io

and the weld toe SCF for bending

SCF^ = ^  . (4.40)

The problem associated with equations (4.25-4.28) is self-evident. Equations 
(4.29-4.38) work equally as well for all other combinations of a  and p/t that fall 
within the ranges specified above.
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4.6.2 Load Shedding in Welded Tubular Joints and the Linear Moment Release 
Hypothesis

The stress fields surrounding the weld toe of a tubular joint are considerably more 
complex than those associated with a simple T-plate. For a T-plate tested under 
load control in three-point bending, the reactions at the supports (i.e. the boundary 
conditions) remain constant for the duration of the test and their influence on the 
stress intensity factor can be predicted without too much difficulty. In a statically 
indeterminate structure such as a tubular joint, the situation is different. To begin 
with, the boundary conditions are not nearly as well defined, and to confound 
matters further, they vary with crack size. In addition to this, the through-thickness 
stress distribution will include a tensile component as well as a bending component, 
and the ratio of the two will depend on the overall joint geometry. As a result of 
these complications and others, an analytical SIF solution for weld toe cracks in 
tubular joints does not yet exist.

It is possible to model the fatigue behaviour of tubular joints using a flat plate SIF 
solution, if a correction is included for the weld toe geometry and a force/moment 
release function is used to account for the stress release (load shedding) which 
accompanies crack growth in redundant structures. Analyses of edge-cracked 
plates and rings under different boundary constraints have shown that as the fatigue 
crack develops, the stiffness of the uncracked ligament decreases and its behaviour 
approaches that of a hinge [4.17]. This observation provides the basis for the linear 
moment release (LMR) hypothesis [4.18]. The LMR postulate states that as the 
crack grows through the chord wall, the membrane force acting within the cracked 
section remains constant, but the bending moment decreases to zero in a linear 
fashion. Thus, no correction is necessary for the component of membrane (tensile) 
stress, but the bending stress component needs to be multiplied by the release 
function

R { a l i ) = \- ^  (4.41)

where t is the chord wall thickness. There is no theoretical justification for using 
the LMR model, but it has been observed to produce good results when used in 
conjunction with the Newman-Raju equations. Other types of release functions 
have proposed, but none have been found to predict the experimental crack growth 
trends with better accuracy than that provided by the LMR function [4.19].
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4.6.3 Predicting the Effective Stress Ratio in Welded Tubular Joints

If the applied and residual stress distributions are known for a welded tubular joint, 
it is possible to estimate the effective stress ratio as a function of fatigue crack 
depth. The parametric equations presented in section 4.6.1 may be used to calculate 
the applied stress field, but the residual stress field is not so easily defined. The 
residual stress distribution depicted in figure 4.33 might be accurate for the case of 
an uncracked tubular joint, but it would be unrealistic to assume that it does not 
change once a fatigue crack is present. It was speculated in section 4.5 that the 
residual stress near the crack tip remains tensile at all depths, and decreases linearly 
to zero as the fatigue crack propagates through the chord wall (see figure 4.34). 
This hypothesis was combined with an assumption of elastic-perfectly plastic 
material behaviour to predict the effective stress ratio in a typical tubular joint as a 
function of fatigue crack depth. Linear moment release (LMR) was applied to the 
bending stress and the membrane stress was assumed to remain constant. Applied 
stress ratios of 0.05 and -1 were examined with several different combinations of 
residual stress and crack-site surface stress range. The weld geometry and B/T 
ratio used to calculate the weld toe stress distribution were chosen to be 
representative of the tubular T- and Y-joints tested in OPB. The following 
parameters were held constant:

chord wall thickness, t = 32 mm
weld toe radius, p = 1.5 mm
weld angle, a  = 42°
bending to total stress ratio, B/T = 0.87
flow stress, Gf= 473 MPa

Before detailing the calculation procedure, it is necessary to define the following 
terms:

cJco = total geometric surface stress at the crack-site
= membrane (tensile) component of Cc„

Gco = bending component of (Tc„
(Tc„* (»Kuc) = maximum value of o j' in fatigue cycle
0̂ *1 i m i n )  = minimum value of < J ^  in fatigue cycle
Cc„ (fnax) = maximum value of in fatigue cycle

( tn in )  = minimum value of in fatigue cycle

AGĉ = total geometric surface stress range at the crack-site
Acr^ = membrane (tensile) component of AGc„
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= bending component of AcTc„

CwiaJt) = total weld toe stress acting at crack depth a/t
Cwiült) -  membrane (tensile) component of criait)
criialt) = bending component of GjjaJt)
Ow {alt)max -  maximum value of CTwia/t) in fatigue cycle
c^{a!t)min -  minimum value of o^(a/t) in fatigue cycle
<ywia/t)max -  maximum value of <Ĵ {aIt) in fatigue cycle
<yw{ait)min -  minimum value of c^(a/t) in fatigue cycle

A(ĵ v{a/t) = total weld toe stress range acting at crack depth a/t
Ao^iaJt) -  membrane (tensile) component of AGŷ {̂a!t)
Ac^{a!t) = bending component of AGwiaJt)

R(a/t) = linear moment release function = 1 -a/t

(j/aJt) = residual stress acting at crack depth a/t

The procedure for calculating ^ ^ i s  as follows:

1.) For each value of ACc„, calculate

Aog» = A(T,„. (1 - BIT) (4.42)

(j^imax) = A a^  • ^  (4.43)

a^(min) = Acg • (4.44)

A(jI  = A(Tc„- b it  (4.45)

climax) = A c l  ' (4.46)

dim in) = A a l  . Y ^  (4.47)

2.) For each value of a/t, calculate

<y^{alt)min = C^Amin) • (4.48)

<yw{alt)max = Og ’ S C F ^  (4.49)

d(alt)m in  = o lim in ) ■ S C F I  • R (a lt)  (4.50)
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c^{alt)max = <ŷ <max) • SCF^ • R{a!t) (4.51)

(y\v((l/t)inin — (4.52)

Owi f̂^max — (^i.oJt)max ^w(çJ )̂max (4.53)

— (^wif^^max ~ ^w(,^Omin (4.54)

Values of SCF^ and SCF^ may be obtained from equations (4.29-4.40).

3.) Apply the following rules:

If ACwia/t) < 2Cf and (J,{a/t) + CFw{aJt)max < oy,

If Aa^(a/t) <2Cf and a,(aJt) + c^{aJt)max ^ <̂f,

R e ^ a J t )  =  (4.56)

If ACwiaJt) > 2(7/,

Re^a/i) = -1 (4.57)

The calculation procedure outlined above was carried out for the following cases:

Case la Case lb Case Ic
R = 0.05 R = 0.05 R = 0.05
AcTc = 200 MPa = 200 MPa Ao  ̂ = 200 MPa
Cria/t) - C y -  386 MPa (J^o/r) = 386(1-oA) MPa (T̂ û/O = 200(l-a/r) MPa

Case 2a Case 2b Case 2c
/? = -l ^  = -1 R = -I
AGc = 200 MPa AcTc = 200 MPa Ac^ = 200 MPa
Cj{a/t) = (7y = 386 MPa a,{a/t) = 386(1-oA) MPa Gjia/t) = 200(1-o/ )̂ MPa
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Case 3a Case 3b Case 3c
R = 0.05 R = 0.05 R = 0.05
A(Jc„ =150 MPa A(Jc„ — 200 MPa A<Jc„ — 250 MPa
(Trio/t) = 3S6{l~a/t) MPa. ct^û/O = 386(1-o/f) MPa o>(a/0 = 386(l-<3/r) MPa

Case 4a Case 4b Case 4c
/? = -1 R = -I R = -1
ACc„ =150 MPa A<Jc„ = 200 MPa AGc„ = 250 MPa

= 386(l-a/0 MPa o>(û/0 = 386(1-o/r) MPa o>(<a/0 = 386(l-a/0 MPa

The results are presented graphically in figures 4.37-4.42. A feature common to all 
of these curves, is a rapid increase in during the first 5-10% of crack growth. 
This is also the period of crack propagation during which AK will be most sensitive 
to mean stress. The effect is caused by the presence of monotonie notch plasticity 
at short crack depths, which limits the maximum combined stress [(Jr(a/t) + 
<7>v(fl/0max:] to the flow stress (qy). This part of the Re^ curve will, therefore, be 
sensitive to the effects of plastic constraint and strain hardening. Unfortunately, the 
model does not take either of these effects into account.

In fatigue calculations involving as-welded tubular joints, it is common practice to 
assume that a tensile residual stress equal to <Ty is present at all crack depths. The 
choice between this assumption and that of a tensile residual stress which equals oy 
at the surface and decreases linearly to zero with increasing crack depth, makes little 
or no difference to the model predictions until a /t  is greater than about 0.75 (see 
figures 4.37 and 4.38). This suggests that a similar degree of conservatism is 
present in both assumptions.

The effect of lowering the applied stress ratio from /?=0.05 to /?=-l, is to cause 
only a slight reduction in R f̂f, if a high tensile residual stress field [crXû/r)=386(l- 
a/t)] is assumed to be present (see figure 4.39). However, the effect of changing R 
becomes much more pronounced at small crack depths, if a lower residual stress 
distribution [(Tria/t)=200il~a/t)] is used in the predictions (see figure 4.40). The 
calculations presented in figure 4.40 may be more representative of the Y-OPB 
experiments in which R was observed to exert a significant influence on the early 
crack growth period.

The influence on R f̂f, of changing the magnitude of the crack-site surface stress 
range, is illustrated in figures 4.41 and 4.42. The same residual stress distribution
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has been used in all six cases. The general trend is for Rejf to increase with 
decreasing The magnitude of this effect is greatest at small crack depths, and 
results are similar for /?=0.05 and R=-\.

This simple model for predicting Reff involves several assumptions with regard to 
the residual and applied stress fields (i.e. residual stress redistribution, linear 
moment release, constant membrane stress). It also assumes that the position of the 
neutral axis is not affected by the presence of the crack. The errors introduced as a 
result of these assumptions will, of course, be less significant for small cracks than 
for large ones. For the case of early fatigue crack growth (a/t<0.10), the model 
appears to predict reasonable trends for /?^as a function of fatigue crack depth.

Note that the application of this model to welded tubular joints requires, as an input, 
the bending to total stress ratio {B/T) at the crack-site. Table 4.6 lists values of 
B/T for the cases considered in this study. The parametric equations derived by 
Connolly et al [4.3] were used to calculate all of the values quoted in table 4.6, 
except the one given for T4b-OPB. The B/T  ratio quoted for T4b-0PB was 
determined from strain gauge measurements made on the inner and outer surfaces 
of the chord wall. It should be pointed out that the B/T ratios given in table 4.6 are 
for the saddle point in the case of OPB, and for the crown point in the case of IPB. 
In cases where the crack-site does not coincide precisely with the saddle or crown 
point, differences may exist. It is hoped, in these cases, that the differences will be 
small and not contribute significant error to the model predictions.

4.6.4 Experimental Determination of the Stress Intensity Calibration Factor (F)

For the case of a welded tubular joint, it is possible to define an experimental stress 
intensity calibration factor,

where AKeffis the effective range of the crack tip stress intensity factor, A(Tc„ is the 
crack-site surface stress range, and a is the depth of the crack. Values of Fexp may 
be calculated from fatigue crack growth rate data, if the relationship between AKgff 
and the crack growth rate cla/dN is known.

It was shown in section 3.4.1 of chapter three, that an equation of the form
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^  = c(AKeff - AK,hY (4.59)

provides a reasonably good fit to surface fatigue crack growth data collected for 
50D steel. If equation (4.59) is re-arranged to get

à.Kejf = (4.60)

and the right hand side of this expression is substituted in place of A ^^ in  equation 
(4.58), then

Iexp   C   (4.61)
A cTc„ Æ

Calculation of F e x p  thus requires knowledge of the empirical crack growth 
"constants" AKth, C and m. It was learned from the machined T-plate experiments 
of chapter three that all three of these values are sensitive to mean stress at low and 
intermediate levels of AKejf. The following equations were found to characterise 
the mean stress effect reasonably well:

AKth = 8.6 - 9.5Rejf (4.62)

C = 2.8x10-" (l + - 3 .16A ^ (4.63)

in — 2.76 - 0.65Reff + \.15Rg^ (4.64)

Equations (4.62-4.64) may be used to calculate values for AKth, C and m, if the 
effective stress ratio Reff is known. The model presented in the previous section 
was used to estimate Reff̂ or each of the dominant fatigue cracks which grew in the 
as-welded tubular joints. In all cases, the residual stress distribution was assumed 
to take the shape

aXa/t) = Cyil-a/t) (4.65)

where oy = 386 MPa. The weld geometry at each crack-site was obtained from 
table 4.5, and the corresponding B/T ratio was obtained from table 4.6.

Once Reff was estimated, appropriate values of AKth, C and m were computed 
using equations (4.62-4.64) and substituted into equation (4.61) to calculate F e x p -  

In cases where Reff was estimated to be greater than 0.6, the values of AKth, C and 
m corresponding to Reff=0.6 were used to calculate F e x p -
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The calculations are shown in figures 4.43 and 4.44. Except for T4b-OPB, the 
trends are quite similar. The Rgff values calculated for T4b-OPB are significantly 
lower than the rest. This is probably the result of combining a relatively high crack- 
site surface stress range (A(Tc„=230MPa) with an applied stress ratio of /?=-l. 
Note, however, that Rgff does not drop below 0.2, even for the smallest of the 
measured crack depths. This finding is in agreement with the fact that crack closure 
was not detected in any of the tubular joint fatigue tests. Note, also, that cyclic 
notch plasticity is not possible for/?g^>-l.

The Texp values are plotted in figures 4.45-4.53, where they are compared with 
different model predictions. The various models used to make these predictions 
will be introduced and discussed in the sections to follow.

4.6.5 y Predictions Using an Empirical Model

Purely empirical fracture mechanics models for welded tubular joints [4.6,4.20] 
have been developed by analysing curve-fits to experimentally calculated Y values. 
There are two main weaknesses associated with these models:

1.) they are based on a limited selection of node geometries; and
2.) they do not take direct account of the crack aspect ratio.

Empirical models tend to produce satisfactory results when they are used to predict 
the latter stages of fatigue crack growth in tubular joints, but they are less effective 
at modelling the early stages of defect development, during which significant 
changes in crack shape generally occur. Of the empirical approaches, the two phase 
model (TPM) [4.20] is probably the most sophisticated. It takes account of the 
joint "size effect" and gives special attention to the early crack growth phase. The 
TPM is defined as

where
^̂ TPM = M iB(tlaŸ  (4.66)

Ml = (0.25tlayP for a/t <0.25 (4.67a)
= 1 for a/t >0.25 (4.67b)

P = (4.68)

B = (0.669-0 .1 6 2 5 5 ) (^ ^ ) ‘’ "  (4.69)
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k = (0.353 + 0 .0575)(^^)'® ® ’’ (4.70)

S = average stress parameter

P = ratio of brace to chord diameter

SCFh = hot-spot stress concentration factor 

t = chord wall thickness

a = crack depth

Derivation of the TPM is based on experimental data collected from chord toe 
fatigue cracks for which:

0.21 <j3< 0.76 

2.66 < SCFh < 9.4 

1.51 < SCFav < 6.35 

16mm < r < 45mm

Thus, the TPM should only be applied to cases of chord toe fatigue crack growth in 
tubular joints for which the above conditions are satisfied. These conditions were 
met in all of the fatigue tests conducted in this study, except for T4b-0PB and Yla- 
IPB. In the case of T4b-OPB, p  was equal to 0.90, and in the case of Yla-IPB, 
the fatigue crack developed in the brace toe. TPM Y predictions for each of the 
tubular joint configurations tested in this study, are presented in figures 4.45-4.53. 
Results are given for T4a-0PB and Yla-IPB, despite the violations just mentioned.

The TPM is seen to over-estimate Y at small crack depths {a/t<0.l0), for the T-OPB 
and Y-OPB tests conducted on the M-nodes (see figures 4.45-4.50). The 
discrepancies at small a/t appear to be linked to the presence of relatively high aspect 
ratios (a/2c) during the initial stages of fatigue crack growth. Note how the 
accuracy of the TPM improves for T2-0PB, once a/t is greater than about 0.10 (see 
figure 4.46). This depth corresponds to the point at which a/2c suddenly drops to a 
much lower value (refer back to figure 4.29).

The TPM Y predictions for T4b-0PB are in very good agreement with the 
experimental Y values, despite the invalid beta ratio for this configuration (see 
figure 4.51). The TPM Y predictions for Tl-IPB are equally as good (see figure 
4.52). In the case of Yla-IPB, the TPM significantly under-estimates the 
experimental Y factor (see figure 4.53). Note, however, that the TPM is not meant
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to be used in cases where crack growth takes place at the brace toe. This result 
illustrates the potential danger of applying an empirical-based fracture mechanics 
model to a case for which it was not intended to be used.

4.6.6 V Predictions Using a Flat Plate Analytical Model

The Newman-Raju (N&R) SIF solution [4.11] for the deepest point of a semi
elliptical crack in a flat plate of finite width, was presented in section 2.4.1 of 
chapter two. The stress intensity calibration factor for this model is

(4.71)
0

where and Fi, are boundary correction functions for tension and bending, B/T is 
the bending to total stress ratio, and 0  is the complete elliptic integral of the second 
kind. Equations for calculating F,„, and ^m ay be found in section 2.4.1.

Note that the finite width correction factor defined for use with the Newman-Raju 
SIF solution becomes ambivalent in the context of a tubular joint. For a small 
surface crack in a cylindrical component, it would not be unreasonable to let/w=l 
(i.e. assume infinite plate width). In this study, a slightly more conservative 
approach was taken; one-half of the brace circumference was substituted for w in 
equation (2.10). For the worst case (i.e. largest ratio of crack surface length to 
brace diameter) considered,/u, was calculated to be 1.02.

The Y predictions obtained using equation (4.71) are plotted in figures 4.45-4.53. 
In most of these cases, the N&R model does not provide accurate predictions of Y. 
At small values of a /t it tends to under-predict T, and at larger values of a /t it tends 
to over-estimate Y. The only exception is for Yla-IPB, in which crack growth 
takes place at the brace weld toe. In this case, the N&R model appears to work 
reasonably well once a /t is greater than about 0.10 (see figure 4.53). However, this 
result generates a certain amount of scepticism, since it suggests that the effect of 
load shedding is negligible for brace toe cracks. In an effort to rationalise this 
behaviour, it was discovered that the parametric equations used to calculate B/T do 
not produce accurate results for IPB at the brace crown when the brace angle 6  is 
less than 45° and r is  less than 0.65 [4.3]. In such cases, the parametric equations 
tend to significantly over-predict the B/T ratio. Since for Yla-IPB, 0=35° and 
7=0.56, it is likely that the value of F/T computed using the parametric equations
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(i.e. B/T=0.78) is much too high. As a check on this point, the V calculations were 
repeated for Yla-IPB, using a value of 0.5 for B/T. The results are presented in 
figure 4.54. The assumption of a lower B/T  ratio produces results that are 
consistent with the trends established for the other eight cracks.

4.6.7 Y Predictions Using a Semi-analytical Model

Semi-analytical fracture mechanics models for welded tubular joints are more 
difficult to develop and implement in practise, but they are apt to provide useful 
insights into the nature of the fatigue crack growth process. In this section of the 
thesis, a semi-analytical model is presented for predicting Y factors in welded
tubular joints. The model is based on the flat plate SIF solution derived by
Newman and Raju (N&R) [4.11]. It includes non-uniform stress correction (NSC) 
to account for the weld geometry, and linear moment release (LMR) to account for 
load shedding. The model takes the mathematical form

F„ Yg^ (l-B/T) + Fb- ^ B / T  R(a/t)
Tn &r +n s c +l m r  = -----------------------------------------------—------------------------  (4.72)

<P

where

Ygm = non-uniform stress correction factor for tension

Ygb = non-uniform stress correction factor for bending

Yiin = linear stress correction factor for bending 
= 1 - \.213a/t

R{a/t) = linear moment release function 
-  \ - a/t

F̂ i, Fb, B/T and take on the same meanings as defined in the previous section. 
If the weld geometry at the crack-site is known, Albrecht's method [4.12] can be 
used with the parametric equations presented in section 4.6.1 to calculate the non- 
uniform stress correction factors for tension and bending.

The Y values obtained using the N&R+NSC-hLMR model are compared with the 
previous results in figures 4.45-4.53. The predictions are conservative in all cases 
except for Yla-IPB, when a/t is greater than 0.3. The assumption of a more 
conservative B/T ratio for Yla-IPB leads to a better prediction of Yin this case (see
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figure 4.54), but it is not possible to place confidence in this result unless the 
correct value for B/T is known.

Except for Yla-IPB and Tl-IPB, the N&R-i-NSC+LMR model does not predict the 
early part of the Y distribution with any degree of accuracy. The experimental Y 
values tend to drop much lower than the predicted Y values during the initial stages 
of crack growth. An empirical correction factor to account for this effect is 
presented in the next section.

4.6.8 y Predictions Using a Semi-Empirical Model

The SIF for the deepest point of a semi-elliptical surface crack will depend, among 
other things, upon how the stresses remaining within the uncracked ligament 
redistribute themselves during crack advancement. Consider the effect of crack 
aspect ratio {a/2c) on the SIF for a surface-cracked component in which the stresses 
are due mainly to bending. A crack with a high aspect ratio would be less effective 
at shifting the location of the neutral axis than would a crack of the same depth, but 
with a lower aspect ratio. As a result, the stresses acting near the tip of the high 
aspect ratio crack would be lower and this would result in a lower SIF. A flat SIF 
solution for a crack in a determinate specimen geometry will have taken into 
account, the stress redistribution which occurs as the crack develops. However, 
under different boundary conditions, the same correction factors need not apply. 
The Newman-Raju equations were derived for the case of a planar crack in an 
unrestrained plate subjected to uniform, far field stress distributions. In the case of 
a tubular joint, the crack faces are non-planar, there is significant structural 
restraint, and the remote stress fields are far from uniform. Thus, the corrections 
for crack shape which are included in the Newman-Raju equations might not be 
adequate for a tubular joint.

This hypothesis was investigated by defining a crack shape correction (CSC) 
factor,

y  = V— — ------  . (4.73)
^N& R+NSC+LM R

and plotting values of against a/2c, for all cases studied except Yla-IPB. Data 
for Yla-IPB was excluded from the analysis for the following reasons:
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1.) The weld angle for Yla-IPB exceeded the validity range 
specified with equations (4.29-4.38).

2. ) The correct value for B/T was not known.

3.) The crack developed in the brace, as opposed to the chord.
Thus, different load shedding and/or crack shape effects might 
be expected.

The results are shown in figure 4.55. For the cases considered, there appears to be 
a correlation between 'F and a/2c. The general trend is for *F to decrease with
increasing crack aspect ratio (a/2c). If *Pis assumed to equal unity for a/2c<0.05,
then the following equations provide a conservative approximation to this 
behaviour:

y  = 1 for aJ2c < 0.05, (4.74a)
and

■P = ------------- ]--------------  for 0.05 < a/2c < 0.26 . (4.74b)
1 + 0.1 (die  -0.05)®

Equations (4.74) are also shown in figure 4.55.

If y  is included in equation (4.72) to correct for the unaccounted influence of crack 
aspect ratio on 7, the following semi-empirical model is obtained:

(p m -V -d -S m  + Fb- ^B IT-R ^alt) ]^
In&r+nsc+lmr+csc = --------------------------------—-------------------- (4.75)

0

The Y values predicted using equation (4.75) are presented in figures 4.45-4.52. 
In all of these cases, there is good agreement with the experimental data. 
Unfortunately, the semi-empirical nature of the N&R-i-NSC-i-LMR+CSC model 
renders its validity uncertain for cases other than those from which it was derived. 
The B/T  ratios for the cases considered fall into a relatively narrow range 
(0.83<B/T<0.92), and it is possible for the crack shape effect to be different for 
tension than for bending. Thus, caution should be exercised if this model is applied 
to cases in which the B/T ratio is much less than 0.83. In such cases, it is probably 
wise to use equation (4.72) as it stands, or apply the crack shape correction (CSC) 
factor *F to the bending component only.
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4.6.9 Discussion

Fracture mechanics models for predicting stress intensity factors in cracked tubular 
joints range from the very simple (e.g. flat plate analytical models) to the very 
complex (e.g. full-scale numerical models). Full-scale numerical models based on 
finite element methods are expected to produce the most accurate results, since the 
influences of geometry and restraint are inherently accounted for. However, the 
process of generating numerical SIF solutions for cracked tubular joints is a slow 
and expensive one, as it requires specialised software and extensive computer time.

The results presented here suggest that accurate modelling of the SIF in welded 
tubular joints is possible using a modified flat plate solution (N&R-i-NSC+LMR), if 
the crack aspect ratio remains low (a/2c<0.05) and the influence of weld geometry 
and restraint are properly accounted for. The use of non-uniform stress correction 
(NSC) establishes a reasonable trend for the early part of the Y-a/t curve, and the 
linear moment release (LMR) function appears to provide an acceptable means of 
correcting for load shedding.

In cases where the crack aspect ratio rises above 0.05, the N&R+NSC+LMR 
model produces conservative results. It seems that the flat plate solution is unable 
to account for the full influence of crack aspect ratio under the boundary conditions 
imposed by a tubular joint. In a simple plate model, the plate ends are assumed to 
be unrestrained, the remote stress fields are assumed to be uniform, and the crack 
faces are assumed to remain flat. In a real tubular joint, there is significant 
structural restraint, the remote stress fields are non-uniform, and the fracture 
surfaces are curved in two directions. The crack shape correction factor presented 
in section 4.6.8 provides an uncomplicated means of compensating for these 
differences, but the method is empirical and requires further validation.

When calculating Y factors using a modified flat plate solution, it is essential to 
know the correct value for B/T, as this parameter can exert a significant influence 
on the latter part of the Y-a/t curve. If B/T is calculated from parametric equations, 
it is important to ascertain that the result is valid. In cases where the value estimated 
for B/T is uncertain and the results are critical, it would be wise to carry out a 
specific stress analysis (either numerical or experimental) for the geometry of 
interest.
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4 .7  Summary and Conclusions

This chapter presents the results of several large-scale laboratory experiments 
involving the use of tubular joints for stress analysis and fatigue testing. The stress 
fields surrounding each joint were carefully analysed using strain gauge rosettes. 
Geometric surface stress distributions and hot-spot stress concentration factors 
obtained from the experimental models are compared with published results. 
Fatigue cracks were grown under constant amplitude loading, using stress ratios of 
0.05 and -1. ACFM and ACPD were used for crack depth sizing, and surface 
length was measured using MPI. A weld toe clip gauge was used for crack closure 
detection.

The detailed information obtained from these tests was used to assess the accuracy 
of some simple fracture mechanics models for predicting stress intensity calibration 
factors for small weld toe fatigue cracks in tubular joints. An effort was made to 
include the influence of mean stress in the data analysis.

The following conclusions may be drawn from the results of this study:

1.) Parametric equations provide a convenient means of predicting hot-spot 
stress concentration factors and geometric stress distributions for 
tubular joints, but they do not always produce acceptable results. It is 
important not to disregard any restrictions or limitations that may be 
imposed on their usage.

2.) The effective stress ratio in as-welded tubular joints increases sharply 
as the crack grows through the first 10% of the chord wall thickness.
It is necessary, therefore, to account for the influence of mean stress in 
fracture mechanics calculations concerned with early fatigue crack 
growth.

3.) Crack closure was not detected in any of the tubular joint fatigue tests. 
This finding suggests that tensile residual stresses may be present at all 
crack depths in as-welded tubular joints.

4.) The two phase model (TPM) tends to give conservative estimates of the 
stress intensity calibration factor (Y) for small cracks. Conservative 
estimates of Y are also possible using a flat plate analytical model with
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corrections included to account for weld geometry and load shedding 
effects.

5.) The effect of crack aspect ratio on the SIF appears to be different for 
tubular joints than for flat plates. It is possible to account for this 
difference using a crack shape correction factor derived from 
experimental data.

2 0 0



4 .8  R eferences

4.1 "Background to new fatigue guidance notes for steel welded joints in 
offshore structures," Department of Energy, HMSO (1984).

4.2 A.K. Hellier, M.P. Conolly, and W.D. Dover, "Stress concentration factors 
for tubular Y- and T-joints," International Journal of Fatigue, Vol. 12, No. 
1, pp. 13-23 (1990).

4.3 M.P. Connolly, A.K. Hellier, W.D. Dover and J. Sutomo, "A parametric 
study of the ratio of bending to membrane stress in tubular Y- and T-joints," 
International Journal of Fatigue, Vol. 1, No. 12, pp. 3-11 (1990).

4.4 A.K. Hellier, M.P. Conolly, R.F. Kare and W.D. Dover, "Prediction of the 
stress distribution in tubular Y- and T-joints," International Journal of 
Fatigue, Vol. 12, No. 1, pp. 25-33 (1990).

4.5 M.N. Irvine, "Review of stress analysis techniques used in UKOSRP 1," 
Paper 6, International Conference on Fatigue in Offshore Structural Steels, 
London, Institution of Civil Engineers (1981).

4.6 W.D. Dover and S. Dharmavasan, "Fatigue fratcure mechanics analysis of T 
and Y joints," Proceedings of the 14th Offshore Technology Conference, 
Houston, Paper OTC 4404 (1982).

4.7 R. Collins and D.H. Michael, "Crack monitoring using AC field 
measurement - Multipliers for semi-elliptical cracks," Contract Report No. 
NCS 362/3007, London Centre for Marine Technology, University College 
London (1982).

4.8 W.D. Dover and M.P. Connolly, "Fatigue fracture mechanics assessment of 
tubular welded Y and K-joints," Proceedings of the International Conference 
on Fatigue and Crack Growth in Offshore Structures," Institute of 
Mechanical Engineers, London, paper C 141, pp. 117-133 (1986).

4.9 R.F.D. Porter Goff and J.G. Payne, "Residual stresses in nodes," Cohesive 
Programme of R&D into Fatigue of Offshore Structures, Final Report (1983- 
85), London Centre for Marine Technology (1985).

2 0 1



4.10 R.F.D. Porter Goff, J.A. Free and W.Y. Tsiagbe, "Residual stresses in Y- 
nodes and PWHT joints," Department of Energy - Offshore Technology 
Report OTH 89 315, HMSO (1989).

4.11 J.C. Newman and I.S. Raju, "An empirical stress intensity factor equation 
for the surface crack," Engineering Fracture Mechanics, Vol. 15, No. 1-2, 
pp. 185-192 (1981).

4.12 P. Albrecht and K. Yamada, "Rapid calculation of stress intensity factors," 
Journal of the Sructural Division, ASCE, Vol. 103, pp. 377-389 (1977).

4.13 R.F. Kare, Influence of Weld Profile on Fatigue Crack Growth in Tubular 
Welded Joints. PhD. Thesis, The City University, London (1989).

4.14 X. Niu and G. Glinka, "The weld profile effect on stress intensity factors in 
weldments," International Journal of Fracture, Vol. 35, pp. 3-20 (1987).

4.15 M.S. Hall, D.A. Topp and W.D. Dover, "Parametric equations for stress 
intensity factors," Project Report: TSC/MSH/0244, Technical Software 
Consultants Ltd., Milton Keynes, U.K. (1990).

4.16 G. Glinka, "Calculation of inelastic notch-tip stress-strain histories under 
cyclic loading," Engineering Fracture Mechanics, Vol. 22, No. 5, pp.839- 
854 (1985).

4.17 A.A. Aaghaakouchak, Fatigue Fracture Mechanics Analysis of Ring- 
Stiffened and Simple Tubular Joints for Offshore Structures. PhD. Thesis, 
University of London (1989).

4.18 A.A. Aaghaakouchak, G. Glinka and S. Dharmavasan, "A load shedding 
model for fracture mechanics analysis of fatigue cracks in tubular joints," 
OMAE 89 Conference, The Hague, Netherlands (1989).

4.19 J. Kam, "A study on the effect of releasing tensile/bending stress 
components in fatigue crack growth predictions," Special Report (2), Fatigue 
Software Working Group (FACTS), Department of Mechanical Engineering, 
University College London (1989).

4.20 J.C.P. Kam, D.A. Topp and W.D. Dover, "Fracture mechanics modelling 
and structural integrity of welded tubular joints in fatigue," Proceedings of

2 0 2



the 6th International OMAE Symposium, Houston, ASME, Vol. 3, pp.395- 
402 (1987).

203



Table 4.1 Hot-spot stress concentration factors for welded tubular joints.

Brace
Code

Brace Geometry Exp.
SCFh

Fred.
SCFh

%
Diff.Node Weld Toe a P r T

Tl-OPB M chord 4.44 0.508 14.06 0.625 6.57 7.02 +6.8

T2-OPB M chord 4.44 0.508 14.06 0.625 6.29 7.02 +11.6

T3a-0PB X chord 7.86 0.898 12.73 1.000 8.36 10.59 +26.7

T3b-0PB X chord 7.86 0.898 12.73 1.000 8.49 10.59 +24.7

T4a-0PB X chord 7.86 0.898 12.73 1.000 9.16 10.59 +15.6

T4b-0PB X chord 7.86 0.898 12.73 1.000 8.43 10.59 +25.6

Yla-OPB M chord 4.44 0.359 14.06 0.563 3.36 2.17 -35.4

Ylb-OPB M chord 4.44 0.359 14.06 0.563 2.96 2.17 -26.7

Y2a-0PB M chord 4.44 0.359 14.06 0.563 2.87 2.17 -24.4

Y2b-0PB M chord 4.44 0.359 14.06 0.563 3.45 2.17 -37.1

Ylc-OPB M chcxd 4.44 0.359 14.06 0.563 2.96 2.17 -26.7

Y2C-0PB M chord 4.44 0.359 14.06 0.563 2.94 2.17 -26.2

Tl-IPB M chord 4.44 0.508 14.06 0.625 2.73 3.20 +17.2

Yla-IPB M brace 4.44 0.359 14.06 0.563 2.81 3.52 +25.3

Ylb-IPB M brace 4.44 0.359 14.06 0.563 2.99 3.52 +17.7

Table 4.2 Average stress parameters for welded tubular joints.

Joint Configuration Best Fit Curve S

T-IPB Equation (4.18) 1.31

Y-OPB Equation (4.19) 1.52

T-OPB (M-node) Equation (4.16) 1.57

Y-IPB Equation (4.20) 1.84

T-OPB (X-node) Equation (4.17) 2.52
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Table 4.3 Fatigue test parameters for welded tubular joints.

Brace Code Heat Treatment R A(Jh

Tl-OPB As-wdded 0.05 191

T2-0PB As-wdded 0.05 200

T3a-0PB Stress-relieved 228

T3b-0PB Stress-relieved 232

T4a-0PB As-wdded 250

T4b-0PB As-wdded 230

Yla-OPB As-wdded 195

Ylb-OPB As-wdded 172

Y2a-0PB As-welded 167

Y2b-OPB As-welded 200

Ylc-OPB As-welded 0.05 200

Y2C-0PB As-welded 0.05 199

Tl-IPB As-wdded 0.05 200

Yla-IPB As-welded 0.05 141

Ylb-IPB As-wdded 0.05 150

Table 4.4 Crack-site surface stress ranges for dominant fatigue cracks.

Brace
Code

Location of Crack 
(from reference position)

A<Tc„
(MPa)

Tl-OPB -1-3*’ 191

T2-0PB OP 200

T4b-0PB - H i * 230

Yla-OPB -12* 189

Y2a-0PB +18* 164

Ylc-OPB +16* 198

Y2C-0PB -10* 194

Tl-IPB +30* 186

Yla-IPB +5* 140
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Table 4.5 Weld geometry at dominant crack-sites.

Brace
Code

Weld Angle 
a  (degrees)

Weld Toe Radius 
p (mm)

Tl-OPB 38 1.65

T2-0PB 39 1.25

T4b-0PB 33 1.58

Yla-OPB 40 1.63

Y2a-0PB 41 1.38

Ylc-OPB 41 1.89

Y2C-0PB 39 1.66

Tl-IPB 54 1.28

Yla-IPB 75 0.43

Table 4.6 B/T ratios for dominant fatigue cracks.

Brace
Code

Crack
Location

Bending to Total Stress Ratio 
B/T

Tl-OPB Chord Saddle 0.848

T2-0PB Chord Saddle 0.848

T4b-0PB Chord Saddle 0.832

Yla-OPB Chord Saddle 0.917

Y2a-0PB Chord Saddle 0.917

Ylc-OPB Chord Saddle 0.917

Y2C-0PB Chord Saddle 0.917

Tl-IPB Chord Crown 0.831

Yla-IPB Brace Crown 0.777
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MdiDüs:
Chord diameter = 900mm 
Chord wall thickness = 32mm 
Chord length = 2000mm 
T-brace diameter = 457mm 
T-brace wall thickness = 20mm 
Y-brace diameter = 323mm 
Y-brace wall thicloiess = 18mm 
Y-brace angle = 35®

Figure 4.1 Multi-brace (M-) node geometry.

X-node:

Chord diameter = 509mm 
Chord wall thickness = 20mm 
Chord length = 2000mm 
T-brace diameter = 457mm 
T-brace wall thickness = 20mm

O

Figure 4.2 X-node geometry.
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Brace

AxialSaddle

Figure 4.3 Description of loading directions for welded tubular joints.

r

Figure 4.4 Experimental set-up for M-node T-OPB test.
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É

Figure 4.5 Experimental set-up for X-node T-OPB test.

Figure 4.6 Experimental set-up for Y-OPB tests.
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Figure 4.7 Experimental set-up for T-IPB test.

Figure 4.8 Experimental set-up for Y-IPB test.
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Geometric stress 
extrapolated to 

weld toe

Brace

Weld
Chord

Region of geometric 
stress linearity

Positions 1 and 2 mark locations of strain 
gauge rosettes used to find geometric stress 
on outside surface of chord wall.

Position 3 marks location of strain gauge 
rosette used to find geometric stress on 
inside surface of chord wall.

Orientation of strain gauge 
rosettes relative to line drawn 
perpendicular to weld toe.

Figure 4.9 Measurement of geometric stress in welded tubular joints.
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Figure 4.10 Strain gauge layout for T4a-0PB, Figure 4.11 Strain gauge layout for Yla-IPB.
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Figure 4.12 Definition of brace codes.
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Figure 4.13 Comparison of measured and predicted geometric surface 
stress distributions for the M-node T-OPB configuration.
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Figure 4.15 Comparison of measured and predicted geometric surface 
stress distributions for the Y-OPB configuration.
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Figure 4.16 Comparison of measured and predicted geometric surface
stress distributions for the T-IPB configuration.
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Figure 4.17 Comparison of measured and predicted geometric surface 
stress distributions for the Y-IPB configuration.
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Figure 4.18 Comparison of measured geometric surface stress
distributions for welded tubular joints.
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Figure 4.19 Weld toe clip gauge arrangement for OPB tests.
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Figure 4.20 Fatigue crack growth curves for Tl-OPB (/?=0.05).
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Figure 4.21 Fatigue crack growth curves for T2-0PB (R=0.05).
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Figure 4.22 Fatigue crack growth curves for Ylc-OPB (i?=0.05).
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Figure 4.23 Fatigue crack growth curves for Y2c-0PB (^=0.05).
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Figure 4.24 Fatigue crack growth curves for Yla-OPB (/?=-!).
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Figure 4.25 Fatigue crack growth curves for Y2a-0PB (/?=-!).
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Figure 4.26 Fatigue crack growth curves for T4b-OPB (/?=-l).
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Figure 4.27 Fatigue crack growth curves for Tl-IPB (R=Q.05).
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Figure 4.28 Fatigue crack growth curves for Yla-IPB (#=0.05).
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Figure 4.29 Crack shape development trends for T-OPB tests.
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Figure 4.30 Crack shape development trends for Y-OPB tests.
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Figure 4.31 Crack shape development trends for T-IPB and Y-IPB tests.
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Figure 4.32 Comparison of early fatigue crack growth for Y-OPB tests.
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Figure 4.33 Transverse welding residual stress distribution in an 
uncracked tubular joint [4.10].
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Figure 4.34 Hypothetical model for redistribution of welding residual 
stress in the presence of a growing fatigue crack.
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Figure 4.35 Comparison of weld toe SCFs for tension («=45°, p/f=l/25).
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Figure 4.36 Comparison of weld toe SCFs for bending («=45°, p/f=l/25).

226



Effective stress ratio Effective stress ratio

«g
3
Iti00
5r)

I
CD

I
O5
>3

%

H -  O
O  bo g o oN> O

b
o
to

o o
b\

o •— 
bo b

o
b

o

o
N i

O

O
ON

o

o
bo

ob

o

1

y
3DC
;
CD

S.I
o3

>}
&
bU\

o
bo

ob\ o o
N i

O
b

o
N i

O Ob\ P00
o
b

o

ou>

OLn

O
ON

ob

o
bo

ob

o



1.0

0.8

0.6

0.4

Case lb
■ft -0.2

Case 2bST -0.4 

-0.6

-0.8

-1.0
0.0 0.2 0.3 0.80.1 0.4 0.5 0.6 0.7 0.9 1.0

a/t
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228



Effective stress ratio Effective stress ratio

g

o
bo

ob\ o oNJ OO oisj o obs o
boOb

o

ow

o

O
l/l

ob\

p

o
bo

olo

o

3
*c

lu

Io
s.
>?
o3
>3

%

OUi

o o o o o o
^  w  b  w  b\
H—■ I _' L '—K-

o I—
bo bo o\oo

o
b

o

o
w

o
U)

o
u

o
l/l

o
O n

O

u>
O
bo

o
lo

K)
ë



1.0

0.8
o

5  0,6

I%
•c  0.4O
I

Tl-IPB

Tl-OPB

- • T2-0PB

T4b-OPB0.2

0.0
0.4 0.50.0 0.1 0.2 0.3 0.6

a/t

Figure 4.43 predictions for T-IPB and T-OPB tests.

a/t

Figure 4.44 predictions for Y-IPB and Y-OPB tests.

1.0

0.8

Yla-IPB

Ylc-OPBh%
•c  0.4

I

- • Y2C-0PB

Yla-OPB

0.2
- -  Y2a-0PB

0.0
0.4 0.5 0.60.0 0.1 0.2 0.3

230



3.0

Experimental Y
2.5

TPM

N&R
2.0

N&R+NSC+LMR

N&R+NSC+LMR+CSCY

1.0
• • r

•  •

0.5

0.0
0.25 0.30 0.45 0.50 0.55 0.600.00 0.05 0.10 0.15 0.20 0.35 0.40

a/t

Figure 4.45 Comparison of Fexp with model predictions for Tl-OPB.
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C h a p t e r  F i v e

PREDICTING E a r l y  F a t i g u e  C r a c k  G r o w t h

5.1 Overview

Offshore platforms are inspected periodically to ensure structural integrity. If 
fatigue cracks are detected during inspection, it is necessary to assess their 
significance. The assessment procedure will include careful sizing of the crack, 
prediction of its future behaviour, and a decision with regard to future action. If the 
remaining fatigue life of the cracked joint is estimated to be less than the interval 
between service inspections, a repair action is likely to be instigated. A decision of 
this nature will have major cost and operational consequences. However, if it can 
be shown with confidence that the crack will not reach critical dimensions before 
the next scheduled service inspection, the repercussions associated with a repair 
action may be postponed or avoided indefinitely; the final decision depending on the 
information collected from subsequent inspections.

The successful implementation of a "damage tolerance" philosophy for offshore 
structures requires an accurate method of predicting fatigue growth behaviour. In 
chapter four, several different fracture mechanics models were presented for 
estimating stress intensity factors in welded tubular joints. Encouraging results 
were obtained from a flat plate solution with corrections for weld toe geometry, 
load shedding and crack shape. It is the aim of this chapter to assess the accuracy 
of these models for making early fatigue crack growth predictions in offshore 
structures.
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5.2  A Crack Shape Forcing Function for Welded Tubular Joints

An accurate description of crack shape development is fundamental to fatigue crack 
growth predictions. The crack shape changes that accompany isolated surface 
fatigue crack growth in flat plates subjected to pure tension or bending are 
reasonably well understood, and an analytical approach can be used to predict crack 
shape development trends under these simple conditions [5.1-5.5]. In a welded 
tubular joint, the occurrence of non-uniform stress fields and multiple defect 
interaction complicates the situation considerably. It becomes necessary in this 
case, to rely on experimental observations of crack shape development behaviour in 
order to carry out fatigue crack growth predictions.

Vosikosky et al [5.6] investigated the fatigue crack shape development behaviour of 
welded T-plates subjected to three point bending and proposed an empirical crack 
shape forcing function of the form

f  = f-*' (5.1)

where the coefficient k was found to depend on the applied stress level and plate 
thickness. The aspect ratio is assumed to start at a value of 1.0 and decrease 
exponentially until a/2c-0.1, at which point a transition to an edge crack {a/2 c=0 ) is 
assumed to occur as a result of crack coalescence. The application of equation (5.1) 
to fatigue crack growth in welded T-plates has been shown by some researchers 
[5.7,5.8] to work reasonably well. Others [5.9] have found that equation (5.1) 
does not produce satisfactory results. The crack shape development trends reported 
in this thesis are also in disagreement with the general trend predicted by this simple 
model. In the experiments conducted in this study, the crack aspect ratio tended to 
increase (not decrease) prior to crack coalescence.

For the purpose of making early fatigue crack growth predictions in this chapter, 
the detailed crack shape and stress distribution data collected from the tubular joint 
experiments was used to establish a suitable model for predicting the crack aspect 
ratio (a/2 c) as a function of the crack depth to plate thickness ratio (a/t). 
Engineering judgement was used to find a mathematical function that characterised 
the basic shape of the a/2c versus a/t plot. Values for the coefficients and exponents 
used in the function were then determined from a statistical analysis of the available 
data. The crack shape forcing function that resulted from this effort is

244



^  =  2 9 M O - 0  0 2 3 /(5 - l)* (5 - l)0 -6 6 .(a /0 2  .g  -25.7a/f +  0  ll(a /^ )0 .6 0  (^ 2 )

for 1.31 < 5 <  2.52

where S is the average stress parameter defined in chapter four.

This model assumes that the crack aspect ratio starts from zero and reaches a peak at 
an a/t value of approximately 0.08. It also assumes that the peak in a/2c is related to 
the normalised geometric surface stress distribution around the brace circumference, 
as characterised by the average stress parameter S. Table 5.1 lists the values of a/t, 
a/2c and S used in the analysis. Figure 5.1 shows how the peak in a/2c recorded 
for each dominant fatigue crack varies with the average stress parameter S. The 
regression equation fitted to this data is

aUcpeak = 0.25 (5.3)

Figure 5.2 shows how the crack shape forcing function is influenced by S. 
Equation (5.2) predicts higher crack aspect ratios during the early stages of fatigue 
crack growth for tubular joints with higher average stress parameters. This trend is 
supported by the experimental data presented in chapter four. It seems that a joint 
with a higher average stress parameter is more likely to promote isolated fatigue 
crack growth. Fewer cracks develop in the joint and the dominant crack tends to 
reach a higher aspect ratio before it coalesces with neighbouring defects.

Figures 5.3-5.7 compare the crack shape development trends predicted by equation 
(5.2) with the experimental data recorded for each dominant fatigue crack. The 
crack shape forcing function works reasonably well in the majority of these cases, 
but there is no reason to expect the same degree of success under different 
experimental conditions. The introduction of a seawater environment and/or multi- 
axial loading could lead to significantly different trends for early crack shape 
development. Additional studies are needed to investigate these factors before 
confidence can be placed in a model of this nature.
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5 .3  Early Fatigue Crack Growth Predictions

5.3.1 Partial Fatigue Lifetimes

Fatigue crack growth is predicted by integrating a suitable crack growth law over 
several discrete values of AKeff and da/dN, and summing the discrete values of N. 
If the crack growth law is a closed form expression and F is a simple function of 
crack depth, the integration process can be carried out analytically. However, for 
the case of early fatigue crack growth in welded tubular joints, both of these 
relationships are quite complicated and a numerical approach must be taken instead.

In this section, theoretical crack growth curves (a/t versus N) are constructed for 
comparison with the experimental data obtained for the tubular joint fatigue cracks. 
The following numerical integration procedure was adopted for this purpose:

1.) The extent of fatigue crack growth was divided into 40 logarithmic 
increments

I _ /ogioW - log\o(ao) X.
40

where a„ and aj- were taken as the initial and final crack depths
measured in the experiment. The crack depth at the end of the i
increment was found from

a,. = (5.5)

2.) AKeffV/ns calculated at the beginning and end of each crack growth 
increment and the average value was used in equation (4.59) to 
determine (da/dN)i. The model described in section 4.6.3 was used to 
estimate Reff and values of C, m and AKth were found using equations 
(4.62-4.64). Equation (5.2) was used to predict the crack aspect ratio, 
if the SIF model required this information.

3.) The number of cycles consumed in each crack growth increment was 
calculated from
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4.) The number of cycles (Ni) required to reach a particular crack depth (at) 
was determined by summing the number of cycles consumed in each 
increment of crack growth up to that point:

Ni = ZÜV, . (5.7)
a = Oo

Fatigue crack growth curves were predicted for each dominant fatigue crack, except 
Yla-IPB, using the following SIF models:

1.) TPM
2.) N&R+NSC+LMR
3.) N&R+NSC+LMR+CSC

The predictions are compared with the experimental data in figures 5.8-5.15. Yla- 
IPB was excluded from analysis because of the uncertainty associated with the weld 
toe stress distribution and the bending to membrane ratio.

Consider first, the predictions offered by the TPM, which does not take direct 
account of the crack aspect ratio. The crack growth curve predicted for Tl-IPB is 
in excellent agreement with the experimental data collected for this crack (see figure 
5.8). This result is not surprising, considering the good agreement obtained 
between Texp and Ftpm (refer back to figure 4.52). Reasonably good agreement 
between Tex? and Ttpm was also obtained for T4b-0PB (refer back to figure 
4.51), but the TPM signiticantly over-predicts the early fatigue crack growth period 
in this case (see figure 5.15). Most of this error is seen to accumulate before 
a/t=0.l0. The reason for this is a slight under-estimate of the SIF for a/t<O.OS. It 
is interesting to compare this result with that obtained for T2-OPB (see figure 
5.10). In the case of T2-0PB, a slight over-estimate of the SIF for a/t<OAO (see 
figure 4.46) results in a large under-prediction of the partial fatigue life. The TPM 
also under-predicts the partial fatigue life for Tl-OPB and all of the Y-OPB cracks. 
Early fatigue crack growth appears to be extremely sensitive to variations in the 
SIF.

Consider next, the predictions obtained using the N&R+NSC+LMR and 
N&R+NSC+LMR+CSC models with the crack shape forcing function defined by 
equation (5.2). The N&R+NSC+LMR model under-predicts the partial fatigue life 
in all cases. This outcome is as a result of the poor agreement obtained between
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N̂&R+NSC+LMR imd l̂ EXP- The N&R+NSC+LMR+CSC model provides 
reasonably accurate predictions for Tl-IPB, T2-0PB, Ylc-OPB and T4b-0PB, and 
produces conservative results for other four cases. The performance of this model 
is heavily influenced by crack shape development behaviour. The inclusion of 
crack shape correction (CSC) leads to improved crack growth predictions in all 
cases, but it does not always provide adequate compensation for the effect of crack 
aspect ratio, unless the early crack shape development trend is predicted with a high 
level of accuracy. In the case of Yla-OPB, Y2a-0PB and Y2c-OPB, a/2c is under
estimated by the crack shape forcing function (see figure 5.4) and this introduces 
considerable error into the predicted trends.

5.3.2 Initial Weld Defect Sizes

A knowledge of initial weld toe defect distributions in tubular joints is necessary for 
optimising design and quality control standards, minimising in-service inspection 
requirements, and making accurate reliability predictions for offshore structures 
[5.10,5.11]. Some investigators have used destructive sectioning techniques to 
measure the depths of weld toe defects [5.12-5.14], while others have resorted to 
analytical methods (e.g. fracture mechanics models) to obtain this information 
[5.15-5.19]. Grover [5.18,5.19] has shown that these various approaches can 
yield substantially different results, depending on the type and quality of the 
welding process and on the accuracy of the assumptions used in the analytical 
models.

Signes et al [5.12] examined fillet welds on a mild steel plate and observed 
undercuts up to 0.08mm deep with slag intrusions ranging from 0.02 to 0.15mm in 
depth. Watkinson et al [5.13] looked at fillet welds on a multi-alloyed quenched 
and tempered steel plate and measured undercuts up to 0.20mm deep with slag 
intrusions, ranging from 0.01 to 0.20mm in depth, located just below the 
undercuts. Thus, the maximum combined defect depth (i.e. the undercut depth plus 
the intmsion depth) was as much as 0.40mm. Smith and Smith [5.14] inspected 
fillet welds on a carbon-manganese steel plate and found that very few flaws existed 
which were greater than 0.10mm deep, with the majority of defects being less than
0.06mm in depth. However, a much higher level of quality control was used in 
their sample preparation process. Based on these observations, it would seem 
possible for crack-like defects ranging from 0.01 to 0.40mm in depth to be present 
at the weld toes of tubular joints.
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Lawrence et al [5.15] used the results of a finite element analysis to develop an 
analytical model for predicting the minimum initial defect depth necessary to 
propagate a fatigue crack from a weld toe notch. Their relationship predicted the 
initial defect size to be a function of ultimate tensile strength, joint geometry and 
loading conditions. For a mild steel butt weld in a 25mm thick plate, the weld 
defect size was estimated to be 0.25mm. Wolfram [5.16] used a reverse 
extrapolation process on UKOSRP crack growth data to estimate weld defect sizes 
in tubular joints and reported a mean initial defect depth of 1.40mm. Grover [5.19] 
used a set of SIF solutions derived for welded tubular T-joints with test data 
obtained from the UKOSRP I programme to back-calculate the initial crack sizes 
required to give the correct number of cycles to through-thickness cracking. He 
found that the calculated initial flaw sizes were an order of magnitude smaller than 
the physical observations of defect size reported in the literature.

The size of the fabrication defect responsible for initiating fatigue crack growth in 
each of the tubular joints tested in this study was estimated using a backward 
numerical integration procedure, similar to the forward numerical integration 
procedure outlined in the previous section. Starting with the crack depth {uq) and 
cycle count {No) corresponding to the first experimental observation, a small 
increment of crack depth (zla=0.01mm) was subtracted from Uq. The number of 
fatigue cycles required to reduce the crack depth by Aa was then calculated and 
subtracted from Np. This procedure was repeated until Np was reduced to zero. 
The crack depth at this stage was considered to represent the size of the initial weld 
defect.

The N&R+NSC+LMR+CSC model was used to predict the SIF, and the crack 
growth rate was estimated in the same manner as described before. However, 
instead of using equation (5.2) to predict crack shape development, the aspect ratio 
was computed from a quadratic curve fitted to the first few experimental data points 
{a/t, a/2c) collected for each dominant fatigue crack. It was reasoned that more 
realistic predictions of initial weld defect sizes would result, if each of the early 
crack shape development trends was modelled independently. The regression 
coefficients determined for each individual case are listed in table 5.2.

In cases where the effective stress ratio was estimated to less than 0.2, crack 
closure was assumed to be absent and the crack growth rate was calculated from the 
AKeff-da/dN relationship obtained for Reff=0.2. For small fatigue cracks (i.e. 
fl<0.5mm) this is a reasonable assumption, since the wake of residual plastic 
deformation responsible for crack closure is not fully developed.
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The results of the analysis are presented in table 5.3. The predicted defect depths 
range from 0.07 to 0.26mm with a mean of 0.15mm. The standard deviation for 
the sample is 0.06mm. The surface lengths predicted for the initial weld defects 
exhibit a large degree of scatter, but the aspect ratio (defect depth/surface length) 
tends to be quite low in the majority of cases. Presupposing the existence of low 
aspect ratio fabrication defects, on the order of 0.1-0.2mm deep, appears to be a 
reasonable assumption with regard to welded tubular joints.

The range of initial defect depths calculated in this study is in close agreement with 
the range of measured flaw sizes reported in the literature. This finding suggests 
that the modelling assumptions and input data used to arrive at these results 
conform reasonably well to reality. If a cruder fracture mechanics model was used 
to estimate fatigue crack growth rates or significantly larger values of üq were used 
to start the analyses, the same degree of success might not have been realised.
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5 .4  Discussion

Linear elastic fracture mechanics appears to be a useful tool for predicting the early 
fatigue crack growth behaviour of welded tubular joints. However, for predictions 
to be realistic, under even the simplest of experimental conditions (e.g. constant 
amplitude loading in air), accurate information is required on each of the following:

1.) the global joint geometry (for estimating hot-spot stress 
concentration factors, bending to membrane ratios, geometric 
surface stress distributions, and crack-site stress ranges);

2.) the local weld geometry (for calculating non-uniform stress 
correction factors);

3.) fatigue crack shape development and the stress intensity calibration 
factor (for predicting AK)\

4.) the crack closure ratio (for calculating AK^ÿ)',

5.) the effective stress ratio (for use with AKeffio estimate da/dN)\ and

6.) an empirical relationship between Reff, AKgjf and da/dN.

Substantial errors may creep into an early fatigue crack growth prediction if any one 
or more of the above parameters is not modelled properly.

The hot-spot stresses and geometric surface stress distributions used in this study 
were obtained from strain gauge rosettes positioned on the specimens being tested. 
The strain gauge approach is a highly accurate technique for predicting geometric 
stresses in welded tubular joints. In practise, design engineers must rely on less 
dependable methods (e.g. parametric formulae or numerical models) for obtaining 
this information. It was shown in section 4.3.3 of chapter four that the hot-spot 
stress concentration factor can vary by as much as 20% between joints of the same 
global geometry. Thus, the design engineer is at a considerable disadvantage when 
it comes to predicting the fatigue crack growth behaviour of welded tubular joints.

It has been demonstrated in this study that if the local weld geometry is known, its 
influence on the SIF can be readily accounted for using non-uniform stress 
correction (NSC) factors. The method is approximate but the errors are not likely
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to be significant in comparison with those arising from assumptions concerning 
residual and applied stress redistribution in cracked tubular joints.

The use of linear moment release (LMR) appears to provide a proper correction for 
the effect of load shedding in cracked tubular joints, but it is important to remember 
that the model isjapproximate. It would be unreasonable to assume that the effect of 
load shedding does not vary from joint to joint, change with the direction of loading 
(e.g. OPB or IPB), or depend on the location of the crack-site (e.g. chord toe or 
brace toe). However, the level of success achieved in this study suggests that 
variations to the load release mechanism caused by such differences may not be too 
significant.

For the case of early fatigue crack growth in as-welded tubular joints, the influence 
of plasticity-induced crack closure does not seem to require consideration. 
However, in fatigue crack growth predictions concerned with stress-relieved joints, 
crack closure could become an important variable. Additional studies are needed to 
investigate this possibility.

Mean stress has been identified as an important factor influencing early fatigue 
crack growth in welded tubular joints. However, the method proposed in chapter 
four for estimating the effective stress ratio as a function of fatigue crack depth 
involves a number of assumptions. There is a need to find a more rigorous 
approach for dealing with this problem.

In section 4.6.8 of chapter four, an empirical correction factor (*P) was introduced 
to improve the accuracy with which the stress intensity calibration factor could be 
predicted for tubular joints. In the data analysis, was assumed to be a simple 
function of a/2c, but the scatter in *Ffor o/2c=0.12 (see figure 4.55) suggests that 
other factors may be contributing to the discrepancies observed between theory 
( î n &r +n s c +l m r ) and experiment ( F e x p )- It is possible that the degree of curvature 
in the fracture surfaces, the extent of non-uniformity in the stress fields, the level of 
structural restraint and/or variations in the bending to membrane ratio could each be 
responsible for contributing to this scatter.

In cases where the stress intensity calibration factor can be predicted with a high 
degree of accuracy, reliable fatigue crack growth predictions may not be possible 
unless the crack shape development behaviour is also modelled properly. The 
empirical crack shape forcing function derived in this study provides a simple 
means of predicting the crack aspect ratio, but its general utility needs to be
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explored under more diverse experimental conditions than those investigated here. 
The average stress parameter appears to be an important factor influencing crack 
shape development, but it is not likely to be the only one. The quality of the weld, 
the bending to membrane ratio, and various environment-related factors (e.g. 
seawater corrosion and cathodic protection) may also require consideration.

Weld quality is probably the most difficult of these parameters to quantify because it 
will vary from joint to joint. However, an accurate description of the weld toe 
defect pattern existing in a particular welded joint might not be necessary. If a 
conseiwative estimate of the defect pattern that might be expected for a certain type 
of tubular geometry fabricated according to current offshore welding practises could 
be established, probabilistic methods could be used to predict initial weld defect 
distributions with a specified level of confidence [5.10].

The bending to membrane stress ratio is expected to exert its greatest influence on 
crack shape development during the later stages of crack growth. It is anticipated 
that through-thickness stress distributions containing larger components of 
membrane stress will lead to higher crack aspect ratios (a/2 c), especially for deeper 
cracks. However, additional testing is needed to investigate this hypothesis before 
the bending to membrane ratio can be included in a crack shape development model.

If a welded tubular joint was left unprotected in a seawater environment, the 
formation of corrosion pits at the weld toe could enhance the number of crack 
initiation sites, leading to earlier coalescence and therefore lower peak aspect ratios. 
On the other hand, if cathodic protection were used to mitigate corrosion, the crack 
plugging effect associated with the formation of calcareous deposits could serve to 
inhibit the growth of secondary cracks (i.e. retard the development of defects 
located remote from the hot-spot) and promote isolated growth of the dominant 
fatigue crack. In this case, a higher aspect ratio crack would be expected to evolve.

In light of the large effect which crack aspect ratio appears to exert on the stress 
intensity calibration factor for tubular joints, it would seem appropriate to devote 
more time and effort to researching the various parameters which influence fatigue 
crack shape development trends in welded components.
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5.5  Summary and Conclusions

In this chapter, a numerical integration procedure was used to predict the early 
growth behaviour of several tubular joint fatigue cracks. The configurations 
investigated included two cases of T-OPB, one case of T-IPB and four cases of Y- 
OPB. The following SIF models were included in the analysis:

1.) TPM
2.) N&R+NSC+LMR
3.) N&R+NSC+LMR+CSC

A crack shape forcing function derived from experimental data was used to predict 
(i/2c for use with the N&R+NSC+LMR and N&R+NSC+LMR+CSC SIF models. 
The TPM was used on its own. The crack growth predictions produced by each 
model were judged relative to the experimental trends. The TPM displayed a mixed 
degree of success. It modelled the behaviour of Tl-IPB with good accuracy, but it 
over-predicted the partial fatigue life of T4b-OPB and it produced conservative 
results in the other six cases. The N&R+NSC+LMR SIF model produced 
conservative, but inaccurate predictions for all eight fatigue cracks. The 
N&R+NSC+LMR+CSC SIF model produced the best overall results. It was 
accurate in four cases (Tl-IPB, T2-OPB, T4b-0PB and Ylc-OPB) and yielded 
conservative results in the others.

The N&R+NSC+LMR+CSC SIF model was used with quadratic curves fitted to 
the initial trends in crack shape development to predict the depths and surface 
lengths of the isolated fabrication defects responsible for initiating fatigue crack 
growth in each specimen. The results suggest that low aspect ratio defects up to 
0.26mm in depth may be present at the weld toes of tubular joints. This finding is 
in agreement with physical observations of weld defect sizes reported in the 
literature.

Predicting the early fatigue crack growth behaviour of welded tubular joints 
requires detailed information concerning the stress fields at the brace-chord 
intersection. It is possible to obtain some of this information (e.g. the applied and 
residual stress states) via experimental and/or numerical analyses, but other aspects 
(e.g. load shedding and residual stress redistribution) are more difficult to quantify. 
In order to proceed with a fracture mechanics analysis of the problem, it becomes 
necessary to introduce approximations and assumptions into the modelling process. 
The success of the outcome then depends on how closely these approximations and
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assumptions conform to reality. The work presented in this chapter demonstrates 
that reasonably good predictions of early fatigue crack growth in welded tubular 
joints are possible using a flat plate SIF solution if the effects of weld geometry, 
load shedding, crack shape and mean stress are adequately accounted for.
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Table 5.1 Experimental data used to derive equation (5.2).

Brace Code (i/2 c peak a/t S

Tl-OPB 0.166 0.065 1.57

T2-0PB 0.152 0.059 1.57

T4b-0PB 0.306 0.084 2.52

Yla-OPB 0.197 0.042 1.52

Y2a-0PB 0.205 0.068 1.52

Ylc-OPB 0.148 0.127 1.52

Y2C-0PB 0.176 0.094 1.52

Tl-IPB 0.098 0.058 1.31

Yla-IPB 0.226 0.104 1.84

meana/t: 0.078

Table 5.2 Regression coefficients for quadratic curve fits to a/2c-a/t data.

Brace a/2 c = Co + Cl {a/t) -f- C2 {a/t)^
Code Co Cl C2

Tl-OPB 0.0266 2.99 -10.9

T2-0PB 0.0020 3.84 -22.4

T4b-0PB 0.0177 4.54 -13.2

Yla-OPB 0.0009 6.78 -49.4

Y2a-0PB 0.0314 5.09 -31.2

Ylc-OPB 0.0072 3.28 -25.3

Y2C-0PB 0.0714 1.47 -1.59

Tl-IPB 0.0004 2.21 -9.13
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Table 5.3 Weld defect size predictions.

defect depthdefect depth 
(mm)

defect surface 
length (mm)

Brace
Code surface length

0.040Tl-OPB 0.15

0.014T2-0PB 0.10

0.0402.5T4b-0PB 0.10

0.0164.4Yla-OPB 0.07

0.063Y2a-0PB 3.30.21

0.024Ylc-OPB 0.17

0.083Y2C-0PB 0.26

0.0100.15 15.0Tl-IPB

0.0360.15 5.8mean

0.026std. dev. 0.06 4.1
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6 .1  Overall Summary and Conclusions

This study was prompted by the need for a better understanding of early fatigue 
crack growth in welded tubular joints, of the type used in the construction of steel 
offshore jacket structures. Small fabrication flaws existing at the weld toes of 
tubular joints can develop into potentially hazardous fatigue cracks as a result of 
cyclic wind and wave loading in a hostile marine environment. Therefore, offshore 
stmctures must be inspected at regular intervals to reduce their risk of failure as a 
consequence of metal fatigue.

If a fatigue crack is detected in service, fracture mechanics becomes an 
indispensable tool for assessing the significance of the defect and producing an 
acceptable strategy for the safe, economic operation of the cracked structure. 
However, the level of confidence which can be placed in the evaluation process 
depends, to a large extent, on the accuracy with which the future behaviour of the 
fatigue crack can be predicted. An improved understanding of the early fatigue 
crack growth process in welded tubular joints is a necessary step towards achieving 
confidence in a fracture mechanics approach to their fatigue life assessment.

In the opening chapter, a number of different fracture mechanics parameters were 
introduced and discussed in terms of their potential ability to characterise early 
fatigue crack growth in welded components. The range of the crack tip stress 
intensity factor was considered to be an acceptable parameter for correlating fatigue 
crack growth rates provided the small scale yielding requirement of linear elastic 
fracture mechanics (LEFM) was not violated. The potential for notch plasticity to 
develop at the weld toe of a tubular joint was identified as a major concern in the 
application of LEFM to early fatigue crack growth in offshore structures. A survey 
of the literature concerned with small fatigue cracks revealed that plasticity-induced 
crack closure and mean stress level could also play significant roles in the fatigue 
crack growth process. A number of experiments with welded T-plates, machined 
T-plates and welded tubular joints were therefore carried out to investigate these
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effects. In all cases, the fatigue test conditions were restricted to constant amplitude 
loading in room temperature air.

In the past, experimental studies concerned with tubular joint fatigue crack growth 
were hindered by the absence of accurate non-destructive testing (NDT) techniques 
for the detection and sizing of small, surface-breaking fatigue cracks. Recent 
improvements to NDT have now made it possible to monitor the early growth 
behaviour of these defects with a high level of accuracy. In this study, alternating 
current potential difference (ACPD), alternating current field measurement 
(ACFM), and magnetic particle inspection (MPI) were used to obtain a wealth of 
fracture mechanics data for small surface fatigue cracks. Crack closure was 
monitored using a highly sensitive weld toe clip gauge.

A study was carried out to assess and improve the accuracy the ACPD and ACFM 
techniques for measuring the depths of small surface fatigue cracks. The 
performance of the ACPD technique was found to depend on the aspect ratio of the 
crack. ACPD predicted the depths of low aspect ratio surface cracks (a/2c<0.05) 
with good precision and accuracy, but it under-estimated the depths of higher aspect 
ratio cracks (a/2c>0.i5) by as much as 30%. ACFM proved to be a more reliable 
technique for predicting the depths of high aspect ratio surface fatigue cracks. It 
was also found to give accurate predictions of the crack surface length (2c). The 
results of the investigation were used to derive empirical crack depth calibration 
curves for use with 5 and 10mm ACPD probes and a 2mm ACFM probe.

The experiments conducted on the welded and machined T-plates revealed several 
important insights into the growth characteristics of small surface fatigue cracks. 
Mean stress level and crack closure were found to exert considerable influences on 
early fatigue crack growth behaviour, but the effect of weld toe plasticity turned out 
to be indiscernible. It was found that the growth rates of the smallest measurable 
fatigue cracks (a>0.3mm) could be successfully characterised using LEFM, if the 
influence of crack closure was taken into account. This is a significant finding, 
considering that nominal applied stress ranges as high as 600MPa were used in 
some of these tests. It suggests that LEFM can be used to predict the growth of 
small fatigue cracks in welded tubular joints, without concern for anomalous 
behaviour. However, the T-plate specimens used to carry out this investigation 
were only 20mm thick, and the notch plastic zone size will tend to increase with 
plate thickness. Therefore, additional tests on thicker specimens are needed before 
any definite conclusions may be drawn.
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An investigation into the fatigue behaviour of surface cracks subjected to low cycle 
(high strain) fatigue demonstrated that the effective range of the crack tip stress 
intensity factor {AKejfi is capable of correlating fatigue crack growth rates if the 
change in crack tip opening displacement (ACTOD) is less than about 30p.m. Once 
ACTOD exceeds this value, it becomes necessary to rely on a power law expression 
for da/dN in terms of ACTOD. The tubular joint fatigue cracks analysed in this 
study did not appear to violate the small scale yielding requirements of LEFM. 
However, under the higher cyclic stress ranges associated with a variable amplitude 
load spectrum, there is a much greater possibility for cyclic notch plasticity to 
develop. An elastic-plastic fracture mechanics approach based on ACTOD might 
then become useful.

The influence of plasticity-induced crack closure on fatigue crack growth behaviour 
was found to depend on mean stress and crack depth. Crack closure appears to 
develop in surface-cracked test specimens if the effective stress ratio {Ref^ drops 
below 0.2. However, the closure ratio {U) does not seem to stabilise unless the 
mean stress is held constant and the fatigue crack is more than about 1.5mm deep. 
In welded components, the presence of residual stresses can significantly alter the 
crack closure level. If the residual stresses are compressive, the crack closure effect 
will be enhanced; if the residual stresses are tensile, the effect will be reduced. In 
as-welded tubular joints, the presence of high tensile residual stresses appears to 
eliminate the crack closure effect entirely.

There is an influence of mean stress on the fatigue crack growth rate in BS 4360 
50D steel that is not accounted for by crack closure. The phenomenon only 
manifests itself at effective stress ratios greater than 0.2, and is most apparent at 
low AK. The observed trend is for the crack growth rate to increase (at constant 
values of AK) with increases in Reff. The effective stress ratio in tubular joints is 
dependant on the dynamic interaction of residual and applied stress fields. A simple 
model for estimating the effective stress ratio was presented in this thesis. The 
model was used with a mean-stress-dependant crack growth law to predict surface 
fatigue crack growth rates in as-welded tubular joints.

The results of a previous finite-element study were used to derive parametric 
equations for predicting through-thickness weld toe stresses as a function of weld 
angle and toe radius. Individual equations were derived for tension and for 
bending. These formulae were used with detailed weld profile measurements and a 
knowledge of the bending to membrane geometric stress ratio to predict crack-line 
stress distributions for tlie welded tubular joints.
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An approximate stress intensity factor (SIF) solution for use with the T-plate 
specimens was developed by combining a suitable correction for the non-uniform 
stress field (caused by the weld detail) with the Newman-Raju (N&R) SIF solution 
for flat plates. The non-uniform stress correction (NSC) factors were calculated 
using a Green's function approach. The SIF solution developed for the T-plate 
specimens was later extended to the tubular joints by including linear moment 
release (LMR) to account for load redistribution.

The stress intensity calibration factors predicted using the N&R+NSC+LMR SIF 
model (i.e. T n &r +n s c +l m r ) were found to over-estimate the experimental V values 
(i.e. Texp) calculated for the tubular joint fatigue cracks. The discrepancies were 
attributed to an inability of the flat plate SIF solution to fully account for the 
influence of fatigue crack shape under the boundary conditions imposed by a 
tubular joint. An empirical crack shape correction (CSC) factor was then 
introduced to produce a more accurate model for predicting the stress intensity 
calibration factor (i.e. Tn &r +n s c +l m r +c s c )*

A correlation between the average stress parameter (S) and the maximum aspect 
ratio (a/2 c peak) achieved for the dominant fatigue crack in each tubular joint was 
used to derive an empirical forcing function for predicting early crack shape 
development behaviour. The crack shape forcing function was combined with the 
N&R+NSC+LMR+CSC SIF model to estimate partial tubular joint fatigue lives. It 
was found that a reasonably accurate prediction of early fatigue crack growth is 
possible if the crack shape development trend is modelled properly.

The N&R+NSC+LMR+CSC SIF model was also used with quadratic curves fitted 
to the individual crack shape development trends to predict the depths and surface 
lengths of the isolated fabrication defects responsible for starting fatigue crack 
growth in each tubular joint. The predicted weld defect depths were found to 
compare favourably with physical observations of initial flaw size reported in the 
literature.
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6 .2  Recommendations for Future Research

The findings reported in this thesis serve to enhance our understanding of the 
fatigue crack growth problem in offshore structures. The important factors 
influencing early fatigue crack growth in welded tubular joints subjected to constant 
amplitude loading in room temperature air have been identified and modelled. 
However, several simplifying assumptions were involved in the analyses. 
Additional studies are needed in the following areas to reduce the level of 
uncertainty associated with these assumptions:

1.) The influence of fatigue crack shape and location on the 
load release mechanism.

2.) The manner in which residual and applied stresses 
interact in the presence of a growing fatigue crack.

3.) The effect of crack aspect ratio on the SIF under 
boundary conditions that are representative of a welded 
tubular joint.

4.) The influence of statistical variations in weld quality 
(e.g. fabrication defect size and spacing) on early crack 
shape development behaviour.

The parametric equations currently available for predicting geometric stresses in 
welded tubular joints are limited in their range of application. More work is needed 
to extend these formulae to a wider range of geometric parameter ratios and to 
multi-brace joint configurations.

There is also a need to investigate the modifying influences of seawater corrosion, 
cathodic protection, variable amplitude loading and post weld heat treatment on 
surface fatigue crack growth rates, crack closure behaviour and early crack shape 
development trends. Machined T-plate specimens could be used to study many of 
these effects. The machined T-plate specimen offers excellent control over material 
properties, mean stress and crack shape, and results may be compared against the 
base-line data already established for the case of constant amplitude loading in room 
temperature air.
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Appendix A

ACFM signals for a surface crack in a manual arc-welded T-plate
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Appendix B

SEM photographs of low cycle fatigue crack tip replicas
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Appendix C

Fatigue crack growth data for welded tubular joints
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Tl-OPB T2-OPB

N
(kcycles)

a
(mm)

2 c
(mm)

a
(mm)

2 c
(mm)

75 0.39 6.5 0.52 9.0

100 0.50 7.0 0.83 9.5

125 0.63 7.5 1.09 10.0

150 0.77 8.5 1.32 11.0

175 0.97 9.0 1.58 11.5

200 1.28 10.0 1.90 12.5

225 1.49 10.5 2.30 24.0

250 1.73 11.0 3.10 43.0

260 3.86 65.0

275 2.08 12.5 4.83 85.0

285 5.69 112.0

300 2.36 14.5 6.88 132.0

310 7.85 155.0

325 2.75 18.0 9.58 160.0

338 10.66 168.0

350 3.30 25.0 12.17 185.0
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Ylc-OPB Y2C-OPB

N
(kcycles)

a
(mm)

2 c
(mm)

a
(mm)

2 c
(mm)

40 0.35 9.0

60 0.55 9.5 0.43 4.7

75 0.82 11.0

90 1.13 12.5 0.63 6.3

110 1.64 15.0 0.81 7.5

125 1.94 17.0

140 2.35 19.3 1.07 8.9

155 2.82 21.6 1.23 10.1

170 3.19 23.4 1.39 10.5

185 3.61 25.5 1.56 11.0

200 4.06 27.5 1.75 11.9

215 4.48 30.5 1.96 12.7

230 5.00 38.5 2.19 13.6

245 5.55 40.0 2.43 14.6

260 6.06 42.3 2.71 15.7

275 6.65 56.0 3.02 17.2

290 7.22 60.0 3.34 19.5

305 7.80 65.0 3.69 22.1

320 8.44 76.5 4.07 25.0

335 9.14 80.0 4.53 28.0
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Yla-OPB Y2a-OPB

(kcycles) (mm) (mm)(mm) (mm)

125 0.53 5.0

180 0.75 5.5

220 0.86 6.0

260 1.10 6.5

300 1.32 7.0

340 1.49 7.6

380 0.56 5.5 1.68 8.4

420 0.84 1.89 9.3

460 6.31.12 2.17 10.6

500 1.34 6.8 2.38 12.1

540 9.0 2.631.57 13.2

580 2.13 14.5 2.94 15.4

610 2.67 19.0 3.32 17.8

640 3.19 21.0 3.67 20.1

670 3.90 30.0 4.00 23.0

700 5.08 41.2 4.47 28.0

730 6.37 53.0 4.89 32.5

760 7.60 67.3 5.42 39.0
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T4b-OPB

N a 2 c
(kcycles) (mm) (mm)

250 0.46 4.0

325 0.90 4.6

375 1.24 5.0

425 1.69 5.5

500 2.17 8.3

550 2.56 12.1

600 3.34 16.1

625 3.92 19.3

650 4.62 34.0

675 5.52 52.0

700 6.31 57.0

720 6.93 60.0

740 7.66 65.0

780 8.36 73.0

820 9.25 80.0

860 10.04 95.0

900 11.26 112.0
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Tl-IPB

N
(kcycles)

a
(mm)

2 c
(mm)

35 0.45 15.0

45 0.67 16.0

55 0.99 16.5

65 1.21 17.0

80 1.86 19.0

95 2.40 30.0

110 3.05 47.0

127 3.80 65.0

144 4.88 89.0

157 5.85 105.0

170 6.72 121.0

185 8.77 180.0

198 10.82 215.0

205 11.69 220.0

212 12.87 225.0
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Yla-IPB

N a 2c
(kcycles) (mm) (mm)

140 0.38 5.0

180 0.67 5.5

220 0.97 6.1

260 1.27 6.8

300 1.60 7.6

340 1.88 8.3

400 2.24 13.0

430 2.51 15.6

470 2.99 17.8

500 3.18 20.2

540 3.64 23.0

600 4.10 30.8

640 4.68 33.9

690 5.35 46.0

720 5.97 54.0

740 7.05 108.0

750 7.91 110.0

760 8.66 112.0

770 9.64 114.0

780 10.44 117.0
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