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ABSTRACT

The present work examines several aspects o f the corrosion fatigue behaviour o f
tubular welded joints o f the type used to fabricate fixed Offshore drilling platforms.
It is possible fo r the structural integrity o f such structures to become compromised
by the development o f fatigue cracks within the tubular joints. Fatigue design o f
tubular joints has traditionally been based on statistical evaluation o f fatigue
endurance resultsfrom constant amplitude laboratoryfatigue tests conducted in air.
In contrast, the North Sea environment encompasses highly variable random
amplitude loading and corrosion. Safe design and maintenance a ffix e d jacket
Offshore structures relies on accurate prediction o f the rate o f growth o f fatigue
cracks in tubular joints during the service life. Fracture mechanics analysis may be
used to predict the growth rate under random amplitude loading, by using an
appropriate corrosion fatigue growth rate relationship. The accuracy o f fatigue
crack growth predictions is dependent upon the suitability o f the chosen corrosion
fatigue crack growth rate relationship, and the techniques used to model crack
growth under variable amplitude loading.
A series o f tubularjoint corrosion fatigue tests have been conducted using simulated
North Sea wave loading (WASH) under cathodic protection. These tests produced
fatigue lives which were, on average, four times less than the mean life in air. There
was no trend in the data to suggest that cathodic protection restores the in-air life.
The tests also showed that the use o f realistic loading produces crack growth
behaviour consisting o f slow shallow crack growth, followed by very rapid growth
to chord wall penetration. The rapid growth rates were observed to be independent
o f the applied loading. Tests on large compact tension specimens have shown that
corrosion fatigue crack growth rates in large specimens are limited by diffusion o f
dissociated hydrogen from external surfaces to the crack tip region. The compact
tension test data have been used to quantify this time-dependent corrosion fatigue
behaviour, and to develop a new corrosion fatigue fracture mechanics crack growth
methodology which is capable o f accurately modelling the crack growth in the
tubular joint tests. The new prediction methodology has also been used to make
fatigue life predictions at representative service lives.
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NOMENCLATURE

a

non-dimensional parameter (2L/D)

a

crack depth

fl,

initial crack depth

üf

final crack depth

A

modelling parameter in Average Stress Model

ASP

average stress parameter

dA

increment in fracture surface area

P

non-dimensional parameter (d/D)

B/M ratio ratio of bending stress to membrane stress component
B

modelling parameter in Two Phase Model

B

thickness of fracture mechanics specimen

Y

non-dimensional parameter (D/2T)

Ys

surface energy associated with fracture

Yp

plastic work associated with fracture

c

crack half-length

Cfn

inertia coefficient in Morison’s equation

Q

drag coefficient in Morison’s equation

CsN

constant in Basquin’s SN relationship for high cycle fatigue

Q

elastic compliance

C

constant in Paris law

A

probe gap in ACPD technique

A,

nodal displacement

D

chord diameter

DoB

degree of bending

D;

Miner’s damage due to an individual stress range

Ds

limit of damage summation

e

spectral bandwidth parameter

E

Young’s elastic modulus

E’

Young’s modulus for general stress state

ERF

environmental reduction factor

0

2° elliptical integral

0 (/j

power spectrum
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/
F

frequency

e

polar coordinate

G

strain energy release rate

^IC

critical strain energy release rate or toughness

h(x,a)

weight function

H

material constant used in weight function

Ha

transfer function or response amplitude operator

Hs

significant wave height

ij,k

indices

I

irregularity factor

j
k

modelling parameter in Average Stress Model

K

stress intensity factor

Kj

mode I stress intensity factor

^IC

plain strain fracture toughness

^ m in

minimum stress intensity factor in fatigue cycle

force per unit length

modelling parameter in Two Phase Model

maximum stress intensity factor in fatigue cycle
AK

range of stress intensity factor
threshold range of stress intensity factor

^ref

reference stress intensity factor solution

L

chord length

m

Paris law constant

M,

f" moment of power spectrum

Mj
n

modelling parameter in Two Phase Model

N

number of cycles

H],2, 3.4

states of failure of tubular joint

H f

number of cycles to failure

Nt

number of cycles to initiation

Hp

number of peaks

Hzc

number of zero-crossings

summation index
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p

modelling parameter in Two Phase Model

P

force

P,

nodal force

PSD

power spectral density function

PWHT

post weld heat treatment

Q

flaw shape parameter

Q factor

ratio of signal mean to signal rms

r

polar coordinate

rp

plastic zone size

R

ratio of minimum to maximum level in cycle

RMS, rms root mean square
a

stress

Ac

stress range

ACeq

equivalent stress range

Ao,

individual stress range in SRPD

P(ACi)

probability of occurrence of stress range in SRPD

Cl,

bending stress component

Cc

net stress at failure

a,

tension stress component

Cij

2-dimensional stress tensor
2

3-dimensional stress components

Cy,

yield stress

S

fatigue strength

S.D.

standard deviation

SCF

stress concentration factor

S^v

average stress concentration factor

S„s

hot-spot stress concentration factor

S J d)j

distribution of stress concentration factor

Sfj

nominal stress response to wave loading

.Sç

wave elevation spectrum

T

non-dimensional parameter (t/T)

t

brace wall thickness
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T

chord wall thickness

Td

dominant wave period

u

wave direction

|i

electromagnetic permeability

dUr

increment of strain energy release

V

Poisson’s ratio

CÙ

angular frequency

W

width of fracture mechanics specimen

dW

increment of work associated with crack growth

Y

stress intensity modification factor

Y,

crack shape modification factor

Y„

stress field modification factor
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CHAPTER ONE
Current status of fatigue analysis of welded tubular structures
1.1 Introduction
The extraction of oil and gas reserves from under the sea has largely been achieved
using Offshore drilling platforms. The most abundant structures to be found in the
North Sea are pile-supported fixed jacket platforms, the first of which (West Sole
WA) was commissioned in 1966, and is still in operation today. The oldest
installations have therefore been in service for over twenty-five years. The two main
structural elements of such platforms are the jacket, a complex three-dimensional
space frame constructed from steel tubes and the deck, which is supported by the
jacket and carries all of the drilling and production facilities. During service, a jacket
will typically experience millions of cycles of loading due to wind and waves, and
as a result may be subject to fatigue damage. Damage accumulates at fatigue-critical
locations within the jacket, increasing the possibility of structural collapse under the
extreme loads experienced during storms.
A typical jacket is fabricated from tubular steel members as illustrated in Figure 1.1.
Tubular members are chosen for their good strength to weight ratio, and low wave
resistance. The tubes are welded together at the intersections within the structure,
and these intersections are referred to as tubular joints. A tubular joint generally
consists of one or more brace members attached to the main chord member, and the
overall structural requirements may result in complex joint geometries, as shown in
Figure 1.2. The beam loading in the brace members is transferred to the tubular
joints, where the complex geometric configuration results in the development of
high surface stresses at the welded intersections due to secondary bending. The
surface stresses in the vicinity of the weld can be as much as 20-30 times greater
than the stresses experienced remote from the intersection, depending on the joint
geometry. The fluctuating nature of the wind and wave loads on the structure implies
that this highly-stressed region will be subject to large alternating stresses
superimposed on the static stresses due to dead weight. These alternating stresses
are generally greatest at the boundaries of the weldment, which constitute a potential
source of material imperfections and defects. When sufficiently high cyclic stresses
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are present it is possible for one or more of these defects to begin to propagate by
fatigue. The combination of high stress concentration caused by complicated joint
geometry, together with a ready source of fatigue crack initiators in the form of weld
defects, is the main reason why tubular welded structures are so inherently
susceptible to fatigue cracking. As a consequence, many welded structural
installations in the North Sea have suffered fatigue cracking to some extent. Fatigue
cracking reduces the ability of tubular joints to transmit load, and in extreme cases
brace members may be completely severed. In this situation, the joint completely
loses the capacity to transmit tensile loads, although some compressive capacity
may be retained. In any event, loss of load-carrying capability undermines the safety
margin derived from structural redundancy, and total structural collapse is possible
if there are sufficient joint failures to provide a structural failure mechanism.
The extent of stress concentration in tubular joints, and it’s interaction with the
welded construction to produce fatigue cracks was not fully appreciated when many
of the structures still in use today were designed. Platforms installed in the late 1960s
and early 1970s were designed using static and hydrodynamic considerations only,
and the punching shear concept [1.1] for load transfer at the tubular connections.
The first edition of the UK Department of Energy Design Guidance [1.2] was
published in 1974, but the first stress-life (SN) curve for fatigue design was not made
available until 1977 [1.3]. This has resulted in a situation where many older Offshore
platforms have required repair due to fatigue damage, in addition to damage caused
by ship collisions etc. [1.4].
The problem of establishing safe guidance against fatigue in Offshore structures is
a complex one. Current practice is to design for a fatigue life equal to the anticipated
production life of the field, and not less than twenty-five years. The fatigue
assessment is generally based on the number of stress cycles to cause some consistent
state of failure, as determined using an SN curve in conjunction with the appropriate
long-term stress history. Thus to determine a fatigue life for a particular tubular joint,
it is necessary to estimate the long-term service stress history which will be
experienced by the welded regions; this is difficult for several reasons. Firstly, the
global loads on the structure are random in magnitude and direction, and also difficult
to measure, since the most significant loading is clearly during the more arduous
weather conditions. Secondly, the stress-raising effect of these global loads is
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difficult to predict, since the component geometries are usually complicated, leading
to highly non-uniform stress distributions in the regions of interest, i.e. the welds.
The welded nature of tubular joints further compounds the problem by the presence
of weld defects and anomalies in local weld geometry which may introduce extra
stress concentration, and by the introduction of an indeterminate level of residual
stress. Also, at certain locations within the structure, there may be dynamic
amplification over parts of the wave frequency spectrum due to structural resonances,
thus increasing the fatigue damage. Assuming that a long-term stress history can be
determined for each location, the resultant fatigue damage can then be estimated.
This is done using stress-life (SN) curves, derived from statistical evaluation of
experimental data from tubular joint fatigue tests. Such data have traditionally been
obtained using constant amplitude loading in laboratory air. In service, however, the
fatigue process occurs in a corrosive seawater environment, which can dramatically
influence crack growth rates. Allowance for corrosion effects has previously been
incorporated on a rather limited, empirical basis, using corrosion fatigue life data
for simpler types of welded connection. It is possible that this fatigue design approach
may result in unconservative fatigue life estimates under unfavourable combinations
of service conditions.
The difficulties in providing safe design guidance for Offshore structures have long
been recognised, and considerable resources have been directed towards research
in this area since the late 1970’s. This has been prompted in part by several serious
accidents, such as those which occurred on the Alexander Kielland and Piper Alpha
platforms. The main areas of research have included large scale component fatigue
testing, finite element stress analyses, environmental (corrosion) fatigue studies, and
the development of fracture mechanics as a tool for predicting the rate of growth of
fatigue cracks. The results of these international research programmes have
significantly contributed towards the development of the various design codes used
by Offshore designers and operators [1.1,1.5,1.6]. The UK Design Guidance, for
instance, has recently undergone it’s 5th revision [1.6].
Improvements in drilling techniques have, in some cases, considerably increased
the anticipated yield of some fields. As a result, it may be desirable to operate certain
platforms beyond their original design life. The current approach to maintenance of
safety on mature Offshore platforms is to inspect for fatigue cracks in the structure
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using divers and subsea vehicles. Clearly, this is an enormously expensive operation,
and can only be carried out during the Summer months, making it unfeasible to
inspect entire structures in this way every year. In order to deploy inspection and
maintenance resources in the most efficient manner, it is necessary to identify the
most fatigue-critical tubular joints, and to have an accurate procedure for assessment
of cracks which may be revealed in these joints during inspection. Identification of
the fatigue-critical joints requires accurate methods for estimating the fatigue stresses
experienced by the joints, and the effect that failure of particular joints would have
on other locations within the structure. The procedure used to assess fatigue cracks
detected during inspection must be capable of resolving whether immediate repair
or strengthening is required, or whether the crack may be left and re-inspected at
some future date. In either case, an accurate methodology for prediction of crack
growth in tubular joints subject to random loading and a corrosive environment is
essential.
This Chapter is intended to give a background to the methods of analysis which are
available for use in fatigue design and assessment of Offshore tubular joints. The
problem is considered in the simple stages listed below;
- calculation of global loads in response to wind and wave loading
- determination of local stress concentrations in tubular joints
- prediction of fatigue life under different service conditions
Two approaches are described for the prediction of fatigue lives; these are the
stress-life (SN) approach discussed above, and prediction of crack growth using
fatigue fracture mechanics techniques. The recommendations of the current Offshore
fatigue design guidance are also introduced and discussed.
The remainder of the Thesis expands on the concepts introduced in this first Chapter,
using experimental results and analysis combined with extensive review material,
to ultimately provide an assessment of the degree of conservatism implicit in the
current design guidance. In particular, the effects of corrosive environments and
variable amplitude loading on fatigue endurances, and on fatigue crack growth, are
highlighted. Finally, the impact of this assessment on safety and reliability of
Offshore structures is discussed.
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1.2 Service loading on North Sea jacket structures
During a service life of 25 years, a typical North Sea jacket installation will be subject
to some 100 million wind and wave-induced load cycles. These load cycles result
in fluctuating stresses being introduced into the structure, which are of variable
magnitude and occur in random order. The majority of fatigue damage is caused by
the large proportion of medium-sized waves of short period, although the structure
must also be designed to statically withstand the occasional period of extreme storm
loading. Since fatigue is a localised phenomenon, in performing a fatigue analysis
it is necessary to consider the stresses experienced by individual members, rather
than attempting to determine a fatigue life for the entire platform. Prediction of the
fatigue stress history experienced by a particular tubular joint involves the following
steps,
- description of wave sequences for various sea states
- determination of the nominal stress response for individual locations
- estimation of the stress-raising effect of local joint geometry
The first two are not the main subject of this thesis, and are briefly described in the
following paragraphs. The influence of local geometry is more significant within
the context of the thesis, and is considered separately in Section 1.3.
1.2.1 Characterisation of a random sea
The characteristics of a random sea are generally considered in the short term;
common practice in making wave observations in the North Sea is to observe for
periods of 20 minutes every three hours. A seastate is defined as such a period
during which the wave statistics of the random sea do not change. Wave statistics
are conveniently represented in the form of a scatter diagram for the region, which
shows the frequency of occurrence of waves with particular combinations of
height and dominant period. This definition of a seastate implies that it represents
a stationary random process. The long term occurrence of seastates is also random,
and may be defined by observations made over a number of years. The properties
required to characterise a seastate are its energy, frequency, spectral bandwidth,
direction and duration, and these are briefly described here. The definition of
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these terms given below is that used in the formulation of a North Sea simulation
for fatigue testing, the Wave Action Standardised load History (WASH) [1.7],
which was used to conduct some of the fatigue tests described later in this thesis.
The energy of a seastate can be represented by the significant wave height, Hg,
which is the average of the highest third of the waves. Significant wave heights
in the Northern North Sea region range from 1 to 2 metres in calm seas during
the Summer months to over 13 metres during extreme Winter storms [1.8]. The
frequency content of these waves is usually expressed in the form of a power
spectral density function (PSD). The PSD indicates the relative fractions of the
total energy occurring at different frequencies. The PSD representation applies
to any random signal, and for instance may also be used to display the frequency
content of the structure’s stress response to the wave loading. The spread of energy
around the dominant frequency is quantified by the spectral bandwidth e, which
also reflects the randomness or irregularity of the time signal, as illustrated in
Figure 1.3. This spectral bandwidth is defined by moments of the power spectral
density function as,

'

'

where

■

'J'-m “

is the i* moment of the PSD about the f=0 axis

M, =

Jo

0(f) describes the power spectral density function
I is the irregularity factor

Nzc is the number of zero up-crossings of the signal
Np is the number of signal maxima
Random signals can range from narrow-banded (e —> 0) to broad-banded (e

1).

The time history for e = 0 contains a single frequency and resembles an amplitude
modulated sinewave; E = 1 represents white noise. The significant wave height
of a narrow band sea corresponds to four times the standard deviation of the wave
elevation. Typical wave spectra generally fall somewhere between the two
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bandwidth extremes. The direction of wave impingement is hard to define
accurately as directional wave spreading is usually observed in practice, but the
mean direction may be taken as the direction of movement of water particles
measured a few metnas below the water surface. The duration and long-term
probability of occurrence of seastates together with the seastate spectra provide
a complete description of the sea condition.
1.2.2 Determination of the nominal stress response to wave spectra
The determination of the structural response to wave spectra is an essential part
of the fatigue analysis of a jacket structure. North Sea wave spectra are effectively
narrow-banded when very small (non-damaging) waves are omitted [1.8], with
most of the wave energy concentrated fairly close to the dominant frequency. To
determine the nominal stress response to the wave spectra, dynamic analysis can
be used to generate transfer functions for each tubular member under
consideration. The hydrodynamic loading on individual members is generally
calculated using some form of Morison’s equation, which gives the horizontal
force per unit length F, acting on an isolated vertical cylinder standing in
non-breaking waves as,

(1.2)

where D is the member diameter
p is the water density
u is the horizontal water velocity
duldt is the horizontal component of water particle acceleration
Cm is the inertia (mass) coefficient
Cd is the drag coefficient
Morison’s equation is usually applicable when the wave length is greater than 5
times the member diameter. In general, the values of Cm and C^ are dependent
upon the shape of the member cross-section, the flow conditions and the
roughness of the member surface. The surface roughness is of particular
significance for members close to the still water level, which are frequently
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subject to very heavy marine fouling by seaweeds and molluscs. Appropriate
values for

and C<, are usually determined from large-scale model tests, and

permit the calculation of member forces for a variety of member sections.
Having determined the loads on individual members, analysis of the load transfer
requires a structural model of the jacket, usually a finite element model using
simple beam elements to represent the tubular members. Dynamic transfer
functions represent the stress response to a base of unit amplitude waves, which
are chosen to be characteristic of the frequency content of the particular random
sea. Strictly speaking, this numerical procedure evaluates the response amplitude
operator (RAO) which is a discrete form of the transfer function, rather than the
analytical function itself. The RAO indicates the extent of dynamic amplification
due to structural resonances, i.e. the ratio of stress amplitude to wave amplitude
for each particular wave frequency and direction. The nominal stress response to
a random sea condition is obtained by taking the square of the transfer function
and multiplying by the appropriate wave spectrum,
5„(to,n)

=

W^(co,n).Sç(û))

(1.3)

where Sg((ù, p,) is the nominal stress response as a function of wave frequency
and direction
p) is the transfer function for the stress at a particular location
5ç(cû) is the wave elevation spectrum
The procedure is illustrated in Figure 1.4. The magnitude and number of
resonances will depend to a large degree on the structural configuration; for deep
water jackets in the North Sea, the range of wave excitation frequencies is usually
only sufficient to cause participation in the lowest mode of natural vibration [1.9].
Nevertheless, referring to Figure 1.5 it is clear that even the first structural
resonance can produce a broad-band stress history in response to a narrow-banded
wave spectrum. This is the main reason why the spectral approach is preferred
over deterministic (wave by wave) methods for fatigue analysis of fixed jacket
structures in the Northern North Sea (see Section 1.4.2). In fatigue terms it is the
stress range history which is of prime concern. Fatigue damage calculations are
therefore often carried out by realising the PSD in the time domain and counting
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the generated stress cycles, although there exist some fast assessment procedures
which can be used to estimate fatigue damage in the frequency domain. The
probabilistic distribution of stress cycles is conveniently represented by the stress
range exceedence curve. This curve plots range against cumulative number of
ranges, and indicates the number of ranges which exceed any given level, for
example the fatigue limit. The estimation of fatigue damage from stress power
spectra is considered in Chapter 3.
1.3 Stress analysis of tubular joints
The main reason for analysing stress concentration in tubular joints is to be able to
design against fatigue, or, realistically, for a finite fatigue life. In common with many
structural components, determining stress levels in tubular joints is complicated by
the complex geometries which are often employed. There currently exist no
analytical solutions for stresses in tubular joints, and much recourse has been made
to numerical and empirical methods. The following paragraphs explain the origin
of stress concentration in tubular joints, and describe briefly the methods which have
been developed in order to determine the distribution of stresses in response to remote
loading applied to the brace members. Where appropriate the discussion is illustrated
by reference to a tubular T-joint under axial brace tension; the essential terminology
for this simple case is illustrated in Figure 1.6.
1.3.1 Stresses in tubular joints
There are three sources of stress in tubular joints; the structural response of
individual members to applied loads (nominal stresses), the need for geometric
compatibility between the chord and brace (geometric stresses), and highly
localised deformations arising from the presence of the weldment (notch stresses).
Nominal stresses can be calculated from beam theory and consideration of the
load transfer at the intersections within the structure. The beam loading and
therefore the nominal stresses in brace members can be considered to be a
combination of three independent loading modes; axial (tension or compression),
bending in the brace-chord plane (IPB), and bending out of the brace-chord plane
(OPB) (see Figure 1.7).
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The geometric stresses are developed as a consequence of the differences in
deformation of chord and brace under load. For example, in the case of the T-joint
under axial tensile load the brace extends only slightly, whereas the chord wall
tends to ovalise considerably. In order to satisfy geometric compatibility at the
weld the tube walls have to bend slightly, thus introducing secondary bending
moments in the chord and brace. The resulting secondary stresses are distributed
non-uniformly around the weld, due to differences in local stiffness of the
brace-chord intersection. In the example, the additional bending stress at the
crown position is much less than that at the saddle position, since the brace-chord
intersection is more easily deformed (less stiff) at the crown than at the saddle.
Thus for the T-joint under axial loading, the majority of the applied load is carried
through the saddle regions. The positions of maximum surface stress normal to
the weld toe around the intersection are referred to as hot-spots. The distribution
of secondary stresses, and thus the hot-spot location, are obviously different for
other joint geometries and other modes of loading, but the same principles apply.
The geometric stresses in the brace and chord members decay as one moves away
from the weld toe, and this decay can be considered linear over a small region
[ 1. 10].

Typical stress distributions on the surface and through the chord wall at the
hot-spot location are illustrated schematically for the simple axially loaded T-joint
in Figure 1.8. As mentioned above, the surface stress component increases with
proximity to the weld in an approximately linear fashion, except very close to
the weld toe where it rises sharply. This sharp increase in stress is due to the
presence of the notch created by the weld toe. It is often convenient to ignore this
notch stress and consider the linear geometric stress gradient to pertain right up
to the weld toe. This is the basis of the stress analysis methods described in the
next section. The through-thickness component also exhibits a notch effect, at
about the same proximity from the toe of the weld as for the surface component.
Ignoring the notch effect again, the through-thickness stress distribution can be
simplified as a membrane stress with a uniform bending stress superimposed. As
the geometric stresses are primarily caused by tube wall bending, the ratio of the
bending stress to the membrane stress (B/M ratio) is high for most joint
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geometries, even when the applied loading is pure tension. A high B/M ratio also
generally leads to higher values of surface stress at the weld toe than might be
expected from simple considerations.
The notch stresses occur in the weld toe region as a result of the extra stiffening
effect of the weld on the tube walls, which is accommodated by a small amount
of surface deformation at the weld toe. The sharper the weld toe, the more restraint
there is on localised deformation, and therefore the magnitude of the notch stress
component should increase (see Figure 1.9). The notch stress field is highly
localised (of the order of 3-4mm [1.11]), and is thus difficult to measure. However,
investigations using finite element stress analysis have shown that the severity
of the notch is primarily characterised by the local weld toe angle p and local toe
radius, r. The notch stress is increased for large toe angles and small toe radii.
Due to the random nature of weld toe angles and radii in Offshore welds, it is
difficult to manufacture tubular joints with reproduceable notch stresses. This
difficulty in estimation of notch stresses is the primary justification for using the
geometric stress as the parameter to characterise the hot-spot stresses in tubular
joints, as described in the next section.
The distribution of surface stress normal to the weld toe around the welded
intersection of the T-joint is shown schematically in Figure 1.10, for each of the
three loading modes. Under axial and out-of-plane loadings, the hot-spot is
coincident with the saddle position, with the position of minimum stress being
located at the crown position. The stress at the crown position is theoretically
zero for OPB, but under axial loading can be as much as half the saddle value for
certain joint geometries. Under IPB loading, the hot-spot should theoretically be
located at the crown position, but experimental and numerical analyses [ 1 . 1 2 ]
show that the hot-spot is displaced to either side of the crown. The exact location
of the hot-spot under IPB depends on joint dimensions, but only has a small effect
since the distribution of stress about the hot-spot is much flatter than for OPB or
axial. In a real structure, tubular joints are subjected to loading in all three modes,
each of which varies randomly with time. In this situation, the location of the
resultant hot-spot will depend upon the relative magnitude and phase of all three
components of loading [1.13].
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1.3.2 Methods of stress analysis of tubular joints
The first major study of stress analysis of tubular joints was undertaken in the
mid 1970s as part of Phase I of the United Kingdom Offshore Steels Research
Programme [1.14]. One of the primary objectives of this programme was to
establish a fatigue SN curve for tubular joints (see Section 1.4), by fatigue testing
full and reduced-scale steel models fabricated to standard Offshore procedures
[1.1,1.3,1.15]. The stress axis of this SN curve was calibrated to an extrapolated
weld toe geometric stress at the hot-spot, as measured using strain gauges. This
measurement is facilitated by fixing a strain rosette close to the weld toe, but not
so close as to be affected by the notch stress field. The geometric stress gradient
may be estimated using a second rosette fixed somewhat further from the weld
toe, but still within the region where the stress is rising linearly. This gradient is
assumed to continue up to the weld, ignoring the notch stress, so that an
extrapolated value of geometric stress at the weld toe may be calculated (see
Figure 1.11). The results of the stress analyses are conveniently represented as
stress concentration factors (SCFs), by normalising with respect to the nominal
brace stress. Where the term SCF is used in the following paragraphs, it may be
assumed to refer to the geometric stress concentration factor unless otherwise
stated.
The analysis of full scale steel models is expensive and time consuming, but
produces the best representation of the situation in a real structure. In the smaller
scale steel models, it is almost impossible to scale the weld proportionately. This
implies that the weld toe bead on a small model is the same size as that on a full
scale model, which may result in a different pattern of stresses in the small scale
model [1.16]. This is the most significant limitation to economic stress analysis
with reduced-scale steel models. The steel models analysed and fatigue tested in
the UKOSRPI project were primarily simple T and KT joints with a range of
chord diameters from 168mm to 1830mm. As these were by no means
representative of the full range of joint geometries found in Offshore structures,
several rather more cost-effective methods of determining SCFs were explored
to analyse the more complex geometries. These other methods included acrylic
model testing, thin shell finite element analysis and a photoelastic technique.
Detailed description of these techniques is not particularly relevant to this thesis
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since all of the SCFs reported herein were determined experimentally using the
strain gauge technique; Reference [1.17] provides a full discussion of the
procedures and their relative merits. However, it is worth mentioning the
parametric formulations which exist for the estimation of tubular joint SCFs.
These are sets of equations which express the SCF in terms of the global joint
parameters, and have been developed using one of the SCF techniques mentioned
above.
1.3.3 Parametric formulations for stress concentration factors
Parametric equations for the prediction of tubular joint stress concentration
factors have been derived by curve fitting the results of finite element analyses
and acrylic model tests using non-dimensional geometric ratios as the fitting
parameters. The equations provide an expedient analysis method for simple
tubular joints such as those associated with cross-bracing; design of more complex
joint details still requires a finite element analysis, since the available parametric
formulations are strictly only applicable to certain planar joint geometries. The
generally recognised sets of parametric equations are those due to Kuang [1.18],
Gibstein [1.19], Wordsworth & Smedley [ 1.20], Efthymiou & Durkin [1.21], and
Hellier, Connolly & Dover [1.22].
In comparison with steel model values, the stress concentration factors predicted
by parametric equations mostly tend to the conservative side [1.23], i.e. the SCFs
are overestimated. In thin-shell finite element based formulations, the hot-spot
stress concentration factor is calculated from the stress at the intersection of the
brace and chord midplanes. In a steel model, the SCFs are determined at the weld
toe locations which are some distance away from the intersection and thus
experience a smaller stress. This difference in stress is usually greater at the brace
weld toe than that at the chord, as a consequence of the asymmetry of the weld
geometry. The same argument also applies to equations based on acrylic models
without weldments, though to a lesser extent since the acrylic tubes have a finite
thickness. Wordsworth and Smedley augmented their equations to correct for the
finite weld leg length. The weld leg length effect is partially offset by the lack of
any physical modelling of the weldment itself, which produces a larger SCF in
the steel model by increasing the joint intersection stiffness. It has been suggested
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[ 1 .2 2 ] that conservative prediction of stress concentration factors is advantageous
in a parametric formulation for design purposes. In any case, the limitations of
parametric equations are reflected in the caution which is expressed in the design
guidance on their use (e.g. [ 1 .6 ]).
1.4 Fatigue design of tubular joints
Most of the fixed installations in the North Sea have been designed for a finite service
life, typically 20-25 years. When the earliest of these were commissioned the only
available design guidance was the design code of the American Petroleum Institute,
API RP2A (pre-1972 [1.24]). This document was based primarily on experience
gained on the behaviour of small platforms in the Gulf of Mexico where fatigue was
not considered a major concern; despite this the code was used extensively for North
Sea platform design in the early 1970’s. Considerable safety factors were employed
and structural redundancy was generally built into the design to prevent static
collapse as a consequence of failure of individual members. Nevertheless, a large
number of North Sea platform repairs required to date have been due to fatigue
failure [1.25]. The 1972 editions of both API RP2A and the American Welding
Society code AW S D l.l provided the first recommendations for the design of tubular
joints against fatigue using allowable stress-life (SN) curves. These are curves which
allow the designer to estimate the safe life of individual connections subjected to
different levels of cyclic stress. Two different approaches were used. The first was
an attempt to correlate the failure lives of small-scale T- and K-joint fatigue tests
with a nominal chord stress, using assumed stress concentration factors of 16 for the
T-joints and 7.5 for the K-joints. The second approach attempted to correlate the
fatigue life with peak hot-spot stress in the joint. This hot-spot approach was found
to greatly improve correlation with observed fatigue life, and this methodology has
been adopted in the development of most modem design guidance for Offshore
stmctures. The first SN curve based on joint hot-spot stress, the "X" curve, is still
recommended by API RP2A [1.26], albeit with slight modification.
The data used to generate the API and AWS curves were also used in the formulation
of the UK Department of Energy Design Guidance Notes. The 2nd edition of the
UK guidance recommended the "Q" curve [1.3], which was similar to the "X" curve
in that it assumed that the hot-spot stress was known. The most significant limitation
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of all of these curves was that they were derived from tests on small-scale models
using constant amplitude loading in air. The United Kingdom Offshore Steels
Research Project Phase I [1.14] was initiated in 1973 in an attempt to rationalise the
fatigue design of tubular joints. As a result of this project and other endeavours in
Europe and Japan, modifications to the UK guidance on stress analysis and fatigue
design of tubular joints were recommended in 1983 [1.27]. In particular a size effect
was identified, and the "Q" curve was replaced by a family of "T" curves. The hot-spot
geometric stress was demonstrated to provide the best correlation with observed
fatigue lives for a wide range of joint geometry and size. A large part of the UKOSRPI
project was directed at the accurate determination of this stress. Some guidance was
also given on the use of unprotected joints in seawater, the effect of weld
improvement techniques, and the treatment of variable amplitude loading. These
and other topics were addressed further by Phase II of the UKOSRP project, initiated
in 1982 [ 1.23]. More recently, on-going research into the behaviour of tubular welded
joints has contributed to the evolution of more sophisticated fatigue design
procedures. However, the most commonly used tool for fatigue assessment is still
some form of SN curve. The formulation and use of SN curves in tubular joint design
are described in Sections 1.4.1 and 1.4.2, with particular emphasis on the UK design
guidance.
In many cases, platform design life has been based on an estimation of the anticipated
oil-producing lifetime of the field. However, recently developed techniques such as
directional drilling have considerably increased the yield of some fields, so that many
North Sea structures are already in the twilight of their original design life, and
several have suffered some degree of fatigue cracking. In order to maintain safe
operating conditions the structural integrity of the older platforms needs to be
reassessed. An SN curve generally provides no information about the remnant fatigue
life of a partly cracked component; Linear Elastic Fracture Mechanics (LEFM or
fracture mechanics) techniques are being increasingly employed to tackle this
problem. Fracture mechanics-based fatigue crack growth analyses are also
sometimes used at the design stage as a more flexible alternative to the SN curve.
Several fracture mechanics models which may be used to carry out such fatigue
crack growth analyses on tubular joints are described in Section 1.5. The application
of fracture mechanics to analysis of tubular joint fatigue test data is illustrated by
the fatigue crack growth modelling in Chapters 4 and 6 .

-35-

1.4.1 Derivation of fatigue life SN curves
Fatigue life SN curves have been established for Offshore structural design codes
by the fatigue testing of a large number of full and reduced-scale steel tubular
joint models. The current UK design guidance SN curve is based on a statistical
analysis of a selection of the results from the UKOSRPI/ECSC [1.14] and
UKOSRPII [1.23] fatigue test programmes. This guidance is currently under
review by the Offshore Division of the UK Health and Safety Executive in the
light of new data and understanding gained from various research projects
completed since 1984. At the time of writing this review process was not finalised.
The definitions and descriptions in the following paragraphs may differ slightly
from those contained in the 1984 edition of the design guidance; this is to highlight
some of the important findings which have emerged since 1984 which have not
yet been included formally in the guidance.
(i) General procedure
The development of an SN curve from the fatigue test results has required the
following,
- a suitable screening process to select a consistent database
- the selection of a suitable stress parameter to characterise the fatigue range
- the choice of an appropriate failure criterion
- an objective quantification of the experimental scatter.
The published results from tubular joint fatigue tests obtained worldwide cover
a large range of geometries, sizes, fatigue loading, and environmental conditions.
In order to separate the different effects these may have on fatigue endurance,
the base SN curve in the 1984 guidance was established using only those results
which met a standard specification. The screening process excluded the following
results;
- specimens having chord wall thickness outside the range 16mm to 75mm
- specimens tested in seawater, with or without cathodic protection
- specimens subjected to variable amplitude loading
- specimens which were stress relieved
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- specimens unbroken at the end of testing
- specimens which, unbroken at the end of a first test, were retested at a higher
stress range.
As discussed previously, the use of the hot-spot geometric stress range as the
fatigue stress range has been shown to provide a good correlation with observed
fatigue life for a wide range of joint geometries [1.14]. A reliable estimate of the
hot-spot geometric stress range is also relatively easy to determine prior to fatigue
testing, as described in Section 1.3.
The choice of an appropriate failure criterion is generally dependent upon
Non-Destructive Testing (NDT) capabilities. Observations made during fatigue
tests on tubular joints have isolated several distinguishable states of failure, any
one of which could be used as a failure criterion. Four such stages have recently
been suggested by the UK Design Guidance Review Panel as follows.
Ni

First discernable surface cracking as noted by any available method.
This stage is considered to have passed if the initial surface length is
found to be greater than 2 0 mm.

N2

Intermediate surface cracking as detected by visual examination without
the use of crack enhancement fluids or optical aids. However if NDT
techniques indicate a crack length of 30mm, this stage is considered to
have been reached.

N3

First through-wall cracking as detected by either visually or more
accurately by loss of internal pressure or by NDT.

N4

End of test occasioned by complete severance of a brace member,
extensive cracking leading to loss of load symmetry or exhaustion of
actuator stroke.

The N 3 condition defined above (referred to as Ng in the 1984 guidance) has been
used in the formulation of the UK design SN curve; there are several factors
which make this a reasonable choice. In the first instance, it has been observed
[1.28] that the global stiffness of many tubular joint geometries is reduced only
slightly by the presence of a fatigue crack, up to the point at which the crack
penetrates the chord wall. Beyond this point, the crack continues to grow as a
through-thickness crack and the joint stiffness decreases at a greater rate. At this
stage the deflections for a given applied load may become so large that further
fatigue testing becomes impractical. In a real structure, the N4 state implies that

-37-

the joint has lost all capacity to carry tensile load, and this load may be
redistributed to other parts of the (redundant) structure, often in an unpredictable
manner. Another factor is that the moment when the chord wall is penetrated may
be accurately detected either by loss of internal pressure, an AC potential drop
method (see Chapter 4), or leakage in the case of environmental tests.
Furthermore, in many cases the N4 condition is reached very shortly after N 3 has
been achieved so that N 3 is a good approximation to the useful fatigue life.
The results of fatigue tests on tubular joints exhibit considerable scatter,
particularly those tests at low stress ranges [1.29]. There is some controversy
over the likely origin of the scatter. Some investigators have argued [1.30] that
the fatigue life variability is a consequence of inaccuracies in manufacture and
the measurement of global geometric parameters, such as chord wall thicknesses
and hot-spot stress concentration factors. Others [1.29,1.31] have used finite
element fracture mechanics analysis to show that the observed scatterbands can
be accounted for by variations in local weld geometry alone. It is most likely that
both arguments are valid, and that the scatter is the result of a combination of the
two.
(ii) Construction of base design "T" curve
Out of the results remaining after the screening process, only the 16mm and 32mm
chord thickness results were sufficient in number for meaningful statistical
analysis. The screened database contains mostly T and X joints, with one K joint.
Having established that hot-spot stress range and number of cycles to chord wall
penetration were the pertinent experimental parameters, each data set was
analysed in the form of best fit lines representing the mean endurance and mean
less two standard deviations for each population as.
Mean endurance
Log(A)

=

Csff-m LogiAc)

(1.4a)

Mean endurance less 2 standard deviations (S.D.)
Log(A)

=

Csff-mLog {A c )-2 xS D

-38-

(1.46)

The slopes of these best fit lines -1/m varied from -1/2.77 to -1/3.31. It was
considered appropriate to predetermine the slopes of both lines at -1/3 in common
with other design codes (e.g. BS5400 [1.32]), and re-analyse the data. The
database is shown plotted together with the "best fit with m = 3" lines in Figure
1.12. From this Figure it is clear that the endurance of the 32mm specimens is
less than for the 16mm specimens, and also that the scatter of the 16mm data is
greater than that of the 32mm data. To reflect the reduced performance at 32mm
wall thickness, whilst retaining the greater experimental spread of the larger
16mm data set, the base SN curve was calculated as the mean endurance of the
32mm data less twice the standard deviation of the 16mm data, representing a
probability of failure of 2.3%. Under constant amplitude load cycling a fatigue
limit might be expected to exist in the high cycle regime, related to the fatigue
crack growth threshold for initial weld defects. This would not be expected to be
a flat cut-off under variable amplitude loading, since smaller load cycles can
become damaging in the later stages of crack growth. To account for this, the SN
curve incorporated a change in slope from -1/3 to -1/5 at 10^ cycles. The basic
design curve obtained in this way, the "T" curve, is shown together with the 16mm
and 32mm data sets in Figure 1.13.
(ill) The thickness effect on fatigue strength
The reduction in fatigue strength with increased wall thickness has been observed
to persist to greater wall thicknesses than 32mm [1.14], and has become widely
known as the thickness effect. The complete database of tubular joint results which
passed the screening process described above indicated that a thickness effect
could be operative with chord wall thickness up to 75mm, although the dearth of
results made it difficult to reliably define SN curves for the thicker joints.
However, the same trend had also been observed in the fatigue behaviour of
simpler types of welded joint, such as T-butt welds. These results [ 1.23] indicated
that the effect can be observed in plate thicknesses up to 150mm. The origin of
the thickness effect has been the subject of much controversy among researchers,
and is considered in greater detail in Chapter 2. For the present, it is sufficient to
consider the incorporation of this phenomenon into the tubular joint design
guidance.
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It was suggested [1.33] that the fatigue strength dependence on plate thickness
could be represented by an empirical relationship of the form,

S

=

Constantr”^

(1.5)

Thus the fatigue strength of joints thicker than 32mm could be determined as,
t
"

=

( 1.6)

" ' K

where S is the fatigue strength of the joint under consideration
Sb is the fatigue strength of a similar 32mm thick joint
t is the thickness of the joint under consideration
Alternatively, a family of "T" curves for differing thickness can be derived by
applying a suitable factor on life to the basic "T" curve, given that the basic curve
has a slope defined by - 1 /m = -1/3, so that.
/^ N - 0 .7 5

Factor on life

=

(1.7)
\32y

The major assumption of this formulation was that the thickness effect for tubular
joint geometries could be examined by considering the behaviour of simpler
welded joints.
(iv) Environmental design considerations
The "T" curves described above were derived from the results of fatigue tests
carried out in a laboratory air environment. The environmental conditions
experienced by tubular joints in service depend upon their location within the
jacket structure. Above the water level, close to the deck, the environment is one
of moist salty air. Near the water level there is a region which is subject to wave
spray and intermittent immersion due to tidal rise and fall, referred to as the splash
zone. This region will also be heavily fouled by marine growth. The majority of
the jacket is of course submerged, and is therefore subject to constant immersion
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in saltwater. In many cases, this part of the structure is protected against general
corrosive attack by some form of cathodic potential system using either sacrificial
anodes or an external impressed d.c. current [1.34].
It was recognised that the nature of these three environments could have a
detrimental effect on the fatigue endurance, relative to laboratory air. The
UKOSRP I programme included a small number of seawater tests on welded
joints [1.35], with and without cathodic protection, in an attempt to address this
problem. These limited results indicated that for freely corroding joints the
reduction in fatigue strength could be encompassed by a factor of 2 on life, and
that the application of a suitable level of cathodic protection produced endurances
which were at least as good as those obtained in laboratory air. The results also
indicated that the reduction in fatigue strength under free corrosion persisted into
the high cycle regime. On the basis of these results, the following
recommendations were made concerning the effect of environment;
- for unprotected joints, a penalty factor of 2 on life should be applied to the
appropriate thickness-corrected "T" curve
- for optimally cathodically protected joints, the air curves may be used without
penalty
- for unprotected joints there should be no change in the slope of the SN curve
at 1 0 ^ cycles
The optimum cathodic potential was assumed to be in the range -800mV to
-900m V {vs Ag/AgCl reference) for joints made from medium strength steel (e.g.
BS4360 grade 50D [ 1.36]). In higher strength steels, the optimum protection level
may be different. Corrosion fatigue crack growth rate tests on standard fracture
mechanics specimens indicate that cathodic overprotection can produce enhanced
growth rates, as discussed in detail in Chapter 5. The recommendations for
cathodically protected joints were therefore limited to steels of yield strength less
than 4(X)MPa. The design curves for protected and unprotected joints in seawater
are shown in Figure 1.14.
Since 1984, a relatively small number of additional tubular joint corrosion fatigue
test results have been produced by several UK research programmes [e.g.
1.37,1.38,1.39]. Some of these data have indicated that the design guidance
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described above may not be conservative. This is one of the issues receiving
attention from the Health & Safety Executive in their review of the guidance
notes. The effect of different environments on the fatigue life of welded joints in
general is considered in detail in Chapter 2.
1.4.2 Fatigue design using the SN curve
Design of a jacket structure against fatigue failure using an SN curve will generally
include at least the following steps;
Determine the global loads due to wind and wave action which will act on the
structure during the anticipated service life
Evaluate the loads and corresponding nominal stresses in individual brace
members using structural analysis and beam theory
Calculate the fatigue stress ranges experienced at the tubular joint hot-spots
from local joint analysis
Determine the damage produced by each fatigue stress range group from the
SN curve
Sum the individual damage fractions using an appropriate cumulative damage
rule such as the Palmgren-Miner hypothesis.
Procedures for estimating individual member loads from wave data were briefly
introduced in Section 1.2. The task of determining the resultant hot-spot stress
and location from the combination of nominal member stresses was the subject
of Section 1.3. The final two stages of the procedure are discussed here.
The evaluation of fatigue stress ranges at the tubular joint hot-spots may be carried
out in either deterministic (time domain) or spectral (frequency domain) terms.
This choice is based on the significance of dynamic and non-linear responses to
the wave loading, which will vary from one part of the structure to another, and
from structure to structure. Deterministic methods require that the wave elevation
of the sea is narrow-banded, and that the appropriate structural response is static
(i.e. no dynamic excitation), such as for members located near the (fixed) base
of the jacket platforms [1.40]. These two conditions result in a stress response
which is itself narrow-banded and can thus be decomposed into individual cycles.
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When this is the case, the static stress transfer function (which may be non-linear)
can be used to determine the resultant hot-spot stress ranges by integrating over
each wave height and wave direction in the random seastate.
For deeper North Sea platforms, some of the lower modes of vibration of the
structure can begin to approach the range of frequencies of the wave excitation.
Thus significant dynamic amplification can occur at the high end of the wave
spectrum, leading to a broad-banded stress response, particularly for members
located close to the splash zone and above the still water level [1.40]. In this
instance a spectral approach is preferred which caters for stress amplification at
all relevant frequencies. This approach requires that the structural response be a
linear function of the wave loading, which should in turn be a linear function of
the wave amplitude. This is achieved by piecewise linearisation of non-linear
drag loading, foundation stiffness and damping, and by ignoring other
non-linearities such as wave slam forces. The short term stress response to a
random seastate is then determined through superposition of the responses due
to the constituent waves of the seastate. In practice, the random sea is first
characterised by a set of unit amplitude regular waves covering all directions and
frequencies encountered. The stress response, either static or dynamic, for each
wave can then be determined from Equation (1.3), and the overall stress response
by combining the individual responses in the same proportion as the waves occur
in the random seastate. The spectral approach thus provides a way of estimating
stress ranges in parts of the structure which are predominantly subject to linear
(inertial) wave loading and which exhibit significant dynamic structural response.
Once the fatigue stress ranges for a particular hot-spot have been established, the
fatigue life may be estimated from the SN curve. Reference [1.41] recommends
that fatigue stress spectra should be evaluated at several points around the joint
periphery in order to determine the location of maximum damage. The random
seastates can be considered to consist of blocks of cycles defined by the
appropriate stress exceedence, as derived above. The damage fractions for
individual hot-spot stress ranges can be evaluated from the number of cycles (nj
of that range which occur during the anticipated service life, divided by the
allowable number of cycles (Nsni) from the design SN curve for that stress range.
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The fatigue damage is then accumulated as [1.42];
n

=

D,

( 1.8)

where failure occurs when Dg reaches a certain value, theoretically unity. This
hypothesis makes the assumption that there is no interaction between stress cycles
and therefore that the damage accrued by each block of cycles is independent of
prior stress history. The guidance given in the various international design codes
concerning an acceptable value for Dg at failure is varied. For example, AWS
D l. 1-82 [1.43] quotes "Dg shall be limited to 1/3 for members whose sole failure
would be catastrophic"; the Norwegian guidance [1.44] states that "the limit
damage ratio ranges from

0 .1

to

1 .0

and depends on the ease of inspection and

repair as well as the importance of the structural component under consideration" ;
API RP2A considers that "Dg should be twice the design value". Overall, most
agree that the value of Dg for failure will depend on the following factors;
- the degree of structural redundancy
- the reliability of corrosion protection
- the availability of the component for inspection
- the degree of conservatism in fatigue calculations
For most purposes Dg at failure can normally be taken as 1.0, but the actual value
employed is a matter for the relevant Certifying Authority.
There are additional factors which affect the fatigue performance of tubular joints
such as the applied mean stress, post weld heat treatments, and the use of various
weld improvement techniques. The design codes have been hesitant in
recommending specific allowances for these due to the substantial lack of
available data; however some general guidance is given and this is described
briefly here. The influence of these additional parameters on fatigue endurance
is considered in greater detail in Chapter 2.
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The effect of mean stress is generally considered to be negligible for joints in the
as-welded condition, since these are assumed to contain residual stresses due to
welding of at least yield stress magnitude. The benefits of post weld beat treatment
(PWHT) are also dependent on the applied mean stress. The fatigue strength of
PWHT joints subject to fully- or partially-reversed loading has been shown [1.14]
to increase as a result of relieving the tensile residual welding stresses; however
no specific allowance is recommended in the guidance.
Mechanical weld improvements such as weld toe grinding, weld profiling and
peening operations have been demonstrated [1.14] to provide considerable
benefits in fatigue strength of welded joints. Grinding improves the fatigue
performance in two ways, by removing initial defects from the weld toe, and to
a lesser extent by reducing the sharpness of the weld toe and thus the effective
notch stress. The UK guidance recommends that if grinding is carried out to
0.5mm beyond the deepest weld undercut, then an improvement in fatigue life
by a factor of 2.2 may be assumed. However no allowance is applicable to
unprotected joints in seawater, since free corrosion is assumed to enhance the
reformation of weld toe defects in the form of corrosion pits. Corrosion pits have
been found in close proximity to fatigue cracks in service, but it is not clear
whether they have acted as fatigue initiators or not.
The effect of weld profiling is to reduce the local stress concentration. If this is
done at the time of welding by altering the layout of weld passes, the effect is
much less beneficial than if the profile is modified by machining, since modifying
the weld run layout does not eradicate weld toe defects. For this reason, no
allowance for weld profiling is incorporated in the guidance.
There now exists a considerable body of data (e.g. [ 1.45]) which has demonstrated
that shot and hammer peening can offer perhaps the greatest improvements in
the fatigue strength of welded joints. These techniques extend fatigue endurance
in the early stages of fatigue by closing over surface defects and introducing
residual compressive stresses in a region near the surface at the weld toe. The
benefits remain even in corrosive environments. However, the degree of
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improvement is strongly dependent on the yield strength of the material and the
actual procedure used, so no specific recommendations have been included in
the guidance.
The main objection to the use of SN curves in design is the assumption of a linear
damage accumulation hypothesis. The design SN curve is derived from the results
of relatively short endurance constant amplitude fatigue tests in air, whereas the
service conditions encompass high variability random loading and an aggressive
seawater environment. The linear damage assumption implies that load
interaction effects, be they cycle to cycle or season to season, are ignored. There
is some evidence from laboratory tests in air that cyclic interaction effects in
Offshore structural steels are small [1.46], and usually beneficial through
plasticity-induced retardation of crack growth [1.47]. However complex load environment interactions are possible which may reverse the apparent benefits
of periodic overstressing, and these are still not fully understood, particularly in
the timescale of a typical platform service life. These sort of phenomena are
difficult to include in the SN format, and are more suited to a fracture mechanics
crack growth treatment. The effects of load - environment interactions are
considered from the fatigue endurance standpoint in Chapter 2, and on a more
fundamental mechanistic basis in Chapter 5. For the present, suffice to say that
the assumption of linear damage accumulation may not always result in a
conservative estimate of fatigue life using an SN curve.
1.5 Fatigue analysis of tubular joints using fracture mechanics
Tubular welded structures have two inherent features which combine to make them
prone to damage by fatigue. Firstly, the complex geometry can result in regions of
high stress concentration, and secondly the regions of maximum stress concentration
occur at the weld toe, which is a potential source of defects and flaws that can easily
initiate fatigue cracks. The fatigue life of most laboratory-tested tubular joints
frequently appears to be dominated by the propagation of a fatigue macrocrack. A
commonly-held belief is that defects are always present in welded structures, and
that these will immediately begin to propagate provided that they are subject to cyclic
stress above the fatigue limit. Accordingly, the initiation life could be said to be
momentaneous with the first application of such stress cycling. However, in high

- 46 -

cycle constant amplitude tests on weldments, a period of inactivity has been observed
prior to the detection of a growing fatigue crack, which would seem to contradict
this hypothesis. Given that the service life of a typical jacket structure represents
some

1 0 0

million wave-induced stress cycles, and that the longest tubular joint tests

only run to several million cycles it seems reasonable to assume that a significant
initiation life could occur in service. Once initiated, it is possible for such fatigue
cracks to grow to such an extent that the load-carrying capacity of the connection
is reduced or even lost completely. In the case of a determinate structure this alone
could result in catastrophic failure, such as occurred with the Alexander Keilland
platform. Most jacket structures incorporate considerable redundancy, so that total
collapse is unlikely as a result of failure of a single member. However, the loads
which were carried by a failed member are redistributed elsewhere in the structure,
which is also undesirable. Complete collapse may occur if there are sufficient
individual failures to produce a collapse mechanism. The usefulness of SN curves
in design of jacket structures against fatigue was discussed in the previous section.
However, this method is of little practical use in assessing the structural integrity of
platforms found to contain fatigue cracks. Instead, fracture mechanics techniques
have been developed in an attempt to predict the further growth of fatigue cracks
discovered during service. The fracture mechanics approach is also increasingly
used at the design stage as a more sophisticated alternative to the traditional SN
route. The method requires that typical tubular joint cracks can be characterised by
an appropriate stress intensity factor. Remaining fatigue life can be obtained through
integration of a fracture mechanics crack propagation law which is assumed to
control crack growth.
In the following sub-sections, the characteristics of typical tubular joint fatigue
cracks are described. The fracture mechanics method is introduced with respect to
fatigue and fracture, including it’s use in predicting fatigue crack growth. Several
published fracture mechanics models which may be used in tubular joint fatigue life
calculations are also reviewed.
1.5.1 Fatigue cracking in tubular joints
Crack shape development in tubular joints has been investigated through
laboratory testing, and several distinct stages have been observed. These are
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illustrated schematically in Figure 1.15, Fatigue crack "initiation" in laboratory
tests generally occurs from the chord weld toe (since the SCF is usually higher
at the chord side than the brace side), at several sites in the hot-spot region. In
service, crack initiation may be more generally distributed, since the hot-spot
location will move due to the random phase of the three modes of brace loading
[1.13]. Through destructive sectioning of laboratory specimens, each initiation
site can often be identified with some local sharpness of the weld toe profile, or
possibly a region of weld toe undercut. At this stage the nascent cracks are
relatively short and deep, often almost semi-circular in shape. These short, deep
cracks grow until they coalesce to form a longer shallow crack, of roughly
semi-elliptical form. This larger crack continues to grow through the chord wall
thickness and around the brace-chord intersection, usually following the weld
toe. The aspect ratio of this large crack (the ratio of crack depth to surface length)
at any stage will be dependent on parameters such as joint geometry, mode of
loading, and environment. For example, cracks produced through brace bending
are often longer for a given depth than those produced under axial brace tension.
The process of crack growth along the surface is observed to be that of continual
coalescence with further small cracks which are initiated just ahead of the ends
of the major crack. After the main crack reaches the inner surface of the chord
wall, the semi-elliptical shape is rapidly lost and the crack continues to grow
around the weld intersection as a through-thickness crack, until the brace member
becomes completely severed. Growth of cracks up to chord penetration occupies
most of the fatigue life of tubular joints, and is the regime most suited to a fracture
mechanics treatment.
1.5.2 Stress intensity factors for cracked bodies
Linear elastic fracture mechanics attempts to relate the mechanics of cracked
bodies to their mechanical properties. A crack in a body can be deformed in a
combination of three modes; these are the opening mode (Mode I), the sliding
mode (Mode II) and the tearing mode (Mode III), as shown in Figure 1.16. For
most engineering problems loading in the Mode I direction (i.e. stresses normal
to the plane of the crack) is the most significant, and the discussion which follows
will be limited to the Mode I situation, unless indicated otherwise. The basic
premise of fracture mechanics is that the stress field at the tip of a fatigue crack
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can be characterised by a single parameter, the stress intensity factor. The stress
intensity factor expresses the magnitude of the stress concentration produced
when a crack is introduced into a stressed body. This predominantly elastic stress
concentration is usually accompanied by some plasticity, but in the case of
"small-scale yielding", linear elastic stress analysis can be employed to develop
useful fracture relationships.
(1) Crack tip stresses
Small-scale yielding implies that plasticity and all other non-linear effects are
confined to a small zone at the crack tip, embedded in a linear elastic stress field.
The extent and orientation of the crack surfaces determines the shape of the stress
field, and it’s intensity in response to external loads and boundary conditions is
represented by the stress intensity factor. The stress field near the tip of a
through-thickness crack of length 2 a in an infinite plate subjected to uniform
tensile stress a (as shown in Figure 1.17) can be expressed in polar coordinates
(r,0 ) as,

a^.(r,0)

=

y2nr

(1.9)

where Oÿ(r,0 ) represent the near-crack stress components
f^(Q) are functions of angular position
Kj is the Mode I stress intensity factor = (T>Jna
neglecting higher terms.
Consideration of Equation (1.9) indicates that as the crack tip is approached
(r

0

), the stresses would become infinite; the stress intensity factor represents

only the strength of this stress singularity, since it is not a function of either r or
0. Equation (1.9) is a purely elastic solution, and in practice the stress singularity
is accommodated by a small amount of plastic deformation. The applicability of
linear elastic relationships to fatigue and fracture analysis will be shown to be
dependent on the degree of this plastic deformation.
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(ii) Plane strain fracture toughness
Equation (1.9) shows that the magnitude of the stresses in the crack tip region
are uniquely determined by the stress intensity factor. On this basis it is to be
expected that the criterion for crack extension will also be dependent upon the
stress intensity factor. If a plate containing a crack is pulled to failure in tension,
then fracture occurs when the stress intensity factor reaches a critical value Kic
given by,

Kjc

=

Cc^Ina

( 1.10)

where Cq is the net stress at fracture, as determined from the fracture load.

Kic can be shown to be a property which reflects a material’s resistance to
cracking, given certain restrictions. In the first instance, the definition of K used
in Equations (1.9) and (1.10) is only valid for an infinite plate. In practice, a
correction factor needs to be applied to adjust K for a plate of finite width, such
that.

( 1. 11)

where W is the width of the plate.
In addition, consideration must be given to the magnitude of transverse
(through-the-thickness) strains. Values of K%c determined experimentally will
only be consistent if the transverse strains in the crack tip region are very small.
Under purely elastic considerations, this would be the case if the plate was very
thick. In fracture terms, the transverse strains will only be negligible if the
plastically deformed region at the crack tip is also sufficiently small enough to
be constrained in the lateral direction by the neighbouring elastic material, which
is likely since elastic strains in steel are very small. This means that a state of
plane strain may exist within the region surrounding the crack tip, even though
the surrounding elastically stressed material may be in a condition of plane stress.
Thus in fracture toughness testing [1.48], the criterion to estimate the degree of
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plane strain in plates with through-thickness cracks is based on the ratio of the
size of the plastically-deformed zone to the plate thickness. If this criterion is
observed, the measured

is referred to as the plane strain fracture toughness.

(iii) The effect of small-scale plasticity
A formulation for the extent of the plastic zone can be implied from dimensional
consideration of Equation (1.9),

( 1. 12)

where

is the material yield strength.

A value for a may be estimated by determining the point at which Equation (1.9)
first satisfies the yield criterion, as the crack is approached along 0=0. Commonly
accepted values for a are [1.49],

a

=

^

plane stress

(1.13a)

a

= ^

plane strain

(1.136)

However, the load previously carried by the plastically deformed material still
has to be transmitted, and some redistribution of the near-crack elastic stresses
is required to maintain equilibrium. Irwin postulated that the existence of
plasticity also makes the crack behave as if it were longer than it’s physical size,
since the displacements are larger and the stiffness is reduced compared to the
elastic case. Irwin’s analysis predicts that the crack behaves as if it were longer
by an amount equal to rp, and estimates the extent of the plastic zone as 2 tp.
However these results are approximate only since they ignore other effects such
as work-hardening and crack tip blunting. It is usually

assumed that the

"small-scale yielding" condition for validity of linear elastic fracture mechanics
is satisfied if the plastic zone as calculated above is less than about one tenth of
the crack size.
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(iv) Energy-based fracture criterion
In I92LC) [ I . G r i f f i t h proposed a fracture criterion based solely on system
energy considerations. He postulated that crack advancement would only occur
if the strain energy released by the system, Uj was at least equal to the energy
required for crack growth, W. For an increment in crack area dA, the Griffith
hypothesis can be stated as.

G is termed the strain energy release rate. For a system comprising an infinitely
wide strip with fixed boundaries containing a through-thickness crack of length
2a, Griffith used a stress field for an elliptical flaw to determine dUy/dA [1.50],
and then determined G as.

where E ' = E for plane stress and E ' = E!{\ - v^) for plane strain. Fracture occurs
when G becomes equal to Gjc, the critical strain energy release rate, so that the
net fracture stress can be derived from.

(1.16)

Griffith assumed that the energy required for crack growth was wholly associated
with the surface energy in creating new crack surfaces, so that dW/dA in Equation
(1.14) can be replaced by Ys per crack tip giving.

—
na
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(1.17)

Equation (1.17) was derived for truly brittle materials (e.g. glass), and was
modified [1.51] for ductile materials by adding an extra term to account for the
energy associated with plastic zone formation, Yp,

(1.18)

na

Plastic deformation usually results in an increase in crack tip radius, which in
turn raises the fracture stress. In ductile metals where jp »Ys this crack blunting
can be so severe that the fracture is halted.
It is not possible as yet to determine the plastic work directly, but one can measure
the critical elastic strain energy experimentally. For the general case of a cracked
plate with free boundaries it is possible for the applied loads to do work in
displacing the boundaries. For a set of loads Pj with corresponding displacements
Ai, Equation (1.14) can be restated as

dAi
^

^

dUp
-

IX

or more generally,
GdA

P d A -d U p

=

(1.19)

Assuming linear elastic behaviour, the following relationship apply,
Ur

=

and

where C^is the elastic compliance measured at the loading points, which yields,
GdA

=

(1.20)

For an edge cracked plate of thickness B, with a crack of length a. Equation (1.20)
can be rewritten as,

°
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A relationship between G and

can clearly be obtained by determining the elastic

compliances of a set of specimens containing different crack lengths, thus
providing an experimental evaluation of G. It is also possible to derive a useful
relationship between G and K which shows the equivalence of the stress field
fracture approach and that based on energy considerations as,
=

E'G

(1.22)

A numerical implementation of Equations (1.21) and (1.22) is often used to
determine stress intensity factors from remote loads and corresponding
displacements in finite element analyses. In summary, it can be seen that crack
advance will only occur subject to the following criteria;
- when it is thermodynamically feasible (energy criterion)
- when the material at the crack tip is incapable of withstanding further straining
(stress field criterion).
(v) Determination of stress intensity factors
Analytical solutions for the stress field, and therefore the stress intensity factor,
in a large number of 2-D Mode I and II crack geometries have been derived in
closed form using the Airy stress function approach. These solutions are generally
available in compendia of stress intensity factors (for example Tada eb tL
[1.52]). In solving complicated 2-D crack problems, it is possible to combine one
or more of the simple solutions using the principles of linear superposition.
However, more complex geometries such as plates of finite width require the use
of numerical methods to determine the stress intensity factors. A powerful
numerical procedure was devised by Bueckner [1.53], known as the weight
function. The philosophy behind the weight function approach is that if the stress
intensity factor and corresponding displacement solution are known for one
(reference) symmetrical loading configuration, then the stress intensity factor
solution for the same cracked body subject to a different symmetrical loading
system can be obtained directly from the known solution.
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The weight function is obtained from,

(,.a ,
^ ref

w

where h(x,a) is the weight function
a is the crack length
u^f(x,a) is the crack opening displacement field for the reference system
is the stress intensity factor solution for the reference system.
Despite the fact that stress intensity factor solutions are available for a wide range
of crack problems, there are very few solutions for the crack opening
displacement. When a crack opening solution is not available, the approximate
method of Petroski and Achenbach [1.54] can be used to calculate the weight
function from the reference stress intensity factor alone. The stress intensity factor
for the cracked geometry under a different set of loads can be derived from the
weight function as,

= Jof
where

(1.24)

is the stress intensity factor under the new loading system
represents the new stress field.

The weight function provides a relatively expedient method of determining stress
intensity factors for a wide range of geometries, because once reference solutions
have been obtained the method only requires stress analysis of the uncracked
body. However, sourcing appropriate reference solutions can be a major
impediment, particularly for the crack opening displacement field.
The most popular numerical method for estimation of stress intensity factors is
probably the finite element method. There are several approaches for stress
intensity factors from a finite element mesh. The first is simply a numerical
implementation of the experimental compliance calibration technique as
mentioned earlier. The displacements Aj for a range of crack sizes are evaluated
for a given load P^. The total elastic strain energy of the system is given by
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Uj = -XP A *
increment in Uy corresponding to an increment in crack area
of ÔA is SUj, then the strain energy release rate, and therefore K, can be determined
from,

The advantage of this approach is that refinement of the element mesh in the
crack tip region has little effect on the remote displacements, and is threfore not
necessary. The disadvantages are that a range of meshes for different crack sizes
require to be considered, and that the individual contributions of different modes
of stress intensity factor cannot be distinguished.
Another approach is to correlate the displacement between nodes on opposite
crack faces located close to the crack tip with the crack line displacement
equations. Due to the discrete nature of the mesh, this method always involves
some degree of extrapolation which is a source of inaccuracy.
A further alternative is to use a finite element mesh capable of resolving the steep
stress gradients in the crack tip region. The nodal finite element stresses can be
correlated with the near-crack stresses derived from,
K,

=

a,(r,0)V2jtT

(1.26)

This approach requires careful element structuring in the crack tip region, which
itself requires a certain degree of prior knowledge of the stress distribution in the
crack tip region. The method requires extrapolation to the crack tip, but an
accuracy of better than 2% can be achieved. This method is generally not as
computationally efficient as a displacement-based approach.
1.5.3 Prediction of fatigue crack growth using fracture mechanics
It was shown previously that fracture in metals is dependent on the maximum
value of the applied stress intensity factor K^ax» he. on the stress-strain
environment at the crack tip. It is therefore to be expected that the process of
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sub-critical stable crack growth by fatigue will also be controlled by the stress
intensity factor. In fatigue it is the range of stress intensity factor AK, which
governs the rate of crack propagation. Under cyclic loading, AK can be defined
as the difference between the maximum and minimum values of K experienced
in the load cycle,
AK

=

K ^-K ^

(1.27)

An empirical fatigue crack growth law expresses the rate of crack propagation
(da/dN) in response to the range of applied crack tip stress intensity factor (AK).
This relationship has been demonstrated to be sigmoidal for many metals subject
to fatigue loading in inert environments, see Figure 1.18. At low values of AK
(Region I) the rate of propagation is observed to fall off rapidly to a threshold
stress intensity factor range AK^, below which no significant crack growth occurs.
For intermediate AK (Region II) the relationship is approximately linear on double
logarithmic scales, indicating a power law dependence of stable crack growth
rate on cyclic stress intensity factor. This region is commonly characterised by
the Paris relation [1.55];

^
oN

=

C (â jc r

(1.28)

where C, m are material constants.
At still higher values of AK (Region III), the maximum value of K in the fatigue
cycle approaches the critical value for fracture, Kic- At this point the crack growth
becomes unstable, and for ductile materials becomes dominated by plasticity and
net section yielding effects. Several modifications to the Paris relationship have
been proposed to cater for the effect of mean load, crack growth threshold, and
proximity to fracture on fatigue in inert environments, but these are not discussed
here.
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Prediction of the crack propagation life of an engineering component using
fracture mechanics requires at least the following input;
- an initial defect size, a,
- a critical or maximum acceptable defect size, a^
- a solution or approximation for the stress intensity factor variation, K = f{a ),
as a function of crack size over the range a^ to af
- an equation or set of equations to describe the relationship between crack
propagation rate and range of stress intensity factor for the given load environment system
The initial and final crack sizes are specific to the geometry concerned, and
suitable values for tubular joint fatigue analysis are discussed in Chapter 4.
Solutions for stress intensity factors in general were discussed in the previous
sub-section, and solutions for cracked tubular joints are the subject of the
following sub-section. However, taking a general definition of the stress intensity
factor as,
K

=

rcWicâ

(1.29)

where a is the remotely applied stress
a is the instantaneous crack size
Y is a correction factor relating to structural and crack geometry
the number of load cycles Nf, required to propagate a crack from aj to a^ may be
determined by integrating the fatigue crack growth rate relationship, for example
some form of Equation (1.28). Replacing stress with cyclic stress range the
integration becomes,

^

" Ja, CY”A(f‘ir'^a""^ ^

In practice, the integration is usually carried out numerically over a large number
of crack size intervals between a^ and a^. The material constants C and m, and the
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fatigue crack growth threshold AK^, are usually determined from laboratory
fatigue tests using standard specimen geometries (eg CT, SEN [1.56]), for which
closed-form approximations exist for the stress intensity factor as a function of
normalised crack length. However, experimentally measured values for these
"constants" are sensitive to many variables, such as the material condition, stress
state, and environment and also test parameters such as stress ratio, load
waveform, and cyclic frequency. This sensitivity makes the determination of
suitable values for the constants difficult, and inappropriate values can lead to
large errors in predicted crack growth. The influence of the growth rate
relationship on predicted fatigue lives is of major concern in this thesis, and is
discussed in Chapter 5.
1.5.4 Stress intensity factor solutions for welded joint geometries
The problem of determining stress intensity factors for cracks in welded joints is
a complex one, and has received much attention in the literature. The complex
nature of the problem is reflected in the number of correction factors which need
to be applied to the simple relationship for the crack tip stress intensity factor
derived in the previous section. For an infinite plate with a through-thickness
crack of length 2 a subjected to uniform tensile stress we have seen that the stress
intensity factor is given by,
K

=

cnW

(1.31)

For a simple cracked tubular joint subjected to arbitrary brace loading, the
corresponding stress intensity factor could be expected to be of the form,

K

where

=

(1.32)

is a front free surface correction,

accounts for finite plate width, Yg

corrects for a non-uniform through-thickness stress field, Y^ is a correction factor
for the geometric discontinuity at the weld, and Y^ is a crack shape correction
factor. Moreover, in a tubular joint, a is the weld toe geometric stress, which is
itself a non-uniform variable having a maximum value at the hot-spot and falling
off on either side.
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Various attempts have been made to derive simple stress intensity factor solutions
for weld toe cracks in tubular joints. A common approach is to take a solution
for a cracked plate or a simple joint, and then apply the stress distributions and
boundary conditions for the tubular geometry to this solution. In any event, all
of the attempts described in the following contain uncertainties due to the
simplifications incorporated into the various models. Simplifications are
necessary to reduce the complex problems of 3-D geometry and non-linear stress
distributions to a manageable level. Prior to discussing specific approaches, the
influence of some of the features of tubular joint geometries on fracture mechanics
solutions in general will be discussed.
(i) General considerations
The non-uniformity of stresses induced in the welded region of a tubular joint as
a result of applied brace loads was discussed in Section 1.3.1. The distribution
of surface stress around a welded intersection has a maximum at the hot-spot and
decays on either side of the hot-spot. The through-thickness variation of stress
in the chord wall at the hot-spot (the prospective crack location) is also strongly
non-uniform, since the secondary bending of the tube walls introduces a bending
stress component which is usually substantially in excess of the net tension stress
component. In addition, the through-thickness distributions of both components
will in general be non-linear due to the presence of the notch stress field at the
weld toe (see Figure 1.9). However, if the notch is ignored the through-thickness
stress field can be linearised as a uniform bending stress superimposed upon a
constant tensile stress. The relative proportions of these stress components can
be characterised via the B/M ratio, or the degree of bending (DoB) defined by,

DoB

= ---- —
c , + a,

(1.33)

where G,, is the bending component of stress
Cl is the tensile component of stress
This simplification of the stress field by linearisation has been popular with many
analyses, since it permits the superposition of solutions derived separately for
pure tension and pure bending. However, omission of the notch stress can be
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significant in prediction of stress intensity factors for cracks which are still small
enough to be within the notch stress field. In any event, the degree of bending
and the non-uniformity of through-thickness stresses are clearly two important
influences on the calculation of stress intensity factors for surface cracks in tubular
joints.
The advent of the ACPD [ 1.57] technique for measurement of the depth of surface
cracks in structural components has made it possible to examine the fatigue crack
growth behaviour of tubular welded joints. Early results using this technique
[1.58] indicated that tubular joint cyclic crack growth curves in the
through-thickness direction (a), and along the surface (c), were of the form
illustrated schematically in Figure 1.19. It can be seen that a relatively long surface
crack develops initially, followed by an approximately constant rate of growth
in both directions up until chord wall penetration. The fatigue life is therefore
dominated by growth of a large fatigue crack. This observation is in contrast to
fatigue crack growth in simple welded joints, in which a large fraction of the
fatigue life is spent in developing a small fatigue crack which then begins to grow
rapidly towards the end of the fatigue life, at an accelerating rate. A comparison
between the two types of behaviour is illustrated in Figure 1.19.
The stress intensity factor development for cracks in welded joints can be
estimated from the experimental crack growth curve. If the stress intensity factor
range for the deepest point of the crack is of the form,
AK

=

rAcn/iw

(1.34)

then rearranging the Paris relationship and substituting in the above equation
yields the experimental stress intensity modification factor, Y^xp,

Yexp

^ 1 da
Tza,e x p V ^ ^ “ py

(1.35)

The experimental Y-factor can be determined as a function of crack growth, from
pairs of crack depth and growth rate observations. Typical variations in stress
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intensity factor derived in this way for a tubular joint and a simple welded joint
are compared in Figure 1.20. In the tubular joint the stress intensity factor initially
rises rapidly and then remains approximately constant for the majority of the
fatigue life. In the simple joint however, once a significant crack has developed
the stress intensity continues to increase with crack depth, leading to a short
remaining life. The simple welded joint behaviour is characteristic of the nature
of crack growth in standard fracture mechanics specimens under constant load
range control. When standard fracture mechanics specimens are loaded in
constant displacement control, the stress intensity factor, and therefore also
growth rate, decrease continually with crack length from the initial value. The
tubular joint crack growth appears to fall somewhere between these two extremes.
This type of behaviour may be attributed to the degree of structural restraint
afforded by the complex geometry of the tubular joint. The boundary conditions
(i.e. the reactions at the loading points) in a simple welded joint remain constant
with crack depth, and their influence on the stress intensity factor is relatively
easy to predict. Conversely, the boundary conditions in the tubular joint vary due
to the stress redistribution which occurs in the joint as a result of the fatigue
cracking. The phenomenon of force or moment release accompanying fatigue
cracking in indeterminate components has been analysed using edge-cracked
plates and rings subject to different boundary conditions [1.59]. This analysis
showed that as a fatigue crack develops, the stiffness of the uncracked ligament
decreases and it behaves progressively more like a hinge. In a tubular joint, this
implies that the component of bending stress decreases from it’s initial value, to
zero when the crack penetrates the chord wall, whilst the tensile component of
stress remains constant. An extension of the analysis of rings and plates to tubular
joints suggested that the release of bending stresses was a linear function of crack
depth (linear moment release, [1.59]).
Another characteristic of tubular joint cracks which adds to the difficulty in
estimation of accurate stress intensity factors is the crack curvature. The cracks
typically follow the weld toe, and are often observed to curve in the direction of
crack growth as the crack front nears the inside of the tubular wall. This
doubly-warped shape could lead to significant mixed-mode contribution to the
stress intensity factor, even under a single mode of loading. In reality therefore,
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the experimentally-determined stress intensity factor described above represents
a total crack driving force, and in some cases may not agree with a pure Mode I
stress intensity factor determined for the same crack geometry using an analytical
method [1.60].
Attempts at deriving stress intensity factors for tubular joint vary greatly in
complexity, and may include some or all of the above features. The solutions
described in the following paragraphs include empirical formulations, which are
slightly more sophisticated extensions of Equation (1.35), adapted flat plate
solutions, and solutions derived using numerical methods.
(ii) Elliptical cracks
Surface cracks in structures frequently develop from comers and edges, and the
natural shape of these cracks is approximately quarter- or semi-elliptical. In
applying fracture mechanics to such cracks it is necessary to take the flaw shape
into account, since the stress intensity will vary along the crack periphery. An
approximate solution for the stress intensity factor for an embedded elliptical
crack subject to uniform tension was derived by Irwin [1.61],
1

f
0

V
sin^(j)H—rCOS^(j)
c
2

(1.36)

where 0 is an elliptical integral of the second kind and is given by.
1

2 _
0

2

Y

-----:— sin^(|)
^
)

The elliptical integral given above is usually available in mathematical tables or
in graphical format, but a useful approximation (within 5%) is obtained from,

(1.37)
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The solution in Equation (1.36) can be extended to apply to surface cracks with
only slight modifications. Since a surface crack is almost an edge crack, it was
argued that the correction for the back free face should be the same as that for
the edge crack i.e. 1.12. In addition, a correction factor for plastic zone is often
added since the plastic zone makes the crack behave as if it were longer than it’s
physical size. The resulting stress intensity solution is given by.

K

=

(
2
^
1.12—^ln{a + rp) sin^<|)+— cos^(t>
V

(1.38)

y

Substituting for rp leads to.
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(1.39)

The maximum stress intensity occurs on the minor axis ((j) = tc/2), and is given
by,

K

=

1.12< r\/—

(1.40)

where Q = '^0^-O.2(f/cy^^ is called the flaw shape parameter. Q is conveniently
presented graphically, with different curves representing different values of c/Gy^.
(iii) Empirical solutions for cracks in tubular joints
Early attempts at crack growth prediction were based on the observation that
cracks in tubular joints tended to be long and shallow. The Inherent Flaw Model
[1.62] assumed an initial flaw to exist at the weld toe, and assumed a constant
rate of crack growth from this initial size up to chord wall penetration. The
constant growth rate was calculated from a constant Y factor of 1.12, i.e. that for
a long shallow crack in a semi-infinite body, using the hot-spot stress as the stress
driving crack growth.
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However it became apparent from fatigue tests that the constant growth rate for
a joint tested under axial loading was higher than that for a similar out-of-plane
bending test conducted at the same hot-spot stress range. This led to the conclusion
that the hot-spot stress alone was insufficient to describe the crack growth driving
stress, and as a result the Average Stress Model [1.63] was developed to cater
for the non-uniform distribution of surface stress along the weld intersection. The
Average Stress Model was based on curve-fitting of experimental Y factors
derived from tubular joint fatigue tests, using an exponential expression;

Y

= A - \

(1.41)

where A and j are modelling parameters
T is the chord wall thickness
Linear relationships were obtained for the modelling parameters, A and j, as a
function of the average stress parameter, ASP, defined as.

ASP

=

S hs

(1.42)

where Shs is the hot-spot stress concentration factor, and S^v is the average stress
concentration factor around the welded intersection defined as,

S^y

=

- f 5 c (0 )J 0
k Jo

1 n
Sav = - \ S c i^ ) d ^
nJjc

for Axial and OPB

(1.43a)

for IPB loading

(1.436)

2

where 0 = 7t/2 is the saddle position, and 5^(0) is the distribution of stress
concentration factor around the intersection. This model gave reasonable
predictions for large cracks, but discrepancies were observed in the early stages
of crack growth, when compared with further test results.
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The Two Phase Model [1.64] was developed to improve accuracy in the early
crack growth regime. The model comprises two separate phases of growth as
defined by.

Y

=

MjB

(1.44)

where Mi = 1 for a > 0.25T (Propagation phase)
Ml = (0.25T/a) *’ for a < 0.25T (Early growth phase)
B, k are functions of size and average stress parameter (S)
p is a function controlling early growth.
For the propagation phase, B and k can be represented as linear functions of ASP
and chord wall thickness. For the early growth phase, the exponent p was
expressed as a function of diameter ratio, chord wall thickness and hot-spot stress
concentration factor, as it was assumed that these parameters reasonably
characterised the notch stress and distribution of initial flaws which controls early
crack growth.
The limitations of the empirical models described here are,
- they only provide K for the deepest point of the crack
- there is no control of crack shape; the assumed crack shape is that pertaining
to the experimental data set from which the model was derived
- there is uncertainty in applying the model to geometries outside the range of
simple geometries from which the model was derived
(iv) Adapted flat plate solutions
The stress intensity factors for semi-elliptical cracks in thin-walled cylinders are
not significantly different from those in flat plates [1.65]. It is therefore often
considered appropriate to apply modified flat plate solutions to tubular joints.
The two most widely-used flat plate solutions are those due to Newman and Raju
[1.66], and Holdbrook and Dover [1.67], and these are briefly described here. A
useful review of stress intensity factors by Scott and Thorpe [1.68] is also
discussed.
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The empirical Newman-Raju equations were derived from an extensive
3-dimensional finite element study of semi-elliptical cracks in flat plates of finite
thickness subject to pure bending and tension loading. The stress intensity factor
for stress fields which are a simple combination of tension and bending stress
components can be evaluated by calculating the stress intensity factor for each
component separately, and combining them in proportion according to the degree
of bending. The combined stress intensity factor solution is presented in
parametric form as.

K
where

-

( a, +7/ a^) \ / j c—F

| O

(1.45)

and Cy are the tensile and bending components of stress respectively
H, Q, and F are as given in Reference [1.66].

The solutions provide the stress intensity factor for both the deepest point and
the ends of a semi-elliptical crack. Flat plate solutions cannot directly cope with
the non-uniformity of through-thickness stress associated with the weld toe notch
in tubular joints. This implies that they are only suitable when the crack is
sufficiently deep to be outside the influence of the notch stress field. However
even for deeper cracks, the Newman-Raju flat plate solution has been found [ 1.59]
to lead to significant overprediction when compared to experimentally-derived
Y factors for tubular joints. This is because the equations were derived for flat
plates which are statically determinate, and are therefore subject to the same
moments and forces irrespective of crack size. The significant stress redistribution
which accompanies crack growth in tubular joints, and the need to take this into
account in modelling were discussed previously. Applying a moment release
function to the Newman-Raju solution has been shown [1.59] to be capable of
improved agreement with experimental tubular joint Y factors for crack depths
for which a/T>0.15.
The Holdbrook-Dover equations were derived for a series of fatigue tests on flat
plates containing large semi-elliptical cracks subject to tensile loading. The
intention of Holdbrook and Dover’s analysis was to provide theoretical correction
factors for the infinite plate solution of Irwin (Equation (1.36)) when the crack
is an appreciable fraction of the total plate area. This correction is necessary since
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the Irwin analysis predicts that for a semi-elliptical crack the stress intensity factor
at the deepest point is always greater than that at the surface. This is in conflict
with experimentally measured crack growth rates which may be greater at the
surface than at the crack root when the crack is deep and the plate is of finite
width. This was seen as being primarily due to the induced bending and
redistribution of stresses which occur when the crack is of depth greater than,
say, half the plate thickness. Correction factors were developed to account for
finite area, finite second moment of area, shift in the position of the neutral axis
and eccentricity of loading for a surface crack in tension or bending, by integration
of modified infinite plate solutions over the finite dimensions of the plate.
Both flat plate solutions described here are capable of calculating stress intensity
factors for semi-elliptical cracks in flat plates subject to combined uniform tension
and bending stress fields. They could be used in tubular joint geometries providing
some structural moment release function is taken into account. However, neither
of these approaches incorporates the effect of the weldment on the stress intensity
factors for small cracks. In particular, the non-uniform through-thickness stress
distributions which occur due to the stress concentration at the weld toe cannot
be included in the flat plate formulations directly. This effect is significant for
prediction of stress intensity factors at low values of applied stress, where the
stress intensity factor may be close to the fatigue crack growth threshold.
Scott and Thorpe [1.68] conducted an assessment of available solutions for stress
intensity factors for flat plates subject to pure tension and pure bending. Their
criterion for assessment was the degree to which the crack shape predicted by
the various solutions was in agreement with experimentally measured crack
shapes. The fatigue crack propagation predictions were carried out using a general
empirical relationship relating the Paris law constants for a wide range of steels
as observed by Gurney [1.69],

C

=

1
(28.3)'”

in m/cycle and MPaVm units
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(1.46)

The first significant point noted was that cracks propagating under either pure
tension or pure bending tended to adopt a certain equilibrium shape. Even when
the initial shape was prescribed as different to the equilibrium shape for a given
crack depth and loading mode, a rapid adjustment to the equilibrium shape was
observed. The most accurate solutions for tension and bending were identified
from the crack shape predictions; these were the solution of Newman and Raju
for pure tension, and that of Koterazawa and Minimasaka [ 1.70] for pure bending.
The finite area correction factor of Holdbrook and Dover was also recommended
for deeply-cracked plates of finite width.
(v) Numerical techniques
Several attempts have been made to determine stress intensity factors for planar
and tubular welded joints using finite element analyses and weight functions.
These approaches are most suitable for incorporating the geometric and stress
concentration effects of a weldment, but may also involve the greatest
computational requirements. Niu and Glinka derived a weight function for a
simple T-butt welded geometry [1.71] which incorporated the effect of weld toe
radius and angle on the stress intensity factor for an edge crack emanating from
the weld toe. They subsequently derived a correction factor to allow the
Petroski-Achenbach method to be used for a 2-D semi-elliptical surface crack.
This correction factor was derived from the weight functions for edge and surface
cracks in flat plates, and is of the form.
j^weld
j^ w e ld
_
^ su r fa c e

edge j ^ p la te
j^ p l a t e
surface

(\
\

A l\
/

Niu and Glinka compared their weight function results with some independent
finite element results and with the solution obtained by imposing the stress
distribution from the uncracked weldment on a simple flat plate weight function.
They showed that this commonly-used simplification can lead to significant
over-prediction of stress intensity factors, since the stress intensity factor is
influenced by the combination of stress distribution and geometry.
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Consideration of Equation (1.47) shows that calculation of the stress intensity
factor for the surface crack in the weldment requires the evaluation of three
separate weight functions; one for the edge crack in the weldment, and one each
for the edge and surface crack in a flat plate. This will clearly be reflected in the
computational efficiency with which the Niu and Glinka weight function can be
implemented.
One of the problems encountered by Niu and Glinka was the comparison of their
weight function predictions with experimental fatigue crack shape data. It has
been mentioned previously that in welded joint fatigue tests, the initiation process
is simultaneous at a number of sites along the weld. These will grow independently
at first, then interact with each other, and finally coalesce and grow as a single
large crack. This obviously leads to discontinuities in the crack shape evolution
and therefore also in the crack tip stress intensity factor, and these discontinuities
are difficult to incorporate in the fracture mechanics model. An attempt to include
multiple crack initiation in fatigue life prediction has been made by Bell and
Vosikovsky [1.72] using forcing functions to control the crack shape. These
forcing functions were derived from extensive monitoring of experimental crack
shapes, and were found to be dependent on a single parameter, the peak stress at
the weld toe. This approach was found to be moderately successful in modelling
the crack propagation life in welded plate tests where crack coalescence was
observed.
The most accurate numerical method for determination of stress intensity factors
for weld toe cracks in tubular joints is the use of three-dimensional finite element
analysis. The stress singularity at the crack tip is often represented by special
elements containing a collapsed node. All aspects of the complex geometry of
cracked welded components can in theory be incorporated directly without
simplification. On the other hand, the method requires a large amount of
computational power and time to solve even a relatively simple 3-D crack problem
for a sufficient number of crack sizes. However, if the investment is made in
conducting full 3-D FE analysis for significant components, then the accurate
results obtained can be presented in the very useful form of parametric equations.
Considerable effort has been made in this area by Rhee and co-workers. A recent
paper from Rhee et 0 I [1.73] provides an equivalent mixed-mode stress intensity
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factor equation for each of the three modes of loading for a T-joint geometry.
The discrete data were generated from 40 3-D finite element runs, from which
the equations were derived using parametric curve-fitting.
A reduced-computation finite element technique proposed by Rice and Levy
[1.74] uses so-called line spring elements to model the cracked geometry. These
elements have axial stiffness as well as resistance to bending, and are used to
represent the stiffness of the uncracked region of a cracked section. Line spring
elements are generally used in conjunction with shell or plate finite elements,
and introduce additional displacements and rotations at the discontinuity in the
shell structure representing the crack. These can be related to the force and
moment across the cracked section, via a stiffness matrix obtained by reference
to an appropriate edge-cracked bar under plane strain. The forces and moments
across the crack and therefore the corresponding stress intensity factors can be
determined from reference to the edge-cracked bar subject to the same tensile
force and moment. The line spring method has been applied to flat plates and
found to agree closely with the Newman-Raju solution. The method has also been
used by Huang e ta l[\.1 5 \io compute stress intensity factors for a semi-elliptical
crack in a tubular T-joint subject to axial brace loading. For the relatively deep
(a/T>=0.6) cracks studied, the agreement between the line spring technique and
an analysis using 3-D brick elements to model the intersection was better than
5%. However, cracks of this depth are outside the region likely to be affected by
weld geometry and non-linear stress effects, so the good agreement is perhaps
not surprising. In the analysis, the crack path was also predicted by adopting the
hypothesis that the crack grows in such a way as to maximise the Mode I
component of K, or alternatively, the path maximises the strain energy release
rate [1.76]. The agreement between this analysis and experimental data was
quoted as being excellent [1.75].
In practice, the use of line springs is limited to situations where the loading across
the cracked section is one of combined uniform tension and bending. This is not
the case for tubular joint cracks within the region significantly affected by the
presence of the weld toe. Despite the computational savings, the line spring
method is no substitute for the full 3-D analysis in terms of accurate modelling
of small cracks.
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1.6 Summary of the Chapter
This Chapter has described the characteristics of the primary fatigue-critical
components in fixed-jacket Offshore platforms, the structural tubular joints. The
methods for determining fatigue stress histories in tubular joints in response to wave
loading have been reviewed, together with procedures for estimating the fatigue
damage resulting from the stress histories. Two methods of estimation of fatigue
damage in tubular joints have been discussed, namely the SN approach, and the use
of fracture mechanics. The SN approach has been used extensively in formulation
of the current Offshore design guidance, and provides, at best, a relatively rough
guide to safe life for a given service condition. The empirical nature of this approach
may lead to unconservative estimation of fatigue lives, particularly when loading
and environmental variables are combined in an unfavourable manner. This
postulation is explored in detail in Chapter 2, which assesses the fatigue performance
of welded joints subject to different loading and environmental conditions using the
SN approach.
Towards the end of this Chapter, fracture mechanics techniques were introduced
which permit the prediction of crack growth rates at any stage of the fatigue life.
Using this approach, variables such as corrosion, residual stress, and geometric
configuration may be included in fatigue life estimates on a more fundamental and
rational basis. The main obstacle to using fracture mechanics techniques for fatigue
life prediction for tubular joints has been in determining accurate stress intensity
factor solutions for the wide range of geometries employed, and this problem is far
from being resolved. The early crack growth phase is perhaps that which is most
significantly influenced by the main parameters which complicate the problem, i.e.
the geometry of the weldment, and the non-linear stress distributions due to the stress
concentration at the weld toe. The most useful stress intensity factor solutions are
obviously those which incorporate these two features, and can therefore be used to
accurately predict the growth of small cracks. At the present time, the only method
capable of including these directly on a general basis is the 3-dimensional finite
element method, which is enormously expensive and time-consuming when
representative geometries are modelled. This is probably why fracture mechanics is
still more widely used as a tool for making repair decisions when larger cracks have
been found, than at the design stage when small cracks are assumed to exist.
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CHAPTER TWO
A critical review of corrosion fatigue in welded joints
2.1 Introduction
The main part of this Chapter presents a review of published fatigue test data for
welded joints. The aim is to assist the interpretation of the limited corrosion fatigue
data for tubular joints, by examination of the more abundant endurance results for
simpler types of welded connection. The discussion is primarily centred on the
stress-life (SN) relationship, and considers the effect of various experimental
conditions and weld treatments on fatigue endurance in air and seawater
environments. An approach is then proposed which assumes that the relative fatigue
endurance under different combinations of test conditions can be estimated by
identifying which of several crack growth mechanisms would be most likely to occur
under those conditions. The combinations of test conditions which result in the
longest, and shortest, fatigue endurances have been identified. In summarising the
results in this way, the main factors which control the fatigue behaviour become
clear. It is proposed that these factors combine to determine the dominant mechanism
of fatigue crack growth, and hence the fatigue endurance. Finally, the conclusions
of the review are discussed in the context of current UK Offshore design guidance
[2 . 1].

The SN curve was introduced in the previous chapter as the mainstay of current
Offshore design practice. Two serious limitations of the tubular joint design SN
curve are that this curve has been empirically derived from a relatively small range
of tubular joint fatigue results, and that these results were obtained using constant
amplitude loading in air. In contrast, as has been already discussed, the operating
conditions in the North Sea encompass highly variable random loading and a
corrosive environment. There is also a much greater range of joint sizes and
geometries in a typical platform. These limitations have long been recognised, and
various research programmes [e.g. 2.2,2.3,2.4] have contributed additional tubular
joint fatigue results under corrosive conditions, and using random loading. However,
these are relatively very few in number as a consequence of the high cost of such
tests. For this reason the influence of environment, random loading, and other factors

-91 -

has mostly been addressed using simpler specimens such as welded plate-to-plate
or pipe-to-plate joints. These specimens are cheaper to fabricate, and can generally
be tested using loading equipment of rather more modest capacity than is required
for large scale tubular joint testing. The economy associated with testing simple
joints means that a larger number of specimens can be tested under a given set of
conditions, thus permitting some form of meaningful statistical evaluation of the
results.
It has been suggested [2.5] that the most significant factors influencing the
experimental fatigue life of welded joints are,
- Specimen characteristics : material, thickness, geometry, weld type and finish
- Magnitude of stresses : stress range, mean stress, residual stress, loading mode
- Stress-time dependence : frequency, waveform
- Environmental effects : environment, temperature, cathodic protection, coatings,
wetting time.
There are now many published sets of welded joint fatigue results covering a wide
range of joint geometries and combinations of test conditions. Unfortunately it is
this diversity of results which makes it difficult to form a clear picture of the effect
of each of the factors listed above. Individual factors can combine in a non-linear
manner, thereby raising the possibility of misinterpretation of the data. In particular,
it is possible to predict endurances which are significantly unconservative. In the
following sections, the effects of the various parameters listed above are examined
through a review of published results. The intention is to identify the groups of
parameters which result in the longest, and shortest, fatigue endurances for welded
joints. The reasons for the variations in endurance obtained under different test
conditions have then been examined by consideration of several simple fatigue crack
growth mechanisms. The dominating fatigue crack growth mechanism is shown to
be controlled by a small number of simple factors, which are in turn dependent upon
the experimental conditions. This approach is used since the effect on fatigue
performance under a combination of test conditions is not necessarily that predicted
by superposition of the effect of each test condition individually, as suggested by
current design codes.
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The applicability of planar welded joint results to tubular joint design bas then been
examined. This is not so straightforward as it may seem, since planar joint geometries
are significantly different from tubular joints in a number of respects. The welded
joints most commonly encountered in the literature are shown in Figure 2.1; these
may be broadly grouped as having a transverse or longitudinal attachment, which
may be load-carrying or non load-carrying. The degree of dissimilarity of these
simple joints to the tubular joint case varies. Simple welded specimens and tubular
joints generally differ in at least the following respects;
- finite plate width of simple joints
- distribution of stresses
- stress state
- form of the fatigue crack growth curve
- fatigue crack initiation and crack shape development
- failure criterion.
All of these factors will usually interact in a given planar geometry in such a way
as to influence the pattern of fatigue crack growth, thus making direct comparisons
with tubular joint fatigue endurances difficult. The first of the following sections
deal with fatigue of welded joints in air, encompassing the effects of plate thickness,
stress levels, and loading mode. In later sections it is shown that the environment
and the weld condition can interact with geometry and loading to produce an even
more complicated picture of corrosion fatigue of welded joints.
2.2 The effect of section thickness on fatigue endurance
The apparent decrease in fatigue strength of welded components with increasing
size was introduced in Chapter 1. The significance of the effect is that fatigue design
curves based on tests on relatively small-scale laboratory specimens could prove
unconservative for larger components. In the UK design guidance the thickness
effect is catered for by an empirical -0.25 power law (Equation (1.6)), as suggested
by Gurney [2.6]. This relationship was originally based on several reviews of
available data [2.7-2.9] for plate thicknesses up to 50mm. A comprehensive
investigation into the effect of thickness up to 100mm was initiated in 1982 as part
of the UKOSRPII [2.2] programme. This investigation indicated that the exponent
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of -0.25 in Equation (1.6) was perhaps not sufficient to describe the effect over the
greater range of thicknesses examined. The current review of the UK design guidance
also proposes a modified thickness exponent [2 . 1 0 ].
From the UKOSRPI&n projects and other researches, a reasonably clear explanation
of the effect of section thickness has emerged. The thickness effect in welded plate
joints is primarily dependent upon the following;
- the local stress concentration factor
- the through-thickness stress gradient
- the ratio of attachment to base plate thickness
- the extent of crack initiation
The current thinking on each of these factors is reviewed below.
2.2.1 The effect of the local SCF at the weld toe
Using fracture mechanics analyses of various notched components, Haagensen et
al [2.11] identified the local weld stress concentration factor (SCF) as being mainly
responsible for the thickness effect. In welded joints, the local SCF is predominantly
controlled by the degree of blending of the weld toe pass, which in general does
not change with absolute joint size. This produces higher local SCFs in larger
components due to incomplete scaling [2.12] as shown in Figure 2.2; this results
in earlier crack initiation and faster initial crack growth rates, and hence shorter
life. This has led to the development of modified weld profiles such as the AWS
[2.13] profile for increasing thicknesses; this has been claimed to virtually eliminate
the thickness effect. Experimental evidence of the influence of local SCF on the
thickness effect was obtained by Vosikovsky and Bell [2.14], who used the local
SCF as a basis for comparison of fatigue endurances obtained from 45“ and AWS
weld-profiled T-plates of thicknesses from 26-102mm. Joints with a 45“ weld and
equal base and attachment thicknesses gave the strongest thickness effect, together
with the greatest corresponding increase in local SCF with thickness. Joints having
the AWS profile exhibited virtually no thickness effect, and only a very slight
increase in local SCF.
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2.2.2 The influence of through-thickness stress gradient
Other investigations have demonstrated the thickness effect to be primarily
dependent upon the stress gradient which exists through the base plate. For example,
a thick joint loaded in bending and having the same surface stress as a smaller but
geometrically similar joint, will have a reduced through-thickness stress gradient
compared to the smaller joint, as illustrated in Figure 2.3. Berge [2.15] proposes
that cracks in thicker joints experience a higher stress intensity in the early stages
of growth due to the reduced through-thickness stress gradient. Gurney’s [2.16]
tests on a series of joints with different plate thicknesses, but the same weld size,
produced a reduced thickness effect compared to that for geometrically-scaled
joints. A thickness effect has also been demonstrated [2.10] on 16-160mm thick
plates with no weldment tested in 3-point bending.
A thickness effect is observed in both the initiation life and the crack propagation
life of welded joints [2.17]. It would seem then that both the local SCF and the
through-thickness stress gradient contribute to the observed effect. This hypothesis
is supported by the work of Webster and Walker [2.18] who carried out a comparison
of the results of tests on welded and similar cast joints in the range 50- 100mm thick.
The welded joints showed an effect of thickness on fatigue threshold which the cast
joints did not. This effect on threshold must be due to the local SCF, since the cast
joints were designed to give minimal local stress concentration. For similar initial
defect sizes in both thick and thin joints, the local stress in the thicker joints would
have to be greater. In addition, the endurance results for the cast joints showed a
thickness effect which was similar to that for the welded joints, which points to the
through-thickness stress gradient as the source of the effect.
2.2.3 The effect of attachment size
The UK guidance on the thickness effect assumes that the base plate and attachment
are of the same thickness (1:1). However, geometric scaling of joint has been shown
to be detrimental to fatigue life, thus producing an exaggerated thickness effect
[2.19]. There is evidence that if the attachment is maintained as a relatively thin
plate and the base plate thickness varied, the thickness effect is substantially reduced
[2.14], largely as a result of the decreased local SCF [2.20]. AWS D l.l [2.13]
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assumes that the attachment thickness is the controlling parameter, since increases
in the base thickness are offset by the improved weld profile. Most of the
improvements in fatigue life obtained from use of the AWS profile and with reduced
attachment thickness are observed in the very early stages of crack growth (a/T<0.1)
[2.14].
2.2.4 The influence of multiple crack initiation
Another factor influencing the variation in fatigue strength of welded joints with
thickness relates to crack shape development. The final failure of welded plate
joints is often defined as the number of cycles required to propagate a crack to a
depth equal to half the base plate thickness. At this stage the overall joint deflections
may become unmanageable or fracture may occur. In reaching this depth a crack
will typically have initially propagated as a surface crack and become a full width
edge crack at some stage during the fatigue life. The transition to an edge crack is
an important stage in the fatigue life, since the stress intensity factor for an edge
crack is greater than that for a surface crack of the same maximum depth. Thus,
early transition to an edge crack will generally lead to a reduced crack propagation
life. This is often the case for thick joints of moderate plate width (see Figure 2.4),
leading to an exaggerated thickness effect; in some studies the plate width is
increased in proportion to the thickness thus avoiding this problem [2.21]. Early
transition to an edge crack is promoted by crack initiation occurring at a large
number of sites along the weld. The transition to an edge crack has been
demonstrated to occur progressively earlier with increasing stress and increasing
plate thickness [2.22, 2.14], as can be seen from Figure 2.5. The notch stress field
and residual stresses can also influence the transition to an edge crack. The strength
of these stress fields decreases with crack depth, which may lead to faster growth
at the surface than at the point of maximum depth, resulting in particularly long
shallow cracks [2.23]. Various fracture mechanics models have been developed to
cope with the phenomenon of multiple crack initiation [2.23, 2.24]. The model
developed by Bell and Vosikovsky [2.24] was successfully used to predict the
thickness effect observed in the Canadian fatigue programme. The model estimated
a thickness correction exponent of -0.3 for simple welded joints rather than -0.25
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as proposed by Gurney. The recent review of the UK guidance with respect to
thickness effects in welded plates also proposes an exponent of -0.3 as a better fit
to the available data.
2.2.5 Thickness e^ect in tubular joints
As discussed in Chapter 1, a thickness effect has also been observed in tubular joint
test data. Many of the explanations described above for the origin of the thickness
effect in simple welded joints also apply to tubular joints, except those relating to
the interaction of cracking with finite plate width. Very few results exist for tubular
joints of chord thickness greater than 50mm, thus making the effect difficult to
define over the whole range of thickness. The effect can be expected to depend on
parameters such as brace-chord diameter ratio and loading mode, in addition to
brace-chord thickness ratio and absolute size. It has been suggested that tubular
joints are more susceptible to local variations in weld toe geometry, producing a
lot of scatter in fatigue test results; this masks the thickness effect [2 .2 ], making
interpretation difficult. This may be due in part to the fact that initiation in tubular
joints is confined to a relatively small length of weld situated in the hot-spot region.
In this case, the probability of encountering extremes of weld toe profile in such a
small region is reduced in comparison to that in planar joints, which have an
approximately uniform distribution of stress along the entire length of the weld.
Another difference between planar joints and tubular joints is the greater proportion
of the fatigue life spent in propagating large cracks in the tubular joints. For a given
hot-spot stress range, the average growth rate during the propagation phase of
tubular joint tests has been shown to exhibit a significant thickness effect [2.5].
This observation is interesting since it implies that the thickness effect in tubular
joints is related more strongly to global geometric properties than to weld toe
geometry. In the absence of more complete information, the forthcoming design
guidance [2.10] recommends a thickness exponent of -0.3 for all welded joints
including tubulars.
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2.3 The effect of mean stress levels on fatigue endurance
It is common for cyclic fatigue stresses to be superimposed upon a static mean stress,
which may be either tensile or compressive. In structures, these mean stresses are
the result of dead weight loading, tidal fluctuations, residual welding stresses, and
fit-up stresses introduced during fabrication. The stresses causing crack growth in
fatigue tests can also have a static component.
The static stresses in fatigue tests may be of either of the following two groups;
- intrinsic

e.g. residual (usually tensile) welding stresses
residual stresses partly removed by the application of post
weld heat treatment (PWHT).

- controlled

e.g. constant amplitude (CA) loading superimposed on a mean level
to examine the effect of a mean load (R-ratio)
variable amplitude loading with a high mean to maintain
tension-tension loading

The effect of the controlled parameters is relatively easy to assess. In constant
amplitude fatigue tests, the mean load is usually quantified by the R-ratio, defined
as the ratio of the minimum and maximum stresses in the fatigue cycle. On the other
hand, quantification of the effect of residual stresses in welded joints is difficult due
to the uncertainty in the level of stress involved. For this reason, the effect of mean
stress on fatigue endurance is discussed under these two separate headings in the
following sub-sections.
2.3.1 The effect of residual stress and post weld heat treatment
Welded components, especially those fabricated from thick plate, are often
considered to contain short-range residual tensile stresses due to welding, of
magnitude comparable to the yield stress of the material [2.5]. These stresses are
due to the differences in local heating and cooling rates experienced during the
welding process.
The distribution of residual welding stresses in structural components can be quite
complex and generally depends on the relative thicknesses of material used, the
welding process (heat input, pre-heating, number of passes, speed of rod travel.
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rate of cooling etc.), the material yield strength, and the degree of structural
restraint. As a result, residual stress levels are difficult to calculate, and in addition
are difficult to reliably measure. A common conservative approach is to assume
that the residual stress is limited by the material yield strength; in untreated welds
a tensile surface stress of this magnitude is assumed to exist Attempts at
measuring residual stresses [e.g. 2.28] have shown this assumption to be
reasonable. Fatigue loading applied to the component causes the stress range at
the weld to pulsate downwards from the yield value. The residual stress decays
through the plate thickness, and becomes zero at a depth below the surface which
is primarily dependent upon the heat input during welding [2.25]. Residual
stresses in welded joints are self-equilibriating so that compressive stresses may
exist in the centre of the plate, see Figure 2.6. The tensile portion of this stress
distribution generally extends to a depth less than a quarter of the plate thickness.
During fatigue cracking, the residual stress distribution is progressively released,
and generally disappears while the crack is still quite shallow. Any effect of
residual stress on fatigue endurance is therefore likely to occur in the early stages
of crack growth.
Residual stresses can be alleviated to a degree by post weld heat treatment
(PWHT), which involves reheating the welded region and allowing it to cool
more uniformly. The main use of PWHT in the fabrication of Offshore structures
is to restore the material fracture toughness after welding; in addition, residual
stresses will be partially released [2.26]. The degree to which residual stresses
are released by PWHT is uncertain, and there is some evidence that the
effectiveness of the technique with regards to stress-relief is dependent on plate
thickness [2 .2 ].
Comparisons of fatigue endurance data for as-welded and PWHT plate joints are
strongly dependent upon the applied mean stress. One of the observations from
the UKOSRPI [2.5] project was that stress-relieved joints only gave
improvements in fatigue life at negative R; PWHT joints tested at positive R gave
similar lives to as-welded joints. More recent constant amplitude bending tests
at positive R on full penetration welded T plates also showed no difference
between the as-welded and PWHT state on the basis of fatigue strength, over a
range of thickness between 20mm and 150mm [2.17]. The dependence on stress
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ratio was further shown by constant amplitude tests on as-welded and PWHT T
plates of thickness 25-100mm which were carried out as part of the UKOSRPII
project [2.2]. In this programme, the as-welded joints were tested at R=0, and the
PWHT joints tested at R=-1. Both sets of data exhibited a similar thickness effect,
but the combination of R=-l and PWHT produced considerable improvement in
fatigue life over R=0 and as-welded when plotted as the entire stress range. This
is illustrated in Figure 2.7 for the 50mm data. The results of tests on tubular T
and H joints also indicated that PWHT produced considerable improvement on
as-welded joint endurance when plotted on the basis of the entire stress range
[2.26]. The endurances of these tests were approximately equal when the tensile
portion of the fatigue cycle plus 60% of the compressive portion was considered
to be damaging. Referring to Figure 2.7 again, this also appears to be the case
for the UKOSRPII plate tests. The observation that after PWHT only 60% of the
compressive cycle is damaging under R=-l loading has also been suggested by
others [2.24, 2.27].
It appears from the results discussed above that significant residual stresses may
still be present even after post weld heat treatment. The best reported improvement
was that PWHT caused 20% of the entire stress range to be non-damaging at
R=-l. The worst reported case is that even after PWHT all of the compressive
portion of the cycle is damaging under R=-l; this implies that the magnitude of
the remaining residual stress could be as much as half of the applied stress range.
For the highest stress ranges used in testing (approximately 300MPa), this
indicates a minimum remaining residual stress magnitude of 150MPa, which is
close to half of the yield strength.
In summary, the benefits of PWHT with regards to stress-rehef are still not fully
resolved, and the current design guidance makes no recommendation for reducing
the applied stress range for PWHT joints for several reasons as follows;
- it is difficult to determine what fraction of the residual tensile stresses have
been released
- it is hard to prove that a significant portion of the service stress history is
compressive
- it is impossible to guarantee that additional residual (fit-up) stresses have not
been introduced during fabrication.
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2.3.2 The effect of an imposed mean load
There are several reasons why fatigue tests are conducted using a mean load
superimposed on the fatigue cycling. The most common argument is that many
test geometries such as simple 3- and 4-point bend specimens loaded via rollers
are only suitable for testing in one sense,

i.e. tension-tension or

compression-compression. Due to restrictions in the maximum load capacity of
testing equipment, the fatigue loading is often arranged so that the minimum
value in the cycle is zero or close to zero; this explains the fact that the majority
of constant amplitude fatigue data in the literature is for stress ratios in the range
0 < R < 0.1. The same argument also applies to testing using variable amplitude
sequences, although the mean load required to raise the sequence minimum above
zero is generally a lot higher than for the constant amplitude case. This causes
the maximum peaks to be very high, and these peaks are often "chpped" if they
are higher than say, the machine capacity or the material yield stress.
Another reason for conducting fatigue tests at high mean stress is to obtain the
most conservative endurance results. The effect of R-ratio on crack propagation
constants was introduced in Chapter 1. In tests to determine the Paris law
constants, high R-ratios usually result in lower thresholds and higher intermediate
crack growth rates, particularly in aggressive environments. In the case of welded
components, a large part of the fatigue life is often assumed to occur under high
R-ratio due to residual stresses as discussed previously. In reduced-scale models,
the residual stresses may not be as high as in a full-scale component due to
differences in structural restraint, so it is sometimes considered necessary to
impose the high mean stress as part of the applied loading.
Relatively few results are available which directly examine the effect of applied
mean stress in air. The tests carried out on as-welded plate joints in the UKOSRPI
[2.5] project showed an effect which was apparently dependent upon specimen
type and loading mode. The axial loading tests carried out on non load-carrying
transverse welds showed very little difference between results for R=0 and R=-l.
On the other hand, the 4-point bend tests on longitudinal non load-carrying
specimens gave an increased endurance for all tests at R=-l relative to R=0. In
the UKOSRPI report it was suggested that this effect was due to differences in
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residual stress distribution. In the transverse joints, residual stresses exist across
the entire region of surface crack growth. It is to be expected therefore that the
effectiveness of the residual stress field in making compressive cycles damaging
will remain high throughout a large portion of the life, resulting in the observed
insensitivity to applied stress ratio. Conversely, in longitudinal joints, the residual
stress field is confined to a small region near the ends of the attachments. Thus
the residual stress only interacts with the applied loading during the early stages
of crack growth. However, the axial load tests on longitudinal specimens also
showed very little effect of R-ratio, leading to the suggestion that the effect is
more strongly related to the mode of loading. Figure 2.8 plots the UKOSRPI data
for the transverse and longitudinal as-welded specimens tested under axial and
bending loading. It is clear from this Figure that the only tests which produced
longer lives under R=-l compared to R=0 were the bend tests.
The effect of mean stress under variable amplitude loading in air seems to be less
than for constant amplitude loading. The VA tests conducted in the UKOSRPI
project under axial and bend loading showed no difference between tests at zero
mean and those carried out using a high mean stress. These tests were carried out
using a simulation of North Sea loading (C/12/20, see Chapter 3), which
comprises seven seastate blocks of random load cycles. The lack of influence of
mean stress using this sequence is possibly due to "shakedown" of the crack-tip
stress field by the large positive- and negative-going stress peaks contained in
the most severe seastate. Since the majority of fatigue damage under variable
amplitude loading is caused by medium-sized cycles [2.29], it is likely that at
both mean stresses the fatigue life will be dominated by the effect of the maximum
and minimum applied stress peaks, rather than any residual stress field.
2.4 The effect of weld improvements on fatigue endurance
Weld improvement techniques generally do one or more of the following [2.30],
- remove weld toe intrusions
- reduce local stress concentrations
- modify the distribution of residual stresses.
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Thus, the available techniques may be grouped into two broad classes,

- processes which modify the weld toe profile : toe grinding
TIG and plasma dressing
- processes which modify the residual stresses : heat treatment (see 2.3.1)
hammer and shot peening.
The main benefit of toe grinding on fatigue results in air is to extend the endurance
at low stresses, and to increase the fatigue limit. For 52mm T-plates, Bell and
Vosikovsky [2.31] demonstrated an increase in fatigue limit from 70MPa for
specimens with a 45“ weldment to 170MPa for similar specimens with fully-ground
welds. The extension of life in the ground specimens was predominantly in
prolonging the initiation life, by removing initial defects and reducing the local SCF.
For the 52mm T-plates, the fraction of total life spent in initiation was 27% for the
45“ welds; this was increased to 67% for the fully-ground welds. The increase in
initiation life may be reduced by free corrosion in seawater [2.32], introducing pits
which may act as starter cracks. The application of cathodic protection reduces
pitting, and helps to restore the benefits experienced in air. It is important to note
that weld toe grinding produces no benefit for other regions of the weld which might
initiate cracks; for instance, use of the AWS [2.13] concave profile can lead to
interbead cracking [2.14].
TIG dressing is used to smooth out the local profile at the weld toe. In doing so, the
process eradicates small weld toe defects, and also reduces the local SCF. The
maximum benefit is gained at low stress; tests on TlG-dressed T-plates with an
improved weld profile gave an increase of 45% in fatigue strength over similar
as-welded specimens [2.33]. The fraction of total life up to initiation was also
increased; this was 30-50% for TlG-dressed welds compared to 20-30% for untreated
welds
Shot and hammer peening enhance fatigue life by closing over surface defects and
introducing compressive residual stresses in the surface layer at the weld toe. This
results in a smaller plastic zone at the weld toe during fatigue cycling, thus prolonging
the initiation life [2.33]. Even after a crack has been initiated, the compressive
stresses are redistributed such that nascent cracks also experience smaller plastic
zones [2.33]. The benefits of shot and particularly hammer peening can be very large
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indeed. For the tests on 52mm T-plates mentioned above, the improvement in fatigue
strength was 70% and the fraction of life in initiation was increased to 50% for shot
peening.
An example of the influence of the various weld improvement techniques is shown
in Figure 2.9 [2.34]. The most important feature to note about the weld improvement
processes described is the way in which they enhance the fatigue life. All of the
processes improve the fatigue performance by either raising the fatigue limit, or
slowing down crack initiation and early growth. As a result, the benefits of most of
the techniques remain in seawater, provided the cathodic protection is adequate. This
is because increased crack growth rates under cathodic protection are only observed
at the intermediate levels of stress intensity factor [2.35], and these only occur when
cracks are large. In fact, growth rates at low stress intensity factor ranges are often
lowered by cathodic protection [2.36]. The fraction of total life involved with
propagation of large cracks is reduced by weld improvement processes, implying
that the benefit obtained will be relatively insensitive to environment.
2.5 The effect of corrosive environments on fatigue endurance
The influence of corrosive environments on fatigue endurance of welded joints was
originally incorporated into UK fatigue Guidance largely on the basis of a limited
number of tests carried out in seawater as part of the UKOSRPI [2.5] programme.
The considerable scatter in these results (particularly those at R=0) made it difficult
to determine trends. Nevertheless, it was concluded that at R=-l a freely corroding
environment could reduce the endurance to half that observed in air, and that cathodic
protection could restore the in-air fatigue life. Also under free corrosion, fatigue
damage was observed to continue to occur below the fatigue limit in air. The
recommendations subsequently introduced into guidance were that conditions of
free corrosion could be catered for by a penalty factor of 2 on the air design life, and
that provision of "adequate" cathodic protection permitted the use of the air SN curve
without modification. Additionally, for free corrosion there was to be no change in
slope at 10^ cycles. Since the publication of this guidance, many more welded joint
corrosion fatigue test results have become available, an increasing number of which
do not agree with the earlier results. The main indication is that cathodic protection
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does not restore the in-air fatigue life over the entire stress regime, and that in some
instances the guidance may be unconservative. This important area of the guidance
is currently under revision.
In the following sub-sections, the effects of corrosive environments on fatigue
endurance of welded joints are described. Many of the experimental investigations
discussed included fatigue testing on geometrically similar specimens in air, so that
the effect of the environment can be quantified using environmental reduction factors
(ERFs) which represent the factor by which the environment reduces (or increases)
the in-air fatigue life. The influence of environment is considered firstly in this way,
largely to establish the effectiveness of cathodic protection across the whole range
of laboratory testing stresses. The reasons for the differences in endurance are then
discussed on the basis of corrosion fatigue crack growth mechanisms, in an attempt
to explain the variation in reported results. First of all, some aspects of North Sea
corrosive environments are briefly described.
2.5.1 Simulation of the North Sea environment for laboratory testing
An attempt was made to characterise the significant features of the corrosive
environment in the North Sea, as part of the UKOSRPI programme. It was
suggested by Knight [2.37] that fatigue strength could be significantly influenced
by variations in the following parameters;

Parameter

Typically

temperature

5-8'C

acidity (pH)

7.8-S.2

dissolved oxygen

7mg/litre

salinity

3.5wt%

An investigation into the effect of varying these parameters under freely corroding
conditions [2.5] observed that increasing the temperature from 5“C to 20“C
increased the average growth rate in pre-cracked plates by a factor of 2. It was
also found that varying the pH from 6.5 to 8.5 and reducing the oxygen
concentration to 1mg/litre and salinity to 1.75wt% had only minor influences
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under free corrosion. However, these other variables had a more significant
influence at other potentials. The effect of intermittent immersion in the splash
zone due to tidal variations was also addressed by UKOSRPI, but the highest
growth rates were observed for continuous immersion. The uncertainty in the
effect of seawater composition has meant that most investigations of corrosion
fatigue of marine steels have used either natural seawater or synthetic seawater
prepared to an appropriate specification (e.g. ASTM D1141 [2.3SJ)
An important proviso for the application of the guidance as stated above clearly
concerns the definition of "adequate" cathodic protection. The equilibrium
potential for free corrosion of bare steel in seawater is approximately -0.65 V with
respect to a silver/silver chloride measurement electrode. Effective cathodic
protection is achieved when the potential reaches approximately -0.85V, which
is the potential required to just prevent dissolution of iron ions. This potential
was used in all of the UKOSRPI welded joint tests, and potentials of between
-0.6V and -1.3V have been used in various test programmes in the literature.
There is a significant body of data (for example [2.35]) which supports the notion
that the lowest growth rates are observed close to -0.85V, and that more
electronegative potentials result in increasingly enhanced growth rates, as shown
in Figure 2.10. The effect of cathodic potential on crack growth rate in pre-cracked
specimens is discussed further in Chapter 5.
The occurrence of potentials more electronegative than -0.85 V in actual structures
is an important consideration, and arises for two reasons. On jacket structures,
cathodic protection is applied using either sacrificial anodes (zinc, magnesium,
aluminium) or using an impressed d.c. current. In the case of sacrificial anodes,
the redox potentials relative to iron are often actually closer to -l.OV. Also, in
order to maintain a sufficiently electronegative protection level over the structure
generally, some regions which are physically close to the anodes (or impressed
current electrodes) may attain a more negative potential due to the limited
throwing capacity of the protection system. For these reasons, a protection level
in the region of -l.OV is often used in corrosion fatigue testing.
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2.5.2 Environmental reduction factors for welded joint fatigue tests
In the following, corrosion fatigue results from simple plate and tubular joint
tests are examined in terms of environmental reduction factors (ERFs). The data
are considered under the following categories relating to the applied cathodic
potential,
Environment

Potential

free corrosion

-0.6V to -0.7V

normal protection

-0.8 V to -0.9 V

over-protection

-l.OV to-1.3V

In the absence of any other effect, the ERF gives a measure of the influence of
the environment over the complete SN curve. In particular, it gives an assessment
of the effectiveness of cathodic protection at different levels of cyclic stress.
(1) Free corrosion
All of the published corrosion fatigue tests on welded joints carried out under
freely corroding conditions produced fatigue lives shorter than for similar joints
tested in air. For as-welded T-plate joints tested in bending (R=0.05), examples
of ERFs which have been measured are 2.5-3.0 [2.21], 2.0-2.5 [2.22], and 2.0-3.0
[2.36]. A larger ERF of 4 [2.39] was reported for similar specimens which had
been post weld heat treated (R=0.1) This implies that the benefits of PWHT might
be removed under freely corroding conditions. Tubularjoint free corrosion fatigue
test results show similar ERFs; 2.0 [2.2], 2.5-4.5 [2.40], 2.0-3.0 [2.36]. In all
cases where there is a range of ERF, the larger values were measured at the lower
stresses. It was suggested by most investigators that this is a reflection of the
greater immersion time which pertains in longer tests. The unusually large value
of 4.5 quoted by [2.40] is perhaps the result of a very early crack initiation (N^/N^
of 1.7% compared to an average N^/N^ of 16%) in the lowest stress test of this
series, thus introducing a bias in the results. Overall an average environmental
reduction factor of 2.5 would seem appropriate to characterise the effect of freely
corroding seawater on fatigue endurance of welded joints.
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(ii) Normal cathodic protection
The available data for plate welded joints tested with normal cathodic protection
are less consistent. The main conflict seems to concern the variation in ERF with
applied stress range. The UKOSRPI welded plate tests [2.5] all gave fatigue lives
at least as long as in air, with longer lives at lower stresses (i.e ERFs < 1), although
this was only clear for tests at R=-l. Several reviews on corrosion fatigue of
marine steels [2.41, 2.42] also support the observation that cathodic protection
can restore the in-air fatigue life. At the other extreme, some sources report that
the fatigue life with a cathodic potential of -0.85V is always less than in air. From
these sources, typical ERFs for plate joint tests are 2.5-3.0 [2.21], 3.0 [2.39], 2.0
[2.22], 2.0 [2.17]. Overall, however, the most common observation for plate joints
protected at -0.85V appears to be that fatigue lives are reduced compared to air
at high stress ranges, and approach or exceed the air life at low stresses. This
corresponds to a reduced slope in the SN curve under cathodic protection, as
compared to the in-air curve. The UKOSRPII [2.2] seawater tests produced an
SN curve of this type. Reference [2.36] suggests an ERF of 2.0 below 10^ cycles
and air endurance beyond 10^ cycles. Specific examples of this behaviour report
ERFs of 2.0 at 250MPa and approximately 1.0 at lOOMPa [2.43], and 1.8 at
200MPa and less than 1.0 at low stress [2.36].
The data for tubular joints also exhibit inconsistency. The UKOSRPII [2.2]
tubular joint seawater tests failed to reproduce the beneficial effects of cathodic
protection at -0.85V observed in the UKOSRPI plate joint tests. The tests on
19mm PWHT T-joints [2.44] produced an average ERF of 2.0, although the
lowest stress test ( 150MPa, R=0.1) gave a life comparable to the air life. Similarly,
the tests on 32mm as-welded T-joints also gave ERFs close to 2.0 above 130MPa,
with one life close to the air curve at 120MPa [2.45]. However a review of all
the results of the UKOSRPI&E, ECSC, Canadian and Japanese programmes
taken together indicates a constant ERF of 2.0 over the entire range of applied
stresses [2.36]. It appears that if individual tubular joint test programmes are
considered in isolation, then some of the data seem to show a trend towards longer
lives at low stresses with a cathodic protection level of -0.85V. In certain cases
the significance of this trend may have been exaggerated in the light of the similar
tendency shown by the plate joint data.
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(iii) Cathodic over-protection
The data for tests conducted using cathodic potentials in excess of -l.OV are
limited, and primarily for plate joints tests. The behaviour for plate joints is similar
to that at -0.85V except that the ERFs are often slightly larger at -l.OV; e.g. 3.0
at -1.05V compared to 2.0 at -0.85V [2.22], 2.4 at -1.05V compared to 1.8 at
-0.85V [2.36]. The trend to longer lives at lower stresses is also apparent, but the
scatter in results at low stress is also increased compared to -0.85V [2.36,2.39].
2.5.3 Discussion of welded joint corrosion fatigue data
Two important observations can be made from the welded joint corrosion fatigue
results reviewed above. Firstly, the effect of a freely corroding seawater
environment is to reduce the total fatigue life of plate and tubular joints by a
constant factor of approximately 2.5 over a wide range of applied stresses, and
to reduce the fatigue limit. Secondly, the effect of cathodic protection and
over-protection seems to be different for simple joints and tubular joints. For
plate joints, cathodic protection causes a definite counter-clockwise rotation of
the SN curve to a shallower slope than is pertinent for air or free corrosion, such
that fatigue lives at low stresses approach or exceed those in air. The effect on
tubular joints is to cause a reduction in fatigue life averaged over the entire range
of applied stresses, but also to cause an increase in the experimental scatter at
low stresses so that some low stress tests have produced endurances in excess of
the air life, and some much less than the air life. Reasons for these two observations
are discussed separately below.
(i) Discussion of free corrosion data
The most popular mechanism used to explain crack growth rate enhancement
under freely corroding conditions is that of anodic dissolution [2.46]. This
mechanism is particularly effective at promoting rapid crack initiation, since
existing weld toe defects are quickly attacked and sharpened. As a result, crack
initiation is usually more general under free corrosion than in air. This has been
demonstrated by comparing the growth of cracks developing from a natural weld
toe and from a semi-elliptical starter notch in the same freely corroding
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environment [2.47]. The starter notches produced cracks of shape similar to those
produced in air, and of much greater aspect ratio than those from the unmodified
weld toe. In plate joint tests therefore, free corrosion can lead to the early
formation of an edge crack along the whole length of the weld, and therefore a
shorter life as discussed in 2.2. This was observed in many of the investigations
discussed above (e.g. [2.21], [2.22], [2.36], [2.47]). This mechanism also explains
short lives in tubular joints where initiation is generally confined to the hot-spot
region, since it promotes enhanced surface crack growth by coalescence with
cracks rapidly initiated at the ends of the main crack.
(ii) Discussion of cathodic protection data
The application of cathodic protection tends to suppress the anodic dissolution
mechanism, leading to fewer initiation sites than in freely corroding seawater
([2.21], [2.22], [2.36], [2.47]). In plate joints, the reduced number of initiation
sites delays the transition to an edge crack, thus extending the fatigue life.
Cathodic protection should therefore be most effective for those situations where
the number of crack sites is inherently small, i.e. for thinner plates and lower
stresses. In these cases, the measured initiation lives with cathodic protection are
often even greater than in air; N, = 1 5 -4 5 % ^, for air and short corrosion tests
compared to

= 40 - 70%AT, for long corrosion tests [2.22]. It has even been

suggested that under protection at -0.85 V cracks only initiate from the most severe
weld toe defects, which would explain the observed increase in scatter at low
stresses [2.36].
The growth of small cracks is also observed to be slowed by the application of
cathodic protection [2.36]. It is widely believed that this is due to the precipitation
of calcareous deposits by electrochemical action at the specimen surface ([2.36],
[2.48], [2.49]). When these products are deposited on the crack surfaces, the
effective crack tip stress intensity factor range can be reduced by premature
closure of the crack faces. The effect is of particular significance when the crack
opening displacement is small, i.e. for small surface cracks subject to low stresses,
particularly low mean stress. This would explain the difference in behaviour at
high and low stresses for plate joints. In low stress tests under cathodic protection,
there may be only one active initiation site which develops as a semi-elliptical
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surface crack, which will be more susceptible to crack plugging by calcareous
deposits than an edge crack of comparable depth. The main extension of fatigue
life of plate joints by cathodic protection thus appears to be in the crack initiation
/ early growth regime.
In tubular joints, the crack propagation phase represents a greater proportion of
the total fatigue endurance, both in air and in seawater. The faster growth rates
which are measured in pre-cracked plates under cathodic protection [2.35] only
develop at the higher stress intensity factor ranges which occur when cracks are
large. In tubular joints large cracks are present for a greater part of the fatigue
life due to load shedding, and it is therefore plausible that the total life of tubular
joints could be significantly reduced by a shortening of the crack propagation
life, even at relatively low stresses. However, long initiation lives have been
observed in tubular joint tests under cathodic protection at low stresses, showing
a similar trend to that for plate joints. The fatigue life of cathodically protected
tubular joints is thus rather difficult to predict in the low stress regime, largely
as a result of the lack of available data.
The effect of cathodic protection appears to be in prolonging initiation and short
crack growth for simple joints, and also possibly in accelerating the propagation
rates of the larger cracks which are present during a significant fraction of tubular
joint fatigue life. This assumption is supported by the behaviour under cathodic
over-protection. The rate of product deposition is faster under more negative
potentials, and substantial over-protection at low stresses has been shown to be
capable of actually stopping nascent cracks before they are even 0.5mm long
[2.49]. Also the maximum growth rates observed under cathodic protection at
intermediate stress intensity factor ranges are higher for more negative potentials
[2.50]. These two statements explain the increased ERFs for over-protection in
crack growth-dominated situations such as tubular joints and higher stress plate
joint tests, and also the increased likelihood of long lives at low stresses and more
electronegative potentials, since the crack plugging mechanism can then be very
efficient in prolonging initiation.
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(iii) Summary
The effects of free corrosion and cathodic protection on fatigue endurance of
welded joints in seawater relative to air may be summarised as shown in the Table
below. It is clear from this Table that the effect of cathodic protection is very
strongly dependent upon other test parameters which govern the relative fractions
of total endurance spent in crack initiation and propagation. This makes prediction
of the efficiency of cathodic protection difficult unless the relevant mechanical
variables are known. This observation is illustrated in Figure 2.11 which plots
the relative fatigue strength expre.ssed a s

(=c)

[2.21] against the

measured ratio of initiation life to total fatigue life. These data encompass two
plate thicknesses and three different seawater environments and, although the
scatter is large, there is a strong indication that those conditions which produce
long endurances do so as a result of a prolonged initiation life. This
interdependence of test parameters in determining the overall fatigue endurance
is considered using a mechanistic approach as described in the next Section.

Environment

Effect

Free Corrosion

Detrimental in all types of specimens at all stresses due to
reduced initiation life promoted by anodic dissolution at the
weld toe, and increased growth rates. Average ERF over the
entire stress range of 2.5.

Cathodic protection

Beneficial in situations dominated by crack initiation / early
growth,
e.g. low stress tests on small plate joints
some low stress tubular joint tests
Detrimental in situations dominated by the propagation of
large cracks,
e.g. high stress tests on large plate joints
most tubular joint tests

Cathodic
over-protection

Tends to exaggerate the trends observed for normal cathodic
potentials.

2.6 Mechanistic approach to prediction of endurance of welded joints
The foregoing has illustrated most of the main parameters which influence fatigue
endurance of welded joints in air and seawater with results from the literature. In
most cases, straightforward arguments have been put forward to explain the observed
variations in endurance. The fatigue endurance was shown to be determined by the
dominant mechanism of crack growth.

-112-

The most significant mechanisms relating to fatigue in marine environments are
listed below;
- mechanical crack growth governed by the resultant crack tip stress range as
determined by the combination of applied stresses, local SCF, and residual stress
state
- reduction in the effective crack tip stress range due to premature closure of the
crack faces
- crack growth rate enhancement by hydrogen embrittlement arising from the
interaction of crack tip stresses with atomic hydrogen concentration
- anodic dissolution leading to rapid initiation of cracks, but also crack retardation
due to crack tip blunting in cases of slow physical crack advancement
These corrosion fatigue mechanisms are discussed in detail in Chapter 5. For the
present they are only considered in relation to whether they are likely to reduce or
prolong the fatigue life. Some conflict was observed in the interpretation of results
where a range of different experimental conditions was applied in a single testing
programme. Examples of this interdependence are stress ratio with PWHT, and
thickness with stress and plate width. In the following sub-sections, a simple
approach is presented which indicates how the fatigue endurances produced under
different combinations of experimental conditions can be interpreted by determining
the dominant fatigue mechanism. The fatigue process has been broken down into
simple geometric, loading and environmental factors. The relationships between
these factors and the external test conditions have been illustrated schematically
using flowcharts. The groups of test conditions which result in the longest and
shortest fatigue lives have been identified. Presenting the data in this way makes it
easy to determine which of the geometric and environmental factors in the flowcharts
have the strongest influence on fatigue lives. It is then assumed that these factors
alone will control which of the crack growth mechanisms listed above is dominant
under a particular set of experimental conditions. It should therefore be possible to
predict whether the fatigue life under combinations of test conditions will be
relatively long or short.
2.6.1 Factors influencing the fatigue life of welded joints
The fatigue process in welded joints has been broken down into the simple
elements shown in Figures 2.12 and 2.13. Fundamentally, both crack initiation
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and the subsequent rate of crack growth are determined by the combination of
crack-tip stresses and crack tip environment. This is indicated by the left hand
side of Figure 2.12. The stresses at the crack tip are developed as the combined
result of specimen and loading geometry, applied stress, residual stress and crack
closure effects as shown in Figure 2.13. The interactions between crack-tip
stresses and environment are complex; no attempt has been made at this stage to
discuss these interactions in anything other than simple empirical terms. The two
charts therefore indicate qualitatively how the crack tip conditions may be related
to the test conditions. This method of presentation allows the most significant
factors which affect fatigue life to be highlighted, by consideration of the groups
of test conditions which produce the longest, and shortest, fatigue lives. The
results of this selection procedure are shown in the Tables below,
(i) Test conditions producing long endurances

Test condition
Air

Seawater

Reasons for increased endurance

Low mean stress

Closure of crack faces
Lower crack tip mean stress

Thin plates

Low local SCF
Steep through-thickness stress gradient
Fewer initiation sites

Post weld heat treatment

Removal of residual stresses

Improved weld profiles

Low local SCF

Weld toe grinding

Low local SCF
Removal of weld toe defects

TIG dressing

Low local SCF
Removal of weld toe defects

Hammer, shot peening

Introduction of compressive residual stress

Low temperature

Decrease in rate of thermally-activated
crack tip reactions

High cyclic frequency

Reduction in time per cycle available for
time-dependent environmental processes

Cathodic protection

Suppression of anodic dissolution
Calcareous deposition on crack faces
promoting premature crack closure
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(ii) Test conditions producing short endurances

Test condition
Air

Reasons for increased endurance

As-welded condition

Tensile residual stresses in surface
Defects present at weld toe

High mean stress

No premature crack face closure
High crack tip mean stress

Thick plates

High local SCF
Low through-thickness stress gradient

Normal weld profile

High local SCF

Seawater High temperature

Increase in rate of thermally-activated
crack tip reactions

Low cyclic frequency

Increase in time per cycle available for
time-dependent environmental processes

Free corrosion

Anodic dissolution at weld toe
Increased growth rates at all AK
No calcareous deposition

Cathodic protection

Embrittlement due to hydrogen reaction at
metal surface leading to fast intermediate
growth rates, and possibly premature
initiation

From the above, it is clear that the fatigue endurance of simple welded joints is
dominated by several independent factors, namely;
- the local SCF at the weld toe
- the through-thickness stress gradient
- the residual stress state
- the level of cathodic protection
The resultant fatigue endurance under a given set of conditions will be determined
by the dominant mechanism of crack growth. The relative significance of each
of these crack growth mechanisms in any particular situation may be assumed to
be directly controlled by the factors listed above.
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2.6.2 Estimation of relative corrosion fatigue endurance
The procedure for predicting the behaviour under any particular set of conditions
may be summarised as follows;
Estimate the combined effect of the individual experimental conditions on
each of the factors listed above, using Figures 2.12 and 2.13 relative to some
known data set
Determine which of the fatigue mechanisms is likely to be dominant
As an example, consider the case of a 22mm thick plate joint, which has been
post weld heat treated, and is tested in bending at a stress ratio of R=0, and in
seawater with a cathodic potential of -l.OV. The joint is of relatively thin plate,
so the local SCF can be expected to be small as discussed in 2.2.1, and the
through-thickness stress gradient will be high as discussed in 2.2.2. The
application of post weld heat treatment will result in a low level of residual
stresses. Referring to Figure 2.13, the combination of a low local SCF, low
residual stresses, and a high through-thickness stress gradient will combine with
the low applied stress ratio to produce a low crack tip stress range and mean stress
in the early stages of crack growth. Cathodic protection at -l.OV is also likely to
result in significant calcareous product deposition on the crack faces during this
phase of the fatigue life, since the rate of mechanical crack advancement will be
low due to the low crack tip stress range and mean stress. The fatigue life under
these conditions is thus likely to be dominated by slow growth of a small crack
as a result of premature crack face closure. The fatigue endurance can thus be
expected to be long, particularly at lower testing stresses.
The example chosen above was a relatively simple one, and the experimental
conditions were all selected to promote the intended crack growth mechanism.
Experimental conditions could have been selected which have opposing effects.
For example, if the joint above had not been post weld heat treated then the
residual stresses may have offset the effects of the low applied stress ratio and
corrosion product deposition, and the crack wedging mechanism might not have
been dominant. In these cases a more quantitative analysis would be required to
determine the net result of the experimental conditions. A quantitative analysis
of the various factors such as residual stresses and corrosion product kinetics is
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quite feasible. Indeed, quantification of the mechanical variables relevant to
fatigue of welded joints has already received much attention in the literature.
However, this has yet to be combined with a methodology which directly checks
for a dominant corrosion fatigue crack growth mechanism.
In the absence of a full quantitative assessment, the mechanistic approach
described above is helpful in the qualitative interpretation of fatigue test results.
2.7 Discussion with respect to design guidance for tubular joints
The approach used in formulating design guidance for tubular joints has been to first
obtain an SN curve for a reference set of specimens under reference conditions. In
the UK guidance the reference specimens were as-welded, 32mm chord wall
thickness tubular T-joints, which were tested using constant amplitude loading in
air. The influences of other parameters such as thickness, weld treatments,
environment etc. have largely been established using simple planar welded joints,
to derive suitable correction factors to be applied to the tubular joint reference curve.
This approach has one serious flaw, namely that the fatigue behaviour in simple
joint geometries can be significantly different from that of tubular joints. Given the
complex nature of the problem, this difference in behaviour raises the possibility
that the incorporation of empirical correction factors derived from simple joint data
into tubular joint design could result in seriously unconservative guidance. An
approach which considers corrosion fatigue endurance of welded joints in terms of
simple crack growth mechanisms which are controlled by test parameter-dependent
factors has been proposed to facilitate interpretation of fatigue test results.
The review of data in this Chapter has highlighted some of the areas of tubular joint
design guidance where uncertainty exists. Obviously, the long life regime is of
greatest interest and unfortunately the uncertainty in this area is large. The variability
in corrosion fatigue endurances is controlled by crack growth mechanisms which
tend to be very sensitive to mean stress (see Chapter 5). It is questionable whether
the confidence inferred from tests conducted at low mean stress in the laboratory is
actually realised in service. Clearly the presence of long range (fit-up) and short
range (welding) residual stresses could undermine such confidence. In addition, the
data for representative service loading are very sparse. It is likely that the nature of
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the service load history will also have a significant influence on the fatigue
endurance. There exists, therefore, a need for further corrosion fatigue tests to be
conducted using realistic service loading since it is probably impossible to predict
the combined influence of environment and service loading. The mechanistic
approach would be a useful guide in designing such tests, in order to produce the
most meaningful and realistic results.
2.8 Conclusions
The main conclusions of this Chapter are as follows;
- Corrosion fatigue of welded joints involves several competing mechanisms of
fatigue crack growth, the relative dominance of which ultimately determines the
fatigue life.
- The variations in fatigue endurance obtained under different combinations of
experimental conditions can be explained using an approach which considers the
empirical relationships between the experimental conditions and the fatigue crack
growth mechanisms.
- Corrosion fatigue test results for welded joints show large variations in endurance
at low stresses; this is due to the fact that the relative dominance of the corrosion
fatigue crack growth mechanisms is highly sensitive to small variations in weld
geometry and mean stress levels.
- The characteristics of fatigue crack growth in planar welded joints are different
to those observed in tubular joints. This can significantly affect the fatigue lives
measured under a wide range of experimental conditions. Specifically, the
application of simple joint fatigue test data to design of tubular joints may result
in unconservative guidance.
- There is sufficient uncertainty in the current understanding of corrosion fatigue
of tubular joints under realistic service loading at low stresses to justify further
structured programmes of fatigue tests of this type.
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Figure 2.4 The transition to edge crack in fatigue of welded joints
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CHAPTER THREE
Corrosion fatigue analysis under programmed random loading
3.1 Introduction
The need for realism in fatigue tests and analysis relevant to the North Sea
environment was highlighted in Chapter 2. The current Offshore design guidance
[3.1] is empirically based on the fatigue endurance results from tubular joint tests
conducted under constant amplitude loading in air. However, the susceptability of
fatigue endurances to environment and nature of loading was illustrated by the review
of data presented in the previous Chapter. It was shown that the fatigue endurance
in response to simple constant amplitude loading was difficult to predict accurately
when a corrosive environment was introduced, particularly under conditions of
cathodic protection. It is anticipated, therefore, that corrosion fatigue under random
loading may exhibit similar load - environment interactions, the nature of which
may be even more complex and difficult to predict. In order to explore this possibility,
and thus provide safe design guidance, it has been considered necessary to conduct
further fatigue tests on tubular joints, using a realistic simulation of service loading.
Such tests require a suitable laboratory testing sequence to simulate the response to
wave loading, together with an appropriate methodology for analysis of data
produced using such a sequence. This Chapter addresses some of the problems which
have been encountered in fulfilling these requirements. The first section outlines the
development of simulations of North Sea wave loading for Offshore component
fatigue testing, highlighting the increasing degree of realism which has been
incorporated in these simulations through increased availability of actual service
data. The second section presents the current approach to design and analysis under
random loading. The equivalent stress concept for SN presentation and for use in
fracture mechanics fatigue crack growth prediction is discussed in detail, especially
in the context of long endurance corrosion fatigue. The generation of standard load
sequences for fatigue testing is then described, with particular emphasis on the
sequences to be used in the fatigue tests presented in Chapter 4. The appropriate
analysis methods are then used to characterise each of these sequences by a set of
parameters suitable for data presentation and fatigue crack growth prediction.
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3.2 Development of stress histories for North Sea-related fatigue tests
The North Sea environment was introduced in Chapter 1. The loading on fixed jacket
structures installed in this environment was described as being random in nature,
and highly seasonal in intensity. In addition, the structures were shown to be prone
to detrimental resonance effects. The first of the following sub-sections describes
the features of the stress time histories experienced by North Sea structural
components, and discusses which of these features merit incorporation into a
laboratory testing sequence. The evolution of several different load sequences is
then reviewed, which has cumulated in the development of a state-of-the-art
sequence for tubular joint fatigue testing, the Wave Action Standardised load History
(WASH) [3.2]. The WASH framework has been utilised for the tubular joint
corrosion fatigue tests which are described in Chapter 4, and the majority of the
discussion will focus on WASH sequences.
3.2.1 Characteristics of North Sea stress histories
The loading experienced by structures in the North Sea has been examined
through on-site monitoring procedures. These range from observations of wave
height and period etc, to extensive long-term strain monitoring projects. From
these observations, it has been possible to extract several salient characteristics.
If the data from a strain-monitoring location is examined in terms of the root
mean square (RMS) of the strain signal, then the long-term (year-round) RMS is
seen to vary in a highly variable manner; Figure 3.1 indicates part of such a record.
As a useful simplification, the shortest interval of time over which the RMS in
Figure 3.1 is measurably constant (i.e. stationary) may be referred to as a seastate,
in accordance with the definition of a seastate given in Section 1.2. Figure 3.1
therefore represents a pseudo random sequence of seastates, each of which is a
stationary random process with a characteristic strain RMS and duration.
In defining a seastate completely, it is essential to know both the frequency content
and the distribution of peaks in a typical portion of the time history. The spectra
of ocean waves have been demonstrated to be of one of two characteristic types.
These are the JONSWAP [3.3] spectrum for developing seas such as the North
Sea, and the Pierson-Moskowitz [3.4] which is applicable to well-developed seas.
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In Section 1.2 it was discussed that fixed jacket structures in the Northern North
Sea may be subject to significant dynamic amplification over parts of the wave
spectrum, which increases the bandwidth of the stress history experienced by
certain regions of the structure, thereby increasing the fatigue damage. The extent
of these dynamic effects is highly dependent on the type of structure, its site and
also the location within the structure. In addition, the relative significance of the
resonant stress oscillations is generally related to the severity of the applied wave
loading. Dynamic amplification is clearly a significant feature to be incorporated
into the stress history simulation, preferably as a variable function of seastate.
The statistical distribution of stress peaks is also dependent on the location within
the structure, and is characterised by the cumulative stress exceedence curve. The
shape of the exceedence curve is primarily influenced by the proportion of
non-linear drag loading, which is in turn related to the depth below the still water
line. The shape of the exceedence curve can be predicted if the seastates are
assumed to be narrow-band and the significant wave heights (or RMS values) of
the seastates follow the positive half of a Gaussian distribution. Given these
conditions, it can be shown [3.5] that the long-term distribution of peak stresses
summed over all seastates is a Laplace distribution if the inertia term in Morison’s
equation (see 1 .2 ) is dominant, and may be represented by a two-parameter
Weibull distribution if the loading is drag-dominated. These correspond to linear
and upwardly concave stress exceedence curves respectively. This approach
appears in part to be supported by the measured exceedence curves shown in
Figure 3.2. It is clear that defining the stress spectra experienced by all components
in any structure would be practically impossible, and therefore all of the work in
this area has concentrated on defining typical stress power spectra, for
commonly-encountered applications.
The clipping ratio is an important parameter which characterises the variability
of stress histories. It is defined as the ratio of the maximum deviation from the
sequence mean to the RMS of the process. The clipping ratio is obviously a
function of the stress exceedence, and typical values for narrow to medium band
sequences are between 2 and 4. However, the clipping ratio can increase
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dramatically when multiple sea-state sequences are considered. The clipping ratio
within individual sea-states may be moderate, but when the RMS of the whole
process is used the clipping ratio can become much larger.
Finally, the properties of individual seastates are open to somewhat subjective
interpretation, since the seastate concept is merely a convenient way of
discretising the continuous spectrum of wave heights. In this way, there are in
theory an infinite number of seastates. However, the majority of wave height data
have been obtained from human observers, and clearly there is a limit to the
number of discrete wave heights or periods that a human being can distinguish.
From a practical viewpoint, seastates have tended to be defined in relation to a
standard observation period of 2 0 minutes, which results in approximately ten
different seastates being sufficient to characterise all of the observed wave
behaviour. This relatively short seastate duration means that rapid transitions
from calm to stormy conditions can be modelled using a simple seastate transition
algorithm as described in the next sub-section.
3.2.2 Simulation of North Sea stress histories
Various attempts have been made at simulating North Sea stress histories for
laboratory fatigue testing. In increasing order of complexity and realism these
simulations can be categorised as,
- single narrow band stress spectrum at constant RMS
- multiple narrow band stress spectra with variable RMS
- characteristic seastate with broad band PSD at constant RMS
- multiple seastates of broad band PSD with variable RMS and random
sequencing
The first of these is a simple stationary narrow-band random process, for which
the probability of occurrence of stress peaks can be defined by a Rayleigh
distribution. The stress history so developed considers only the forcing loads,
and structural response is ignored. The logical extension of this single Rayleigh
process is to combine a set of narrow-band processes of different RMS and
duration, in order to simulate calm-storm-calm transitions. A commonly-used
implementation of this type is the C /12/20 sequence [3.6]. This sequence was
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derived from actual seastate data, and is for a

12

ft diameter cylindrical member

immersed at a depth of 20ft. This situation was chosen as being intermediate
between the two extremes of a Rayleigh distribution of load peaks for members
near the surface, and a Laplace distribution for members deeper than 50ft. The
load history is made up of six Rayleigh processes with different RMS levels
arranged in a stepped low-high-low sequence giving a return period of

1 0 0 ,0 0 0

cycles, which may be repeated as necessary. Implementation of these two
narrow-band simulations for laboratory testing in air is relatively straightforward,
since peaks and troughs may simply be output to the test machine at a fixed time
interval, through an appropriate filter to obtain smooth transitions between
successive turning points. For corrosion fatigue testing where the shape of the
waveform is of importance, it becomes necessary to generate a suitable waveform
to connect the turning points, which requires a somewhat more sophisticated
electronic interface. Accurate control of frequency and waveform shape is an
important pre-requisite for the use of the remaining two simulations.
In situations where structural resonance is significant it is no longer sufficient to
develop laboratory stress histories using narrow-band processes. The
characteristic double-peaked spectrum applicable to North Sea components was
introduced in Section 1.2. A stress history simulation from this type of spectrum
was developed as part of the UKOSRP programme. The actual spectrum used
(referred to as the UKOSRPII spectrum), was largely derived from storm data
from the medium-tall platform FB in the Forties field [3.7]. Realisation of the
time history from the spectrum may be either random or pseudo-random. In the
latter case, the generated history has a random appearance, but is in fact a defined
sequence of peaks and troughs connected by half-waves of defined frequencies.
This method is particularly suited to modem digital control and has the advantage
that the exact sequence can be reproduced by different investigators. A sequence
generated in this way is referred to as a Standard Load History. A suitable
pseudo-random generator was developed for this purpose at University College
London using a binary shift register technique [3.2], and has been demonstrated
to afford excellent control of frequency content.
The most sophisticated simulation of North Sea stress histories available at
present incorporates broad-band spectra and models the long term variation in
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seastate RMS. It has been shown [3.8] that the observed random sequence of
seastates can be simulated by a discrete Markov chain process. The procedure
utilises a probability of transition matrix to model the transition between seastates.
This matrix determines the probability to either remain at the current seastate, go
up a state or go down a state. Using this formulation, each seastate may be
associated with a particular stress power spectrum and state duration. In addition
the exceedence characteristics of each seastate can also be modelled, thus
providing a complete and realistic simulation of the observed behaviour. The
Wave Action Standardised load History (WASH) [3.2] framework was developed
according to this philosophy. This framework can be used to generate a variety
of standard load histories for laboratory fatigue testing of Offshore components,
and is described in the next sub-section.
3.2.3 The Wave Action Standardised load History (WASH)
The WASH model is a computer-based framework capable of multi-seastate
pseudo-random time history generation. The framework approach facilitates
generation of different pseudo-random sequences for different applications; this
is achieved by altering the number of seastates, the individual seastate spectra,
the seastate transition characteristics etc. The first sequence to be generated using
the WASH framework was the WASH - Version W (WASHW), which
incorporates spectra for a well-developed sea with structural resonance related
to seastate and linear response, which was deemed to be a common operating
condition. The W version refers to the eight seastate spectra used to generate the
sequence. These are based on a set of twelve seastates originally proposed by
Olagnon [3.9], which were derived from analysis of data monitored over a period
of five years in the FRIGG field in the Northern North Sea. The relative
occurrences of the twelve seastates are arranged to represent one year’s wave
loading. To obtain the eight seastates required for WASHW, the lowest two
seastates, together with approximately 75% of the third lowest state have been
omitted, and the three highest states combined to form a single top state.
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The specification for these eight seastates is shown below.

Seastate
number

Hs
(m)

Td

Fraction of

(s)

time(%)

1

3.40

8.70

23.5

2

4.15

9.35

35.9

3

4.80

10.00

17.0

4

5.45

10.53

10.8

5

6.15

11.24

6.55

6

6.90

11.76

3.39

7

7.80

12.50

1.67

8

9.40

13.89

1.19

It can be seen that the most frequently-occurring state is actually the second
lowest, since 75% of the lowest state was removed in the seastate selection
process. The higher states occur progressively less frequently. The significant
wave height of the seastates increases gradually with seastate number, although
as expected there is a somewhat more abrupt increase between seastate 7 and
seastate 8 , the combined top state. The standard load history generated from the
eight seastates represents only approximately

1 0

% of the original data, thus

decreasing the time required for testing. The decision to remove low seastates
rather than to cut out low stress cycles was made for several reasons. In the first
instance it is difficult to omit small ranges from a broad band time history, and
secondly it was considered desirable to retain some small cycles within the higher
states to explore the role played by small cycles in corrosion fatigue testing. The
WASHW history thus comprises a sequence of seastates arranged in
pseudo-random order, and each seastate occurrence itself represents a sequence
of pseudo-random signal turning points. The overall time history is therefore a
two level pseudo-random process.
An advanced feature of the WASH framework is the facility to switch off certain
seastates during the generation process. The entire sequence is generated in the
normal way, but only the turning points corresponding to the required seastates
are retained in the output history. In the experimental investigations reported in
Chapter 4, extensive use is made of this feature, and three variants of the basic
eight seastate WASHW sequence have been generated for fatigue testing. These
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different variants have been used to investigate the effect of seastate content on
the corrosion fatigue behaviour of tubular joints, as discussed at the end of this
Chapter. The generation and analysis of WASHW and related variants are
described in detail in Section 3.4.
3.3 Fatigue analysis under programmed variable amplitude loading
A basic method of incorporating random loading into fatigue design was introduced
in Chapter 1. This approach considers random loading in terms of blocks of constant
amplitude load cycles of appropriate intensity, such as indicated by wave scatter
diagrams and stress exceedence curves. Fatigue damage can be determined for each
block from the SN curve, and the total damage estimated using linear summation.
However, it is frequently desirable to combine the individual blocks of cycles into
a single equivalent stress range, defined by Dover [3.10] as the weighted average
stress range, Aa^^;
( k

Z Acfn,

=

f=1

(3.1)

where the are k blocks of n^ cycles of stress range Aa,
and m is an exponent related to material behaviour.
Equivalent stress range presentation is useful both in fatigue design in combining
blocks of cycles from wave scatter diagrams etc., and also in the set-up and
interpretation of the results of variable amplitude fatigue tests. However, there is
difficulty in calculating the equivalent stress range under certain conditions, such
as corrosion fatigue or near the fatigue limit. These features are crucial to the
experimental work and analysis presented later in the thesis, and are discussed in
greater detail in the first of the following sub-sections.
One of the procedures necessary to determine an equivalent range for a random
sequence of peaks concerns the extraction of load or stress cycles from the time
history. There are a range of cycle counting techniques available, and the method
used affects the number of cycles counted for each load or stress range. This
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obviously has a direct bearing on the calculated equivalent range, and is thus an
important consideration in this context. The relevant cycle counting techniques, and
the characteristics of the different counts that they produce are discussed in 3.3.2.
3.3.1 Equivalent stress characterisation of programmed load sequences
The equivalent stress range can be determined from a record indicating the
probability of occurrence of different stress cycles, which may be in either
continuous (analytical) or, more commonly, discrete format. Herein, this record
is referred to as the stress range probability distribution (SRPD). The SRPD may
be obtained from the stress time history using some form of cycle counting
algorithm, as discussed in 3.3.2. In analysing the results of random load fatigue
tests, it may be more pertinent to make use of the load range probability
distribution (LRPD) which is applied to the specimen to calculate an equivalent
load range. In the majority of cases, the SRPD may be determined from the LRPD
using a constant factor, since the relationship between applied load and stress is
generally assumed to be linear. For a set of it discrete ranges, the equivalent stress
range is defined as.
l/m
(3.2)

=

where Aa, is a discrete stress range class
P(Aa,) is the probability of occurrence of Aa,
m is an exponent, related to material behaviour
The number of discrete stress range classes k, which represents the resolution of
the SRPD, affects the accuracy with which the equivalent stress range can be
determined, and converges to a stable value as k increases. For many sequences,
A=50 represents a sufficient degree of accuracy and convergence [3.11]. The value
of the exponent m in Equations (3.1) and (3.2) clearly has a strong influence on
the calculation of equivalent stress. It can be shown [3.12] that m is numerically
equal to the exponent in the Paris law relationship, and also the negative inverse
slope of an appropriate SN curve for the same material. Both of these, and
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therefore consequently m, have a value close to 3 for fatigue of a surprisingly
wide range of structural steels in air. The equivalent stress range has been
successfully used to correlate the results of variable amplitude and constant
amplitude fatigue tests in air for a wide range of load sequences (e.g. [3.10]). The
main assumption in the equivalent stress range calculation is that load interaction
effects are small, so that fatigue damage may be accumulated linearly. The degree
of load interaction will be related to the clipping ratio of the sequence, and for
Offshore structural steels subject to sequences of moderate clipping ratio (< 4),
the assumption is reasonable [3.13]. In sequences with clipping ratio much larger
than 4, particularly multiple seastate sequences, load interaction effects may
become significant and the assumption of linear damage accumulation may not
then be valid.
The calculation of equivalent stress range is straightforward when m has a single
constant value. However, difficulties arise when the value of m changes during
the fatigue life. In corrosion fatigue, enhancement of growth rates above the in-air
values has been observed by many investigators for intermediate to high AK
values, such that the simple Paris law can no longer be used to describe the crack
growth relationship. Corrosion fatigue material response is discussed in detail in
Chapter 5, but for the present it is convenient to represent this behaviour by a set
of straight line segments fitted to the data, each of which will have a different
value of m. The equivalent stress calculated using Equation (3.2) would therefore
be constantly changing throughout the crack growth. In a similar way, as the
fatigue limit is approached the slope of an SN curve generally becomes shallower
leading to large increases in the value of m. These two situations are illustrated
schematically in Figure 3.3. Thus, determination of an equivalent stress range is
most difficult under conditions where it is most useful, i.e. corrosion fatigue in
the low stress / high cycle regime.
The equivalent growth rate method for determining an equivalent stress range
under corrosive conditions and/or near the fatigue crack growth threshold has
been proposed by Kam et al [3.14]. This fracture mechanics-based method
assumes that a multiple straight line ( i.e. multiple Paris law) representation of
the material response is available which covers all relevant ranges of stress
intensity factor. This response is usually derived from constant amplitude tests
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on fracture mechanics specimens using similar material and environment. A
probabilistic distribution of stress intensity factor ranges may be obtained from
the SRPD, the current crack size, a, and an appropriate Y factor using the relations,

A^, = AOiY^Jna
P{AK,)

=

P(Aa,)

A crack growth rate for each individual AKj is then calculated from the Paris
constants Cj, mj pertinent to the segment j under which the particular AKj lies.

^

=

C j(A K f‘ =

C /A o ^ k Æ ')"'

(3.3)

An instantaneous mean growth rate for the current crack size a and all i is obtained
by summation of the individual growth rates weighted by the appropriate
probability of occurrence, such that.

Note that the summation index / is conditional depending on whether the stress
intensity factor AKj lies under the current Paris segment,7 . The equivalent stress
may be determined by returning across the multiple segment material response
to obtain the constant amplitude stress intensity factor range which would have
resulted in the calculated average growth rate. This procedure is illustrated
schematically in Figure 3.4. In theory, any number of Paris law segments can be
used to represent a particular material - environment system, and with careful
choice of constants, the method can be used to directly incorporate the effect of
fatigue crack growth threshold.
The equivalent growth rate approach may be used in two ways. Firstly, the
calculated equivalent stress intensity factor ranges may be plotted against
experimentally measured crack growth rates obtained from corrosion fatigue tests
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conducted using variable amplitude loading. If the experimental points lie on the
multiple segment representation of constant amplitude material response, then it
may be assumed that load interaction is insignificant and that the material response
under constant and variable amplitude loading is similar. Deviations from the
constant amplitude response imply that the corrosion fatigue behaviour is
dependent on the nature of the load history. In this situation, reliable predictions
of corrosion fatigue life under variable amplitude loading cannot be made using
constant amplitude data.
The instantaneous equivalent growth rate may also be used directly for crack
growth prediction by incrementing a from an initial crack size to a final crack
size, and determining the number of cycles of the variable amplitude load history
required for each crack growth increment. When the load history is non-stationary
in the short term, such as under multiple sea-state loading, then it is more
appropriate to determine the crack growth increment corresponding to blocks of
cycles taken from the time history, each of which has a unique SRPD.
As stated above, the accuracy of predictions made in this way is obviously
dependent on whether or not the corrosion fatigue behaviour is significantly
affected by the nature of loading. This uncertainty is a strong justification for
conducting fatigue tests under realistic random loading and environment, to
validate or otherwise the use of constant amplitude data for variable amplitude
corrosion fatigue life predictions.
3.3.2 Methods of cycle extraction
Cycle counting of random signals is a two part process. It is necessary to first
identify the events to count, and then to determine how to extract these events
from the continuous signal. The significant events in a stress history are,
- the stress reaches a maximum or minimum value
- the stress varies over a certain range
- the stress crosses a certain level, either increasing or decreasing
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There are several methods for extracting these events from a continuous record,
and the assessment of fatigue damage depends on the method used. The
techniques most relevant to fatigue stress histories are discussed in the following
paragraphs.
(i) Simple range counting
This is the simplest and most popular method of cycle extraction, and counts each
transition from a local maximum to a local minimum and vice versa, as a half
cycle. If the mean of each pair of reversals is also recorded, then the technique
is referred to as simple range-mean counting, and the results can be presented as
a range-mean matrix. The main disadvantage of the method is that for wide band
or noisy signals it produces a very large number of small cycles and virtually no
large ones. This situation is not representative in fatigue terms, since the crack
growth rate is more likely to depend on the larger fluctuations in stress intensity
factor associated with a somewhat longer term time window.
(ii) Peak counting
Peak counting counts all the local extrema in the signal as cycles, i.e.
positive-going peaks above the mean level and negative-going peaks below it.
Troughs, which are negative peaks above the mean level and positive peaks below
it, are not counted directly. The signal may be reconstituted by pairing positive
peaks with negative peaks of the same magnitude. Again, this method can produce
a very large count of small cycles for wide band signals. The method does have
the advantage that probability distributions for peaks can be obtained in closed
form for narrow band processes; however, to use these it must be assumed that
the peak-trough amplitudes are exactly twice the peak amplitudes, which is not
always the case.
(ill) Zero-crossing counting
Counting of zero-crossings has some relevance to Offshore service stress
histories, since it is the method used to identify significant wave heights. The
zero level is set to some arbitrary level, usually the average of the signal. Only
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the largest maximum between a zero up-crossing and the next down-crossing of
the zero level is counted; the largest minimum value between successive
zero-crossings is obtained in an analagous way. In contrast to the two methods
described above, this technique produces a very small count for wide band signals,
comprised mostly of large cycles. Practically, the method has the disadvantage
that it requires prior knowledge of the signal average, which may be difficult to
ascertain in situations where significant signal drift occurs.
(iv) Rainflow counting
A method which is gaining popularity in fatigue assessment uses so-called
rainflow algorithms [3.15]. One reason for this is that in fatigue of plain
specimens, these identify cycles as closed stress-strain hysteresis loops, and thus
represent the most accurate method for a local strain-type analysis. In effect, these
algorithms replace some of the cycles obtained by counting all transitions with
some of those obtained from the zero-crossing count. However, they tend to
produce more very small cycles than simple range counting and also some cycles
larger than obtained using either the simple range or zero-crossing methods. A
disadvantage of most rainflow algorithms is that the peaks and troughs must be
shuffled before counting so that the entire sequence needs to be known in advance;
certain algorithms have been developed to overcome this limitation (e.g. [3.16]).
(v) Discussion of cycle counting
The various cycle counting techniques are illustrated schematically in Figure 3.5.
The difference counts produced by each method are primarily dependent upon
the bandwidth of the signal, and the degree of stationaiity of the signal with
respect to the time window used for counting. Zero-crossing utilises a time
window defined by the zero-crossings, and for signals of low bandwidth such as
WASH sequences this time window is almost as short as that defined by range
counting. In this case, the zero-crossing count is comparable to the range count
with a "gate" applied to remove the very small cycles. In the case of rainflow
counting however, the sample period is generally much larger and stationaiity
becomes more significant. One problem with rainflow counting is that the SRPD
obtained from counting an entire history is not always exactly the sum of the
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SRPDs for the two halves counted separately. If the signal is stationary within
the sample period, then this problem does not arise. An indication of the
stationaiity of WASH sequences can be obtained by determining how long it
takes for an equivalent stress range calculated from increasingly large samples
of a seastate to stabilise. For WASHW seastates, the equivalent stress range (based
on a range count) stabilises to within 1 % after approximately

1 0 ,0 0 0

seconds

(2,500 cycles), and it may be assumed that a rainflow count will stabilise in a
similar manner.
The most suitable choice of counting method for use in fracture mechanics
predictions is influenced by the size of the sample window in relation to the
anticipated crack growth rate. For instance, if using rainflow counting there is
little point in pairing a positive peak with a subsequent negative peak when these
two are separated by a large increment of crack growth. If the crack growth rate
is likely to be very high, then range counting might provide a better estimate of
the effective stress intensity factor during that period. In the context of the tubular
joint fatigue tests described in the next Chapter, the cyclic growth rates are such
that either range or rainflow counts may be used to make crack growth predictions
at intervals of 2,500 or more cycles, which is comparable to the cyclic intervals
used for crack measurement.
A final point about counting methods concerns the use of an equivalent stress
range in presenting variable amplitude fatigue life results for comparison with
similar constant amplitude data. As discussed above, the rainflow counting
method is frequently used in fracture mechanics predictions, and one reason for
this is that it produces the largest estimate of Miner’s damage (see 3.4.2) for a
given sequence. Conversely, using an equivalent stress based on a rainflow count
to plot fatigue life data on SN curves gives the most optimistic presentation of
the data. The same argument also applies to gating of variable amplitude
sequences to remove non-damaging cycles. It is therefore desirable to plot
variable amplitude data in a variety of ways so as to assess the effect of different
data presentation techniques.

- 146

3.4 Generation of programmed WASH sequences for fatigue testing
The WASH generator is a computer program incorporating a pseudo-random binary
shift algorithm for generation of pseudo-random sequences. The input required to
generate a standard WASH history are,
- seastate power spectral density (PSD) functions
- seastate exceedence characteristics
- seastate duration
- seastate transition matrix (Markov chain process)
- a pre-shift to eliminate transience in the pseudo-random generator
A standard WASH-generated history consists of 1 million signal turning points and
associated frequency terms. Generation is usually carried out "off-line" and the
information stored in computer files. During fatigue testing, the turning points are
"played back" to the test machine in sequence, and the frequency terms are used to
connect adjacent turning points with a half sine wave of the appropriate frequency.
The generator produces turning points according to the PSD and exceedence
characteristics of the current seastate for a period of time equal to the pertinent
seastate duration. After one seastate duration the next seastate (which may be the
previous one repeated) is determined from the seastate transition matrix, and
generation of turning points re-commences using the PSD and exceedence
characteristics of the new seastate. This procedure is repeated until approximately
1 million turning points have been generated. The turning points are distributed about
a mean level of zero, and are scaled so that the maximum (positive or negative) point
in the generated sequence attains a value of 99.99. The output is supplied as a file
or collection of files containing the turning point information, and also a further file
which contains the generated sequence of seastates. The pre-shift is input to the
program to increment the pseudo-random binary shift register to a pre-determined
state thus avoiding transient behaviour. The generator will always produce the same
sequence of turning points whenever the program is run, providing the same pre-shift
is used.
The first of the following sub-sections details the input characteristics which were
used to generate WASH - Version W, and describes how the input for the basic
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sequence may be modified to generate WASHW variants. Three such variants were
generated for the fatigue testing described in Chapter 4, and the characteristics of
these sequences are detailed in 3.4.2.
3.4.1 Input characteristics for WASHW generation
The seastate power spectral density functions for WASH - Version W were
obtained using the seastate data presented in 3.2.3 in conjunction with
Wirsching’s equation [3.17] for a tall platform in the North Sea,
1- 1050/(2, 7 ^ 1

S(f)=AHf-

^

(3.5)

where S(f) is the stress power spectral density
fg is the natural frequency of the whole structure
A ,0 are scaling factors
Ç is the damping factor
Hg is the significant wave height of the seastate
Td is the dominant wave period of the seastate
The resulting power spectra are shown in 32-bit discrete form in Figure 3.6. The
resonant peak, which corresponds to the natural frequency of structural vibration
chosen as representative for WASHW, is clearly visible at about 0.28Hz. The
relative significance of the wave excitation peak and the resonant peak can be
seen in Figure 3.7, which shows the ratio of the two peaks as a function of seastate.
In the lowest seastates the stress history is dominated by structural resonance,
and conversely in the higher seastates most of the stress power occurs at the
dominant wave frequency. Thus, the time history should become progressively
more narrow-banded as the significant wave height of the seastate increases. The
corresponding seastate exceedence data for the WASHW seastates were obtained
using a curve-fitting approximation [see for example 3.13].
Using a seastate block length of 10 minutes, together with seastate durations
related to significant wave height as proposed by Olagnon [3.9], an appropriate
transition matrix was determined for the seastate data in 3.2.3.
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The transition matrix for WASHW is summarised below;
Seastate

Go down a

Remain at

number

state

state

1

0

0.9520

Go up a state

0.0480

2

0.0314

0.9408

0.0278

3

0.0586

0.9059

0.0355

4

0.0558

0.8952

0.0490

5

0.0808

0.8809

0.0383

6

0.0740

0.8635

0.0625

7

0.1269

0.8393

0.0338

8

0.0477

0.9523

0

Using the input described above together with an appropriate pre-shift, the
WASHW sequence was generated and comprises 3,404 10-minute seastates
which occur in pseudo-random sequence as shown in Figure 3.8. The modelled
sequence of seastates closely resembles the observed variation in strain RMS,
see Figure 3.1. A short period of the generated time history for one seastate (7)
is illustrated in Figure 3.9. The facility to switch off seastates in the generation
process was used to produce three variants of the WASHW sequence for use in
the experimental testing described in Chapter 4. As mentioned previously, the
entire sequence is generated in the normal way, but only the turning points
corresponding to the required seastates are retained in the output history. The
variants may be summarised as,
- WASHW A comprising WASHW seastates 5 to 7 (total 450 seastates)
- WASHWB comprising WASHW seastates 3 to 7 (total 1440 seastates)
- WASHWC comprising WASHW seastates 1 to 7 (total 3375 seastates).
The generated seastate sequences are shown in Figures 3.10-3.12. All of the
sequences share a common top state, and contain an increasing proportion of
lower seastates. As expected, WASHWC is almost as long as WASHW, since
only the very few occurrences of the top state have been removed. On the other
hand, WASHW A represents only about l/ 8 th of the complete WASHW time
history. After generation, all of the sequences were cycle counted in order to
calculate equivalent load range distributions and clipping ratios. This analysis of
the various time histories is presented in the next sub-section.
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3.4.2 Characteristics of generated WASHW variants
The three WASHW variants have been cycle counted using simple range and
rainflow counting in order to determine the total number and probabilistic
distribution of cycles in the time histories. The sequences are generated in a series
of files of a standard length, to facilitate transfer from microVAX to personal
computer format via floppy diskettes. For the shortest two histories these files
could be concatenated and counted as a single history. However, for the longest
history (WASHWC), the individual files were counted separately due to the large
total size of the history, and the resulting counts combined. Clearly this has very
little effect on the range count, but there is likely to be some discrepancy between
the rainflow counts of the total history and the individual files. This discrepancy
is only significant in the identification of the largest cycles, of which there are
only very few in the entire history. Bearing this in mind it was considered more
rigorous to develop the rainflow counts by generating eight further histories, one
for each of the eight seastates in isolation. These files were generated by switching
off all other seastates, so that the generated history represents all of the turning
points in the WASHW history for each given seastate. These provide load or
stress range distributions for the individual seastates which are useful for analysis
purposes, as described in the next section. The total range distribution may be
obtained by combining the individual range distributions in the proportion derived
from the seastate sequence file.
' NSS
0

6

)

V
where NSSj is the number of occurrences of seastate7 , NSStotai is the total number
of seastates in the sequence, and the summation is only carried out for those
seastates present in the sequence.
For all cycle counting, a resolution of 100 discrete range classes (i=100) was
considered sufficient to achieve convergence. The rainflow counting results for
individual seastates are shown as cycle exceedence plots in Figure 3.13. The
number of occurrences of each seastate in WASHW are shown in the following
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table, together with the zero mean RMS values for the individual time histories,
and the equivalent ranges determined from the range distributions and Equation
(3.2) with m=3.

Seastate

Number

RMS

Aa„ (m=3)

Ao,, (m=3)

(Rainflow)

(Range)

M ax/M in

1

591

8.06

22.23

20.69

+28.40/-28.99

2

1341

10.37

28.06

25.76

+37.60/-37.87

3

32.83

29.77

+46.777-48.57

611

12.38

4

382

14.57

37.99

34.21

+52.757-52.99

5

218

16.76

42.87

38.18

+61.837-61.40

6

156

19.60

49.43

43.73

+68.217-70.91

7

76

22.38

56.42

49.35

+84.527-79.84

8

28

29.28

69.30

60.19

+92.987-99.99

3403

12.62

34.04

30.81

+92.987-99.99

WASHW

The seastate files were generated such that the magnitude of the maximum signal
point occurring in seastate

8

was 99.99 (see above). However, as seastate

8

does

not appear in any of the three WASHW variants, these histories were scaled so
that the maximum signal point in seastate 7 (84.52, see above) was adjusted to
99.99. The probabilistic distributions of range and rainflow cycles for each of the
three WASHW variants scaled to seastate 7 are shown in Figures 3.14-3.16. The
equivalent ranges derived from these distributions for each sequence are shown
below, together with some other relevant parameters.

Parameter

WASHWA

WASHWB

WASHWC

Seastates

5,6,7

3,4,5,6,7

1,2,3,4,5,6,7

Act,, (m=3, rainflow)

56.67

47.17

39.50

Ao,, (m=3, range)

50.08

42.11

35.61

RMS

22.37

18.04

14.66

Clipping ratio

4.47

5.54

6.82

Mean level

0.00

0.00

0.00

99.99

99.99

99.99

Maximum point
Minimum point
Average peak frequency
Total number of cycles

-94.46

-94.46

-94.46

0.233 Hz

0.239 Hz

0.244 Hz

62756

206424

496135
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The effect of increasing seastate content is to decrease the overall severity of the
sequence as measured by RMS or

for a given set of maximum and minimum

sequence peaks. This is reflected in the corresponding increase in the overall
clipping ratio from about 4.5 for WASHWA to nearly 7 for WASHWC. This is
significant in fatigue test situations where the total capacity of the test facility is
limited, such that the maximum overall testing stress which can be achieved is
dependent upon the number of seastates in the testing sequence. Another effect
of increasing the number of seastates is to increase the return period of the
sequence. For fixed jacket structures, the only significant return period effect is
that due to the seasonal variations, i.e. one year. The WASHW sequence was
designed to reproduce the most damaging 20% of the cycles in one year. The
truncated sequence, WASHWA, thus represents a very unrealistic return period
except in extremely short tests.
There are several interesting points to note about the results of the cycle counting.
Firstly, the differences in the distribution of cycles produced by range and
rainflow counting are very apparent in Figures 3.14-3.16. Both techniques
produce almost identical total counts, but the rainflow method yields more very
small and more very large cycles than the simple range method, balanced by a
greater number of medium-sized cycles in the range count. The significance of
the different distributions of cycles can be seen more clearly by plotting the
distributions of Miner’s damage fraction for each method. For a single-segment
SN curve defined by Aa^N = C sn»the damage fraction for each stress range can
be defined as.

D,

.

(3.7,

The damage distributions for the WASHWC sequence obtained in this way using
range and rainflow counts are illustrated in Figure 3.17. The characteristic peaked
shape of these distributions is dominated by the cube of the stress range for small
ranges and by the reduced number of cycles for large ranges. The distribution
obtained from the range counting results peaks at a lower range than that obtained
from the rainflow count, and this is reflected in the slightly lower equivalent range
reported for the range count in the table above.
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Another interesting point to observe from the different cycle distributions is the
effect that imposing a stress range threshold would have on the calculation of
equivalent stress. For a moderate cut-off level, it is clear that more cycles would
be considered non-damaging based on the rainflow count than using the range
count. Ultimately, differences of this kind affect how variable amplitude fatigue
data is presented in SN format for comparison with constant amplitude results.
3.5 Summary of the Chapter
This Chapter has reviewed the development of simulations of North Sea stress
histories for laboratory fatigue testing. The current state-of-the-art in this area is the
multi-seastate Wave Action Standardised load History, and this framework for stress
history generation was described in detail. A methodology for corrosion fatigue
analysis under multi-seastate variable amplitude loading was presented, which may
be used for presentation of test results and for prediction of fatigue crack growth
rates. Finally, the characteristics of several generated WASH sequences were
presented.
The load sequences described in this Chapter have been used to conduct the corrosion
fatigue tests on tubular T-joints which are described in the following Chapter. These
fatigue tests were designed to incorporate a progressively larger proportion of lower
seastates in the load sequence. In addition, as the number of seastates was increased,
the overall stress level used for testing was decreased. It was anticipated that
conducting such a programme of tests would reveal any load - environment
interactions caused by progressively more cycles in the load sequence falling below
the fatigue crack growth threshold, whilst still retaining some large load cycles in
the higher seastates.
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Figure 3.5 Methods of counting cycles in random signals
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CHAPTER FOUR
Variable amplitude corrosion fatigue testing of tubular joints
4.1 Introduction
A number of reasons for carrying out large scale Offshore component corrosion
fatigue tests were discussed in Chapter 2. The primary justification for undertaking
these relatively expensive and time-consuming tests is the lack of data for realistic
specimens to confirm the structural design and operating codes for Offshore
installations. For instance, the allowances made for environmental effects in the
current UK design guidance [4.1] are based on constant amplitude corrosion fatigue
test data for welded-plate specimens. It does not necessarily follow that the results
of such simple tests can be applied directly to the more complex geometry and
operational environment of a tubular node, as highlighted in Chapter 2. There is
therefore a need for rational programmes of research involving fatigue testing of
large scale Offshore components to increase the understanding in this area.
This Chapter describes a series of variable amplitude corrosion fatigue tests on
large-scale tubular T-joints. These were carried out as part of a combined Universities
and Industry effort on research into fatigue crack growth in Offshore structures over
the last 10 years [4.2-4.5]. The T-joint fatigue test programme has been designed to
investigate the effect of increasingly realistic wave loading on fatigue endurance
and crack growth in seawater environments. The type of loading has ranged from a
constant amplitude sinusoidal waveform, to the complex simulation of year round
wave loading described in Chapter 3 (WASH, [4.6]). The tubular T-joint corrosion
fatigue test results using the simpler types of loading [4.7, 4.8] indicated that for
cathodically protected joints the endurance at hot-spot stress levels above 150MPa
was reduced by a factor of 2 relative to air fatigue data, but that at lower stresses the
life could approach that obtained in air. Similar behaviour was reported in Chapter
2 for some tubular joint tests, and many simple welded joint results. To determine
whether this behaviour is observed under realistic service loading, a further six
corrosion fatigue tests were conducted using the WASH simulation. These tests
constitute the major part of the experimental programme carried out for the thesis.
The test procedures and results are presented in detail in this Chapter.
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Of the six WASH-related tests, three were conducted using the load sequence
WASHWA (referred to as C l, C2, and C3), one using WASHWB (C4), and two
using WASHWC (D1,D2). The two other relevant test series on identical joint
geometries are the "A" series using constant amplitude load cycling on post weld
heat treated joints, and the "B" series which employed the UKOSRPII broad band
testing history. The "A", ”B", and "C" series specimens were cathodically protected
at -0.85V, and the "D" series at -l.OV; otherwise the corrosive environments were
identical. These test programmes are summarised below,

Designation

Load sequence

Cathodic potential

A1-A4

Constant amplitude

-0.85V

B1-B4

UKOSRPII

-0.85V

C1-C3

WASHWA

-0.85V

C4

WASHWB

-0.85V

D 1,D 2

WASHWC

-l.OV

4.2 Tubular T-joint specimens
The tubular joint specimens were fabricated to Offshore specifications according to
the geometry illustrated in Figure 4.1. The tubes used for both chord and brace
members were of the rolled seamless type [4.11], of BS4360:Grade 50D [4.12]
structural steel in the normalized condition. The welding procedure was in
accordance with AWS D l. 1 [4.13], and no post weld heat treatment was applied to
the "B", "C", and "D" specimens. Typical ex-works certificates for the steel
properties and the welding process are given in Reference [4.9].
4.2.1 Dimensional checks
Dimensional checks indicated that the specified dimensions were reproduced to
within 1% in all cases, with the exception of tube wall thicknesses. The tubes used
to fabricate the chord members of specimens D l and D2 were found to have a
wall thickness close to 17.5mm rather than the 16mm specified. The wall
thicknesses in the "C" series were very close to the nominal value of 16mm.
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Post-failure thickness surveys of the critical saddle region confirmed the greater
wall thickness in the "D" series specimens, and these are shown below;

Specimen

C l (top)
(bottom)
C2 (top)
(bottom)
C3 (top)
(bottom)
Average "C"

Distance from hot-spot (mm)

Mean

2xStd.dev.

-150

-75

0

+75

+150

(mm)

(mm)

15.9

16.0

16.4

16.6

16.3

16.24

.52

15.8

15.7

16.0

15.5

15.0

15.60

.68

16.7

16.2

15.6

15.8

16.2

16.10

.76

n/a

16.5

16.4

16.2

n/a

16.37

.25

14.6

15.7

16.2

16.4

15.9

15.76

1.27

n/a

15.9

15.5

15.9

n/a

15.77

.38

15.75

16.00

16.07

16.07

15.85

15.97

.56

n/a

17.2

17.4

17.7

n/a

17.43

.41

17.6

17.3

17.4

17.4

17.5

17.44

.21

D2(top)

17.5

17.1

17.0

16.9

17.3

17.13

.46

Average ”D"

17.55

17.20

17.27

17.33

17.4

17.33

.34

D l (top)
(bottom)

The effect of the increased chord wall thickness of specimens D l and D2 is to
reduce the stresses in the critical regions as described in Section 4.4.
4.2.2 Material properties
In each set of specimens (C’s and D’s) the chord members were fabricated from
a single length of seamless tube. The tensile properties of the chord material were
similarly determined using tensile test coupons extracted from one of each set of
specimens after failure. The results of the tensile tests are given below, together
with the relevant specification from BS 4360:50D;

Yield stress (MPa)

Tensile Strength (MPa)

Elongation (%)

Specified

345 min

490/620

18 min

C specimens

381

517

23

D specimens

401

526

26

It can be seen that the specified requirements for mechanical properties were met
for both sets of specimens.
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The chemical composition of the chord members was verified by chemical analysis
of one sample from each batch of specimens. The measured compositions were
found to be within the specified limits, and are shown below;

C

Si

Mn

Mb

V

S

P

Specified

0.18 max

0.1/0.5

C specimens

0.15

0.32

1.33

0.03

0.045

0.003

0.007

D specimens

0.17

0.30

1.27

0.03

0.040

0.002

0.011

1.5 max 0.003/0.1 0.003/0.1 0.04 max 0.04 max

4.2.3 Weld profile assessment
The weld profiles of all specimens were recorded using a profile gauge at intervals
over the entire region of expected fatigue cracking. The chord and brace weld leg
lengths were extracted from the profiles at the saddle positions, thus providing a
quantitative measure of the size of the weldments. The leg length is defined as the
distance between the appropriate weld toe and the point of intersection of the chord
and brace outer surfaces. The weld leg length information is shown below;

Specimen

Bottom saddle

Top saddle
Chord leg (mm)

Brace leg (mm)

Chord leg (mm) Brace leg (mm)

Cl

21.0

9.0

21.0

8.0

C2

21.0

9.5

20.5

7.5

C3

22.5

10.0

22.0

8.0

8.5

21.0

7.5

C4

21.0

Dl

23.0

10.0

22.0

11.0

D2

22.0

10.5

22.5

10.5

It can be seen that the weldments are broadly similar in size, with the "D" welds
slightly larger on average than the "C" welds. However, it must be appreciated
that due to the steep surface stress gradient in the region of the brace-chord
intersection, even small changes in weld leg length can change the stress at the
weld toe significantly. The weld toe and capping runs in the "C" series specimens
were laid down such that stop/start positions occurred at the crown and saddle
positions. There was considerable distortion of the smooth profile in these regions,
particularly for specimens C2 and C4. To avoid this undesirable condition, the
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"D" specimens were fabricated such that stop/start positions did not occur in the
critical saddle regions. In addition, the quality of the welding in the "D" specimens
was visually superior to that of the "C" series.
The quality of weld toe blending was assessed using the "rolling dime" test [4.9].
None of the welds were wholly rejected on the basis of failing this test for more
than

1 0

% of the total weld length, and those points where the test was failed were

lightly ground to pass. Both specimens C2 and C4 failed the weld toe blending
test close to the hot-spot on the side where the failure crack was subsequently
located. Neither of the "D" specimens failed the blend test at either hot-spot
position.
4.3 Experimental test facility
All static and fatigue load testing was carried out in a purpose-built servohydraulic
test facility. This consists of a reaction frame, capable of supporting the chord ends
of the T-joints, and a IMN servohydraulic actuator which was used to load the
specimens in axial tension via the brace member. The specimen geometry and
loading configuration combine to produce two stress hot-spots located at the T-joint
saddle positions, and thus two potential crack sites. These are referred to as the top
and bottom saddle regions as depicted in Figure 4.2. Where crack growth and fatigue
endurance results are presented in this Chapter, it may usually be assumed that these
refer to the more deeply-cracked of the two saddle regions unless otherwise stated.
The servo system was interfaced to a testing software FLAPS [4.14], which provided
playback of the pre-programmed variable amplitude load sequences, and control of
data collection and storage. Ancillary equipment included a spectrum analyser to
monitor the power spectrum of the load signal, and to compare the input and output
load signals, and an RMS voltmeter to calibrate the desired signal magnitude with
the servo load cell output. A schematic of the test system is shown in Figure 4.3.
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4.3.1 Environmental control
For corrosion fatigue testing an environmental test cell was mounted on the
specimen, such that the welded intersection could be completely immersed in the
corrosive medium. Artificial non-biological seawater was prepared according to
ASTM D1141, and was circulated through the cell at a rate of approximately
5L/min, at a temperature of 8-10°C and with a pH of 7.8-8.2. The seawater was
arranged to be fully aerated by causing the return flow to the reservoir to plunge
into the tank.
Impressed current cathodic protection was applied to both saddle regions via
platinised titanium gauze counter electrodes, and could be maintained at the desired
potential to an accuracy of +/- ImV. The potential used was either -0.85 V (C1-C4)
or -l.OV (D1,D2), expressed relative to Ag/AgCl reference electrodes. All of the
specimens were subject to a soaking period of 3-14 days with the cathodic
protection active, prior to the application of any fatigue loading. This is assumed
to permit the relatively large immersed surfaces to become fully polarised to the
applied potential.
4.3.2 Crack growth monitoring
Crack growth measurements were made during the fatigue tests using an
Alternating Current Potential Drop (ACPD, [4.15]) method. A brief discussion of
this technique is included in Section 4.6. Crack depth was monitored at 24 sites
around each saddle position, using small potential-measuring probes spot-welded
to the chord surface around the welded intersection. The signals from these probes
were multiplexed through a channel switching unit to a Crack Microgauge [4.16],
and the output stored in a computer database. The interpretation of these measured
potentials in terms of crack depth is also discussed in Section 4.6, and the
subsequent data processing to obtain crack sizes as a function of applied load
cycles illustrated by an example.
The fatigue tests were halted when the dominant crack just penetrated the chord
wall. When this condition is reached the seawater begins to leak into the chord
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member, and further testing would require continuous replenishment of the
seawater. This corresponds to N 3 as described in Chapter 1, and all total endurances
reported in this Chapter are defined in this way.
4.4 Measurement of stresses in tubular T-joint specimens
Prior to fatigue testing, each specimen was strain-gauged in order to determine the
relationship between the chord surface stress at the hot-spot regions and the loading
applied to the brace member. This relationship was used for scaling the loads applied
during fatigue testing so as to produce an appropriate stress range .at the hot-spot.
Stress concentration factors were estimated by calculating nominal brace stress as
brace load divided by nominal brace area. For the most part, strain gauging was
confined to three sites within a region 30mm either side of the saddle location as
this was found to be sufficient to provide a confident estimate of the maximum
(hot-spot) stress concentration factor. However, in some cases the strain gauge layout
was more comprehensive in order to determine the distribution of stress
concentration factor along the entire welded intersection.
4.4.1 Experimental procedure and results
Rosette gauges were used for measuring strains since a biaxial state of surface
stress is to be expected along certain parts of the weld intersection. The placement
of the rosette gauges was in accordance with the recommendations for
determination of stress concentration factors in tubular joints as described in the
UKOSRPI report [4.17]. The stresses estimated in this way only reflect the
stress-raising effect of the global geometry of the specimen. No attempt was made
to experimentally determine the level of notch stress concentration in the T-joint
specimens, since the notch stress concentration factor depends on weld toe angle
and radius, and as such will be randomly distributed along the weld. Notch effects
for Offshore welds can be expected to introduce an additional stress concentration
factor at the weld toe of the order of 2 to 3 [4.18], and will therefore have a strong
influence in the early stages of the fatigue life.
In order to avoid inducing strain history effects, the static stress measurement was
always carried out at relatively low load levels, certainly less than the mean loads
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employed in the subsequent fatigue tests. The rosette strains were recorded at
several different load levels, both increasing and decreasing. The slopes of these
strain-load records were averaged to account for zeroing errors and the small
degree of strain hysteresis.
The results of the strain measurements on all specimens are presented below as
hot-spot stress concentration factors. Also presented are several SCF predictions
made using parametric equations [4.19-4.23].

SCF method

Experimental

(top)

Measured SCF value
Cl

C2

C3

C4

Dl

D2

12.1

11.9

11.2

11.5

9.8

10.1

11.9

10.0

9.8

11.7

9.9

10.0

(bottom)

13.9

12.5

13.2

(average)

13.0

12.2

12.2

10.0

Average for each series

12.3

Parametric equations

Calculated SCF value

Gibstein

14.0

11.6

Kuang

12.4

10.4

Efthymiou & Durkin

12.4

10.6

Wordsworth & Smedley

13.9

11.8

UEO modified W & S

14.2

12.0

Hellier, Connolly, Dover

18.0

14.4

The most obvious feature of the experimental results is the difference in averaged
hot-spot SCF between the "C" series and the "D" series. This is a consequence of
the greater chord wall thickness of specimens D l and D2 as reported in Section
4.2.1, which reduces the average stress in the chord wall, and therefore the surface
stress. The effect of wall thickness is illustrated by comparison of the experimental
data with the parametric estimations of SCF. These predictions have been made
using two separate values of chord wall thickness (the other dimensions remaining
unchanged), corresponding to the average measured values in the two test series.
The equations which give the closest agreement with the experimental values are
those of Kuang and Efthymiou. A similar effect of chord wall thickness is reflected
in all of the parametric formulations.
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All of the measured stress concentration factors are have been normalised by the
value at the hot-spot and plotted as a function of angular displacement from the
saddle location in Figure 4.4. This Figure gives an indication of the distribution
of surface stress normal to the weld around the intersection. The SCF at the crown
position is about 50% of that at the saddle position, and the distribution is
reasonably symmetrical between the crown and saddle, so the average SCF over
the whole intersection is approximately 75% of the hot-spot value. This
information is utilised in the calculation of an empirical stress intensity factor
solution for the T-joints in Section 4.9 and in Chapter 6 . Also shown in Figure 4.4
is a fitted curve using a sin(20) function, and +/- 5% error bands on this curve.
4.4.2 Discussion of stress analysis results
The measured stress concentration factors have been quoted above to three
significant figures. These values are quoted because they were used in setting up
the scaling for the fatigue tests, and are not intended to quantify the accuracy of
the measurements. It is estimated that the absolute accuracy with which stresses
can be determined using foil strain gauges in conjunction with proprietary
equipment is of the order of +/- 10%. This magnitude of measurement error is
reflected in the scatter of the results, see Figure 4.4.
A peculiar feature of the stress analysis results is the difference in stress
concentration factors quoted for the top and bottom saddle hot-spots. In many
cases, the bottom hot-spot SCF is considerably greater than that at the top. It was
discovered halfway through the " C series tests that this was due to the procedure
used for recording strains. The effect is caused by zeroing the strain gauge signals
in a no-load condition whilst the brace member is sagging under it’s own weight.
When load is applied, the brace straightens and the measured strains incorporate
this effect of brace bending, resulting in higher tensile strains being recorded for
the bottom saddle than for the top. This effect was avoided in later tests by zeroing
the strain gauges at a non-zero tensile load, and recording differences in strain
from this preload. It can be seen that the effect has almost disappeared in the results
for tests C4, D l, and D2. In an investigation into this effect, it was noted that the
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average of the top and bottom saddle results was unaffected by the sagging of the
brace, and for this reason the average SCF was consistently used in all subsequent
data presentation and results analysis.
The parametric predictions show considerable variation, although none of these
underestimates the hot-spot stresses. It is interesting to note that excepting the
Hellier, Connolly, and Dover prediction, the variations in SCF prediction are
actually smaller than the variation in measured SCF due to the differences in chord
wall thickness. This is a very significant observation, bearing in mind the limited
margin of conservatism in some of the parametric predictions for this geometry.
The effect of chord wall thickness on stress concentration factors is interesting.
Although the likely influence of chord thickness is obvious from simple
considerations, the magnitude of the effect is rather larger than might be expected.
For a reduction in chord wall thickness from 17.4mm to 16mm (nearly 10%), the
corresponding increase in measured hot-spot stress concentration factor is almost
25%. This is a consequence of the fact that hot-spot stress concentration in this
geometry is primarily due to secondary bending stresses, such that the decrease
in 2 “**moment of area is more relevant than the decrease in area of the brace-chord
section. For a flat plate loaded in pure bending and subject to a constant moment,
the increase in surface stress associated with a decrease in thickness of 1 0 % would
be approximately

2 0

%, which is closer to the measured observation.

The implications of the effect of wall thicknesses on stress concentration factors
can be illustrated by consideration of the likely variations which would be
encountered in actual structures. The thickness tolerances for rolled seamless tubes
of the type used to fabricate Offshore tubular joints [4.11] are -12.5% / +15% of
the nominal thickness. In practice, the tolerance is more likely to be an absolute
error on thickness, rather than a percentage. This implies that the effect on SCFs
would be greatest in thinner tubes and not main structural members. However,
one of the parametric formulations may be used to estimate the variations in
hot-spot SCF and expected fatigue life arising from extremes cases within the
tolerance band.
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The parametric formulation of Kuang, which corresponds closely with the
experimental SCF variations, has been used to estimate SCFs and fatigue lives for
the extreme wall thickness combinations, and the results are shown below;

Test case

T

t

Variation in Variation

(mm)

(mm)

Nominal chord / nominal brace

16.0

16.0

0%

0%

Thick chord / nominal brace

18.4

16.0

-26%

+145%

Thin chord / nominal brace

14.0

16.0

+33%

-58%

Thick chord / thin brace

18.4

14.0

-38%

+319%

Thin chord / thick brace

14.0

18.4

+60%

-76%

stress

in life

The variations in fatigue endurance have been calculated assuming a single
segment SN curve with a negative inverse slope of 3. The maximum variation
occurs between the thick chord / thin brace and thin chord / thick brace conditions,
representing almost an order of magnitude on fatigue life. This variation is greater
than the +/- two standard deviations (a factor of approximately 6 on life for 16mm
joints) used to quantify the scatter band of results in the UK design guidance [4.1].
It is perfectly plausible therefore that tubular wall thickness variations could be
solely responsible for the scatter in tubular joint fatigue test results in air. More
significantly, perhaps, the fatigue life of a thin chord / thick brace combination
could be as little as 1/4 of the life of the nominal joint. In any event, it is clear that
wall thicknesses are important item of data to be reported in any tubular fatigue
test programme.
4.5 Fatigue test programme
The fatigue tests were conducted using three different programmed load sequences
derived from the WASH(W) framework [4.6], as described in Chapter 3. In each
case, the load sequences were scaled to produce the desired operating stress range
at the hot-spot. The equivalent load parameter used to characterise the variable
amplitude cycling was the cube root mean cube of the probabilistic distribution of
ranges obtained from rainflow counting of the appropriate load sequence. This
equivalent load parameter was scaled by the factor determined from the strain gauge
analysis to produce the required equivalent stress range at the hot-spot.
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Three T-joints (Cl, C2, and C3) were fatigued using the three seastate sequence
WASHWA at three different operating stress ranges between 142 MPa and 180 MPa.
A further specimen (C4) was tested using the five seastate sequence WASHWB at
a stress range of 142 MPa. The cathodic protection level for these tests was -0.85 V.
The other two specimens, D1 and D2, were fatigue tested using the seven seastate
load sequence WASHWC at equivalent stress ranges of 125 MPa and 90 MPa
respectively. The cathodic potential used in these two tests was -l.OV. The
programme for the six fatigue tests is summarised in the Table below. This Table
contains additional information about the tests such as maximum and minimum
stress peaks, and mean stress.

Test parameter

Cl

Cathodic potential

C3

C4

D1

-0.85V

Loading sequence
Ao,, (m=3,rainflow) (MPa)

C2

D2

-l.OV

WASHWA

WASHWB

WASHWC

162

143

181

142

125

90

RMS range (MPa)

64

56

71

54

46

33

Mean stress (MPa)

420

393

392

375

305

308

Maximum stress (MPa)

706

645

711

676

622

536

Minimum stress (MPa)

150

154

90

91

7

92

Total stress range (MPa)

556

491

621

585

615

443

Return period (cycles)

62,756

206,424

496,135

During the fatigue tests large amounts of data were recorded. Only those results
which are considered significant are presented, and in most cases these refer only
to the dominant fatigue crack. The data processing procedures applied to the raw
data are illustrated in the next Section for one complete set of test data (C3), and it
should be appreciated that the treatment of the other data sets was similar.
4.6 Procedures for crack measurement and data interpretation
Crack depth was monitored at 24 sites around each saddle position, using an
Alternating Current Potential Drop (ACPD) method. The purpose of this Section is
to show how the recorded test data were processed and interpreted to detect the onset
of crack initiation and produce crack depth profiles, cyclic crack growth curves, and
information on crack aspect ratios. The ACPD measurement technique is discussed
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in detail in [4.15], but the basic principles are outlined here. The data processing
techniques used are illustrated with one complete data set. The data set chosen is
that for tubular joint test C3 which was a relatively short fatigue test, so the data set
is manageable. All of the other data sets were broadly similar.
4.6.1 The Alternating Current Potential Drop method
The ACPD technique relies on the fact that when high frequency alternating
currents flow in conducting materials, the current flow is concentrated in a thin
skin near the surface of the material [4.15]. The thickness of this skin, 5, depends
on the frequency of the AC, /, and the electromagnetic permeability, |i, and
conductivity, a, of the material. The depth of skin through which 63% of the current
flows is defined as.

This current skin results in a linear potential gradient on the metal surface. For
tubular joints, the experimental procedure involves injecting an alternating current
of appropriately high frequency (5-6 kHz) into the specimen surface on opposite
sides of the welded intersection. Careful positioning of the current input points
leads to a nearly uniform electric field flowing normal to the weld toe. When the
thin skin encounters a surface breaking feature such as a crack emanating from
the weld toe, thecurrent flows down one face of thecrack andup the other. The
potential difference measured across a fixed distance on the uncracked surface
(the reference measurement, %.) will therefore be less than that measured across
the same distance straddling the crack (the cross-crack measurement, %.).
Referring to Figure 4.5 the crack depth may be estimated by assuming the same
potential gradient to exist on the crack faces as on the free surface,

K

oc A

4.2(a)

oc (A-H2a)

4.2(6)

giving the crack depth estimate, dj, as
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(4.3)

Equation (4.3) is the so-called one-dimensional equation, and is strictly only valid
for an infinitely long crack in an infinite plate. When applying the 1-D equation
to circular arc and semi-elliptical cracks, it became clear that the interpreted depths
did not agree with measurements obtained through destructive sectioning. Dover
et al [4.24] observed that the AC field satisfies Laplace’s equation in two
dimensions since there is no depth dependence due to the thin skin. Cracks of
regular shapes (rectangular, polygonal etc.) can be treated using conformai
mapping and the Laplace equation for the field distribution. The semi-elliptical
shape of most engineering fatigue cracks cannot be treated in this way however,
since there is no conformai mapping for this shape.
For practical purposes the 1-D equation can be implemented for semi-elliptical
and circular arc cracks by the use of a modifier M%. These modifiers are in the
form of correction curves dependent on aspect ratio, probe spacing and distance
from the crack midpoint, which are applied to the 1-D interpreted depth dj, to give
the "true" depth û/2 »

^2

=

(4.4)

The selection of an appropriate modifier requires the crack length, 2c, which is
also of interest in the fatigue studies. The crack length may be determined through
numerical differentiation of 1-D crack depth estimates made near the ends of the
crack to find the point of inflexion [4.25]. Alternatively, it has been shown [4.26]
that simply truncating the 1-D depth readings near the crack ends correlates with
independently made surface crack length measurements to a reasonable degree of
accuracy, particularly for longer cracks.
Fortunately, the cracks which were developed in the tubular joint tests were of
low aspect ratio, typically d^Hc < 0 . 1 , and the corresponding multipliers are less
than Mx = 1.05, so that the 1-D equation may be used with an acceptable degree
of absolute accuracy. The crack depth used in the fatigue calculations which follow
is a = Jj.
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4.6.2 Determination of crack depth profiles
An array of potential probes were spot-welded around the welded intersection over
a region +/- 145 mm on either side of each saddle location. The fixed distance
over which the crack and reference potentials were measured at each site was
nominally 10mm. The measurement sites were relatively close together (8 mm
between sites) near the saddle location, gradually becoming more sparsely
distributed further away from the central position (15-20mm between sites), as
shown in Figure 4.6. This enhances the resolution of crack profile measurements
while the crack is small, and in particular aids the determination of the initiation
life.
The evolution of measured cross-crack and reference potentials with applied load
cycles for the failure crack in the example data set (test C3) are shown in Figure
4.7. During the fatigue test the reference potentials remain approximately constant,
and the slight non-uniformity (shape) of the electric field strength is evident. The
crack potentials have a similar initial (no crack) distribution to the reference
readings, and gradually increase representing the development of the fatigue crack.
One-dimensional crack profiles may be derived from these distributions of
potential using Equation (4.3) assuming that the spacing of both crack and
reference pickups are equal to the nominal value (10mm), and are shown in Figure
4.8. The rather irregular profiles shown in Figure 4.8 clearly do not represent the
actual crack shapes, and this is in part due to inaccuracies in the placement of the
measurement probes.
Smoother profiles can be obtained by applying several corrections to the raw data.
The reference data are corrected by assuming that the average pickup spacing for
the reference probes was equal to the nominal value of 10mm. A smooth curve is
then fitted through the initial (no crack) reference readings, which represents the
shape of the electric field. The actual spacing of the reference pickups at each site
can be inferred from the deviation of the actual reference voltage from the fitted
curve. The 1-D crack depth estimates can then be revised by correcting for the
errors in placement of the cross-crack pickups by subtracting the crack depth
indicated at zero cycles (no crack) from subsequent depth estimates. The revised
profiles are shown in Figure 4.9.
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From the crack depth profiles of Figure 4.9 the process of crack growth is evident.
Several small cracks initiate in the saddle region, and these coalesce while still
quite shallow (approximately 1 mm deep) to form a single fatigue crack of roughly
semi-elliptical shape. Crack surface length extension is via a continuance of the
coalescence process, and small cracks were usually detected at the ends of the
main crack after sectioning. It is quite possible for these small cracks to initiate
on slightly different planes, so that when they coalesce a small ligament of material
remains between the cracks, acting like a double hinge. Depending on the degree
of misalignment of the two crack planes, the ligament may persist without
becoming severed until the main crack is quite deep. The effect of these so-called
"line contacts" is to provide a short circuit path to the AC current skin, and thus
distort the surface potential distribution. This causes the estimated crack depth in
the region of the line contact to be reduced. The location and size of the main line
contacts on the fracture surface of the example crack were determined after
sectioning. These have been superimposed on the crack profiles in Figure 4.10. It
is clear that the line contacts are indeed responsible for the remaining irregularities
in the profiles. Some theoretical correction factors for line contacts have been
derived [4.27], but they have not been implemented here due to the sparsity of
available potential measurements in the affected regions. In any case, the crack
depth estimates at the deepest point of the cracks (the primary location of interest)
were not noticeably affected by the presence of line contacts, and the correction
would simply have resulted in smoother profiles.
The correction procedures described above have also been applied to the secondary
crack in the example data set, and the corresponding crack profiles are shown in
Figure 4.11. Also shown in this Figure are the actual crack dimensions at failure
obtained by destructive sectioning. It can be seen that the 1-D ACPD estimate of
crack depth is reasonably accurate for relatively large cracks.
Finally, the degree of severance of the brace member from the chord corresponding
to the failure criterion (the attainment of a through thickness crack) is illustrated
by plotting the measured profiles for the primary and secondary cracks on polar
co-ordinates, and transferring to the outline of the T-joint specimen in Figure 4.12.

-181 -

The failure crack in the example data set was quite clearly that at the top saddle
location. The cracked regions represent approximately 25% of the total projected
attachment area in this case.
4.6.3. Determination of fatigue crack initiation
The accuracy of the ACPD technique in determining crack "initiation" is limited
by the proximity of the initiation site to the nearest pair of measurement probes,
and by the resolution of the digital sampling hardware. For the 12-bit hardware
used in the tubular joint tests, the digital discretion error varies from +/- .05mm
for detection of crack initiation, and increases with crack size to +/- .15mm for
the deepest cracks encountered. The furthest an initiating crack could be from the
nearest measurement site was 4mm, and it is estimated that the perturbation caused
by a crack initiating midway between two pairs of probes would be detected if the
measurement resolution was increased. Therefore the limiting feature is the
discretion error, and so crack "initiation" is herein defined as the sensitivity of the
measurement system, i.e. an increase in indicated crack depth of 0 . 1 mm (twice
the initial discretion error). This can be considered to be close to Nj as defined in
the UK design guidance [4.1], but with improved digital sampling, Nj could be
determined.
The initiation event in the example data set can be detected from the crack growth
profiles generated in the previous section. Figure 4.13 shows the profiles recorded
up to 80,(XX) cycles, plotted on an expanded scale. The initiating crack can be seen
emanating from the +/- 0.05mm digital noise band. The crack depth for the two
deepest sites are plotted as a function of applied load cycles in Figure 4.14. From
this plot, the number of cycles to produce an increase in indicated crack depth of
0.1mm, i.e. the fatigue initiation life, can be estimated. The fatigue initiation lives
for the other data sets have been estimated in a similar manner.
4.6.4 Determination of fatigue crack growth curves
The cyclic fatigue crack growth curves were obtained from the fatigue crack
profiles in a manner similar to that used to define the fatigue crack initiation life.
The average of two positions of maximum crack depth are used to define the
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maximum crack depth as a function of applied load cycles. The fatigue crack
growth curve obtained in this way for the failure crack in the example data set is
shown in Figure 4.15. The averaging is used to remove some of the error introduced
by the measurement system. Some of the fracture mechanics modelling used in
Chapter

6

require further smoothing to be applied to the fatigue crack growth

curves as determined above. For example, it is important that the crack depth
should only increase with applied load cycles, i.e. the crack should not appear to
get smaller. This aspect is of great significance in variable amplitude fatigue data
analysis, and is best discussed later in the Sections on modelling.
4.7 Tubular joint fatigue test results
The data recorded during the six variable amplitude tubular joint corrosion fatigue
tests have been processed using the techniques described above, to obtain fatigue
lives, crack growth curves, and crack shape information. These data are presented
in the following sub-sections.
4.7.1 Fatigue endurance results
The fatigue tests were halted at the first indication of a through-thickness crack,
and the number of cycles applied to the specimen up to this point was recorded as
N 3 . The total endurance data points are presented in the stress-life (SN) plot of
Figure 4.16, together with the results of the "A" [4.7] and "B" [4.8] series’ of
corrosion fatigue tests on similar T-joint geometries. In this Figure, the variable
amplitude data are plotted in terms of the cube root mean cube (i.e. m=3) of the
stress range probability distribution derived from a rainflow count of the
appropriate sequence, as discussed in Chapter 3. At this stage, no attempt has been
made to account for a stress range threshold, such that all ranges in the distribution
are considered damaging and weighted by the same exponent of 3. Also shown in
Figure 4.16 are the mean air curve and the recommended design T curve for 16mm
chord thickness tubular joints given in the UK design guidance [4.1]. The first
observation from Figure 4.16 is that all of the multi-seastate data points lie very
close to or below the design curve.
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The fatigue lives for all of the test series have been tabulated below, together with
the reduction factor on life relative to the mean air curve;

Test

Loading

Stress range (MPa)

Cl

WASHWA

162

615,000

3.1

C2

WASHWA

143

670,000

4.1

C3

WASHWA

181

385,000

3.5

C4

WASHWB

142

515,880

5.4

D1

WASHWC

125

1,076,000

3.8

D2

WASHWC

90

2,940,000

3.7

A1

CA(R=0.3)

250

150,000

3.4

A2

CA(R=0.1)

150

2,100,000

1.1

A3

CA (R=0.1)

180

540,000

2.5

A4

CA (R=0.3)

170

600,000

2.7

B1

UKOSRPII

143

2,430,000

1.1

B2

UKOSRPII

172

1,060,000

1.5

B3

UKOSRPII

191

586,000

2.0

B4

UKOSRPII

210

429,000

2.0

Total life, N, (cycles) Reduction factor

From this Table, the combined effect of multi-seastate loading and a corrosive
environment is to reduce the fatigue life by, on average, a factor of nearly four
relative to the mean air life. There is certainly no evidence to suggest that the
corrosion fatigue life approaches that in air at the lower stress ranges (reduction
factor tends to 1.0), as was observed in the T-joint corrosion fatigue tests under
constant amplitude [4.7] or single seastate loading [4.8].
As discussed in Section 4.6, the definition of fatigue crack initiation life in the
tubular joint tests is primarily determined by the sensitivity of the crack
measurement system. Accordingly, initiation is assumed to have occurred when
the indicated crack depth at a particular site has increased by 0 . 1 mm from it’s
average initial measurement. The resolution of the measurements made during the
"A" and "B" series tests was not sufficient to provide initiation lives consistent
with this definition, and this has therefore not been attempted. It would be possible
to define initiation at a greater crack size. However, Figure 4.13 indicates that

- 184-

when the deepest crack depth estimate first reaches 0 . 1 mm, the measurements
show a definite crack length. The choice of 0.1mm depth as a definition of crack
initiation therefore seems reasonable.
The initiation lives determined in this way are tabulated below for the
WASHWA,B,C tests, and plotted in Figure 4.17 together with the total endurance
data and the mean and design curves.

Test

Loading

Cl

WASHWA

162

100,000

01 7

C2

WASHWA

143

120,000

0.16

C3

WASHWA

181

65,000

0.18

Stress range (MPa) Initiation life, Nj (cycles)

N ,/N (

C4

WASHWB

142

70,000

0.14

D1

WASHWC

125

220,000

0.20

D2

WASHWC

90

900,000

0.31

The initiation lives for the six tests appear to fall on a straight line, of shallower
slope than the fit to the total endurances. The significance of this is that initiation
accounts for a greater proportion of total endurance at lower stress ranges under
multi-seastate loading. Figure 4.18 plots the initiation and propagation lives
normalised to the T curve, as a function of the equivalent stress range. The trend
to longer initiation lives and shorter propagation lives with decreasing stress range
is clearly evident. The fraction of total life spent in initiation is also plotted in
Figure 4.19. It is clear that the test (C4) which gave the largest reduction factor
on total fatigue life (5.4) did so as a result of a relatively early crack initiation.
4.7.2 Fatigue crack growth results
In all of the fatigue tests two cracks were produced, one at each of the hot-spots.
The relative size of these two cracks varies: in some cases the cracks were of
comparable depth, in others the secondary crack grew very slowly and was only
about 3mm to 6 mm deep when the dominant crack penetrated the chord wall. The
fatigue crack growth curves for the dominant crack in each test are shown in Figures
4.20 to 4.25. Also shown in these Figures is the sequence of seastates which was
applied in each test. Considerable variations in growth rate are evident in the
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fatigue crack growth curves, particularly in the longer (WASHWC) tests. The
growth rate appears to fluctuate according to the severity of the applied seastate.
In all of the tests, crack initiation was coincident with the occurrence of a period
of higher seastates, which indicates that a fatigue limit or threshold effect may be
operative. This indication is further supported by the fatigue crack growth curves
for the lowest stress tests (D1 and D2), in which the threshold effect seems to
persist into the early crack growth phase.
4.7.3 Fatigue crack shape results
The relative growth of fatigue cracks through the chord wall and along the weld
intersection can be characterised by plotting the crack aspect ratio {a/c) as a
function of the normalised crack depth (a/T). Crack depth, a, and the corresponding
crack half-length, c, were obtained from the relevant crack profile records (such
as Figure 4.9) at intervals during the fatigue life. Initially, the aspect ratio was
defined as the deepest extent of any crack divided by half the total surface length
of all cracked indications as determined manually from the crack profile plots.
The development of crack aspect ratio obtained in this way for five of the tests is
shown in Figure 4.26. Several general features appear on this plot. The cracks
appear to be initiated with very low aspect ratio, which increases with crack depth
to a consistent value at failure of approximately a/c = 0.1. This is probably not
actually the case, and is more likely to be a consequence of inaccuracies in the
measurement of the length of very small cracks due to the finite (8 mm) spacing
of the measurement sites. The initial defects in manual welds are likely to be of
similar length to features along the weld toe, but very shallow. This corresponds
to very low aspect ratio. However, as cracks begin to develop from these defects,
the aspect ratio increases rapidly since the stress intensity at the ends of very small
cracks in bending stress fields is very much less than at the deepest point [4.28].
Another feature of crack shape development was observed in test C l where the
relatively smooth increase of aspect ratio with crack depth was interrupted by a
sudden decrease. This feature is reflected in Figure 4.20 as a fall in the growth
rate of the deepest point of the crack. The implication from this Figure is that the
growth in the depth direction was reduced whilst the rate of growth along the weld
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was maintained. This suggests perhaps a stress overload effect at the deepest part
of the crack or an interaction of load and environment producing an equilibrium
crack shape.
A comparison of the multi-seastate crack aspect ratio development with that
reported for the constant amplitude [4.7] tests is shown in Figure 4.27. The scatter
in these results is somewhat larger, but the trend is to shorter, deeper cracks under
the simpler loading during most of the fatigue life, although the crack shapes at
failure under both types of loading are similar. In particular, the aspect ratio of
small cracks appears to be much higher for the constant amplitude tests. This is
due to the definition of aspect ratio used to characterise the cracks in the
multi-seastate loading tests. In most of these tests, several cracks were initiated in
the hot-spot region, grew independently for a short period before coalescing to
form a single crack. An example of this multiple initiation is shown in Figure 4.28
which compares the crack profiles up to 1 mm depth for the leading cracks in the
WASHWA tests C2 and C3. Although the individual cracks have approximately
the same shape, it is clear that interpretation of the pair of cracks in C2 as a single
crack would lead to lower estimates of crack aspect ratio than for test C3.
The crack profile data were then re processed using a computer program which
identifies multiple cracks, and returns the aspect ratio for the deepest single crack
encountered. The cracks were considered to have effectively coalesced when the
adjacent ends touched, at which point the coalesced crack shape was characterised
by the greatest depth divided by half the coalesced length as before. Interpreting
the crack profiles in this way produces the revised crack shape development shown
in Figure 4.29. The crack aspect ratios associated with individual cracks now
appear to be at least as high as those in the constant amplitude tests. Crack
coalescence is represented by an abrupt fall in aspect ratio when the individual
cracks touch, and this phase of the crack growth appears to be complete by the
time the crack has penetrated 10% of the chord wall thickness. Even after allowing
for multiple crack initiation in the very early stages of crack growth, the average
crack aspect ratio for the remainder of the fatigue life is still higher for the constant
amplitude tests. For the important phase of growth between a/T =0.1 and a/T 0.4, the constant amplitude cracks are approximately half as long as multi-seastate
cracks of a similar depth.
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4.8 Fracture mechanics fatigue crack growth modelling
In this section, an attempt is made to carry out fracture mechanics fatigue crack
growth predictions for each of the six multi-seastate fatigue tests. One of the main
intentions is to develop the crack growth prediction for tubular joints beyond the
basic steps outlined in Chapter 1, particularly with regard to the combination of
variable amplitude loading with a corrosive environment. The predictions described
in the following sub-sections have been made using information which existed prior
to this work, combined with the methodology outlined in Chapter 3 for modelling
of variable amplitude crack growth rates in seawater environments. The purpose of
this initial modelling is to highlight two areas which require further examination in
order to improve the accuracy of the predictions, namely fracture mechanics
modelling of small cracks, and the choice of material constants to represent the
corrosion fatigue behaviour of tubular joint cracks in seawater environments. Both
of these issues are addressed in Chapters 5 and 6 .
4.8.1 Basic procedures for corrosion fatigue fracture mechanics modelling
The input required to carry out variable amplitude corrosion fatigue crack growth
predictions for the tubular joint tests are as follows;
- a fracture mechanics solution for the stress intensity modification factor, Y
- a suitable numerical representation of the corrosion fatigue material response
These input data require to be incorporated into a methodology for prediction of
crack growth rates under multi-seastate variable amplitude loading. The rationale
behind the choice of input data used for the predictions is described in the following
paragraphs.
(i) Selection of a fracture mechanics solution
The Two Phase Model [4.29] was introduced in Chapter 1 as a state-of-the-art
semi-empirical Y-factor solution for tubular joints, incorporating an early growth
phase and a main crack propagation phase, together with a correction for joint
size. The Two Phase Model was derived from multi-variate regression analysis

-188 -

of crack growth rate data from several baseline tests conducted on tubular joints
in air. The empirical nature of this model makes it a useful choice for analysis of
the tubular joint fatigue test results presented above since there is no need to
develop explicit functions to cater for non-uniform stress distributions and
structural moment release which would be required if a standard plate solution
were to be employed. In addition, the Two Phase Model was derived from
geometries similar to the T-joints considered here, such that it may be used with
a reasonable degree of confidence. The variation of Y-factor calculated using the
Two Phase Model (Equation 1.58) for the "C" and ”D" T-joint series is shown in
Figure 4.30. The average value of hot-spot SCF and average SCF was used for
each test series, and the impact of the different chord wall thickness in each series
on the Y-factor can be clearly seen.
(ii) Choice of corrosion fatigue material response
The crack growth predictions which follow are based on the integration of a
numerical growth rate relationship. The use of multiple linear (Paris law) segments
to represent the changing relationship between stress intensity factor and crack
growth rate was described in Chapter 3. A suitable multi-segment material
response can be determined from analysis of the data from constant amplitude
fatigue tests on compact tension specimens of similar material subject to the same
environment and loading conditions. After reviewing the available literature, the
data of Scott and Thorpe [4.30] for BS4360:50D steel were considered most
appropriate for this initial modelling exercise. These data were determined from
the results of constant amplitude tests on 37.5mm thick compact tension specimens
in ASTM seawater at a temperature of 8 - 10°C, pH of 8.2 and frequency of 0.167Hz.
From this set of results, those applicable to R-ratios of 0.5 and 0.7 and cathodic
potentials of -0.85V and -I.IY were selected as being the closest representation
of the test conditions in the two sets of tubular joint tests. These models for the
material response are illustrated in Figures 4.31 and 4.32. All of the
WASH-sequence tests were conducted with a constant mean stress such that the
"R-ratio” of the sequence was continuously varying. The equations chosen were
seen as intermediate between low R-ratio data which were reported as being
significantly affected by crack closure effects, and very high R-ratio data which
might be unnecessarily conservative. It was felt that crack closure was not
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significant in the tubular joint tests as a consequence of the relatively high applied
mean stress in conjunction with the presence of tensile residual stresses, and the
lack of corrosion products observed on the majority of the crack surfaces. The
main effect of crack closure on uncorrected constant amplitude growth rate data
is to raise the stress intensity factor threshold range. However, in the case of
variable amplitude loading it has been suggested [4.30] that the corrosion-product
wedging mechanism is not as effective as under constant amplitude loading. It
may be implied, therefore, that the data for R-ratios of 0.5 and 0.7 should be
representative of the crack closure situation for the variable amplitude tests.
(iii) Methodology for corrosion fatigue crack growth integration
The equivalent growth rate approach was introduced in Chapter 3 as a means of
predicting the average crack growth rate resulting from a period of variable
amplitude load cycles under corrosive conditions. The predictions made in the
next sub-section were obtained using the following algorithm;
( 1 ) input all the necessary parameters; joint dimensions, hot-spot equivalent
stress range, WASH variant seastate file identification etc.
(2 ) choose an initial crack size
(3) select an appropriate number of seastates for the integration interval
(4) read seastates from the current position in the appropriate WASH seastate
sequence file up to the number of seastates in the integration interval
(5) evaluate the combined stress range distribution according to the distribution
of seastate occurrences in the integration interval
(6 ) determine the Y-factor for the current crack size
(7) calculate the distribution of stress intensity factor ranges from the combined
SRPD, the Y-factor and the current crack size
(8 ) calculate the distribution of crack growth rates from the distribution of stress
intensity factors and the numerical material response characteristic
(9) evaluate the weighted average crack growth rate from the distribution of
growth rates
( 1 0 ) increment the current crack size by an amount equal to the weighted average
growth rate multiplied by the number of cycles in the interval
( 1 1 ) if the current crack size is less than the chord wall thickness then output the
current crack size and total number of accumulated cycles to the output file
and repeat steps (4) to (10), otherwise stop.
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There are several important points to be noted in this prediction algorithm. The
first concerns the choice of initial crack size. It has been observed [4.9] that the
Two Phase Model produces very unconservative predictions of fatigue life under
any environmental or loading conditions if an initial crack size smaller than
approximately 0.25mm is used. This may be due to the fact that the exponential
functions used in formulating the model were based on experimental crack growth
measurements. It is likely that the confidence in measuring crack depths less than
0.25mm in the baseline tests was low, and as a result the model cannot accurately
cater for smaller crack sizes. The initial crack depths measured in the T-joint tests
were of the order of 0.1mm. The use of 0.25mm as the initial crack depth is
considered inappropriate, but for the purposes of this preliminary fracture
mechanics modelling, 0.25mm will be used. There is little point in incorporating
the experimentally-derived initiation lives into the modelling, since they apply to
an initial crack size of 0.1mm. In the absence of a better alternative, the predictions
have been carried out from zero cycles (i.e. no initiation life), with an initial crack
depth of 0.25mm. The problem of fracture mechanics modelling for small crack
sizes is addressed further in Chapter 6 .
Another important aspect of these predictions is the somewhat arbitrary choice of
integration interval. It is often recommended that crack growth integrations should
be based on equal or even logarithmic increments of crack size, since these
represent more consistent intervals in the da/dN vs AK relationship on which the
prediction is based. It is relatively easy to use the crack size as the independent
variable under constant amplitude loading, but the discrete nature of variable
amplitude seastate loading makes this approach less suitable, since equal intervals
of seastates or cycles are more conveniently defined. Fortunately, in the case of
tubular joints, the form of the fatigue crack growth curve generally means that
using equal cyclic increments produces much the same effect as using equal crack
size increments in a fracture mechanics-type specimen. As the modelling carried
out in this part of the thesis is primarily an exercise to illustrate the areas which
require further work, an integration interval of 50-80 seastates will be used. This
represents a period of approximately

1 0 ,0 0 0

cycles, which is close to the interval

between experimental measurements of crack depth used in most of the tubular
joint tests.
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A final point of interest concerning these predictions involves the way in which
the stress intensity factor for each interval is estimated. In the algorithm given
above, the stress intensity factor is calculated at the beginning of each integration
interval, and this stress intensity factor is assumed to pertain until the end of the
interval. Clearly, the stress intensity factor will increase with increasing crack
depth, such that the average stress intensity factor during the interval will be greater
than that calculated at the beginning of the interval. In this respect, the crack growth
predictions presented in the next sub-section would be unconservative. However,
this represents a small effect and does not affect the discussion at this stage; the
finer points of the modelling procedure will be covered in due course in Chapter
6.
4.8.2 Discussion of preliminary corrosion fatigue crack growth modelling
The predicted crack growth curves for each of the six tests are shown in Figures
4.33-4.38, together with the experimental curves for comparison. The ratios of
predicted life to experimental life are tabulated below.

Test

Loading

Stress range

Experimental life,

Predicted life.

(MPa)

Nj (cycles)

Nap (cycles)

Nap/Na

Cl

WASHWA

162

615,000

348,600

0.57

C2

WASHWA

143

670,000

509,000

0.76

C3

WASHWA

181

385,000

195,200

0.51

C4

WASHWB

142

515,880

515,000

1.00

D1

WASHWC

125

1,076,000

352,800

0.33

D2

WASHWC

90

2,940,000

1,874,250

0.64

The ratios of predicted to measured life range from 0.33 to 1.0, so that all of the
predictions are conservative. However, the scatter is large and the predictions
cannot be considered very accurate. In fact, referring to Figures 4.33-4.38 the
current modelling does not even seem to paint a consistent picture of the behaviour
across the range of load sequences and environmental conditions. In the first
instance, the modelling of crack growth rates in the main propagation phase is
poor. In most cases, the predicted growth rates in this region are much larger than
those measured experimentally. Also, considerable fluctuations in growth rate
according to the severity of the applied seastate were observed in the longer tests.
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and the predictions are not reflecting this variation. This is undoubtedly a
consequence of using a Paris law model which includes a growth rate plateau over
which the growth rate is independent of the applied stress intensity factor (see
Figures 4.31 and 4.32). Plateau behaviour does not therefore appear to consistently
occur in tubular joint corrosion fatigue.
The initial crack size used for the predictions was 0.25mm and as discussed
previously, this crack size was used because it produces realistic estimates of
fatigue life. If the Two Phase Model is used with smaller initial crack sizes then
very long fatigue lives are predicted, particularly if a stress intensity factor
threshold has been incorporated in the material response model as in this case.
This is illustrated in Figure 4.39, which shows the early crack growth modelling
up to 4mm depth for WASHWA test C3, using a variety of initial crack sizes.
Clearly, as the initial crack size is reduced the predictions become progressively
less accurate, and when the assumed experimental value of initial crack size is
used (0.1mm) the crack is barely growing at all. The predictions illustrated in
Figure 4.39 were made for the highest stress test (C3, ISOMPa). If similar initial
crack sizes are used to predict the crack growth in test D2 (90 MPa), then the
predictions for the lower initial sizes run to tens of millions of cycles before the
crack has grown by 0.1mm. As mentioned previously, the Two Phase Model cannot
cope directly with such small crack sizes, possibly since the model was derived
from data on larger cracks.
The choice of initial crack size is crucial considering the fact that the stress intensity
factor changes very rapidly with depth for small crack sizes. The use of 0.1mm
as an initial crack size in discussing the experimental results was effectively
determined by the limitations of the crack measurement system. In this regard,
0.1mm represents a possible upper bound for the initial crack size. However, it is
felt that 0 . 1 mm is a representative initial crack size for the tubular joint crack
growth modelling, particularly as the profile measurements at this depth actually
show some shape to the crack, as shown in Figure 4.13. Several other sources
report initial crack sizes similar to this for 16mm wall thickness welded joints.
For example, Hudak et al [4.31] derived an upper bound expression for initial
crack size as a function of joint size, material and loading mode, by considering
the largest crack which will not propagate from the "worst case" notch at the weld

- 193-

toe. This analysis predicts an average initial crack size of 0.12mm for 16mm tubular
joints subject to predominantly bending stresses as here. Measurements of defects
found at the toes of manual metal arc welds using a sectioning technique [4.32]
determined a 95% confidence upper bound of 0.1mm in 10mm thick BS4360 steel
plate. An alternative analysis of the UKOSRPI tubular joint results [4.33]
attempted to back-calculate to the initial crack size using a fracture mechanics
model. The initial crack sizes from this analysis were smaller than the measured
values above. This implies that an initiation period is required to sharpen blunt
defects such as undercut and intrusions into propagating cracks. This approach
has been adopted in the fracture mechanics modelling carried out in Chapter 6 .
The variable amplitude corrosion fatigue crack growth predictions made in this
Section have illustrated several areas which require further work. The first of these
is concerned with accurate fracture mechanics modelling of measureable, but
small, cracks in tubular joint welds. One of the ultimate aims of these fatigue crack
growth studies is to be able to reliably extend the modelling into the low stress /
long life regime. Clearly the significance of small cracks becomes greater as the
applied stresses are reduced. The second main area of interest concerns the use of
Paris law-type relationships to predict fatigue crack growth. The usual philosophy
on this subject is to use conservative upper bound values for crack growth rates
and rather low estimates of crack growth threshold (see for example [4.34]).
Remaining life predictions for cracks discovered in service are thus likely to be
very over-conservative, which could lead to inefficient deployment of
maintenance resources.
These two important aspects of fatigue crack growth prediction are considered in
the following two Chapters. In Chapter 5 some characteristics of the mechanisms
of corrosion fatigue crack growth are explored through a series of tests on large
compact tension specimens. The intention has been to derive an understanding of
the interface between the crack growth rates measured in small-scale laboratory
tests and the growth rates of cracks in large-scale tubular joints. In Chapter 6 , the
information gained in Chapter 5 is combined with an alternative stress intensity
factor solution to cater for modelling of small cracks, in order to improve the
accuracy of the fatigue life predictions.
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4.9 Discussion of fatigue test results
The variable amplitude tubular joint corrosion fatigue tests presented in this Chapter
have provided some new and interesting results, and these are discussed in the
following sub-sections. In particular, the effects of the nature of the loading on
presentation and interpretation of the test data, and on the corrosion fatigue behaviour
are considered.
4.9.1 Interpretation of results using equivalent stress
The variable amplitude fatigue endurance results presented in Section 4.7 were
reported in terms of a weighted average stress range calculated from the cube root
mean cube of the stress range distribution obtained by rainflow counting of the
appropriate sequence. Of the counting methods described in Chapter 3, the
rainflow count produces the most conservative estimate of fatigue damage, and
this is one of the main reasons why this method is popular in fatigue calculations.
In contrast, however, plotting variable amplitude fatigue endurance data using the
rainflow count presents the data in the most optimistic way. This is illustrated in
Figure 4.40 which shows the multi-seastate fatigue test data plotted using the
rainflow equivalent stress range, and also using the range counting results given
in Chapter 3. The use of range counting to calculate the equivalent stress clearly
infers a reduced fatigue strength for the test data. However, the rainflow count is
preferred since this method provides better correlation with constant amplitude
fatigue crack growth rate data, over the range of crack growth rates measured in
the tubular joint tests, as will be demonstrated in Chapter 5.
The exponent "m" (see Equation (3.1)) is another parameter which affects the
calculation of the equivalent stress. The effect of varying this parameter on the
calculated equivalent stress for WASH sequences is shown in Figure 4.41. This
plots the equivalent stress derived from range and rainflow counts for each of the
multi-seastate sequences used in the fatigue tests, normalised to the value obtained
using rainflow counting and m=3. From this Figure it is clear that m can have a
considerable influence on the stress range used to plot the test data. However, the
value of m is quite close to 3 for fatigue of a wide range of low strength structural
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steels in air. It has been discussed that m may change dramatically in corrosive
environments (see Figure 3.3). Despite these changes, the average value of m is
still close to 3 over a wide range of moderately high AK, as would be experienced
in a relatively high stress test For lower stress tests involving crack growth at
lower AK, a larger value of m would be appropriate. This has been the approach
used in the formulation of the design T curve, which incorporates a change in m
from 3 at short lives to 5 beyond 10^ cycles. For the fatigue tests reported here,
only a small percentage of the stress cycles lie on the portion of the SN curve
represented by m=5. The correct exponent for calculating the equivalent stress
from the T curve should therefore lie between 3 and 5, but will be much closer to
3. The extent of this effect may be illustrated by calculating Miner’s damage
summations using the 16mm mean air data curve incorporating a change in slope
at the same stress level as that of the T curve (62MPa). The damage, D^, due to n^
cycles of an individual stress range, Aa„ in the SRPD is calculated from.

D.

=

%,Acf

(4.5)

'S N

where m and Csn are defined by the section of the SN curve on which the individual
stress range lies. The total Miner’s fraction is the summation of D^ for all stress
ranges in the SRPD. The results of this analysis using the rainflow SRPD are
shown below;

Miner’s summation
Test

No change in

Change in slope at

Flat cut-off at

slope

62MPa

62MPa

Cl

0.299

0.298

0.298

C2

0.224

0.223

0.222

C3

0.261

0.261

0.260

C4

0.170

0.169

0.169

D1

0.240

0.239

0.237

D2

0.245

0.241

0.234

60MPa

0.247

0.231

0.208

It is clear from these results that the choice of a single exponent (m=3) in the
calculation of equivalent stress is reasonable, since for these tests the greatest
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change in Miner’s summation associated with a change in slope is only of the
order of 2%. Also shown above is a notional test at an equivalent stress range of
60MPa, and even at this very low stress the difference in Miner’s summation is
only about 8 %.
It is also worth considering the effect of including all of the stress ranges contained
in the applied load signal in the equivalent stress calculation. In load control fatigue
testing, the cyclic stresses experienced by the specimen are considerably
influenced by the accuracy of the load control feedback loop. In the tubular joint
fatigue tests reported in this Chapter, this accuracy was assessed by visual
comparison of input and output load traces on an oscilloscope and by monitoring
of the RMS of the load output signal. The accuracy was deemed to be acceptable
within the limits of machine performance. However, these techniques are not
particularly effective in determining whether or not the small transitions in the
command signal are actually being applied to the specimen. This significance of
this effect can be assessed by calculating the equivalent stress range with increasing
portions of the stress range probability distribution omitted, starting with the lowest
stress ranges. The results of this analysis are shown in Figure 4.42. It can be seen
that as low stress ranges are progressively omitted from the calculation, the data
points move to a higher equivalent stress range and a lower count of cycles.
Initially, this causes the data points to move approximately parallel to the T curve,
reflecting the fact that the very low stress ranges cause very little fatigue damage.
The data points move away from the T curve as higher stress ranges are removed,
up to the point when only the highest stress range is considered damaging, at an
occurrence equal to the number of repetitions of the sequence. The significance
of this analysis is that even omitting a significant portion of the sequence has
negligible effect on the fatigue strength indicated by the data points. However, it
should be noted that plotting the data on the basis of an equivalent stress range
calculated from a "gated" SRPD would lead to an increased assessment of the
fatigue limit.
From the arguments given above it may be assumed that, for the tests reported in
this Chapter, using an equivalent stress based on Equation (3.1) with m=3 and a
complete rainflow count provides a reasonable means of presenting the test data
in the SN format.
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4.9.2 Comparison with other tubular joint corrosion fatigue data
In order to assess the effect of using realistic service loading on tubular joint fatigue
endurances, the test results presented in this Chapter may be compared with other
relevant fatigue test data. The current design guidance [4.1] includes a database
of results obtained from constant amplitude fatigue tests on cathodically-protected
tubular joints. These data are plotted in Figure 4.43 , together with all of the
currently available data for cathodically protected tubular joints tested using
WASHW-derived load sequences [4.35,4.36,4.37]. The data shown in Figure 4.43
are for a range of chord thicknesses, and all test stress ranges have been corrected
to a reference thickness of 16mm using Equation (1.6). It should be noted that
some of the longest fatigue lives obtained using WASHW at stress levels below
130MPa include a correction for a low degree of bending assumed to be due to
using self-reacting loading in the double T-joint tests [4.37]. It is argued that the
additional membrane stress arising from the self-reacted loading leads to faster
crack growth rates for a given hot-spot stress range, and hence shorter lives. The
correction factor is derived using a fracture mechanics model of the effect of degree
of bending on the rate of load shedding, and assumes that bending stresses are
released as a linear function of crack depth. This assumption would generally lead
to a relatively high correction factor on life. The significance of this is that the
data for the double T-joint specimens may be plotted using optimistically long
endurances. Despite this, the data still appear to agree with the general trend of
the present T-joint tests. In Figure 4.43, the average behaviour under constant
amplitude and WASHW-derived loadings is indicated by the best-fit curves
shown. The constant amplitude endurances are shorter than the mean air data by
a factor of approximately 2 at high stress ranges, but tend towards the in-air fatigue
life at lower stress. In addition, the best-fit curve suggests a fatigue limit at
approximately 130MPa. In contrast, the WASHW data show a reduction in life
relative to the mean air data of about 4 at high stress, and only slightly less at lower
stresses. There is no suggestion that the in-air fatigue life is restored by cathodic
protection at equivalent stress ranges as low as 90MPa.
The data plotted in Figure 4.43 indicate that the behaviour of cathodically protected
tubular joints under realistic random loading is different to that under constant
amplitude loading in several important respects. In the first instance, the fatigue
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life is definitely not restored to the in-air endurance using multi-seastate loading
at equivalent stress ranges as low as 90MPa. The constant amplitude data do show
a trend to in-air fatigue lives at suitably low stresses. In fact, the best-fit curve for
the constant amplitude data, when extrapolated, seems to indicate a fatigue limit
in the region of 130MPa. This is considerably higher than the fatigue limit
determined from the database of constant amplitude tubular joint tests in air
(70MPa, see Figure 1.12). These observations are consistent with the corrosion
product-induced crack closure mechanism of crack growth discussed in Chapter
2. In Chapter 2, it was discussed that this mechanism was promoted by low mean
stress, and low stress range i.e. low cyclic crack tip opening. The constant
amplitude data were obtained at R-ratios of 0 and 0.1, implying a relatively low
mean stress. The double T-joint multi-seastate tests were also conducted at a
relatively low mean stress of 70MPa. In contrast, the T-joint and Y-joint
multi-seastate tests were carried out at very high mean stresses in the range
300-450MPa. A comparison of these mean stresses can be made by determining
the Q factor [4.38], rather than the R-ratio, which is not defined for variable
amplitude loading. The Q factor may be defined as.

Q

=

(4.6)

AcRMS

For comparison, Q factors have been calculated for a double T-joint test at 92MPa
and the T-joint test at 90MPa (D2), in both a low (1) and a high (7) seastate, and
these are summarised below;

Q factor
Test case

Seastate 1

Seastate 7

T-joint (90MPa, WASHWC)

14.4

5.2

Double T-joint (92MPa, WASHW)

3.2

1.2

Constant amplitude (R=0)

0.7

Constant amplitude (R=0.1)

0.86

The overall properties of WASHWC and WASHW are closer to those of seastate
1 than those of seastate 7 (see Chapter 3), so the overall Q factor for these sequences
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should be closer to that for seastate 1. The Q factors for the constant amplitude
and double T-joint WASHW tests are low relative to the T-joint tests. The lower
the value of Q, the greater is the likelihood that premature crack closure will occur,
since a greater fraction of the load cycles are close to or below zero load. This
implies that closure should not be observed in the T-joint tests, but could perhaps
occur in the double T-joint tests. This appears to be reflected in some of the longer
double T-joint tests, but without knowing the form of the crack growth curve in
these tests, this observation is difficult to justify.
A significant feature of the constant amplitude data is the dramatic increase in
fatigue limit as compared to the in-air data; from 70MPa in air to 130MPa in
seawater with cathodic protection. As stated previously, this is consistent with the
operation of a corrosion product-induced premature crack closure mechanism at
low stress ratio. In contrast, there is no indication of such a fatigue limit for the
multi-seastate loading data above 90MPa. This is because at low equivalent stress
ranges (below the constant amplitude fatigue limit) fatigue damage still occurs in
the stormier seastates. Given that the stress intensity factor increases rapidly during
the early stages of crack growth as discussed in Section 4.8, the proportion of
seastates contributing fatigue damage should increase during the fatigue life. As
the equivalent stress range is progressively decreased, the lower seastates begin
to fall below the fatigue limit, and would cause no fatigue damage at all during
the life. The true multi-seastate fatigue limit only occurs when the equivalent stress
range has been so reduced that the stormiest seastate falls below the constant
amplitude fatigue limit. It is possible to carry out a simple analysis of the effect
of fatigue limit on the predicted life under multi-seastate loading. This analysis
assumes that each individual seastate can be considered as a block of constant
amplitude stress cycles of magnitude equal to the equivalent stress range for the
particular seastate (see Chapter 3). The WASHWC seastate sequence was used to
apply seastates to a notional specimen in the correct order. Fatigue damage may
be assumed to accumulate using a form of Equation (4.5), up to some arbitrary
maximum value at failure. For the purposes of this analysis, the critical fatigue
damage at failure was determined from a best-fit line drawn through the
WASHWA,B,C tests (AcfA = 2E12). Two fatigue limits were used, the in-air
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fatigue limit (70MPa) and the apparent constant amplitude seawater fatigue limit
inferred from Figure 4.43 (ISOMPa). These two extremes should encompass the
multi-seastate behaviour at low stresses.
The two predictions obtained from the analysis are shown in Figure 4.44. The
minor variations at high stresses are due to the non-stationarity of the seastate
sequence. With increased numbers of repetitions of the sequences, these variations
disappear. Both predictions change to a reduced slope at longer lives, which is
close to the change in slope incorporated in the T curve. The stepwise appearance
of the predictions in this region is caused by seastates progressively falling below
the appropriate fatigue limit. The WASHW and WASHWC data at low stresses
are encompassed by the two predictions as expected, with the high Q factor data
lying close to the curve predicted using the in-air fatigue limit, and the low Q data
lying close to that predicted using the constant amplitude seawater fatigue limit.
The most important point to note about the predictions is the way in which
multi-seastate loading leads to a reduced fatigue limit when data are plotted in
terms of an equivalent stress. Using the in-air fatigue limit, the analysis predicts
failures at lives in excess of 10® cycles, as shown in Figure 4.45.
The analysis given here makes a number of simplifying assumptions about the
way in which fatigue damage is accumulated. It is preferable to perform this type
of analysis using fracture mechanics techniques, to more accurately determine the
fatigue life in the low stress / high cycle regime. However, the simple analysis
does illustrate that the multi-seastate fatigue limit is always much lower than the
constant amplitude fatigue limit on the basis of the equivalent stress range. Indeed,
if the predictions were made on a cycle-by-cycle rather than seastate-by-seastate
basis, the predicted multi-seastate fatigue limit could be even lower. The analysis
also demonstrates the importance of choosing appropriate constant amplitude data
to make variable amplitude predictions.
4.9.3 The effect of realistic loading on fatigue crack growth curves
The fatigue crack growth curves presented in Figures 4.20-4.25 indicate that the
use of realistic service loading and environment in fatigue tests may considerably
influence the form of the fatigue crack growth curve, particularly at low stresses.

-201-

This is evident in the curves for the two lowest stress tests using the WASHWC
sequence and cathodic protection at -l.OV (Figures 4.24 and 4.25). In these tests
the fatigue life is dominated by the growth of a small crack to a depth of about
2mm, with subsequent rapid propagation to failure. The effect is more pronounced
in the lower stress test, D2. The fraction of life involved with propagation of small
cracks from initiation to a depth of 2mm for the T-joint tests is shown below;

Test

H

Ni/N,

NamVN,

(Namn-NJ/N;

Cl

100,000

0.16

270,000

0.44

0.28

C2

120,000

0.18

270,000

0.40

0.22

C3

65,000

0.17

165,000

0.43

0.26

C4

70,000

0.14

180,000

0.35

0.21

D1

220,000

0.20

700,000

0.74

0.45

D2

900,000

0.31

2,170,000

0.65

0.43

The right-hand column of this Table shows that the fraction of total life in
propagating small cracks under multi-seastate loading is significantly increased
as the equivalent stress range is decreased. It should be noted that 2mm crack depth
is close to the detection capabihty of underwater NOT techniques at the present
time. If this crack growth behaviour is operative in service, it has serious
implications on inspection and repair scheduling. There is an evolving probabilistic
methodology within the Offshore Industry for inspection and maintenance
scheduling based on reliability analysis techniques. These approaches attempt to
characterise all of the pertinent variables in terms of probabilistic distributions.
These distributions are used as input to a fatigue crack growth model using
probability theory to manipulate the distributed variables, to obtain predicted
distributions of crack sizes at finite intervals of, say, 5 years. The fatigue model
used generally assumes that crack growth is gradual, such that there will be
opportunities to re-inspect known cracks at some later date, without these cracks
having propagated to failure. This effect is illustrated in Figure 4.46 which
compares the crack growth curves for the highest stress range test (ISOMPa, C3)
with that at the lowest stress (90MPa, D2). The horizontal axis has been modified
such that the number of cycles to failure in test C3 represents a typical platform
service life of 25 years. The timescale for test D2 has been compressed so that the
two curves reach a depth of 2mm (the assumed underwater NDT threshold) at the
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same time. If 5-yearly inspections were employed, the crack would be discovered
on the second inspection, after 10 years. A crack growth prediction methodology
based on short term fatigue test data (test C3) would predict that at the next
inspection (15 years), the crack would have attained a depth of between 5 and
6

mm; at this stage a decision could be made regarding some form of repair.

However, the long term fatigue data (test D2) indicate that the joint could have
failed nearly 2 years before this inspection. If the behaviour observed in test D2
is typical of crack growth in service, then the opportunity for reliably detecting
and measuring cracks greater than 2mm deep may be drastically reduced. It is
therefore important to be able to predict the type of behaviour observed in all of
the laboratory tests, to provide guidance on how long-term crack growth behaviour
should be modelled.
4.9.4 The effect of realistic loading on fatigue crack shape evolution
The process of crack shape evolution in the tubular joint tests was described in
Section 4.7.3. Multiple initiation was observed in several tests, and the coalescence
of these cracks into a single crack was observed to be complete by the time the
maximum depth was of the order of 1mm. This process may be more clearly seen
in Figure 4.47 which plots the crack depth, a, as a function of the total surface
length, 2c. The process of crack coalescence is clearly seen to be complete at a
depth of 1mm. Also shown in this Figure are typical aspect ratio data (mean and
scatterband) for tubular joint data obtained in air during the UKOSRPI&n projects
[4.17, 4.39]. It appears that random loading results in considerably longer,
shallower cracks than using constant amplitude loading. There is a simple reason
why this should be so. It was shown that the surface stress in tubular joint
geometries is non-uniformly distributed around the weld intersection, as illustrated
in Figure 4.4. Fatigue cracks usually initiate close to the hot-spot region where
the cyclic stresses are highest. In random loading, however, the large peaks in the
load sequence are sufficiently high to cause fatigue damage in regions remote to
the hot-spot, even though the stress concentration factor in these regions is lower.
This means that surface crack growth under random loading is more rapid since
the material on either side of the hot-spot region has already been weakened by
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the time the main crack passes through it. This hypothesis is supported by the fact
that post-failure destructive sectioning revealed small cracks at the ends of the
main crack in most of the T-joint tests.
Another interesting feature in Figure 4.47 is the crack shape development in test
C4. The multiple-crack data-processing routine has interpreted this crack as being
initiated with a much greater length than the rest of the cracks. The two groups of
data merge once the shorter cracks in the other tests have coalesced. It is most
likely that in test C4 two cracks initiated very close together, such that the
coalescence process was almost immediate. This is a significant observation, since
this test also produced the most rapid initiation, the fastest growth to 2 mm depth
(see above), and consequently the lowest overall Miner’s summation for the total
life.
In summary, the effects of realistic variable amplitude loading on corrosion fatigue
of tubular joints seem to be very complex indeed. The fatigue life has been shown
to be dependent on a large number of variables, which in the current tests appear
to have been combined in a relatively unfavourable manner, resulting in
considerably shorter lives than would be predicted from the current design
guidance. Similar fatigue lives have also been measured in other fatigue test
programmes. The following two Chapters are concerned with modelling of the
fatigue test results presented in this Chapter, in order to provide a methodology
for accurate prediction of fatigue life under complex random loading and corrosive
environment.
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4.10 Conclusions
- A total of six corrosion fatigue tests on tubular T-joints have been carried out
using load sequences derived from the WASHW standard load history. The
endurances of these tests were reduced relative to constant amplitude air data by
a factor of approximately four over a range of hot-spot stresses from ISOMPa to
90MPa.
- The application of cathodic protection at levels of -0.85V and -l.OV does not
restore the in-air fatigue life of tubular joints subject to realistic random loading,
even at low stresses.
- Considerable variations in corrosion fatigue crack growth rates are observed when
testing using multi-seastate random loading. These variations are generally
consistent with the severity of applied seastates. However, it is possible for
abnormally high growth rate transients to occur as a result of the interaction of
a changing sequence of seastates with the corrosive environment.
- The use of multi-seastate variable amplitude loading in tubular joint corrosion
fatigue tests appears to modify the form of the crack growth curve. At low stresses,
the fatigue life is dominated by a long period of shallow crack growth, followed
by relatively rapid propagation to through-thickness cracking.
- Multi-seastate loading also seems to result in longer shallower cracks than are
developed in constant amplitude tests. This is one possible reason for the
decreased fatigue life using random loading.
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Figure 4.11 Secondary crack measurements at failure
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-228-

16-

C rac k
depth
(m m )

8

-

P red iction
E xperim ental

0

300000

600000

900000

1200000

N um b er of c y c le s
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CHAPTER FIVE
Corrosion fatigue crack growth tests on compact tension specimens
5.1 Introduction
The results of a series of variable amplitude corrosion fatigue tests on tubular joints
were presented in the previous Chapter. Fatigue crack growth data were recorded
during these tests, and an attempt was made to predict the form of the crack growth
curves. The predictions were made using a fracture mechanics solution for the tubular
joint, in conjunction with an assumed numerical approximation of the constant
amplitude corrosion fatigue response of the material. The variable amplitude
modelling was achieved using the equivalent growth rate approach described in
Chapter 3, which assumes that there is no interaction between different load cycles.
Using this method the growth rates due to individual load ranges are obtained from
a single constant amplitude corrosion fatigue material response model, and added
together to calculate an average growth rate over a period of cycles. The accuracy
of predictions made in this way is strongly dependent on the choice of material
response model, and on whether or not the assumption of negligible interaction
between cycles or blocks of cycles is valid. The predictions obtained did not agree
well with the experimental measurements in a number of respects. In the first
instance, the modelling of the growth of small cracks was poor, and this was
interpreted as an inadequacy of the fracture mechanics solution. The fracture
mechanics aspects of the crack growth prediction are considered in Chapter 6 .
Secondly, the prediction of the main propagation phase of crack growth was also
poor, particularly in response to transitions between low and high seastates. Since
the stress intensity factor for a given applied stress is approximately constant for
most of the crack growth in tubular joints, the accuracy of predictions in the
propagation phase is solely determined by the suitability of the corrosion fatigue
material response data. This Chapter develops a methodology for selection of
appropriate material response data to utilise in the corrosion fatigue fracture
mechanics modelling.
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The material response models used in the predictions in Chapter 4 were derived from
constant amplitude fatigue crack growth rate data obtained using small compact
tension specimens of the same material as the tubular joints, and immersed in a
similar testing environment [5.1]. In such tests, a constant cyclic load range is usually
employed throughout the tests, such that as the crack propagates, the stress intensity
factor at the crack tip increases at an accelerating rate. Corrosion fatigue crack growth
rates (i.e. the corrosion fatigue material response) can therefore be measured over
the range of cyclic stress intensity factor of interest, as shown in Figure 5.1. In such
tests, the corrosion fatigue behaviour is essentially steady-state, and the measured
growth rates represent the response to a relatively slowly-increasing range of stress
intensity factor. The primary variables which are perceived to have the greatest effect
on fatigue crack growth rate tests in seawater are the following;
- range of cyclic stress intensity factor
- mean stress intensity factor as quantified by the stress ratio, R
- cyclic frequency and shape of the applied load waveform
- the level of applied cathodic potential
- seawater temperature
In choosing suitable material response data from the literature for use in fracture
mechanics calculations, it is necessary that the selected data set and the conditions
being modelled have similar values of each for the above parameters. In Chapter 4,
the data of Scott and Thorpe [5.1] for BS4360:50D steel (see Figure 5.1) were
selected as being representative of the operating conditions for the tubular joint tests,
since each of the parameters listed above were reasonably closely matched. However,
as mentioned above, the modelling did not reproduce the fluctuations in growth rate
which were observed in the tests. It is possible that there are additional influences,
other than those listed above, which affected the material response in the tubular
joint tests. Several likely sources of influence are;
- specimen size, particularly thickness
- dynamic (non steady-state) rather than constant amplitude loading
- total testing time
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specimen size influences both the crack tip stress state, and the diffusion of
deleterious species associated with corrosion fatigue to the crack tip region. Some
of the multi-seastate load sequences used in the tubular joint tests contained very
large high-low and low-high transitions in the stress intensity factor history, such
that the likelihood of transient (non steady-state) corrosion fatigue behaviour would
be increased. Also, where periods of non-damaging cycles were applied to the tubular
joints, the total testing time was greater than indicated by the number of damaging
cycles divided by the cyclic frequency. There is a possibility that cycle-to-cycle or
seastate-to-seastate interaction effects, which may not be significant for fatigue in
air, may become dominant under corrosive conditions.
In this Chapter, the results of a series of corrosion fatigue tests on larger-than-average
compact tension specimens are presented. These tests were conducted to address
several of these aspects of corrosion fatigue material response. A simple constant
amplitude K-increasing test was carried out to determine corrosion fatigue crack
growth data for a much larger specimen than generally used in the literature, in order
to assess the effect of specimen size on corrosion fatigue crack growth rates. A
second corrosion fatigue test was also conducted using constant amplitude block
loading, incorporating low-high and high-low transitions, to establish whether
significant dynamic corrosion fatigue effects could be developed for the
material-environment combination used in the tubular joint fatigue tests. The data
obtained from these tests have been used to establish a methodology for selection
of material response data for modelling of the tubular joint tests. Several important
results relating to fatigue crack growth in BS4360:50D steel in air were also obtained,
and these are described first.
5.2 Choice of specimen characteristics
The first aim of the test programme was to investigate the effect of specimen size
on determination of material response data, and this was achieved by conducting
standard corrosion fatigue crack growth rate tests, but using very large compact
tension specimens. As the specimen size is increased, the crack tip stress state should
become closer to that in the tubular joint tests. The stress state at the deepest point
of a surface crack in a tubular joint is predominantly plane strain, as a consequence
of the geometric symmetry and elastic constraint. The stress state is an important

-237 -

consideration in fatigue, and particularly corrosion fatigue, for several reasons. The
stress state determines the plastic zone size in response to a given stress intensity
factor. This in turn controls the significance of plasticity-controlled mechanical load
interactions, which applies to fatigue in any environment. Under plane stress
conditions, mechanical load interaction effects, such as crack growth retardation
following an overload, are increased relative to plane strain conditions as a
consequence of the greater plastic zone size under plane stress. In addition, the stress
state and the size of the plastically-deformed region can also affect corrosion fatigue
processes to a large extent, as discussed in detail in Section 5.5.
In compact tension specimens, the stress state is largely governed by the specimen
thickness. In the centre of the specimen, the stress state is theoretically pure plane
strain at the axis of symmetry. The degree of plane stress increases towards the sides
of the specimen and becomes pure plane stress at the free surfaces. The proportion
of plane strain is quantified in the British Standard for plane strain fracture toughness
testing [5.2], which prescribes a minimum specimen thickness required to determine
a valid Kic for the material. The minimum thickness, B, is calculated from the ratio
of the anticipated stress intensity factor at fracture, Kq, to the material yield stress
^ys>

B

> 2.5

(5.1)

Assuming KQ^lOMPa^lm and Gy, = 3S5MPa [5.3], the minimum specimen
thickness for BS4360:50D steel is approximately 100mm. A specimen of this size
would be impractical to test in fatigue, particularly at high stress ratio, or using
variable amplitude loading. However, a set of specimen fixtures was available which
could accommodate a maximum specimen thickness of 55mm, and this was
considered to be a reasonable compromise between available load capacity and the
requirement for plane strain conditions across most of the crack front. The planar
dimensions of the specimen were determined as the maximum which could be
accommodated in the fixtures, resulting in a thickness to width ratio for the specimen
of BAV=0.275. The selected specimen dimensions are shown in Figure 5.2.
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5.3 Compact tension specimen fatigue testing in air
Although the main tests reported in this Chapter were conducted in seawater, some
interesting results were obtained for fatigue in air. These results relate to an initial
test which was conducted in air using the multi-seastate sequence WASHWA
described in Chapter 3, and also constant amplitude crack growth rate data which
were obtained during the fatigue pre-cracking of the corrosion test specimens. The
corrosion specimens were pre-cracked to a crack length of approximately 35mm
(100mm including the notch, see Figure 5.2), in order to conduct the corrosion fatigue
tests over a region of the valid crack length range where the stress intensity factor
would be increasing reasonably rapidly with crack length. This was intended to
permit the corrosion fatigue tests, which were carried out at a frequency of 0.24Hz,
to be completed in an acceptably short time. These periods of pre-cracking also
facilitated the development and evaluation of a novel method of automated crack
length measurement to allow 24-hour data recording, as described in Section 5.4.
The following sub-sections detail the experimental compact tension specimen air
test programme, and present the results of the variable amplitude test and the constant
amplitude pre-cracking tests in air.
5.3.1 Experimental procedure and test programme
The fatigue tests were carried out using a 250kN servo-hydraulic fatigue testing
machine equipped with purpose-written computer control software. Crack length
measurement was carried out by periodically interrupting the load cycling and
determining the crack length in a variety of ways. For the tests conducted in air,
the primary crack measurement was made manually using a traversing optical
microscope to determine the crack tip position on the side of the specimen. Using
this method it was estimated that the position of the crack tip could be determined
to an accuracy of +/-0.01mm. Crack front curvature usually occurs in specimens
containing through-thickness cracks, which implies that the mean crack length
is different to that measured on the surface. However, for the 55mm thick
specimens tested in air, the maximum deviation of the crack front from the surface
length was found to be of the order of 1 - 2 %, which would produce a very small
change in calculated stress intensity factor. More importantly, this deviation did
not change significantly with crack length, so that crack growth rates could be
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determined reliably from the surface crack length measurements. In addition to
the optical measurements, the crack length was also estimated using the ACPD
technique described in Chapter 4. However, comparison of the ACPD estimates
with the optical data indicated that at high stress ratio, and under variable
amplitude loading, the ACPD technique consistently underestimated the crack
length by an amount which increased with increasing crack length. For this reason,
a new method of crack length measurement was developed for automated data
recording in the subsequent corrosion fatigue tests. This method is based on an
Alternating Current Field Measurement (ACFM) technique [5.4], of which ACPD
is one implementation, and is described in Section 5.4.
The programme of tests conducted in air is summarised in the Table below;

Test

Loading

Crack measurement

W Al

WASHWA

Optical, ACPD

CAPl

Constant amplitude,

Optical, ACPD, ACFM

R=0.3-0.6
CAP2

Constant amplitude,

Optical, ACPD, ACFM

R=0.04, R=0.3-0.6

5.3.2 Results of WASHWA test in air, W Al
The aim of this test was to measure variable amplitude crack growth rates in air,
using the three seastate WASHWA load sequence which was used in some of
the tubular joint fatigue tests. The main purpose of the test was to validate the
weighted average approach described in Chapter 3, which was used in calculating
the equivalent stress intensity factor range under variable amplitude loading in
Chapter 4. In particular, it was intended to determine the best method of
correlating the fatigue crack growth rates obtained under variable amplitude
loading with data obtained under constant amplitude loading. In addition, it was
anticipated that if significant mechanical load interactions occurred using the
WASHWA load sequence, then these would become apparent from the results.
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The fatigue test was carried out using the WASHWA load sequence appropriately
scaled to produce an equivalent load range of

= 50kN. The mean load was

prescribed as the minimum load which would just permit the minimum point in
the WASHWA sequence to remain tensile (90kN). The equivalent load range
was based on a similar approach to that used in Chapter 4, i.e. the m* root of the
mean m* power of the load range distribution obtained from a rainflow count of
the complete sequence. In this case, a value of m = 3.3 as determined from prior
constant amplitude fatigue tests on BS4360:50D steel was used [5.5], rather than
m = 3.0 as used in Chapter 4. The crack growth curve for test W Al is shown in
Figure 5.3, together with the applied sequence of seastates. Halfway through the
test it was appreciated that in order to more clearly reveal the variable amplitude
nature of the load sequence, more frequent crack measurements were required.
In addition, the importance of making measurements at equal cyclic intervals
became apparent. The fluctuation of crack growth rate with the severity of the
applied seastate is apparent in Figure 5.3, particularly in the latter half of the test.
The crack growth rates between consecutive data points were obtained using a
simple secant method. Equivalent stress intensity factor ranges,

were

calculated using the average of each pair of consecutive crack length
measurements as input to the following relationship [5.6];

AK..
eq =

B

0.886+4.64

-13.32

+14.72

-5 .6
v^y

v^y
(5.2)

The crack growth rates are plotted as a function of the equivalent stress intensity
factor in Figure 5.4 on the usual double logarithmic scales. Also shown in Figure
5.4 is a best fit line representing the constant amplitude fatigue data mentioned
earlier [5.5], and defined by;

^

oN

= 4.5xlO'‘\A*:)”
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(5.3)

It can be seen that the variable amplitude data are in broad agreement with the
constant amplitude data when plotted on the basis of weighted average range
determined from a rainflow count and m = 3.3. However, better correlation can
be obtained by using the methodology of Chapter 4, Section 4.8, to determine a
unique load range probability distribution for each experimental interval, and
using this to calculate partial equivalent stress intensity factors. The results of
this analysis are shown in Figure 5.5, which plots the same experimental growth
rates as a function of the partial equivalent stress intensity factor ranges. The
closeness of fit to the constant amplitude line is much improved using this method.
However, considerable scatter is still evident in the data. This scatter is a
consequence of using the secant method of determining growth rates between
experimental measurements which are spaced at intervals close to the
measurement accuracy. It should be noted that the secant technique is the only
method which can be employed when using the partial equivalent load range.
This aspect of fatigue crack growth data processing has received considerable
attention in the literature, and in modem Standards [e.g. 5.6] for constant
amplitude fatigue testing it is recommended that the growth rates should be
obtained by averaging over much larger crack growth increments than used here.
However, no such guidance is available for processing variable amplitude data.
The entire WASHWA sequence was repeated 9 times in Figure 5.3, as indicated
by the end-of-sequence points. If the crack growth curve is sampled at these
end-of-sequence points, then the equivalent range for the complete sequence can
be used to calculate the stress intensity factors, and these can be plotted against
growth rates obtained from neighbouring end-of-sequence points. This approach
yields the

8

data points shown in Figure 5.6. It can now be seen that the variable

amplitude results lie very close to the constant amplitude data, and the scatter is
much reduced. Thus, excellent correlation is obtained between the variable and
constant amplitude data, when the variable amplitude data are plotted using a
weighted average equivalent stress intensity factor range calculated using a
rainflow distribution of load ranges in conjunction with the appropriate constant
amplitude Paris exponent. It may also be implied from the data that load
interactions are not significant, or possibly that acceleration and retardation
effects exactly cancel each other out. More importantly, it would seem that
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mechanical load interaction effects using the WASHWA sequence cannot be
discerned over cyclic intervals of 3,000 cycles, which is actually less than the
intervals used to determine the crack growth rates in the tubular joint tests.
5.3.3 Results of pre-cracking tests in air, CAPl and CAP2
The corrosion test specimens were pre-cracked to a starting crack length of
1 0 0

mm, in order that these tests could be carried out over a portion of the valid

crack length range where the stress intensity factor would be increasing at a
reasonable rate with crack length. The pre-cracking was carried out in air at 4Hz
using a constant amplitude load range of 60kN for most of the pre-crack length.
Towards the end of the pre-cracking stage, the load range was incrementally
reduced, keeping the maximum load constant in accordance with BS6835 [5.6]
until the desired load range and stress ratio, R, for the corrosion tests were reached.
Fatigue crack growth rate data were recorded during this stage for R-ratios of 0.3
for test CAPl, and R=0.04 and R=0.3 for test CAP2, in order to determine the
effect of R-ratio at intermediate stress intensities. This information is plotted as
a function of the cyclic stress intensity factor range in Figure 5.7. It can be seen
that the stress ratio does have a significant effect on fatigue crack growth rates
in BS4360:50D steel in air, at stress intensities where this effect is often assumed
to be negligible. Also shown in Figure 5.7 is the relationship of Equation (5.3),
and also this relationship with the growth rates reduced by a factor of 2. The
growth rate data for R=0.3 is close to the upper bound (high R-ratio) defined by
Equation (5.3), and the R=0.04 data are approximately half those of the upper
bound.
5.4 Crack measurement in compact tension specimens
The results presented in the previous Section were for fatigue in air where crack
measurement was simply achieved by determining the location of the crack tip
relative to some datum on the specimen such as the un-notched back face, using a
traversing optical microscope. However, for the corrosion tests some form of high
resolution automated crack measurement was required, to facilitate 24-hour testing.
At the outset, the ACPD technique was utilised, in a similar manner to that described
in Chapter 4. An array of measurement probes were spot-welded within the notch
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of the specimen, and this permitted crack length to be estimated at several sites across
the crack front. However, a considerable discrepancy was observed between the
ACPD estimates and the optical measurements made during the tests conducted in
air. This can be seen in Figure 5.8, which shows the ACPD data plotted as a function
of the corresponding optical measurements. The ACPD data can be clearly seen to
underestimate the optically-measured crack length by an amount which increases
with increasing crack length. A detailed discussion of the origin of this error is not
particularly relevant here, but further investigations indicated this was probably due
to a change in magnetic permeability of the crack face material caused by residual
stress effects in the wake of the crack tip. The ACPD estimates were obtained from
a modified form of Equation (4.3), using the measured distances between the probe
sites. The ACPD data can be made to fit the optical measurements by altering the
distances input to Equation (4.3), but this was not considered a valid approach for
"blind" estimation of the crack lengths in the corrosion tests.
In order to overcome this difficulty, a new method of crack length determination in
the compact tension geometry was developed. It was considered desirable that this
method should not be affected by crack closure, mean stress, environmental, or any
other effects which could occur in the corrosion tests. The new method utilises similar
laboratory equipment to that which was used for the ACPD measurements, but
further developed for Alternating Current Field Measurements (ACFM) [5.7]. The
equipment provides a high frequency (5kHz) AC current which is injected at the
ends of the compact tension specimen notch, in the same manner as for the ACPD
technique. The point where the crack tip breaks the surface of the specimen may
then be located by measuring the magnetic field perturbations which exist close to
the surface around the end of the crack using a small suitably-orientated coil
connected to the input of the ACFM equipment. The development and performance
of this technique as applied to compact tension specimens are described in the
following sub-sections.
5.4.1 Crack tip location using magnetic field measurements
For a thin layer of AC current flowing along one crack face, around the crack
front, and returning along the other crack face, there are three orthogonal
components of magnetic field in the crack tip region, as shown in Figure 5.9 [5.5].
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These components are themselves always at right angles to the direction of current
flow. This implies that components exist in the y and z directions along the edges
of the crack, and in the x and z directions at the crack tip. The distributions of the
magnetic field components around a compact tension specimen crack were
investigated using a pre-cracked specimen set up on a computer-controlled XY
table carrying a small coil orientated in the direction of interest. This allowed
surface plots to be obtained over a region incorporating the entire crack. An
example of such a surface plot is shown in Figure 5.10, which shows the
distribution of magnetic field strength normal to the specimen surface, B^, over
a region

10

mm wide encompassing the crack and the end of the specimen notch.

The fatigue crack can be seen emanating from the V-shaped notch on the left.
However, comparison of the contours of the

signal with the optically-measured

location of the crack tip indicated that the B^ field was not a good choice for
accurate determination of the crack tip position. This is because the crack tip
location does not correspond to the peak of the B^ field, but rather is closer to the
point of inflexion in the portion of the field which decays away from the crack
tip. Referring to Figure 5.9, the B^ component is more appropriate since this
component is only developed as the current skin "turns the comer" around the
end of the crack. A similar surface plot for the B%signal is shown in Figure 5.11,
and it can be seen that there is a clearly defined peak, which was found to correlate
well with the optical determination of the crack tip location.
5.4.2 Implementation for corrosion fatigue testing
In order to make accurate, automated measurements of crack length during the
compact tension specimen tests using the new technique, a computer-controlled
probe carrier was constructed. This comprised a stepper-motor/leadscrew driven
apparatus which was capable of traversing the B^ sensor coil across the specimen
in the direction of crack growth as shown in Figure 5.12. This apparatus was
fixed to the back face of the specimen on the axis of symmetry, so that the coil
effectively measures the distance between the back surface of the specimen and
the current position of the crack tip, without introducing errors due to specimen
deformation. This arrangement also permitted the mechanical parts of the system
to be above the water level in the corrosion tests. The system also incorporated
an accurate (repeatability=0 .0 1 mm) mechanical "home" reference using a
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micro-switch so that each crack measurement was absolute, thus avoiding
compounding location errors. The sensor coil was designed to have a minimum
(0.5mm) dimension in the direction of crack growth to maximise resolution, and
a width of 1 2 mm in the cross crack direction, so that even when the crack deviated
from the axis of symmetry, the tip would still be within the extent of the coil.
Using this arrangement, it was found that the peak of the signal always coincided
with the crack tip location, as long as the crack tip was within the coil. This is
illustrated in Figure 5.13 which shows the 2-dimensional contours of the

field

of Figure 5.11, together with a numerical first differential of these contours. It
can be seen that the location of the point of zero slope, i.e. the signal peak, always
occurs at the same position, even when the coil is offset relative to the crack
plane.
A computer program for complete corrosion fatigue testing was written on a
personal computer, which incorporated 24-hour control of the fatigue loading
and data-logging tasks. Constant or variable amplitude fatigue loading could be
applied to the specimen using this program in either load- or K-control modes,
or a combination of both. A typical data-logging routine involved halting the
fatigue loading, measuring the crack length using the new technique (and ACPD),
and also measuring specimen back face strain over a complete load cycle, in order
to detect any crack closure effects.
5.4.3 Performance of magnetic field crack measurement system
The algorithm for determining the crack length involved finding the approximate
location of the crack tip by incrementing the stepper driver in large steps, and
then recording 40 data points in a region extending approximately 1mm either
side of the crack tip. It was found that the distribution of the field over this region
was very close to quadratic, so that the crack length could be determined by
performing on-line quadratic regression, and interpreting the crack length as the
position where the analytical first derivative of the fitted curve was equal to zero.
A comparison of measurements made using the magnetic field technique with
the optically-measured data is shown in Figure 5.14 for the pre-cracking test
CAPl. It can be seen that the agreement between the optical curve and that
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obtained using the new technique is excellent The comparison in Figure 5.14 is
not plotted directly as one technique versus the other, since in this way one would
assume that the optical measurements (the determinate variable) were absolutely
accurate, and that deviation from a

1:1

correlation would indicate inaccuracy in

the magnetic field measurements. This is not necessarily the case, since the optical
measurements are themselves subject to measurement error. To illustrate this
point, some of the data of Figure 5.14 have been plotted in Figure 5.15 on an
expanded scale in the region of the load steps in the final stages of pre-cracking.
Following a load step, the optical measurements are often difficult to reliably
obtain due to crack tip closure within the plastic zone associated with the previous
load range. The curve followed by the magnetic field measurements following
the final load step is much smoother than the rather uncertain optical curve.
It is estimated that the crack length can be determined using the new technique
to an accuracy of +/- 0.01mm. For the range of crack lengths used in these tests,
this represents an accuracy of approximately 0 .0 1 % to 0 .0 2 %, which is more than
adequate for the current purposes.

-247-

5.5 Corrosion fatigue crack growth processes
Before describing the results of the corrosion fatigue tests, a brief review of the
various phenomena associated with corrosion fatigue of structural steels in saline
and seawater environments is presented. It is not intended to provide a
comprehensive treatise on every aspect of corrosion fatigue, as these are available
elsewhere [5.8,5.9]. Rather, the purpose of this review is to summarise the current
understanding of the electrochemical and mechanical variables which result in
increased fatigue crack growth rates in steel components in seawater environments,
particularly under cathodic protection. The enhancement of growth rates by a
hydrogen embrittlement mechanism is explained by consideration of the evidence
provided by slow strain rate tests, crack tip environment measurements, reaction
kinetics etc. The ultimate aim of this small review is to provide a background upon
which the corrosion fatigue test results which follow can be explained.
5.5.1 Electro-chemical reactions at steel surfaces in seawater
There are three important sets of reactions which may occur when steels are
immersed in seawater environments, namely;
- anodic slip dissolution (corrosion) of iron
- hydrogen absorbtion by the steel
- precipitation of calcareous compounds.
The dissolution reaction involves the hydrolysis of iron (rusting), for example;

^Fe^* + AH ^0= ^Fe,0^ + m*^■2e^^

(5.4)

and is usually the dominant environmental effect under freely-corroding
conditions. It was discussed in Chapter 2 that free corrosion promotes rapid crack
initiation and a moderate increase in crack growth rates at all AK; these two
observations may be directly attributed to metal removal by dissolution from
notches and emerging slip-steps on surfaces and from crack tips respectively. In
the latter case, the rate of removal of material may be so severe that crack
propagation becomes retarded or even stopped temporarily due to crack tip
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blunting. In order to prevent general corrosion of marine structures, cathodic
protection is usually applied. This has the effect of suppressing the dissolution
reaction, such that efficient cathodic protection is achieved at the potential at
which iron atoms just fail to dissolve. However, cathodic protection also promotes
two alternative reactions at the metal surface, which are produced by hydrolysis
of the electrolyte (seawater). These are oxygen reduction;

O2 + 2 H fi + Ae~ => AOH-

(5.5)

H ^O + e~= ^H + OH-

(5.6)

and reduction of water;

The water reduction reaction produces dissociated hydrogen, which may either
recombine as hydrogen gas, or be absorbed into the steel where it may diffuse
throughout the metal lattice. The presence of large concentrations of dissociated
hydrogen within the metal lattice is known to adversely affect the properties of
many metals by the process known as hydrogen embrittlement. This phenomenon
is of great interest in fatigue of steels in marine environments, and is considered
separately in the next sub-section.
Finally, it may be noted that both of the hydrolysis reactions shown above produce
hydroxyl ions as a reaction product. This leads to an increase in pH of the
electrolyte immediately adjacent to the metal surface. The ionic products of
certain compounds, notably carbonates, are significantly altered by increases in
pH, such that precipitation may occur when the solubility product of the
compound is exceeded. The reactions which govern the precipitation of
calcareous deposits from seawater solutions include the following [5.10];
O H ' + HCO; => H / ) + CO, ■

COl- + Ca^*=>CaCOf
COl' + Mg^*=iMgCO^’
2 0H - + M g^*=i>M g{0H^'
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(5.7)

5.5.2 Hydrogen embrittlement in steels
It has long been recognised that many high strength steels are susceptible to severe
degradation of certain mechanical properties when subject to high concentrations
of absorbed hydrogen. This phenomena has become known as hydrogen
embrittlement due to thefact that the degradation is manifest in an increase in
brittle fracture modes, i.e. cleavage fracture surfacesand reduced ductility. The
process of hydrogen embrittlement in seawater environment is believed to
encompass the following stages [5.11], shown schematically in Figure 5.16;
- water reduction
- hydrogen adsorbtion
- hydrogen absorbtion
- diffusion of hydrogen to the embrittlement site
As stated above, the water reduction reaction is promoted by the application of
cathodic potentials; for this reason, steels which are known to be particularly
susceptible to hydrogen embrittlement are seldom cathodically protected. This
applies particularly to higher yield strength steels. The hydrogen adsorbed at the
metal-electrolyte interface either recombines to produce hydrogen gas which
bubbles away harmlessly;

^ads

^ads

^

^ 2 (g )

(5-8)

or may be absorbed into the metal surface;
=>

(5-9)

The quantity of adsorbed hydrogen available for absorbtion can be increased by
the addition of a reactant which "poisons” the recombination reaction, so that
relatively little of the hydrogen produced by the water reduction reaction is
bubbled away as gas [5.12]. Hydrogen sulphide is such a poison, and for this
reason sour crude oil and wet natural gas are particularly severe environments
with respect to hydrogen-enhanced cracking.
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The transport of absorbed hydrogen to the embrittlement site may occur via
interstitial lattice diffusion, and very rapidly via dislocation paths within the lattice
[5.11]. The diffusion rate is driven by the concentration gradient within the lattice,
and as such is controlled largely by the sub-surface concentration. Once at the
embrittlement site, the hydrogen is postulated to reduce the material’s resistance
to cracking by one of the following two mechanisms;
- by reducing the surface energy of the material, and therefore reducing the true
fracture stress
- by forming clusters in regions of high stress tri-axiality such as crack tips,
grain boundaries and impurities, resulting in the nucléation of micro-cracks
and voids.
The first of the above mechanisms is unlikely to be appropriate for normally
ductile materials such as low strength carbon-manganese steels, where the plastic
work associated with fracture is very much greater than the surface energy due
to creation of new surfaces. For ductile steels, it is more likely that the second
process is responsible for the material degradation, and there is some evidence
of this. For example, under conditions of high charging, such as pipelines carrying
sour crude oil, internal voids and fissures are often observed to form, particularly
at MnS inclusions, and surface blistering may also occur. It is observed in such
cases that cracking may take place by linking-up of these internal flaws and
blisters. More generally, hydrogen embrittlement is evinced by loss of
macroscopic ductility and fracture surfaces with a brittle appearance under low
magnification. Where cleavage facets are evident on the fracture surfaces, this
represents a situation where the reduced macroscopic ductility is a direct
consequence of reduced microscopic ductility. However, Beachem [5.13]
observed dimples on fracture surfaces at much higher magnification, leading to
the suggestion that the loss of macroscopic ductility was caused by the localisation
of shear stress resulting from internal microvoiding. This mechanism has been
referred to by Bimbaum [5.14] as hydrogen-enhanced local plasticity, and is
supported by the effect of hydrogen on the flow stress. Davidson and Lankford
[5.15] demonstrated that the effect of an aqueous environment on low strength
steel was to reduce the cyclic plastic zone size at crack tips, and also to decrease
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the crack tip opening displacement. This indicates an increase in the macroscopic
flow stress caused by hydrogen diffusion into the triaxially-stressed crack tip
plastic zone.
5.5.3 The formation of calcareous products
It was mentioned previously that the effect of applying cathodic potentials to
steel surfaces in seawater is to promote hydrolysis, thus producing hydroxyl ions,
and therefore an increase in pH at the metal-electrolyte interface. The increased
pH encourages the precipitation of calcareous compounds according to one or
more of the reactions listed in 5.5.1. The composition and kinetics of formation
of calcareous deposits are thus dependent on the applied potential, which controls
the rate of hydrolysis, and therefore the surface pH. A study of the relative kinetics
of formation of magnesium and calcium compounds on mild steel in ASTM
seawater under cathodic protection by Habashi [5.16] revealed the following;
- Mg(OH ) 2 forms at an initially faster rate than CaCOg under a cathodic potential
of -l.OV (SCE) and room temperature, and the deposit reaches a stable ratio
of magnesium to calcium compound after about 17 hours
- the ratio of magnesium to calcium compound deposited varies linearly with
applied potential such that only Mg(0 H ) 2 forms at -I.IV , and only CaCOj is
produced at -0.96V, for a bulk solution pH of 8
Calcareous deposition can affect corrosion crack propagation rates in two ways.
If products are deposited within fatigue cracks, it is possible for premature crack
closure to occur, thus reducing the effective stress intensity factor range by crack
face wedging, as discussed in Chapter 2. Also, the presence of a deposited film
may deplete the supply of electrolyte to the metal surface, thus decreasing the
quantity of hydrogen produced by the water reduction reaction. The degree to
which calcareous surface films impede hydrogen entry into the metal depends
on the quality of the deposit. The quality can be described by the thickness and
strength of the film, which are in turn determined by the composition. Mg(0 H ) 2
forms at a faster rate than CaCOj at normal cathodic potential levels [5.16] and
is harder, leading to a thicker, stronger film. It has therefore been suggested that
magnesium-rich deposits would be better at inducing premature crack closure
[5.17], and in impeding reactions at the metal surface [5.18]. The work of Habashi

-252-

et al [5.16] also showed the ability of calcareous products to impede hydrogen
uptake to steels. It was demonstrated that cathodic polarisation of tensile test
specimens for 24 hours prior to testing did not produce a significant effect on
yield or ultimate tensile strength compared to similar data obtained in air.
However, if the protective coatings had become cracked or fissured, then it was
postulated that a very large cathodic current density would flow into the cracked
area, and hydrogen entry would resume once more. It has been reported that
surface films can become disrupted by bubbles of hydrogen gas produced under
very high overpotentials, but by far the most important cause of film rupture is
mechanical straining of the underlying metal. The combined effect of cathodic
protection and strain is considered in the next sub-section.
5.5.4 The effect of strain and cathodic potential on hydrogen accumulation
Some researches into hydrogen embrittlement have considered the effects of
elastic and plastic strains on hydrogen permeation into steels in saline solutions,
assuming that the reduction/adsorbtion processes are unimpeded. Others have
examined the effect of cathodic potential on adsorbtion/absorbtion rates, but in
the absence of strain. For example, the hydrogen permeation experiments
performed by Nielsen and Maahn [5.17] indicated a 30-fold increase in hydrogen
permeation current across an unstrained steel membrane, when the potential was
decreased from -0.8V to -1.2V, see Figure 5.17. However, as stated above,
hydrogen uptake and subsequent embrittlement is dependent on the combination
of cathodic potential and mechanical straining. This has been demonstrated by
Scully and Moran [5.19], by conducting tensile tests at very low strain rates whilst
immersed in the appropriate environment. Tests were conducted on specimens
which had previously been immersed in seawater without load at a cathodic
potential of -0.9V. After 100 hours exposure, the specimens were immediately
strained to failure in air at strain rates known to cause reduced ductility under the
combination of strain and immersion. These results were very similar to those
for specimens tested in air with no prior exposure to seawater, i.e. there is no loss
in ductility when cathodic polarization and straining are not simultaneous. The
rôle of strain in combined strain and polarization tests appears to be in rupturing
the passivating layers of calcareous product which form under cathodic protection
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and impede the water reduction reaction. It is likely that there is a critical
combination of strain rate and rate of repassivation at which hydrogen entry is
maximised.
Evidence of hydrogen embrittlement in combined cathodic potential and slow
strain rate tests is observed at progressively lower strain rates as an increasing
loss of ductility, and by the appearance of brittle features on the fracture surfaces,
depending on the alloy/environment system. Slow strain-rate tests by Proctor
[5.20] on X65 pipeline steel protected at -1.2V, showed this variation as a decrease
in percentage reduction in area at failure with strain rate, indicating that the degree
of embrittlement is dependent upon the absorbtion/diffusion kinetics of hydrogen,
see Figure 5.18. However, the 0.2% yield stress and the ultimate tensile strength
measured in these tests were unaffected by the strain rate. This indicates that
hydrogen embrittlement in tensile test specimens is predominantly associated
with the stress triaxiality which occurs after the onset of necking. This notion
was further supported by the results of notched and unnotched specimens subject
to the same potential and strain rate. The notched specimens showed reduced
ductility, whilst the unnotched specimens gave completely ductile failures.
To summarise, the degree of embrittlement in slow strain rate tests appears to be
directly related to the quantity of hydrogen absorbed into regions of stress
triaxiality. The surface absorbtion is influenced by the combination of cathodic
potential and strain rate, and is maximised by a critical combination of these
competing factors;
- long immersion times, promoted by slow strain rates
- faster film rupture than repassivation, requiring higher strain rates
- high hydrogen permeation, caused by very electronegative polarization
- slow-forming, weak film, formed under less electronegative potentials
Furthermore, diffusion transport from the surface to the region of embrittlement
is increased under elastic straining due to lattice expansion and increased
hydrogen solubility, and by dislocation transport for plastic strains.
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5.5.5 Environmental conditions within fatigue cracks
So far, the discussion has centered on plain metal surfaces, which are exposed to
an environment defined by the bulk conditions within the electrolyte. In fatigue
cracks, however, environmental conditions may develop which are significantly
different from those experienced within the bulk solution. As a consequence, the
reaction rates of the processes involved may be different within the crack than
would be predicted from the external conditions. The crack tip environment may
be different for several reasons. For instance, under external conditions of free
corrosion, an occluded crevice region may become acidic, due to oxygen
depletion caused by hydrolysis of iron [5.21]. Low pH should theoretically
maximise the evolution of hydrogen via an ion reduction reaction [5.22].
However, for a crack undergoing load cycling, particularly at low stress ratio,
most of the liquid within the crack is replenished every cycle by the crack face
pumping effect. In this situation, the conditions inside the crack are almost the
same as the external conditions, such that crack growth enhancement under free
corrosion would be predominantly due to anodic dissolution with only a small
contribution from hydrogen uptake.
Under external cathodic protection, the pH within the fatigue crack may become
much greater than the bulk pH, which for seawater solutions is close to 8 . This
is evidenced by the presence of Mg(0 H ) 2 deposited within fatigue cracks,
indicating that the internal pH must have reached at least 10, and possibly as high
as 13 [5.22]. A high pH limits the production of hydrogen since the water reduction
reaction becomes more difficult, so that a significant fraction of hydrogen entry
may be via the external surfaces, where the solution pH is likely to be lower.
The potential generated within cracks has been shown to be lower than the
externally applied potential due to the ohmic resistance of the electrolyte within
the crack. Calculations by Maahn [5.21] have shown that the potential drop may
be as much as 0.2V at the centre of a through-thickness crack tip. This also has
the effect of reducing the hydrogen evolution within the crack compared to the
external surfaces.
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5.5.6 The effect of test variables on corrosion fatigue crack growth rates
Corrosion fatigue crack growth data for structural steels have been produced by
several investigators, under a wide range of experimental test conditions. The
test variables of primary significance were listed at the beginning of this Chapter,
and their effect on crack growth rates is briefly discussed here. The discussion is
restricted to low strength structural steels, and saline and seawater environments,
since the main intention is to formulate a simple hypothesis to explain crack
growth rate enhancement for these steels under cathodic protection in seawater.
(!) Mean stress and cathodic protection
The effect of mean stress on corrosion fatigue crack growth rates has been
investigated by Scott and Thorpe [5.23] and Cowling and Appleton [5.24] for
BS4360:50D steel, and by Vosikovsky [5.25] for a range of pipeline steels. Under
freely corroding conditions in seawater at 0.167Hz, Scott and Thorpe’s data
(Figure 5.19) show growth rates which increase with increasing stress ratio at all
AK ranges. The effect was observed to saturate at high R ratio (R=0.5-0.7), to
give an upper bound of approximately six times the average growth rate in air.
Vosikovsky’s data for X70 steel at 0.1 Hz show a growth rate increase which
varies with AK, with a maximum enhancement of approximately six times the
growth rate in air between 20 and 25MPa^{m. Scott and Thorpe’s data suggest
that anodic dissolution is the primary mode of growth rate enhancement for
BS4360:50D under free corrosion, since the enhancement is the same at all AK.
This implies that the total crack growth rate is controlled by mechanics and not
by the environment, perhaps related to plastic zone size or crack tip opening
displacement; Tomkins [5.26] has argued that crack growth rates due to a
dissolution mechanism are limited by the crack tip opening displacement.
Cowling and Appleton’s tests on BS4360:50D steel in 3%NaCl did not show any
variation with mean stress under freely corroding conditions. It is possible that
the trend shown by Scott and Thorpe’s data is related to a wedging effect caused
by corrosion debris within the crack.
The application of cathodic protection tends to produce plateau regions in the
material response where the growth rate is independent of AK. Scott and Thorpe
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describe a synergistic interaction between stress ratio and applied cathodic
potential for their data using BS4360:50D steel, shown in Figures 5.20 and 5.21
for potentials of -0.85V and -I.IV respectively. The growth rates in the plateau
regions are increased by increasing both the stress ratio and the cathodic potential,
and the maximum growth rate enhancement is usually greater than the sixfold
increase observed under free corrosion. Vosikovsky [5.25] and Cowling [5.24]
also report growth rate plateaux under cathodic potentials. Hydrogen
embrittlement is the most likely explanation of this plateau behaviour, and Scott
and Thorpe suggest that the plateaux are a consequence of a rate-limiting step in
the supply of hydrogen to the crack tip.
(ii) Process zone model for hydrogen embrittlement
In discussing the hydrogen embrittlement mechanism with respect to fatigue
cracks, it is convenient to consider a process zone at the crack tip which
characterises the instantaneous material condition, and therefore determines the
crack growth rate. This process zone is of a similar nature to, and may occasionally
be coincident with, the crack tip plastic zone. Hydrogen may diffuse into, and
accumulate within, the process zone from the crack tip and from the surrounding
material. The amount of hydrogen within the zone at any time is controlled by
the available supply of hydrogen, it’s diffusion rate, the cyclic stress history, and
the current crack velocity. The effect of external variables on the kinetics of
hydrogen generation have already been discussed. If the crack velocity is low
and the supply of hydrogen is high, then the plastic zone will be smaller than the
process zone, and the growth rate will be determined by the plastic zone size, i.e.
by AK. On the other hand, if the process zone is smaller than the plastic zone,
then the growth rate becomes process-zone controlled and independent of AK,
i.e. a plateau region. This model correctly interprets the synergistic interaction
between mean stress and cathodic potential reported by Scott and Thorpe, since
a plateau is predicted to occur when the process zone size becomes just less than
the plastic zone size, i.e. the supply of hydrogen becomes rate-limiting. This
condition would be expected to occur at a higher growth rate for situations where
the hydrogen supply is high and the static plastic zone is large, i.e. for very negative
cathodic potentials and high mean stress. This assumption is supported by the
crack growth rates measured in very aggressive environments, such as saturated
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HjS solutions, and "live" seawater containing sulphide-reducing bacteria. Both
of these environments produce very high concentrations of hydrogen, and
plateaux growth rates have been measured at several hundred times the growth
rate in air by several investigators [5.24,5.27]. From these results, the magnitude
of crack growth rate enhancement by hydrogen embrittlement in saltwater
solutions seems to be very much less than the maximum which could occur. It is
therefore not surprising that the hydrogen supply could be the rate-limiting step
in seawater environments.
(iii) Cyclic frequency
The effect of cyclic frequency on crack growth rates in small specimens has been
investigated by Vosikovsky [5.25], and the results for X65 steel under cathodic
protection illustrate the effect well, see Figure 5.22. The effect of reducing the
frequency is to increase the growth rate in the plateau regions, due to the increased
time available for hydrogen accumulation in the process zone, and to increase
the AK range at which the plateau behaviour commences. There is a frequency
independent region in Figure 5.22, and the existence of this is to be expected,
since according to the model above, the crack growth rate in this region should
be solely determined by the plastic zone size, i.e.AK-controlled.
(iv) Environmental variables
The influence of environmental variables such as temperature and solution
chemistry may be explained using similar arguments. The rates of all of the
reactions in listed in 5.5.1 are dependent upon temperature; under free corrosion,
a twofold increase in BS4360:50D crack growth rates has been demonstrated for
every 10 degree rise in temperature [5.28]. With cathodic protection, the influence
of environmental variables may be explained by their effect on the supply of
hydrogen. Again, the main effect of temperature is on reaction rates. The pH and
oxygen content were discussed previously as affecting the rate of the water
reduction (hydrogen supply) reaction, and by contributing to the quality and
thickness of calcareous deposits which may impede hydrogen absorbtion. All of
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these variables have only secondary influences on corrosion fatigue crack growth
rates when varied within a limited range typical of the variations experienced in
actual North Sea environments.
(v) Poisons and inhibitors
It is possible to add certain reagents to seawater during fatigue crack growth rate
tests which affect the hydrogen reactions, thus altering the quantity of hydrogen
absorbed. If a poison is added which retards the hydrogen recombination (gas
evolution) reaction, and the crack growth rate increases, then the growth rate
enhancement may be assumed to be by a hydrogen-related mechanism. Suitable
reagents for poisoning the recombination reaction are sodium arsenate and
hydrogen sulphide. Thiourea is an inhibitor which inhibits the dissolution
reaction, thereby encouraging the operation of any available hydrogen
embrittlement mechanism. The addition of platinum chloride causes a platinum
deposit to form on the steel surface, which increases the cathodic overpotential
required for hydrogen evolution, thereby reducing the hydrogen supply for a
particular externally-applied potential. If the growth rate is found to decrease
with the addition of platinum chloride, then the mechanism is likely to be
hydrogen embrittlement. These methods may be used to diagnose the corrosion
fatigue mechanism which operates under different external test conditions, such
as frequency and R-ratio. Cowling and Appleton [5.24] tested BS4360:50D steel
specimens at 0.167Hz and 23“C, in 3%NaCl solutions containing a range of
different additives. From this investigation, it was concluded that anodic
dissolution is the dominant mechanism under free corrosion, and that cathodic
protection and/or the addition of poisons can cause the mechanism to switch to
hydrogen embrittlement, causing a plateau in the material response. The addition
of platinum chloride to retard hydrogen entry under cathodic protection produced
material response which was similar to that under free corrosion (i.e. no plateau),
leading to the suggestion that either dissolution or hydrogen embrittlement may
be the dominant corrosion fatigue mechanism, depending on the hydrogen
availability.

-259-

5.6 Compact tension specimen fatigue testing in seawater
As mentioned previously, two corrosion fatigue tests were conducted using the large
compact tension specimens illustrated in Figure 5.2. The aims of these two tests
were to first provide baseline corrosion fatigue crack growth rate data for a
larger-than-average specimen, and then to investigate the effect of low-high and
high-low load transitions on the baseline data. The programme of tests is detailed
below;

Test

Loading

Crack measurement

CACORl

Constant amplitude, R=0.6

ACFM, ACPD

Constant amplitude blocks,

ACFM, ACPD

CACOR2

variable R

Both tests were conducted using a cyclic frequency of 0.24Hz (equal to the average
rate of signal peaks for the WASHW sequences), in an artificial seawater
environment, at a temperature of 8-10°C, pH=7.8-8.2, and with a cathodic potential
of -l.OV (versus Ag/AgCl reference electrode) applied using a potentiostat via
platinised titanium counter electrodes. The first test, CACORl, was conducted in
the standard K-increasing manner using a constant amplitude sinusoidal load range
of 27.5kN at an R-ratio of 0.6, to obtain corrosion fatigue crack growth rates for
crack lengths from 100mm to 140mm, covering a range of cyclic stress intensity
factors from llM Pa^fm to 3>QMPa^[m. In the second test, CACOR2, the same
constant amplitude load range as used in CACORl was applied over the same crack
lengths, interspersed with blocks of varying length comprising smaller load cycles
at the same mean load. The load ranges during these blocks of smaller cycles were
calculated from the current crack size so as to always give a cyclic stress intensity
factor range of IMPa^im at the beginning of each block. The value of IM P a^m
was chosen as being close to the threshold stress intensity factor range, such that no
crack growth was anticipated during these blocks, particularly since they were
contained within blocks of significantly higher maximum stress intensity factor. This
stage of the test was intended to produce low-high load transitions. When the crack
length in test CAC0R2 reached about 60% of the final crack length in the first test,
the minimum load was progressively raised, thus reducing the stress intensity factor
range in steps. This stage of the test was used to investigate the effect of high-low
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transitions. After every load transition in test CACOR2, the crack growth was
allowed to stabilise for a period of at least several millimetres. The results of these
two tests are presented in the following sub-sections.
5.6.1 Results of corrosion fatigue test, CACORl
The fatigue crack growth curve for test CACORl is shown in Figure 5.23. Fatigue
crack growth rates were obtained from this curve using a double secant method,
which determines a growth rate for each pair of data points a^,

from the

following relationship;

The stress intensity factor ranges were calculated from Equation (5.2) using a^ as
the current crack size. The growth rates are plotted as a function of the cyclic
stress intensity factor range in Figure 5.24. Also shown in this Figure is a line
representing the constant amplitude air data defined by Equation (5.3). It is clear
from Figure 5.24 that the growth rate plateau characteristic of small specimen
tests conducted under cathodic protection was not produced for the larger
specimen tested here. Instead, the growth rate data in Figure 5.24 appear to be
defined by two straight line segments, both with a non-zero slope as follows;

^
oN

=

4.2xlO‘'*(A K f"

îor tJC <n.(>5MPa-4m

(5.11a)

^
oN

=

9.0x10’“'(AA:)'”

î o r A K > n .6 5 M P a ^

(5.116)

for 10MPa^|m < AK < ?>OMPa^m.
The corrosion data merge with the air curve above 30M fa^m , indicating that
the crack growth rate due to mechanical stressing alone is sufficiently fast so as
not to provide enough time for significant environmental degradation of the crack
tip region. Also, below lOMPayfm, extrapolation of Equation (5.11a) would
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indicate a stress intensity factor threshold range of between

6

and

(based on a threshold crack growth rate of 1 0 '^° m/cycle) which is similar to other
observations [5.1].
The scatter in the data in Figure 5.24 is a consequence of calculating the crack
growth rates from experimental data points which were too closely spaced. If the
crack growth curve had been sampled at a larger crack length interval, as
recommended in the crack growth rate testing Standard [5.6], then most of this
scatter would have been removed. An appropriate interval for sampling the crack
growth record is defined in BS6835 [5.6] as O.OIW, which is equal to 2mm for
the specimens tested here. Sampling the record at this interval and calculating
the growth rates using a single secant form of Equation (5.10) according to
BS6835, produces the crack growth data shown in Figure 5.25. It can be seen
that most of the scatter is removed using this approach, and that Equations
(5.1 la,b) are a good fit to the data.
The data-processing above has shown the effect of crack size sampling interval
and growth rate calculation method on the scatter in fatigue crack growth rate
results. However, it will not be possible to use the method of BS6835 for the
second corrosion test, since all of the data points in each transient will be required
to determine the crack growth rates. It is expected, therefore, that the scatter in
the results of the second test will be larger than that for CACORl.
5.6.2 Results of corrosion fatigue test, CACOR2
The fatigue crack growth curve for test CAC0R2 is shown in Figure 5.26. It can
be seen that a very large number of data points (almost 400) were collected during
this test. The stress intensity factor history for the test is plotted in Figure 5.27,
which shows the maximum, minimum and range of stress intensity factors applied
to the specimen at the various stages during the test. From Figure 5.27 the two
distinct stages of this test are clear. The first stage incorporated blocks of small
cycles buried within a stress history which was identical to that used in test
CACORl (low-high transitions). It is clear from comparison of Figures 5.26 and
5.27 that there was no measurable crack growth during the periods of small load
range cycling at IMPa^Jin. The second stage of the test involved reducing the
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load range in steps, by keeping the maximum load constant and raising the
minimum load (high-low transitions). This produced the stepwise decrease in the
stress intensity factor range as shown in the latter half of Figure 5.27. It is
convenient to discuss the results of each of the two stages separately.
The crack growth rates for the first stage of test CACOR2 were calculated using
Equation (5.10), but not during the periods of low stress cycling. These growth
rates are plotted as a function of the cyclic stress intensity factor in Figure 5.28,
on the same scales as before, together with Equation (5.3) and the data produced
in test CACORl. Also shown in Figure 5.28 is another relationship derived from
the Scott & Thorpe data for 37.5mm thick compact tension specimens [5.1]. The
relationship shown is calculated from the average of the data produced by two
tests, one at R=0.5 and -0.85V, and the other at R=0.7 and -I.IV . This average
should provide a reasonable estimate of the material response for 37.5mm thick
specimens at R=0.6 and - l.OV. (Note that linear interpolation was also used in
the development of the Scott & Thorpe equations). The resulting relationship is
defined as;

^
oN

=

^dN

1.27xlO -"(A ff
=

3.31x10'’

forAi:<14.37AfPaVm
forAX-^14.37M/>aVm

(5.12a)
(5.126)

for lMPay[m < AK < lOMPa^fm.
Two important points to note in Figure 5.28 are that Equations (5.12a,b) represent
an upper bound to the results of both tests CACORl and CAC0R2, and that the
growth rates in the current tests are considerably less than those indicated by
Equations (5.12a,b) for the smaller specimens.
There appears to be some transience in the results of CAC0R2, and this can be
seen more clearly by plotting the data on reduced scales. Figure 5.29. In this
Figure it can be seen that the initial growth rate in CAC0R2 was less than
CACORl, even though the same load history was applied in the initial stages.
However, after the first period of small cycles was applied, the growth rate in
CAC0R2 rapidly increased and finally stabilised at values slightly higher than

-263-

those for CACORl. The length of the blocks of cycles in the first stage of the
test varied from 7,500 cycles (9 hours) to 20,000 cycles (24 hours), see Figure
5.27. It was soon appreciated during the test that periods of this length were not
having a particularly significant effect on the crack growth rates, as compared to
the uninterrupted test CACORl. For this reason, a much longer block of 1(K),000
small cycles, representing 120 hours (5 days), was inserted before starting the
second stage of the test. Again, no crack growth was detected during this period.
The second stage of testCACOR2, following the 5 day period of low load cycling,
involved reducing the stress intensity factor range in steps, retaining the same
maximum cyclic load value. After each load step, the crack growth rate was
initially reduced, probably as a consequence of a reversed-plastic-zone-controlled
mechanism, since the load steps were quite large. In each case, the crack growth
following a load step was allowed to stabilise until a new steady-state growth
rate had been achieved. This growth rate was maintained for typically several
millimetres before the application of another load step. The complete set of growth
rate transients due to the load steps are shown in Figure 5.30, together with the
data from the first stage of the test. The transients occurred in the order indicated
by the circled numbers in Figure 5.30. It can be seen that the upper bound defined
by the stable growth rates achieved at the end of each transient is higher than the
growth rates developed in the load-increasing part of the test, and significantly
higher than the rates measured in test CACORl. For the most part, this upper
bound is lower than the upper bound defined for the smaller specimens. However,
below about llMPa^[m, the trend shown by the load-shedding data indicates
growth rates which are approximately three times higher than the upper bound
of Equations (5.12a,b). This is particularly significant, since it indicates that the
corrosion fatigue crack growth rate due to smaller cycles in a load history may
be increased by larger cycles occurring previously. This is one of the dynamic
effects which it was hoped to demonstrate in these tests.
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5.6.3 Discussion of corrosion fatigue test results
The corrosion fatigue tests described above were designed to investigate several
factors which were thought to influence the corrosion fatigue material response
of BS4360:50D steel, namely;
- specimen size
- periods of small cycles embedded within larger cycles
- the effect of load cycling applied in a high to low sequence
and these are discussed in the following paragraphs. In the first corrosion test,
CACORl, there was no evidence of a plateau region, such as often observed in
data obtained from smaller specimens subject to the same experimental conditions
(R=0.6, C.P.=-1.0V). Plateau behaviour may be interpreted as the consequence
of a maximum environmental enhancement limited by the available supply of
hydrogen. For steady-state conditions, this supply of hydrogen is assumed to be
fixed for a given set of experimental parameters, and may be considered to
produce a process zone of constant extent throughout the test. On this basis, the
plateau form of the material response data is explained by considering the relative
size of the process zone and the plastic zone during crack growth, producing
regions of the material response which are AK-controlled, and regions which are
environment-controlled (plateaux), as discussed previously.
It would be of interest to establish the rate-limiting step. In relatively small
specimens, it could be assumed that diffusion through the bulk of the specimen
would not be the rate-limiting step. Saturation of the plastic zone is also not likely
to be rate-limiting, given the very high growth rates which can be achieved in
H2 S environments. The rate-limiting step must therefore be related to the
production of hydrogen at the electrolyte-metal interface, and if this is the case,
would be dependent upon the rates of hydrogen generation at the crack tip, on
the crack walls and over the external surfaces. This implies that the difference in
behaviour between small and large specimens could be due to differences in
contribution to the total hydrogen charging from within the crack and from the
external surfaces. Turnbull and Saenz de Santa Maria [5.29] have identified this
aspect of corrosion fatigue due to hydrogen embrittlement as an important factor

-265

in applying the results of small specimen tests to large-scale components. Using
theoretical and empirical approaches to characterise each of the processes in
Figure 5.16, Turnbull et al developed a model for hydrogen accumulation within
fracture mechanics specimens, which predicts that for applied cathodic potentials
more negative than -0.9V, the primary source of hydrogen accumulation is via
the external surfaces, and not from the crack tip or crack walls. This is attributed
to the different local environment which exists inside the crack, notably lower
potential and higher pH. It is postulated that in larger specimens, diffusion within
the bulk of the specimen could become the rate-limiting step. The results of fatigue
tests on large specimens may therefore not be representative of the maximum
environmental enhancement of growth rates, if the testing time is not sufficiently
long to allow for steady-state charging of the entire specimen. Turnbull et al also
derived an expression for the time to reach 50% of the steady surface hydrogen
concentration at the mid-thickness of a flat plate with hydrogen charging from
both sides. They used a diffusion coefficient, D, derived from permeation
measurements for BS4360:50D steel to obtain a relationship for this time constant
as;

tQ5 =

0.38—

where L is the half-thickness of the plate,

(5.13)

D

T) •

4

-.ox

*.

For the 55mm compact tension specimens used here, the time to 50% charging
at the centre of the specimen would be 83 days, compared with 17 days for the
25mm plate thickness frequently used in the literature for corrosion fatigue crack
growth studies. In contrast, the duration of test CACORl was 31 days, and for
CAC0R2 46 days, including a 7-day pre-test soaking period under zero load in
each case. On this basis it would seem that, in both tests, insufficient time was
available for steady-state charging conditions to be achieved all the way through
the specimen thickness. A similar time constant was also derived for plate material
charged from one side only, such as is the case for tubular joints. The relationship
between plate thickness and number of days to reach 50% concentration at the
mid-thickness is shown in Figure 5.31. Also shown in this Figure are data points
representing half the fatigue life of each of the tubular joint tests. It can be seen
that the tests at stresses above 145MPa were probably too short for the hydrogen
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concentration to have reached steady-state right through the chord wall thickness.
The two lower stress tests, particularly that at 90MPa (D2), seem to have been
long enough to allow for adequate diffusion of hydrogen, and so it is anticipated
that higher growth rates would be observed in these tests.
There is evidence in the results of tests CACORl and CACOR2 to support the
hypothesis of diffusion becoming the rate-limiting step in large specimens. The
cracked surfaces of both specimens were separated by fast fracture in liquid
nitrogen after completion of the tests. Measurements of the through-thickness
crack profile were made optically, and the initial and final crack profiles during
test CACORl are shown in Figure 5.32. The pre-crack developed in air had a
slightly concave front at the beginning of the corrosion test, as expected. However,
at the end of the corrosion test, the crack front had become inverted to a
significantly convex profile. This observation is consistent with the existence of
a varying hydrogen concentration across the thickness of the specimen, such that
growth rates were higher at the edges of the specimen where the hydrogen
concentration was high, and lower in the middle of the specimen, where hydrogen
concentration was lower due to the increased distance from the charging surfaces.
This type of crack front inversion has also been reported by Barsom [5.30] in
results from 2-inch thick 12Ni-5Cr-3Mo specimens tested in 3% NaCl at -1.2V
(SCE). Barsom's explanation for the crack profile inversion was exactly that
described

above,

namely

non-uniform

through-thickness

hydrogen

concentrations.
Further evidence of the significance of varying through-thickness hydrogen
concentration was provided by the fracture surface measurements for the second
corrosion test, CAC0R2. The intermittent nature of the loading in this test
provided beachmarks on the fracture surface which indicate the development of
the shape of the crack front in response to the applied loading. These
measurements are shown in Figure 5.33. During the first stage of this test,
incorporating the short periods of low stress intensity factor cycling, the crack
front became inverted as before. However, during the load shedding stage of the
test, following the long (5 day) period of low cycling, the crack front developed
a concave profile again. This could be caused by increased accumulation of
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hydrogen, resulting from the 5 days of low stress cycling with no crack growth,
and also from the periodic reduction in crack velocity associated with the
subsequent load steps.
Overall, the effect of specimen size and of the various load transitions can be
predicted if it is assumed that the primary source of hydrogen at a potential of
-1 .OV is via the external surfaces and not from the crack tip. A possible explanation
for the absence of a plateau in the material response data produced in the
K-increasing test, CACORl, is described as follows. The form of the data is still
a consequence of limited hydrogen supply, as in the case of a plateau, but in this
case the hydrogen supply increases with time. The lower segment of the data
shown in Figure 5.24 represents a AK-controlled region where there is more than
sufficient hydrogen, i.e. the process zone is larger than the plastic zone. At the
transition to the higher segment, the hydrogen supply begins to become
rate-limiting. If the hydrogen supply was constant, then a plateau would be
expected extending from the intersection of the two segments to the right of Figure
5.24. However, by the time the crack has grown by a small increment, the total
hydrogen concentration in the steel has become a little higher, so the growth rate
at the new crack size is increased. In this way, the upper segment of data in Figure
5.24 still represents a region where hydrogen supply is the rate-limiting step, but
the supply is controlled by bulk diffusion rather than by the global test conditions,
such that the supply increases with time and the "plateau" has a non-zero slope.
Given the slow rate of diffusion of hydrogen into thick plates, as indicated by
Figure 5.31, it is hardly surprising that the introduction of periods of low stress
cycling of up to 24 hours duration had only a minor effect on crack growth rates
in test CACOR2. In contrast, a longer period of 5 days was sufficient to cause a
re-inversion of the crack front, by allowing the hydrogen concentration at the
centre of the specimen to "catch up" with that at the edges. Clearly the timescale
of laboratory test events is crucial when large specimens are used.
The material behaviour in response to decreasing load steps in test CAC0R2 is
interesting. The implication from Figure 5.30 is that if load cycling has previously
been at a higher level, then subsequent smaller cycles may experience the same
growth rate as the large cycles for a certain period of time. It is possible that this
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high growth rate may be maintained until crack growth has extended out of the
plastic zone associated with the larger load cycles. Note that this is the direct
opposite of the retarding effect of prior load history observed in inert
environments. The limiting case of such a transient effect could be that the growth
rate pertinent to the higher load level is maintained for all subsequent cycles
above the stress intensity factor threshold, for a period of crack growth equal to
the plastic zone due to the higher load level. In this case, the assumption of
non-interaction between blocks of cycles in variable amplitude corrosion fatigue
is invalid.
5.7 Implications of compact tension data for tubular joint growth predictions
At the start of this Chapter, the principal aims were to develop corrosion fatigue
material response data for a specimen of large dimensions, and to establish whether
dynamic loading effects would be significant. It has been demonstrated that specimen
size has a very significant effect on corrosion fatigue material response. Specifically,
in large specimens, diffusion of hydrogen within the bulk of the specimen can become
the rate-hmiting step which determines the resultant crack growth rate. If testing
times are not sufficiently long, the maximum environmental growth rate
enhancement for the particular external conditions may not be developed. This
applies both to fracture mechanics specimen tests and to large-scale tubular joint
corrosion fatigue tests. The same interpretation may be used to explain the dynamic
loading effects which were demonstrated in the fatigue tests.
The main reason for obtaining the material response data presented in this Chapter
was for use in fracture mechanics fatigue crack growth modelling of the tubular joint
tests described in Chapter 4. It seems that rather than recommending a single set of
material response data for the modelling procedure, a suite of several sets of data
may be required to encompass the range of fatigue test durations. It is proposed that
the CACORl data be used for test durations shorter than about six weeks, as indicated
by Figure 5.31. For longer tests, the material response derived from Scott and
Thorpe’s data may be used, since this characterises the maximum environmental
damage which could be obtained for high R-ratio and a cathodic potential of -l.OV
in artificial seawater. In addition, for the longer tests, the transient response may
also have to be used since the loading in these tests (the WASHWC sequence) is
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considerably non-stationary, and contains large high-low load transitions. These
three material response characteristics are summarised below;
(i)

CACORl data, which represents a situation where the growth rate may
be limited by diffusion rate

(ii)

Average of Scott and Thorpe data for R=0.5,-0.85V and R=0.7,-l. 1V for
situations where crack growth rate may become rate-limited by the
steady-state supply of hydrogen

(iii)

Similar to (ii) above, except with the growth rate plateau extended down
to all AK values above threshold, to account for high-low dynamic effects.

5.8 Conclusions
- Several corrosion fatigue tests have been carried out using compact tension
specimens considerably larger than generally used in the literature. The use of a
novel and accurate crack measurement technique allowed crack growth rates and
transients to be reliably determined.
- The results of the fatigue tests indicated that, in large specimens, corrosion crack
growth rates can become rate-limited by the diffusion of hydrogen through the
bulk of the specimen. This observation is consistent with the assumption that the
main contribution of hydrogen charging in the process zone is via external
surfaces, and not via the crack tip.
- Several important transient effects have been demonstrated for conditions under
which steady-state hydrogen charging has not been achieved. In particular, the
growth rates due to small cycles following high-low load transitions may be
higher than predicted from constant amplitude K-increasing tests where
steady-state hydrogen charging has been achieved.
- A range of material response data sets may be required for accurate modelling
of tubular joint corrosion fatigue test results, rather than a single set of material
response data, due to the influence of specimen size on the testing time required
to achieve steady-state hydrogen charging.
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CHAPTER SIX
Corrosion fatigue fracture mechanics prediction for tubular joints
6.1 Introduction
Preliminary fatigue fracture mechanics modelling was carried out at the end of
Chapter 4 in an attempt to predict the form of the crack growth curves measured
during the variable amplitude corrosion fatigue tests on tubular joints presented in
that Chapter. Two problems were highlighted by this analysis. In the first instance,
the corrosion fatigue material response data chosen for the analysis did not correctly
reproduce the fluctuations in corrosion fatigue crack growth rate which were
observed in the tubular joint tests. Several new sets of corrosion fatigue material
response data were obtained from further tests to address this aspect of the modelling;
these were presented in Chapter 5. The other major limitation of the modelling carried
out in Chapter 4 was concerned with the accuracy of the stress intensity factor
solution chosen for the tubular T-joint geometry. The solution used was the
semi-empirical Two Phase Model [6.1]. It was found that this model produced
excessively long fatigue life predictions when an initial flaw size of less than 0.25mm
deep was used in the analysis. Crack shape data monitored during the tests indicated
that 0.25mm was an unrealistically large estimate of initial crack size. Data obtained
from the literature [6.2, 6.3] also indicated that initial defect sizes in manual welds
on the relatively thin material of the tubular joints analysed would be expected to
be less than 0.25mm. To address this aspect of the modelling, an alternative stress
intensity factor solution has been derived from an earlier empirical model, the
Average Stress Model [6.4]. This solution has been combined with the new material
response data presented in Chapter 5 to produce more accurate fatigue crack growth
predictions than those presented in Chapter 4. The methodology used to make these
predictions is essentially the same as that employed previously, except that different
material response data and a different stress intensity factor solution are used here.
The modification to the stress intensity factor solution has been obtained through
the use of a procedure which permits the estimation of experimental stress intensity
Y factors from variable amplitude corrosion fatigue test data.
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6.2 Estimation of Y factors from variable amplitude seawater test data
One of the simplest means of determining the stress intensity modification factor,
Y, for a complicated component such as a tubular joint is to carry out a fatigue test,
and measure fatigue crack growth rates as a function of crack size. Using suitable
Paris law data obtained from fracture mechanics specimens, it is possible to use the
basic definition of stress intensity factor to estimate the Y factor from the growth
rate measurements. This procedure was described in Chapter 1 and is the method
which was used to develop both the Two Phase Model and the Average Stress Model.
It is relevant therefore to reproduce the analysis here.
Expressing the Paris law in terms of the experimental (exp) variables.
da

—
dN.

exp

=

CiAK^X

(6.1)

and combining this with the basic definition of stress intensity factor,

(6 .2)

gives the experimental stress intensity modification factor, Yg^p, as a function of
stress range, crack size and growth rate, and the Paris law constants.

l (—

Under variable amplitude loading, a weighted average stress range can be used in
place of Ac. This weighted average stress range is calculated from the probabilistic
distribution of cycles and the appropriate constant amplitude Paris law exponent
using Equation (3.2).
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Under variable amplitude loading, therefore, the expression for Y™ becomes;
\l/m
^f — Y

(6.4)

= 0

XAor^(Aa,)J ^|nâ
where P(Aa,) is the probability of occurrence of the ith of j stress ranges, Aa,.
As discussed previously, it is not possible to use this procedure in the current form
for tests conducted under the combination of variable amplitude loading and a
corrosive environment, since more than one value of C and m is required to represent
the complete constant amplitude corrosion fatigue material response. However, with
a small modification it is possible to estimate experimental Y factors from variable
amplitude corrosion fatigue test data. This procedure is illustrated schematically in
Figure 6.1. The stress range distribution is first used to calculate an arbitrary
distribution of stress intensity factor ranges, AK^. No information about crack size
or Y factor is required to do this, since at any particular instant during crack
propagation, AK^ is proportional to Aa^. This distribution of AK^ ranges may then be
used to calculate a distribution of crack growth rates, and therefore a weighted
average growth rate, using an appropriate multi-segment representation of the
constant amplitude corrosion fatigue material response. This weighted average
growth rate is then paired with any stress intensity factor range characteristic of the
range covered by the AK^ distribution. This could be, say, the minimum or the
maximum stress intensity factor in the A^i distribution, but it is more useful to choose
the value obtained by calculating the cube root mean cube of the A^i distribution,
AKcmcy as this value should be close to the true corrosion equivalent AK range. The
A^i distribution is then shifted along the AK axis by a small increment, and the
process is repeated. This produces another pair of growth rate and A^cmc values. If
the process is repeated across the entire range of A^cmc values of interest, the set of
pairs of values produced will form a smooth curve which should pass somewhere
through the middle of the multiple segment constant amplitude material response,
as shown for the WASHWA sequence in Figure 6 .1. This curve represents the effect
of the "shape" of the stress range distribution on crack growth rates for the particular
constant amplitude material response. It is then possible to carry out a linear
regression of log(A^c^J on log(daZdN) to obtain a relationship expressing AK^mc as
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a function of da/dN. Using a WASHWA rainflow count distribution (Figure 3.14),
and the short-term corrosion fatigue material response defined by Equations
(5.1 la,b), this relationship is given by;

f o r ^ > 2 x 1 0 ^^m/cycle
dN
AK

=

10^{24.4325658 + 8.8791842 l o / ^
I dN
/

4-1.32849098 log
V

da
< 2 x1 0
dN
AK

\\2

da
da
+ 0.0988830105 log
ydNjj
y d N jj

+ 0.0036066609 log

and for

(6.5a)

y d N jj

da
4-0.0000509694|^iog|^—

ml cycle

=

10^ 25.558022233 + 0.0275406224 log

(6.5b)

The experimentally-determined crack growth rates from the tubular joint tests may
be used as input to the relationship above, to calculate a cube root mean cube stress
intensity factor range, A^cmc» corresponding to each experimental growth rate, and
hence corresponding to each experimental crack depth. Since this stress intensity
factor is a cube root mean cube value, then by using the cube root mean cube of the
stress range distribution ACcmc &nd the experimental crack depth, it is possible to
estimate Y^^p;
AK.
exp

(6.6)

The procedure described above has been used to estimate Y factors from the growth
rate data gathered during the T-joint tests. In the specific case of multi-seastate load
sequences, it is necessary that the load sequence is relatively stationary over the
cyclic sampling interval used to determine the growth rates. Of the multi-seastate
sequences used in the tubular joint tests, only the three seastate sequence WASHWA
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is sufficiently stationary to be analysed in this way. In the WASHWA tests (C l, C2,
and C3), crack depth measurements were made every 10,000 cycles. The crack
growth curves obtained at these intervals did not exhibit particularly large
fluctuations in growth rate in the early stages of crack propagation. This is to be
expected since the weighted average stress range calculated from successive
intervals of 1 0 , 0 0 0 cycles does not fluctuate by more than +/- 1 0 % from the weighted
average stress range calculated for the entire WASHWA sequence, as shown in
Figure 6.2. The stress range distribution obtained by cycle counting of the entire
sequence may therefore be used during each crack growth interval. Since a single
stress range distribution is being used to characterise the WASHWA loading, it is
important to remove the small fluctuations in the crack growth curve resulting from
the small degree of non-stationarity. A suitable numerical technique which removes
these fluctuations, whilst still retaining the basic shape of the crack growth curve,
involves calculating an average from three consecutive data points. These three
points are defined as the data point under consideration, together with the points
immediately before and after. The effect of this smoothing technique on the early
part of the crack growth curve for test C3 is shown in Figure 6.3. The growth rates
were then derived from the smoothed crack growth curves, using the following
simple relationship;
da
dN,

+
=

The experimental Y factors obtained for tests C l, C2, and C3 using the procedure
described above are shown in Figure 6.4, together with the Y factor predicted by the
Two Phase Model. Figure 6.5 also shows the same data, but on an expanded scale,
showing the Y factors for crack depths of less than 1mm. It can be seen that the Y
factors predicted by TPM are not a good representation of the experimentally-derived
data, particularly for crack sizes smaller than 1mm deep. In fact, the Two Phase
Model seems to underestimate the Y factor for cracks smaller than about one quarter
of the wall thickness, and overestimates for larger crack sizes.
It is worth pointing out at this stage what an analysis of this empirical nature actually
provides. Theoretically, the Y factor for a structural component can be expressed as
the product of two separate factors; these are Y<j, which is dependent upon loading
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mode, overall component geometry and local geometry, in other words the stress
distribution, and ¥§, which represents the influence of the crack path and crack
geometry. In tubular joints, the stress distribution is often the dominant effect, since
the cracks are usually of very low aspect ratio, so that Y « 7^. Using the empirical
approach, however, the estimated Y factor also incorporates effects due to deviation
from the assumed material response data. In other words, if the material response
changes from the assumed response during crack growth, this will be reflected in
an increase or decrease in the apparent Y factor. Considering Figure 6.5, the predicted
Y factors for all three tests fall on the same curve for crack sizes less than 1mm, so
it is perhaps reasonable to assume that for these crack sizes, the experimental Y
factors are a true representation of the actual Y factor. For larger crack sizes, such
as shown in Figure 6.4, the three tests give Y factors which contain smooth
fluctuations about roughly the same mean curve. This implies that the corrosion
fatigue material response could be continuously changing during each of the tests,
causing the crack growth rate to either accelerate or decelerate. This is exactly the
sort of dynamic corrosion fatigue behaviour which was demonstrated in Chapter 5,
for BS4360:50D steel cathodically protected in seawater. Another possibility is that
the fluctuations could be due to differences in crack shape development between the
tests, perhaps caused by differential material response along the crack front. The
influence of crack shapes on Y factors is considered later. For the present, this
analysis has provided a set of independent Y factor data, which will permit the
derivation of an alternative Y factor solution to utilise in the fatigue fracture
mechanics predictions.
6.3 Development of empirical models for tubular joint Y factors
As discussed above, the Two Phase Model does not appear to give accurate
predictions of the Y factor for the tubular T-joint geometry employed in Chapter 4.
To determine the reason for the poor agreement with the experimental data, it is
necessary to look in detail at how the Two Phase Model was derived. The model is
actually a further development of an earlier approach which was used to derive
another solution, the Average Stress Model. These empirical solutions were
introduced in Chapter 1, and both are described in slightly greater detail below.
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6.3.1 The Average Stress Model
The basic premise of both of the empirical models is the same, which is that the
combined Y„ and Yg factor can be determined by measuring crack growth rates
in a fatigue test in air, and calculating an experimental stress intensity factor for
the deepest point of the crack from suitable material response data, such as
Equation (5.3). It was realised [6.4] that the Y factors so obtained could be
expressed in exponential form, and further that both the constant and the exponent
in the exponential relationship could be expressed as a function of the average
stress parameter. As defined in Chapter 1, the average stress parameter is equal
to the ratio of the hot-spot stress to the average stress around a tubular joint
intersection. The average stress parameter is thus a measure of the uniformity of
the distribution of stress around the intersection, and depends on joint
configuration, geometry, and mode of loading. The derivation of the Average
Stress Model required curve fitting of several sets of experimental Y factor data
using an exponential relationship. Linear relationships were then derived
expressing A and j as functions of the average stress parameter, ASP;
( j ’V
Y

= A

(6 . 8 )

where A = 0 .7 3 -0 .1 8 A ^ f
and; = 0.24-h0.06A5P
Five sets of data from different joint geometries were used, covering a range of
average stress parameter from 1.18 to 2.22. One of these data sets was for a T-joint
under axial loading, similar in all respects to the T-joint geometry described in
Chapter 4, with the exception of having a brace wall thickness of approximately
13mm instead of 16mm. All of the data sets were for joints with a 16mm chord
wall thickness. A further parametric analysis was also carried out to incorporate
the effect of joints of other than 16mm chord wall thickness. A relationship
developed using UKOSRPI data [6.5] was used, which expresses fatigue life as
a function of thickness, and a slightly different formulation was obtained based
on three parameters, each of which is linearly related to the average stress
parameter.
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6.3.2 The Two Phase Model
The Two Phase Model was developed using essentially the same modelling
procedure as the Average Stress Model, but considered the crack growth to consist
of two separate phases, an initiation - early growth phase and a propagation phase.
The intention of the model was to incorporate the thickness effect on Y factor in
a more rigorous manner. The two phase approach was used since various fatigue
test data had indicated that the thickness effect was predominantly manifest in
the early stages of crack growth (see Chapter 2). To develop the model,
experimental Y factors were obtained for three X-joints of chord thicknesses of
25mm, 35mm, and 45mm. These were analysed in conjunction with four of the
five data sets on which the Average Stress Model was based. The analysis was
performed for the initiation and propagation phases separately, to give the
following formulation;

Y = MB

(6.9)

where
Af = 1 for

a > 0.257

M = (0.257/a )"^

for

(initiation phase)
a < 0.257

(propagation phase)

and
B = (0.669 - 0.1625ASP).(r/0.016f"
k = (0.353+ 0.057AS/’).(r/0.016)'""”

p = 0.231.(r/0.016)-'"p°"5°"
5^ is the hot-spot stress concentration factor
p is the brace/chord diameter ratio
The parameterp controls the early growth phase, and was assumed to be a function
of local weld profile and notch stress. The thickness, diameter ratio and hot-spot
stress concentration factor were chosen to model p since these parameters were
assumed to control the general weld profile. The lower the value of /?, the higher
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the value of M, and hence a higher Y factor. This formulation implies that the
baseline (unmodified) Y factor is for a fictitious, infinitely thick joint, (i.e. one
for which M —> 1 at all o/7), and the Y factor is reduced for progressively thinner
joints, but only in the region where alT < 0.25.
The Two Phase Model was found previously to be inaccurate for the T-joint
geometry described in Chapter 4, despite the fact that one of the data sets used
to determine the model was obtained from a very similar T-joint geometry. It is
appropriate now to discuss why this could be so. The exponent which determines
p a s a function of thickness is a relatively strong one (-1.71, Equation (6.9)), and
this means that for thicknesses much larger than the reference thickness (16mm),
the value of M at any value of a/T less than 0.25 does not change much.
Conversely, for thicknesses close to 16mm, the M value changes rapidly. A very
strong thickness effect would therefore be predicted for thicknesses close to
16mm. This contradicts the experimentally observed behaviour, which shows
little or no thickness effect below 16mm chord wall thickness, and a fatigue
strength which decreases exponentially with increasing thickness (see Chapters
1

and 2 ).

This argument can be illustrated by making some fracture mechanics life
predictions using the Two Phase Model, for selected tubular joints scaled over a
range of chord wall thicknesses. For this purpose, one of the X-joint geometries
used to formulate the Two Phase Model, (UCX2 [6.1]), has been selected, together
with the T-joint geometry employed in the fatigue tests described in Chapter 4.
Fatigue lives have been predicted for an air environment according to Equation
(5.3), at a constant amplitude hot-spot stress range of 160MPa, using initial crack
sizes of 0.1mm, 0.25mm, and 1.0mm, and over a range of chord wall thicknesses
from 10mm to 100mm. The procedure used involved calculating the number of
cycles to increment the current crack size by 0.00IT by integrating Equation
(5.3), and summing these cyclic intervals over 1,000 increments to obtain a total
fatigue life. A fatigue strength at 2x10^ cycles was then calculated for each
prediction assuming an SN curve with a slope of -1/3. The resulting fatigue
strengths are plotted as a function of chord wall thickness in Figure

6 .6

for the

X-joints and Figure 6.7 for the T-joints. Also shown in these Figures is the
thickness relationship proposed by the UK design guidance ([6 .6 ], Equation (1.6)
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using a thickness exponent of 0.3 instead of 0.25), and arbitrarily located along
the y-axis to facilitate comparisons. It can be seen that the Two Phase Model
predicts the recommended thickness effect well for large joints, but the agreement
is poor for thinner joints. This is not surprising, since as mentioned above, an
infinitely large joint (i.e. M —> 1) was used as the baseline in the Two Phase
Model formulation. The effect of initial crack size in Figures

6 .6

and 6.7 is

interesting. For an initial crack depth of 1mm, the model predicts the thickness
effect very well over the entire thickness range. For smaller initial defects, the
Two Phase Model predicts much greater fatigue strengths for smaller joints than
indicated by experimental results. This suggests that the model was only derived
from crack sizes greater than 1mm deep. Perhaps if growth rate data for smaller
cracks had been available, the p parameter would not have been formulated with
such a strong dependence on chord wall thickness.
The analysis above shows that the Two Phase Model does not predict the Y factor
for the 16mm T-joints accurately because the thickness effect was not modelled
using sufficient data. The main difficulty seems to concern the interaction of
thickness effect with initial crack size, which was not included in the model,
presumably due to a lack of available data. The chord thicknesses of the three
X-joints (25mm, 35mm, and 45mm) were possibly large enough for the
through-thickness crack growth to dominate the fatigue life, as the significance
of initial defect size would be reduced for these joints. This is indeed supported
by Figure 6 .6 . This is an important aspect of the fracture mechanics modelling,
since experimental observations [6.2,6.3] suggest that initial defect sizes decrease
with decreasing plate thickness, such that accurate modelling of small cracks
becomes crucial for thin joints.
6.4 Estimation of T-joint Y factors using a modified Average Stress Model
The experimental Y factors derived in Section 6.2 are plotted together with the Y
factors predicted by the Average Stress Model (Equation (6 .8 )) in Figures

6 .8

and

6.9. From these Figures, it can be seen that this model predicts the shape of the Y
factor curve very well, particularly for small crack depths. However, considering
only the small crack depths, the Y factors estimated using the Average Stress Model
are approximately 15% higher than the experimental estimates.
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The majority of the fatigue test data from which the Average Stress Model was
derived were obtained under variable amplitude loading using a load sequence
generated from a single double-peaked power spectrum, as described in Reference
[6.7]. The effective bandwidth parameter, e, calculated from this spectrum using
Equation (1.1) is 0.6, and a clipping ratio of 3.9 was used for testing. This load
sequence is referred to hereafter as UCLDP. In Reference [6.4], Equation (5.3) and
a relationship similar to Equation (6.4) were used to determine the experimental Y
factors from the UCLDP fatigue test data. However, the weighted average stress
range used to characterise the variable amplitude load sequence was calculated from
a stress range distribution obtained using simple range counting. If a rainflow stress
range distribution had been used in formulating the Average Stress Model, then the
parameter A in Equation (6 .8 ) would have been different, since the weighted average
stress range calculated from a rainflow SRPD is different to that calculated from a
range SRPD, as discussed in Chapter 3. It is possible that this is the source of the
discrepancy between the predicted Y factors and the experimental estimates (Figures
6 .8

and 6.9). In Chapter 5, it was demonstrated that a weighted average stress range

based on a rainflow count provided the best correlation between variable amplitude
(WASHWA) loading and constant amplitude data for BS4360:50D steel. This
implies that the Average Stress Model, in it's current form, is not suitable for fatigue
fracture mechanics modelling under constant amplitude loading.
There is no record in the relevant literature of a weighted average stress range for
the UCLDP sequence calculated from a rainflow SRPD. It is therefore necessary to
infer the ratio of equivalent stress calculated using range counting to that determined
from a rainflow count. The difference between rainflow and range cycle counts
derives from the proportion of "cycles within cycles". Where there are no cycles
within cycles, the sequence is narrow band, and the rainflow and range methods
produce identical distributions of cycles. The difference in cycle counts is therefore
expected to be dependent upon the sequence bandwidth. If the ratio of equivalent
stresses can be determined as a function of sequence bandwidth, then it should be
possible to obtain a correction factor for the UCLDP sequence to apply to A in the
Average Stress Model.
The sequences used in the current T-joint corrosion fatigue tests were generated
from several spectra rather than a single seastate. The effective bandwidth of
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multi-seastate sequences can be determined from the individual seastate bandwidths
by using the relationship between irregularity factor and bandwidth, Equation (1.1);

/

= V l-e^

(6.10)

According to the definition of 7, the proportion of signal peaks below the mean level
is given by;

Proportion of -ve peaks

=

1- I

(6.11)

Using Equation (6.11) it is possible to calculate the proportion of negative peaks in
a multi-seastate sequence, from the individual seastate values combined in
proportion according to the number of cycles of each seastate. This value can be
used to determine the effective bandwidth for the complete sequence by inverting
first Equation (6.11) and then Equation (6.10). The ratio of rainflow to range
equivalent stress range obtained from cycle counting is shown in Figure 6.11 for the
three multi-seastate sequences (WASHWA,B,C), as a function of the overall
effective bandwidth. Also shown in this Figure are results for the individual
WASHW seastates. Recalling that the spectral bandwidth of the UCLDP sequence
was 0.6, it is unlikely that the required factor of 15% can be justified from the
scatterband of the data for the WASHW sequences.
The bandwidths plotted in Figure 6.10 are spectral bandwidths, derived using
moments of the power spectral density function and Equation (1.1). For the WASHW
sequences, it is also possible to estimate the sequence bandwidth directly from the
sequence of generated turning points, by counting the number of negative peaks,
and then using Equations (6.10) and (6.11). This method should be more accurate,
since it calculates the bandwidth of the sequence actually generated from the seastate
spectra. Using this approach, the bandwidths calculated for WASHW-sequences are
found to be significantly reduced compared to the spectral bandwidths. This effect
is documented in the WASH User Manual [6 .8 ], and is a consequence of fitting half
sine waves between major sequence turning points, ignoring very small signal
fluctuations. The ratio of the equivalent stresses calculated from range and rainflow
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counts is plotted against the revised bandwidths in Figure 6.11, for the eight WASHW
seastates. From this Figure, the correction factor from range to rainflow counting is
approximately 15% for a bandwidth of 0.6, as required.
The experimental Y factors are shown in Figures 6.12 and 6.13 together with the
prediction obtained using the Average Stress Model reduced by a factor of 15%.
The prediction now provides a very acceptable fit to the experimental data for small
crack sizes. The prediction also fits the average Y factors pertinent to the later stages
of crack growth. In this region of crack growth, the experimental Y factors are
affected by crack shape and dynamic corrosion fatigue material response effects,
and these will have to be dealt with on an individual basis. Nonetheless, it seems
that the modified Average Stress Model provides an acceptable solution for the
T-joint Y factors, and will be used in the following Sections to model the
multi-seastate corrosion fatigue crack growth curves, and to make tentative
predictions in the service life regime.
6.5 Prediction of crack growth using the modified Average Stress Model
It is now possible to attempt to model the fatigue crack growth curves for the
multi-seastate tests described in Chapter 4, using the modified Average Stress Model
in conjunction with the various corrosion fatigue material response models
developed in Chapter 5. The purpose of this modelling exercise is to show the
dynamic nature of the corrosion fatigue material response under multi-seastate
variable amplitude loading. The modelling should also indicate the trend in material
behaviour for tubular joints as the operating stress is reduced, thereby increasing the
testing time. This should permit some tentative prediction for stress levels typical
of operating conditions. Initially, the crack growth curves have been modelled using
only the data derived from the constant amplitude test CACORl. Subsequently,
improved predictions have been obtained by using a combination of the corrosion
fatigue response models derived in Chapter 5. Prior to the corrosion fatigue
modelling, however, the modified Average Stress Model has been used to predict
the fatigue lives in air for the UK design guidance tubular joint database [6 .6 ].
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6.5.1 Prediction of in-air fatigue lives for tubular joint database
The tubular joint fatigue results comprising the UK design guidance database
were shown in Chapter 1. The data for 16mm chord wall thickness T-joints have
been predicted using the modified Average Stress Model, in conjunction with the
in-air material response data quoted in Chapter 5. The data for medium to high
R-ratio (Equation (5.3)) were used in the analysis, since all of the joints in the
database were tested in the as-welded condition; this implies that reasonably high
mean stresses may be assumed to exist for a large part of the crack propagation
regardless of the applied mean stress. The crack propagation lives were predicted
using the same approach as used to predict the thickness effect for the Two Phase
Model in Section 6.3.2, i.e. constant amplitude loading, and 1,000 crack intervals
in the integration. Incorporation of an initiation life into the prediction was
straightforward, since initiation lives (N^ and Ng) are quoted in the design
guidance, in addition to the lives to through-wall cracking (Nj). A regression
analysis was used to give N 2 as a function of stress range;
log(A^2 ) =

13.955-3.692 log(Ao)

(6.12)

It is likely that the initiation lives defined by Equation (6.12) correspond to a
range of initial crack sizes. For this reason, the crack propagation analysis has
been carried out assuming two different initial defect sizes, namely 0 . 1 mm and
0.5mm. The results of these analyses are shown in Figure 6.14, together with the
16mm tubular T-joint data. It can be seen that the analysis predicts lives which
are shorter than the mean fatigue life. However, the database includes test results
under out-of-plane and in-plane bending, in addition to axial loading. The average
stress parameter, and therefore the Y factor, is different for different loading
modes, as discussed in Chapter 1 and Section 6.3.1. If the data are separated out
into the different loading modes, and the appropriate average stress parameter is
used to calculate the Y factor, then the agreement between the predictions and
the experimental results should be improved. The results for axial and
out-of-plane bending are shown in Figure 6.15, and there is now much better
correlation between the predictions and the data.
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6.5.2 Predictions using a single corrosion fatigue material response model
The modified Average Stress Model has been demonstrated above to be accurate
for modelling crack growth in 16mm tubular T-joints, of similar geometry to
those tested in this investigation. The model will now be used to predict the crack
growth measured in the T-joint corrosion fatigue tests described in Chapter 4.
The methodology used to make the following predictions is the same as that used
in Chapter 4, except that the CACORl data (Equations (5.1 la,b)) have been used
as the material response model, and the modified Average Stress Model used to
calculate the Y factor. In Chapter 4, the crack growth analysis was carried out
from zero cycles using an initial crack size of 0.25mm. In the predictions made
here, the calculations were started from the number of cycles to "initiation" as
measured in Chapter 4, at which point a crack of 0.1mm depth is assumed to have
developed. This analysis involves reading seastates from the appropriate seastate
sequence file until the number of cycles corresponding to the initiation life is
reached, and then carrying out the crack growth prediction from that point in the
seastate file. This is an important feature of the modelling because no mechanism
of fatigue damage corresponding to crack depths less than 0 . 1 mm has been
considered. If the experimentally-determined initiation lives are not used, the
resulting crack growth predictions will be out of step with the experimental
measurements, making comparison difficult.
The predicted crack growth curves for the six T-joint corrosion fatigue tests are
shown in Figures 6.16-6.21. The early crack growth (<2mm) for tests Cl,C2, and
C3 is predicted particularly well, as are the average growth rates during the main
propagation phase. The ratios of predicted propagation life to experimental
propagation life for these three tests vary from .94 to 1.10, which represents a
considerable improvement over the modelling in Chapter 4. However, there is
some inaccuracy in the prediction of the propagation phase in tests C l and C2.
In test C l, there is a period of slow growth between 4mm and 6 mm. Referring
to Figure 4.26, this transient is accompanied by a sharp fall in crack aspect ratio.
This implies that the crack growth rate was reduced in the depth direction, while
the growth rate along the surface was maintained. The transient is therefore
unlikely to be due to some change in global environment or stress history. It is
possible that the rate of growth in real time was sufficiently fast such that the
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deepest point of the crack propagated into a region of material which was not
significantly affected by the environment. The lower crack velocity during the
transient would allow accumulation of hydrogen to re-establish, thus raising the
growth rate again. In test C2, the growth rate is initially faster than predicted up
to a crack depth of 4mm, but is then slower for most of the remaining life. This
may also be a crack shape effect. Referring to Figure 4.29, test C2 produced a
crack which was of significantly higher crack aspect ratio than the other tests. It
is possible to use the Newman-Raju [6.9] stress intensity factor solution to
examine the effect of crack shape on the stress intensity factor for this test, since
the crack depths under consideration are sufficiently large that the notch effect
can be ignored. Using this solution combined with a linear moment release model
(see Chapter 1), the difference between the stress intensity factors calculated for
the actual crack aspect ratios in test C2, and those calculated using the average
crack aspect ratios measured in the other tests is estimated to be of the order of
10%. The average growth rate during the main propagation phase predicted using
the equivalent stress range for test C2 reduced by 10% was found to be close to
the experimentally-measured growth rate.
The prediction for the early growth in test C4 is not as good as for tests C1-C3,
with the crack growing much faster than predicted up to a depth of 4mm. Beyond
4mm, however, the average growth rate seems to be reasonably well predicted.
The predictions for tests D1 and D2 show a similar trend, with periods during
which the crack is growing faster than predicted, resulting in considerable lack
of conservatism in the predictions. This is exactly the sort of behaviour which
was expected from the results presented in Chapter 5. It is possible to qualitatively
incorporate these accelerated growth effects into the crack growth modelling by
using one or more of the alternative material response models derived in Chapter
5, as described in the next sub-section.
6.5.3 Predictions using multiple corrosion fatigue material response models
Three corrosion fatigue material response models were proposed in Chapter 5,
shown below in increasing order of severity of environmental degradation;
(i)

Test CACOR1, which represents a situation where the growth rate may be
limited by diffusion rate
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(ii)

Average of Scott & Thorpe data for R=0.5,-0.85V and R=0.7,-1.1V, for
situations where crack growth may become rate-limited by the supply of
hydrogen

(iii)

Similar to (ii) above, except with the growth rate plateau extended down
to all AK values above threshold to account for high-low dynamic effects.

Models (ii) and (iii) have been used in conjunction with (i) (the CACORl data)
to make revised predictions for tests C4, D l, and D2, since these indicated
experimental growth rates which were faster than the simple CACORl
predictions. The procedure used to implement exchanges between the models
was very simple. If the growth rate prediction using a particular model was found
to be consistently faster or slower for a period of crack growth of 2 mm, then those
2

mm of the prediction were discarded, and the material response was changed

to either a less or more severe model. The predictions obtained using this approach
are presented in the following paragraphs.
The prediction for test C4 is shown in Figure 6.22, and was made using model
(ii) up to a crack depth of 7.5mm, and model (i) thereafter. The growth rates are
now modelled very well for most of the experimental curve, except for crack
depths of less than 1mm. The use of model (iii) for this range of crack depths
cannot reasonably be justified since significant high-low transitions of cyclic
stress intensity factor are not experienced during this stage of crack growth. Model
(iii) is only applicable to situations where the range of stress intensity factor has
previously been at a much higher level. An alternative reason why the very early
crack growth rates in test C4 could have been higher than predicted concerns the
crack shape. It was discussed in Chapter 4 that in the majority of the tests, multiple
cracks existed for crack depths less than 1 mm, after which point these cracks
were observed to coalesce into a single crack. In test C4, however, two cracks
seem to have initiated almost touching, such that in this test the crack lengths
corresponding to depth measurements of less than 1 mm were much greater than
those in the other tests. This is shown in Figure 6.23, which shows the crack
length as function of crack depth on linear scales. The individual crack lengths
in most of the tests were approximately 10-15mm up to a depth of 1mm, around
which point coalescence occurs. The crack lengths in test C4 were approximately
three times greater during this period. A long crack would be expected to
experience a higher stress intensity factor at the deepest point than a short crack
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of the same depth, and would therefore grow at a faster rate. Comparing the
experimental and predicted growth rates in Figure 6.23, the crack was growing
approximately six times faster than predicted. By making predictions up to 1mm
depth using different hot-spot stresses, it was estimated that the stress intensity
factor would have had to have been approximately 2 0 % higher to cause a sixfold
increase in crack growth rate. It is plausible that an increase of this order could
result from the greater initial length of the crack in test C4. Quantitative
verification of this assumption would require a theoretical fracture mechanics
model capable of modelling both the notch effect and the highly non-linear stress
distributions in both the depth and length directions; a solution of this type is not
yet available. However, if the growth of cracks less than 1mm deep is ignored,
accurate prediction of the growth rates for the remainder of the test can be achieved
by setting the initial crack size equal to 1mm, as shown in Figure 6.24.
The predictions for tests D l and 0 2 are shown in Figures 6.25 and 6.26. Test D l
has been modelled by assuming material response model (i) up to a crack depth
of 7.5mm, followed by model (ii) thereafter. The agreement between the
experimental and predicted curves for this test is very close, particularly for small
cracks. Test D2 has been modelled using model (ii) for the entire crack
propagation. The modelling of this test agrees very well up to a crack depth of
about 2 mm, at which point the experimental crack growth rate increases sharply.
This feature can be modelled by introducing model (iii) for the period of crack
growth between 2mm and 7mm, as shown in Figure 6.27. After 7mm, the
re-introduction of model (ii) up to chord wall penetration produces accurate crack
growth prediction again, except during the period of slow crack growth between
12mm and 14mm. This is perhaps an experimental artefact, since a faulty seawater
circulation pump was replaced at 2,580,(X)0 cycles, causing corrosion products
lying on the base of the cell to be stirred up. These were observed to settle on the
top surface of the specimen, in which the failure crack was located. It is possible
that debris may have entered the crack, resulting in crack-face wedging and
therefore a reduction in the effective stress intensity factor range, particularly as
the fracture surfaces of this crack were subsequently found to be coated with a
thick calcareous layer, which was not observed on any of the other fracture
surfaces.
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6.5.4 Discussion of corrosion fatigue crack growth predictions
The crack growth modelling presented in the previous sub-sections has illustrated
the dynamic nature of corrosion fatigue material response in tubular joint tests
conducted using multiple seastate variable amplitude loading. The corrosion
fatigue crack growth rates developed during the tests seem to be dependent upon
many variables such as stress intensity history, crack shapes, and, in particular,
the relative velocity of cracks in terms of cycles and real time. Where the crack
propagation occurs over a relatively short period of time (less than about one
month), the mechanical component of crack growth can be sufficiently rapid to
cause the environmental degradation to be limited by the rate of diffusion of
hydrogen through the bulk of the material. Thus the maximum environmental
damage is less than would be expected from the results of typical small-scale
compact tension specimen tests subject to the same external test conditions. Not
surprisingly, this appears to be the case for the shorter, higher stress tests carried
out using the WASHWA sequence. When the operating stress is reduced, the
longer testing times allow conditions of steady-state hydrogen charging to
develop, and the material response becomes characteristic of the small specimen
data. In this case, the growth rates are limited by the steady-state supply of
hydrogen from the immersed surfaces.
As more seastates are included in the load sequence, and the overall equivalent
stress is further reduced, such that during certain periods the average crack
velocity may become very low or even zero, a much greater quantity of hydrogen
can accumulate in the process zone, which may be uncharacteristically large due
to the plastic (or process) zone associated with previous large cycles.
Subsequently, the occurrence of a period of stormy seastates may cause initially
very high growth rates, which are sustained after the storm seastates have passed,
even though the later seastates are of lower magnitude. This effect was
demonstrated in Chapter 5, and seems to explain the growth rate transient which
occurred between crack depths of 2mm and 7mm in test D2. Figure 6.28 shows
this transient period, together with the stress intensity factor history expressed in
terms of seastate equivalent cube root mean cube values. Also shown is the
assumed threshold stress intensity factor range of IMPa^fm. The very high
growth rates during the transient (model (iii)) are "switched on" by the period of
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stormy seastates, and the high growth rates are maintained even when the
equivalent stress intensity factor range falls below the threshold value. There is
still some apparent dependence on seastate severity during the transient, but it
must be remembered that the stress intensity factor history plotted in Figure 6.28
is based on a simple cube root mean cube of the appropriate stress range
distribution, rather than a corrosion equivalent stress intensity factor range.
The trend demonstrated by the results of the tubular joint corrosion fatigue tests,
and by the fracture mechanics growth rate modelling, is that the stress level and
testing time have a very significant effect on the corrosion fatigue material
response which governs crack growth rates. This dependence is essentially a size
effect, which may be explained by the relatively low cathodic currents developed
over the large immersed surfaces, leading to low subsurface hydrogen
concentrations, and hence slow diffusion of hydrogen through the bulk of the
specimen to the crack tip process zone. The critical testing time required to allow
steady-state hydrogen charging conditions to develop within the specimens is
perhaps longer than was previously anticipated. It may be that the pre-test soaking
periods usually employed in corrosion fatigue testing of large-scale tubular joints
should incorporate ripple loading about the mean stress to be used in the
subsequent fatigue test, in order to increase hydrogen diffusion. In addition, it
appears that very long immersion times and periods of low crack velocity coupled
with intermittent periods of high stress cycling can produce transient crack growth
rates in excess of those which would be predicted using material response data
derived from small-scale fracture mechanics specimens. Clearly, this situation is
very similar to what would be experienced in service. The form of the crack
growth curve produced under such conditions appears to consist of relatively
slow crack growth up to some small critical crack size, followed by very rapid
growth to chord wall penetration. This hypothesis is used as a basis for some of
the fatigue life predictions made in the next Section.
6.6 Prediction of high cycle variable amplitude corrosion crack growth
In the previous Section, the crack growth curves for a set of realistic variable
amplitude tubular joint corrosion fatigue tests were accurately modelled for fatigue
lives up to 3 million cycles. It would be useful to use the same modelling techniques
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to predict fatigue lives at much lower stresses, in order to assess the degree of
conservatism in the tubular joint design guidance at representative service lives. Two
different approaches have been used to make high cycle predictions. The first
approach attempts to predict the fatigue lives which would be obtained by carrying
out further corrosion fatigue tests using the WASHWC sequence at progressively
lower operating stresses. This method involves scaling down all of the cycles in
WASHWC, an increasing proportion of which will become non-damaging. A
hypothetical 2 0 -year fatigue test involving about 150 million cycles, would involve
repeating the WASHWC sequence 300 times. However, the WASHW sequence was
originally developed to be representative of the most damaging cycles in one year,
so that repeating it 300 times ought to represent of the order of 100 years. In order
to accumulate fatigue damage in a properly seasonal manner, it is necessary to add
an appropriate number of cycles to the WASHW sequence to make up a full year.
To investigate this effect, a simulation of one year’s stress history has been
constructed from the data from which the WASHW sequence was derived.
Predictions of high cycle fatigue life using these two approaches are presented in
the following sub-sections.
6.6.1 Prediction of fatigue test endurances at low stresses
The methodology employed in Section 6.5 has been used to predict crack
propagation lives for hypothetical corrosion fatigue tests similar to the T-joint
tests D l and D2, which were carried out using the WASHWC sequence. These
predictions should indicate the propagation lives which would be obtained in the
laboratory by conducting fatigue tests at progressively lower stresses. Two
analyses have been made as follows;
PI : assuming material response model (ii) for the entire crack propagation
P2: assuming model (ii) up to a crack depth of 2mm, and the transient model
(iii) thereafter
In order to calculate a total fatigue life for each operating stress level, it is
necessary to estimate the fatigue initiation life. In this context, it is appropriate
to utilise the number of cycles required to produce a crack of 0 . 1 mm depth, since
this was the definition of initiation life employed in Chapter 4. Estimation of the
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number of cycles to develop a crack of 0 . 1 mm depth has been achieved by simply
performing a linear regression on the experimental initiation life data obtained
from the T-joint tests, shown in Figure 4.17. This regression yields the following
relationship for initiation life as a function of equivalent stress level;
log(A^,)

=

13.258-3.76141og(Ao,_)

(6.13)

The total life at a particular stress level has been calculated by adding the initiation
life calculated from Equation (6.13), to the predicted propagation lives according
to either PI or P2. The predicted total lives are shown in the SN plot of Figure
6.29, together with the experimental T-joint data, and the mean and design SN
curves from the design guidance. The difference between the predictions PI and
P2 is small, which implies that the fatigue life is dominated by initiation and
growth of small cracks. The slope of both predictions changes to a much shallower
value below about 90MPa. This change in slope is somewhat greater than that
recommended by the design guidance, and indicates that the design curve is
conservative below about SOMPa. The implication is that if very long fatigue
tests were conducted, under similar conditions to those of test D l and D2, then
these tests would inspire a degree of confidence in the design guidance at long
lives.
6.6.2 Prediction of service life using seasonal damage accumulation
The process of damage accumulation in the very long, hypothetical, fatigue tests
described above is not realistic, since an approximately constant equivalent stress
range was applied throughout each test. In reality, significant fatigue damage
only occurs during storms in the Winter months, the stress history being much
less severe for the remainder of the year. An example of this seasonal
accumulation of damage is shown in Figure 6.30, which was calculated from data
monitored continuously on the Fulmar A platform [6 .10]. In a realistic simulation,
therefore, each repetition of the WASHW history should be separated by a long
period of low seastates. An overall equivalent stress range for the combined
year-round stress history can be determined if an equivalent stress range for this
period of low seastates can be estimated. In order to do this, it is necessary to
consider the seastate data from which WASHW was generated. The eight
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WASHW seastates were extracted from a complete set of twelve seastates,
originally proposed by Olagnon [6.11]. These twelve seastates were based on
analysis of data collected over a period of five years on the Quarters Platform of
the FRIGG field in the Northern North Sea. The extraction process involved
omitting the lowest two of the twelve states plus 75% of the third lowest, and
combining the top three states into a single state, as shown below;

Seastate

H i/3 (m)

number

Fraction of

WASHW

1 year (%)

seastate

AOjniç

Frequency of
peaks

0

1.75

38.5

00

9.03

03589

1

2.55

28.5

0

1530

03548

2

3.40

17.5

1(25% of 2)

22.23

0.2504

3

4.15

7.18

2

28.06

0.2465

4

4.80

3.40

3

32.83

0.2432

5

5.45

2.16

4

37.99

0.2398

6

6.15

1.31

5

42.87

0.2362

7

6.90

0.678

6

49.43

0.2323

8

7.80

0.334

7

56.42

0.2276

9

8.80

0.154

10

10.35

0.0797

8 (cŒnbined)

69.30

0.2194

11

13.60

0.0043

Fraction of 1 year (0-11)

100%

Fraction of 1 year (1-8)

20%

The table shows the AGcmc equivalent stress values based on rainflow counting
for the eight generated seastates. The overall equivalent stress calculated from
these is equal to 34.04, and the sequence comprises 500,000 cycles. The eight
WASHW seastates comprise 20% of the total time for the twelve seastates.
Therefore, WASHW should represent 73 days in one year. The generated
WASHW stress history repeats every 24 days, so that to represent one year, three
repeats of the WASHW history are required totalling approximately 1,540,000
cycles.
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The states which were not generated for WASHW are referred to as seastates 0
and 00 on the right hand side of the table above. The equivalent stress and number
of cycles for states

0

and

0 0

have been estimated from the data for the eight

WASHW seastates. This is a simple procedure, since both frequency and
are linearly related to the significant wave height, as shown in Figure 6.31. The
estimates of equivalent stress and frequency are shown in bold type in the table
above. The part of the year-round loading which was not generated for WASHW
can therefore be represented by 6,460,000 cycles with Aa„„c= 14.92. The complete
simulation of the year-round equivalent stress history is represented by 8 ,0 0 0 , 0 0 0
cycles of Aac;„c,overai/=21.74, and is shown in Figure 6.32.
The procedure for estimating fatigue lives using the year-round simulation
involves calculating fatigue crack growth during the periods of WASHW cycling
according to PI above, and introducing 6,460,000 cycles with no crack growth
in between each period of 1,500,000 cycles of WASHW seastates. The WASHW
cycles occur at a higher equivalent stress range than the overall equivalent stress
range, and are scaled by the ratio of the WASHW equivalent stress range to the
year-round equivalent stress as shown below;
34.04 ^
^ ^ c m c ,W A S H W

“

2%

(o.l4)

Total fatigue lives have been estimated by adding an initiation life, calculated
from Equation (6.13), to the propagation lives obtained from the crack growth
predictions. These total fatigue lives are plotted against AOcmc.ovcra// in Figure 6.33.
For lives of less than one year, à(5cmc,wASHwhas been used to plot the points rather
than A(ycmc,overaih

these data effectively represent further hypothetical fatigue

tests. The predicted fatigue lives fall exactly along the 16mm design "T" curve.
This implies that the "T" curve is unconservative for all stress ranges.
The predictions obtained using the two approaches are compared in Figure 6.34,
which indicates that the WASHWC test predictions are significantly conservative
with respect to the more realistic seasonal damage predictions, for representative
service lives. Thus, it seems that further tests conducted using WASHW
sequences at low stresses may incorrectly characterise the in-service fatigue
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behaviour, perhaps inspiring false confidence in the current design guidance. The
main difference between the two approaches concerns the accumulation of fatigue
damage when the crack size is small. A typical crack growth curve predicted
using the seasonal approach is contrasted with a similar curve predicted by scaling
the WASHWC sequence in Figure 6.35. The seasonal approach produces damage
accumulation which agrees well with the continously-monitored data shown in
Figure 6.30.
6.7 Estimation of equivalent stress ranges from a two-segment SN curve
The high cycle corrosion fatigue fracture mechanics life predictions described above
were assessed in terms of an equivalent stress range calculated as the cube root mean
cube of the stress range probability distribution obtained from rainflow counting,
ACcmc- This equivalent stress parameter correctly represents the situation where all
of the significant stress ranges in the stress range probability distribution lie on an
SN curve defined by a single exponent of 3. In Chapter 4, Section 4.9, calculations
of Miner’s summation indicated that this interpretation was reasonable for equivalent
stress ranges above 60MPa, which is close to the stress range where the two-segment
design SN curve (the "T" curve) changes slope from -1/3 to -1/5. However, some
of the high cycle fatigue endurance predictions presented above were for equivalent
stress ranges below 60MPa. For these data points, it is therefore anticipated that
there may be a more significant difference between the equivalent stress range
calculated from a single-segment SN curve with a slope of -1/3, and that calculated
using the two segments of the "T" curve.
To provide the correct presentation of high cycle fatigue life predictions, it is
necessary to re-calculate the equivalent stress range using both segments of the SN
curve. Recalling the probabilistic definition of the equivalent stress range (Equation
(3.2));
f k

L((Aa,)'"P(Aa,))
V =1

(6.15)

J

it is simple to use the appropriate exponent m to weight each stress range, depending
on the segment of the SN curve that a particular stress range lies on. However, it is
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not possible to select the correct power of the root in Equation (6.15), which should
lie somewhere between 3 and 5. However, it is possible to use a virtual damage
method similar to the equivalent growth rate approach described in Chapter 3, to
determine the equivalent stress range for an SN curve with several segments. The
distribution of stress ranges, ACj, in the stress range probability distribution may be
used to determine a distribution of failure lives,

given by;

(6.16)
Aa,-

where Cj and mj define the SN curve segment,^, on which the particular stress range,
ACj, lies.
The probability of occurrence, P(AcX of each stress range, AOj, may be used to
calculate a virtual Miner’s damage fraction corresponding to each stress range or
failure life. This approach implies that the complete stress range probability
distribution represents a total of one (virtual) cycle. These virtual Miner’s fractions
may then be summed to give a total virtual Miner’s damage fraction, which has a
probability of occurrence equal to 1. Thus, the inverse of the total virtual Miner’s
fraction gives the equivalent number of cycles at failure, N^q. The equivalent stress
range for the multiple-segment SN curve is then calculated by inverting Equation
(6.16), using the appropriate SN segment, y, under which N ^ lies;

(6.17)

=

This method can now be employed to re-interpret the equivalent stress ranges used
to plot the results of the fatigue fracture mechanics modelling presented in the
previous Section. In order to do this for the seasonal damage predictions, it will
firstly be necessary to create stress range probability distributions for the two
seastates which were not generated as part of the WASHW sequence (seastates 0
and (X), see table in 6.6.2). The ACcmc values for these seastates were calculated
previously using the assumption that

was linearly related to significant wave

height (Figure 6.31). It is therefore expected that the exceedence curves for the two
seastates will also follow in a linear manner from the higher seastates. If exceedence
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curves can be defined for these two seastates, then the required stress range
probability distributions can be obtained by numerical integration. The stress range
exceedences for the eight WASHW seastates are shown in Figure 6.36. The form
of the stress range exceedences for seastates 0 and 00 can be inferred from the
exceedences of the eight WASHW states, by extrapolation of WASHW exceedences
to lower stresses. The WASHW exceedence curves can be closely represented by
an equation of the form;

F(Aa)

=

exp H A G ,/6 )3

(6.18)

Equation (6.18) is similar to the two parameter Weibull relationship mentioned in
Chapter 3, but the terminology used here is not the same as that used in the Weibull
formulation. By trial and error, suitable values for a and b have been obtained as
follows; a=2.2 for both seastates, and h=15.1 for seastate 0 and h=9.22 for seastate
00. These values were obtained by curve-fitting subject to the proviso that the ACcmc
values calculated from the resulting stress range distributions determined by
integrating the exceedence curves were approximately the same as those estimated
from Figure 6.31. Note that the b parameters are almost exactly equal to the ACcmc
values calculated for these seastates (15.3 and 9.03). The exceedence curves for
seastates 0 and 00 are also shown in Figure 6.36, and appear to follow the linear
sequence exhibited by the higher seastates.
Having established stress range probability distributions for all of the seastates used
(1 to 7 for the WASHWC predictions, and 00 to 8 for the seasonal damage
predictions), an overall stress range probability distribution for each situation can
be calculated from Equation (3.6). The procedure described above can then be used
to determine the ratio of the equivalent stress range calculated from the two-segment
(m=3,5) SN curve to that for the single-segment (m =i) curve. The results of these
analyses are shown for the WASHWC test predictions and the seasonal simulations
in Figure 6.37, as a function of the single-segment equivalent stress range AOcmc- As
anticipated, at high values of

there is no difference between the two equivalent

stress ranges, since all of the significant stress ranges lie above the knee in the SN
curve (62MPa). As the stress range of 62MPa is approached, the two-segment
equivalent stress range actually drops below the single-segment value; below
62MPa, the two-segment equivalent stress range rapidly becomes larger than the
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single-segment estimation. This behaviour is a consequence of the assymmetry of
the shape of the stress range probability distribution in relation to the Aa^mc value.
The ratio between the two equivalent stress ranges continues to increase with
decreasing

until all of the stress ranges in the stress range probability

distribution lie on the lower segment of the SN curve. Calculation of the equivalent
stress range according to Equation (6.15) with an exponent of m=5 represents this
upper bound; this was the rationale behind the Miner’s summation calculations made
in Chapter 4, Section 4.9.
The information in Figure 6.37 can be used to re-plot the fracture mechanics
predictions obtained in the previous Section. The revised plot for the notional
WASHWC fatigue tests is shown in Figure 6.38, and for the seasonal damage
predictions in Figure 6.39. As expected, revision of the equivalent stress calculations
results in longer fatigue lives for a given stress range, for stress ranges below 62MPa.
The effect is particularly significant for the seasonal damage prediction, and this
prediction now indicates that the "T" curve is conservative at low stresses. The two
revised sets of predictions are compared in Figure 6.40.
6.8 Implications of corrosion fatigue fracture mechanics modelling results
The corrosion fatigue crack growth predictions made in this Chapter have illustrated
several important aspects of the fatigue behaviour of tubular joints subject to variable
amplitude loading in a seawater environment. The interaction of specimen size with
testing time in determining crack growth rates is a very significant observation, due
to the fact that measured crack growth rates may be lower than the maximum possible,
if testing times are not long enough for a given specimen size. Thus considerable
care must be exercised in applying the results of "so-called" realistic fatigue tests to
design guidance for service conditions. The test parameters in the tubular joint tests
modelled here were combined in a relatively unfavourable manner, i.e. as-welded
tubular joints subject to high mean stress random loading, cathodically protected at
a relatively high potential of -l.OV. Thus, none of the benefits of slow crack growth
resulting from corrosion-product crack-face wedging would be expected, as
discussed in Chapter 2. However, it must be emphasised that such unfavourable
combinations of conditions can occur in fatigue-sensitive locations in service. The
most significant effects seem to be related to mean stress. As discussed in Chapter
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2

, high mean stresses are introduced as a consequence of the welding process, and

by deformations applied during fabrication to facilitate fit-up. Obviously, it is easier
to introduce larger fit-up stresses in relatively small tubulars, so that bracing members
are more likely to become the fatigue-critical components in this respect. Also, high
concentrations of hydrogen are easier to develop near cracks in smaller members,
due to the reduced surface area and tube thickness. In addition, it is possible that
large rates of hydrogen production can occur at complex multi-brace joints due to
surface fouling by molluscs producing sulphide-reducing bacteria, which can retard
the hydrogen recombination reaction as discussed previously. However, the fact that
a greater fraction of the fatigue life is expected for crack growth in thicker joints
means that these joints may also experience severe environmental reduction in
fatigue life. To summarise, the results and analysis presented in this thesis may
represent a worst-case scenario, namely high mean stresses combined with high
hydrogen concentrations, but certainly one which could occur in service.
A methodology for fatigue life prediction at representative service lives has been
developed which, together with the results of the fatigue tests, indicates that the
current fatigue design guidance may not be sufficient to cater for the fatigue-critical
cases described above. The results and analysis indicate virtually no margin of safety
at high stresses, and only a moderate margin for lower stresses. The most recent
suggestion for modification to the "T" curve incorporates a x2 penalty on fatigue
life at high stresses, but no penalty at lower stresses. Compared to the results
presented here, this represents a margin of conservatism that is actually less than the
scatter generally obtained in fatigue tests. If it can be proved that high mean stresses
would be expected to occur during service for a particular location subject to cathodic
protection, then the recommendation of this thesis would be to reduce the design
life indicated by the "T" curve by a factor of 4, over the entire range of applied
stresses.
Another significant implication of the analyses presented in this Chapter concerns
the effect of loading and environmental variables on fatigue damage accumulation.
It is generally believed that relatively large fatigue cracks are present during most
of the fatigue life of tubular joints, due to the structural moment release which
accompanies crack growth. This appears to have been the case for many tubular
joints tested in air. However, the interaction of cathodic protection with random
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amplitude stress histories can drastically alter the pattern of crack growth during the
fatigue life. Depending on the stress level, and the damage accumulation, the fatigue
crack growth curve can be appreciably different. The main significance of this is in
formulating reliable inspection and maintenance plans, as discussed in Chapter 4.
Where the growth of small cracks occupies a large part of the fatigue life, there is a
reduced opportunity to locate and size the cracks, and therefore to take appropriate
remedial action. This is illustrated in Figure 6.41, which shows normalised fatigue
crack growth curves obtained using the analyses presented in this Chapter. Also
shown is the assumed threshold of the ability of Non-Destructive Testing techniques
to reliably detect fatigue crack underwater, as discussed in Chapter 4. From this
Figure the effects of stress level and damage accumulation are very clear. The
analyses indicate that the predicted fraction of life remaining on first detection of a
crack may vary from 50% to less than 20%, depending on the assumed model of
damage accumulation. The prediction deemed to be the most realistic (the seasonal
damage model) indicates that only approximately 30% of the total fatigue life may
remain at this point. Assuming this analysis to be realistic, it is possible to imply
something about the distribution of cracks in an Offshore jacket at any particular
instant. It is likely that, due to the impracticality of inspecting the entire structure
every year, a crack capable of being detected with NDT may go undetected for
several years. By the time this crack is detected, it will probably be quite large, or
may have reached through-thickness, according to Figure 6.41. Thus, an
evenly-distributed range of crack sizes would not be expected from inspection
results. Instead, inspection is likely to reveal a population consisting mostly of small
cracks and very large cracks or brace failures, with very little in between.
Efficient deployment of inspection and maintenance resources is crucial to the
Offshore industry at the present time. Current "state-of-the-art" inspection and
maintenance planning approaches seem to have focussed on the implementation of
distributed rather than deterministic variables, to account for statistical variations in
all of the parameters used in the analysis. However, this effort may still produce
unconservative predictions if the physical damage accumulation process is not
modelled correctly.
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6.9 Conclusions
- A methodology has been developed for prediction of corrosion fatigue crack
growth in tubular joints. This methodology has been used to accurately model
the corrosion fatigue crack growth rates measured during the fatigue tests on
T-joints described in Chapter 4.
- The modelling of the fatigue test results has indicated trends in the fatigue
behaviour of tubular joints subject to realistic loading and environment. Under
realistic random loading and cathodic protection, the pattern of fatigue crack
growth seems to consist of a long period of growth up to some small, critical
crack size, followed by rapid penetration to wall thickness.
- Several different approaches have been used to predict corrosion fatigue
endurances at large numbers of cycles, approaching the service life. These
analyses have indicated that the current design "T" curve may be unconservative
at all stress ranges, when fatigue stresses are interpreted using an equivalent stress
range calculated from an SN curve with a constant slope.
- A method for calculating equivalent stress range under random loading from a
non-linear SN curve has been presented. This method of equivalent stress
presentation restores a small degree of conservatism to the "T" curve at low
stresses.
- Predictions of the fatigue life of notional tests using the WASHW sequence are
found to be unconservative with respect to predictions based on all of the fatigue
cycles in a full year. It may be necessary to re-introduce more low seastates, if
further long-term corrosion fatigue tests are to be carried out.
- The different damage accumulation models used have shown that the shape of
predicted fatigue crack growth curves can be significantly affected by the nature
of random loading and by stress level. This effects the remnant life which would
be predicted when a crack has been discovered in service, and therefore has
important implications for inspection and maintenance scheduling.
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Figure 6.33 Life prediction based on seasonal damage approach
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Figure 6.35 Comparison of fatigue life prediction approaches
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Figure 6.39 Revised plot for seasonal damage predictions
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Figure 6.40 Comparison of revised fatigue life predictions
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CONCLUSIONS

1.

A series of six corrosion fatigue tests on tubular T-joints carried out using
variable amplitude (WASH) load sequences at stress ranges between ISOMPa
and 90MPa under cathodic protection produced fatigue lives which were, in
all but one instance, less than the design lives recommended by the current
design "T" curve for cathodically protected joints.

2.

The tubular joint corrosion fatigue endurances were, on average, four times
less than the mean fatigue life in air; there was no trend in the data to suggest
that the application of cathodic protection restores the in-air fatigue life at low
stresses, when realistic random loading is used.

3.

Measurements of fatigue crack growth during the tubular joint tests showed
that, at low stresses under cathodic protection, the fatigue life becomes
progressively more dominated by shallow crack growth up to some small crack
size, with subsequent rapid growth to chord wall penetration.

4.

The corrosion fatigue crack growth behaviour in tubular joints at low stresses
is dependent on time, as well as on applied load cycles; at low testing stresses
the significance of the time dependence is greatly increased, since the
mechanical contribution to crack growth is relatively small.

5.

Data from tests on very large compact tension specimens show that in large
specimens subject to cathodic protection, corrosion fatigue crack growth rates
become limited by diffusion of dissociated hydrogen from the external surfaces
to the crack tip region. This effect has been quantified by measurement of
corrosion fatigue crack growth rates in response to low-high and high-low load
transitions.
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6.

In corrosion fatigue tests on large specimens, such as tubular joints, it is essential
that the total test time is long enough to allow conditions of steady-state
hydrogen charging to be achieved; based on diffusion considerations the
required testing time has been shown to be longer than was previously
anticipated.

7.

If tubular joint corrosion fatigue testing times are sufficiently long to allow for
steady-state hydrogen charging, then very high growth rates are achieved which
are independent of applied stresses, resulting in the observed rapid growth to
chord wall penetration. This aspect of corrosion fatigue has been quantified
using the results from the compact tension specimen tests.

8.

The simple empirical SN approach recommended by the current UK design
guidance does not provide acceptable correlation with the endurances measured
in the tubular joint corrosion fatigue tests.

9.

A corrosion fatigue fracture mechanics methodology for prediction of crack
growth in tubular joints under conditions of variable amplitude loading and
cathodic protection has been developed. This methodology contains several
novel and unique features for modelling the time-dependent corrosion fatigue
crack growth rate phenomena which were measured in the laboratory tests.

10. The corrosion fatigue fracture mechanics methodology is capable of modelling
the crack growth curves measured in the tubular joint corrosion fatigue tests
to a high degree of accuracy.

11. Crack growth predictions using the new methodology and a range of different
approaches indicate that, for realistic loading and cathodic protection, the
current "T" curve is unconservative at stress ranges above approximately
60MPa, with only a small margin of conservatism at low stress ranges.
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12. The fracture mechanics analysis has indicated that if further long-term
corrosion fatigue tests were to be conducted using the WASH sequence at even
lower stresses, it would be prudent to re-introduce some of the lower seastates
which were omitted from the original WASH formulation, in order to produce
the most realistic results.

13. It has been shown that mean stress has a very strong influence on corrosion
fatigue crack growth mechanisms in tubular joints. Conditions of high mean
stress variable amplitude loading and cathodic protection probably represent a
worst case for crack growth; however, it is likely that such conditions may
occasionally occur in service.

14. The crack growth results and predictions indicate that the remaining life to
chord wall penetration when a fatigue crack is first detectable in service may
be lower than previously anticipated (as low as 20%). This implies that the
distribution of fatigue damage in a typical mature platform should consist
mostly of very small cracks and through-wall cracks or brace failures, with
very little in between. This obviously has important implications for
deployment of inspection and maintenance resources.

15. It has been shown that chord wall thickness manufacturing tolerances alone
can account for a reduction in fatigue endurance of up to 75%, compared to
nominal values.
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