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Abstract

Existing regulations on bolted steel joints (Eurocodes) require that the rota-

tional capacity of joints be certified by experiments during the design phase.

The rotational capacity depends on the deformation capacity of its components

in bending, which are represented by an equivalent T-stub. Understanding

how large deformation develops in T-stubs is, therefore, needed to charac-

terise the joint performance. However, the Eurocodes only provide guidance

on how to determine the moment resistance of a joint and no information were

provided on how to determine their rotational capacity. This thesis investi-

gates the mechanical performance of bolted T-stub connections undergoing

large displacements and will form part of an eventual extension of the existing

regulations.

An initial assessment of Eurocode 3 – the primary focus will be on the defor-

mation mode experienced by a T-stub – is first performed. Maps are generated

onto which deformation modes are plotted in a two-dimensional geometric and

material parameter space. In general, the deformation mode predicted by Eu-

rocode 3 is, unsurprisingly, conservative, i.e. a T-stub is predicted to deform

in mode 2 (or 3) when it actually deforms in mode 1 (or 2). This misprediction

will be traced to the omission of geometric non-linearity in Eurocode 3, which

affects the ductility of deformation of a T-stub and, consequently, the mode of

deformation that it develops.
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Experiments and a detailed parametric study by finite-element simulations

were performed to elucidate the effects of geometric non-linearity on the global

displacement of T-stubs. Bolt deformation (and failure) in shear and catenary

actions in the flange were found to be the two principal mechanisms through

which a T-stub develops large displacement during tension; and, these effects

were incorporated into an improved mechanical model to account for these

sources of, hitherto neglected, geometric non-linearity. Last, a preliminary

criterion to assess the significance of catenary effects in the tensile response of

a T-stub is developed based on the plastic energy dissipated by axial force in

its flange. This criterion is as an initial attempt to extend the Eurocodes to

include the effects of geometric non-linearity that develop in the components

of a bolted steel structural joint.



Impact Statement

Following recent events such as the World Trade Centre terroristic attack in

2001, there has been a growing interest in understanding the mechanisms of

the progressive collapse of a structure. A robust structural design requires the

frame to largely deform without collapsing. Therefore, joints, which are the

most vulnerable part of a frame, must be ductile enough to withstand large

rotations. Existing regulations on bolted steel joints (Eurocodes) require that,

in the design phase, the rotational capacity of joints must be certified by exper-

iments, which are time and money consuming. However, Eurocodes provide no

indications to determine the rotational capacity in any other reasonable way.

This work addresses the existing gaps in Eurocodes regarding the design of

structural steel joints subject to large displacements and focuses on their most

deformable component: the T-stub. Understanding how large deformation de-

velops in T-stubs is, therefore, needed to shed light on the joint performance.

We, then, focused on the mechanical performance of T-stub connections un-

dergoing large displacements to provide simplified methods to predict their

deformation capacity and mechanism of failure without resorting to experi-

ments.

Our research has laid the foundations for a modification and improvement of

Eurocodes to eventually protect steel structures from terroristic attacks. We

provided vital data to fully understand the behaviour of steel joints under

extreme circumstances and we highlighted the geometric and material param-
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eters which mostly influence the performance of a T-stub undergoing large

displacements. The results of this investigation will not only contribute to-

wards an extension of existing regulations, but also to reduce the design cost

by optimisation of the selection of geometry and material. The reduction of

costs implies that it will be possible to ensure structural safety in a more

extensive way, also addressing smaller possible targets.

Despite being quite extensive, this work constitutes just a preliminary investi-

gation, which, however, gives plenty of hints for future research. By pointing

out the correlations between T-stubs and joints, it would be possible to think

of ways to increase the ductility of joints by either improving the material

characteristics of the T-stub or by developing devices that can enhance the

mechanical performance of T-stubs. To reach these goals, a close cooperation

must be established between academic and industrial research.
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Chapter 1

Background

1.1 Introduction

A bolted end plate connection belongs to a class of moment resisting con-

nections that is widely encountered in single and multi-storey steel Moment

Resisting Frames (MRF). The resistance of a bolted end plate connection is

provided by a combination of tension forces in the bolts adjacent to one flange

and compression forces in the bearing of the other. Unless a significant axial

force develops in the beam that it connects, the total tension and compression

forces are equal and opposite. The response of a frame to external loadings is

intricately affected by the behaviour of the joints whose rotational capacity is

mostly determined by the tension zone of the joint itself. This zone includes

the column flange, the end-plate and the bolts in tension and is modelled in

Eurocode 3 [1] – denoted hereinafter as ‘EC3’ – by means of the equivalent T-

stub model. Therefore, elucidating the mechanisms of deformation by a T-stub

and determining its deformation capacity is fundamental to quantification of

the rotation capacity of the whole joint and is the main subject of this thesis.

In recent years, the focus is on the use of partial-strength joints as a cost-

effective alternative to full-strength connections. Faella et al. [6] has shown

that it is possible to reduce the structural cost by up to 25% if partial-strength
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connections were used to construct frames with a long span and a few stories.

Also, it was found that partial-strength connections possess sufficient ductility

to be used in design against seismic loading. However, to fully exploit the po-

tential of this type of connections, it is necessary to understand the behaviour

of its constituent components, such as the T-stub, which critically affects the

rotational capacity of a joint. To do so, we must consider two types of non-

linearities. The first kind is material (mechanical) non-linearity, this requires

the definition of an accurate non-linear material constitutive law up to fail-

ure. The second is geometric non-linearity when a structure undergoes large

displacement.

There have been many previous attempts to incorporate material non-linearity

in simplified analytical models [2, 3, 7–12]. However, the effects of geometric

non-linearity – these are commonly known as second-order effects – on the

performance of T-stubs remains relatively unexplored. The present thesis aims

to fill in important gaps in our current state of knowledge concerning the large

deformation response of a T-stub, where the development of second order

effects would need to be accounted for. Topics to be addressed will include:

(1) prediction of failure modes; (2) experimental and numerical investigation

of the response of T-stubs undergoing large displacements; and, (3) analytical

modelling of T-stubs including geometric non-linearities.

1.2 Rotational characteristics of beam-to-

column joints in MRFs
Moment resisting frames (MRFs) withstand loadings through the bending of

beams, columns and connections. Their main source of stiffness and strength

is provided by the flexural resistance of connections and connected members.

The ductility of MRFs is provided by the development of numerous dissipative

zones. Depending on its intended application, the dissipative zones, i.e. plastic

hinges, can be located in the beams, columns or joints. Traditional frames are
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typically designed to have strong columns, weak beams and full-strength rigid

connections.

MRFs can be classified according to the type of joint and connection used to

link beams to columns. A joint is a structural element connecting the members

of a frame. Each joint is named according to its location within the frame as

shown in Fig. 1.1. Beam-to-column joints constitute the link between either a

column and a beam (i.e. single sided) or a column and two beams (i.e. double

sided). A joint comprises of connection and web panel as shown in Fig. 1.2.

1

2

2

1

3 3

5

4

5

Figure 1.1: Connection configurations according to their location within the frame
[1]. 1: single-sided beam-to-column joint configuration; 2: double-
sided beam-to-column joint configuration; 3: beam splice; 4: column
splice; 5: column base.

Note that the terms joint and connection are often used interchangeably. The

web panel consists of the column web and the column flange over the height

of the connected beam profile. A connection is defined as the zone over which

an actual fastening was made and it refers to the column and beam that are

mechanically fastened by means of connecting devices , namely rivets, welds

and/or bolts. A rivet is a permanent mechanical fastener which, before be-

ing installed, consists of a smooth cylindrical shaft with a head on one end.

During installation, the rivet is placed in a pre-drilled hole, and the end with
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Figure 1.2: Tension, compression and shear zones in a common semi-rigid partial-
strength joints, where joint and connection are highlighted by black
dotted line [13].

no head is mechanically deformed so that it expands to about 1.5 times the

original shaft diameter, holding the rivet in place. Between 1920s and 1950s,

rivets were replaced with high strength bolts, which allow plates to be fastened

through contact pressure. This type of fastening is known as a slip resistant

joint because the force transfer is achieved by means of friction between the

clamped surfaces. Bolts are easier than rivets to install and replace. However,

from the 1960s, welding becomes a prevalent fastening method in steel struc-

tures. Welded connections are employed to achieve fully-restrained joints by

connecting the flanges of the beam to the column. Following the Northridge

earthquake, however, bolted connections once again became a more effective

alternative for the lower-ductility and brittle welded joints.

According to EC3 [1], the behaviour of a steel beam-to-column joint is char-

acterised by a moment-rotation (M -Φ) relationship. The M -Φ relationship of

a joint is directly related to the type of joint being considered. Joints in steel

frames are classified in EC3 according to their stiffness and strength (bending

moment resistance). The different categories of joint stiffness classification –
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Rigid

Flexible

Semi-Rigid

M

F

1. Fully welded
2. Extended end plate
3. Flush end plate
4. Flange cleats
5. Fin plate

Figure 1.3: Classification of the most common joint configurations.

rigid, semi-rigid and flexible – are shown schematically in Fig. 1.3. A rigid

joint is one where there is very little relative rotation between its beam and

column; whilst, a flexible joint behaves as a simple support with a low level

of rotational stiffness. The intermediate case, between the two extreme cases

described above, is known as semi-rigid joints. From a strength perspective,

a joint is classified as either full-strength, pinned or partial-strength by com-

paring its design moment resistance to the one of connected members. Full-

strength joints possess a moment resistance which should be no less than that

of the connected members, while pinned joints are capable of transmitting all

internal forces apart for bending moment. Partial-strength joints straddle the

two aforementioned cases.

Three simplified models, see Fig. 1.4, are given by EC3 [1] for the modelling

of joints in MRFs. According to the classification of stiffness and strength,

MRFs can be any one of the following: continuous, semi-continuous or simple

[13]. In continuous MRFs, joints are meant to ensure full rotational continuity

between connected members (i.e. rigid and full-strength connections) and their

response may be considered to be rigid. No rotational continuity is provided

by joints in simple MRFs (i.e. pinned connections) and they are modelled as

hinges. Semi-continuous MRFs are characterised by joints that provide only

partial rotational continuity; for example, rigid and partial-strength, semi-rigid

and full-strength, semi-rigid and partial-strength connections. In this case,
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the behaviour of the connection has to be taken into account by adopting

appropriate models that could best describe the performance of the joint.

23
°

37
°

14
°

Continuous Simple Semi-continuous

Figure 1.4: Joint models according to EC3 [1]. φ: rotation of the connection; Φ:
rotation of the joint. Continuous and simple joints represent limiting
cases for M -Φ - the former behaves as an encastre (Φ = φ) and the
latter as a hinge.

As shown in Fig. 1.2, a joint is subdivided into three zones according to the

action they withstand. The compression zone does not contribute to the rota-

tion of the joint; however, it must provide enough resistance to avoid buckling

of the beam/column flanges and webs. This type of failure is prevented by

stiffening the column or the beam as shown in Fig. 1.5 or by designing the

tension and shear zones to be less resistant. The tension and shear zones are

Web plate

Transverse 
stiffeners

Haunch

Figure 1.5: Solution strategies to prevent failure of column and beam components
in compression.

the ones contributing to the overall rotation (Φ) of the joint. This is defined as

the sum of shear deformation γ of the web panel and the rotation φ of the con-

nection in the tension zones, which includes the deformation of the fastening
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elements. The rotation of a connection is shown in Fig. 1.6 and is computed

as

φ= θb− θc , (1.1)

where θb and θc are the rotation of the beam and column axes, respectively.

In simple MRFs, the beam is free to rotate; by contrast, there is no relative

g

Figure 1.6: Sources of connection deformability for a bolted end-plate connection.
φ and γ is rotation of the connection and web panel, respectively.
Φ = θc + γ is the rotation of the joint. M is the bending moment
resistance of the joint and is determined by the contribution of the
connection and the panel zone.

rotation between beam and column so that Φ = 0 in continuous MRFs. How-

ever, a real joint is neither fully rigid or pinned and some rotation will always

be present In general, beam-to-column joints are all semi-continuous and their

actual M -Φ response should be properly modelled. Unfortunately, it remains

difficult to predict the behaviour of a semi-continuous joint without performing

experiments or by numerical modelling - both time and resource consuming.

As a result, recent research has focused mainly focused on semi-rigid partial-

strength joints. The most common configurations are shown in Fig. 1.2. In a
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bolted end-plate moment connection, beam and column are linked by means

of a bolted plate unlike a double split tee joint where the connection is made

through T-stubs bolted to the beam and column flanges. Bolted end-plate

COLUMN WEB IN SHEAR 
(cws)

COLUMN WEB IN 
TENSION (cwt)

COLUMN FLANGE IN 
BENDING (cfb)

BEAM FLANGE AND WEB
IN COMPRESSION
(bfc)

COLUMN WEB IN 
COMPRESSION (cwc)

Elasto-plastic components Rigid-plastic components

SFtr,Rd

Ftr,Rd

hr

cwt cfb

bfccwccws

Mj,Rd Mj,Rd

F

SFtr,Rd
Ftr,Rd

FF

d dK

Figure 1.7: Sources of connection deformability. The left and central schematics
represent rotation of the connection φ and the web panel γ, respec-
tively. The right most shows the rotation of the joint Φ which is a sum
of the previous effects.

connections have been widely tested under monotonic loading conditions to in-

vestigate the influence of design details on its M−Φ relationship. Zoetemeijer

and Munter [4] and Douty and McGuire [7] were among the first to study such

connections, followed by Packer and Morris [14] and Aggerskov [15]. Jenkins

[16] proposed standardised end-plate connections to provide a general descrip-

tion of rotational characteristic, while Jaspart [9] and Cru [17, 18] built a

database for semi-continuous joints. However, EC3 [1] does not stipulate how

the rotational capacity of a joint should be defined; consequently, no upper

limit to Φ is set for the horizontal plateau of the bi-linear M -Φ approximation.

The issue of joint ductility has become one of the main topics of significant

importance and is defined as the capability of a joint to plastically deform be-

fore rupture; this is particularly pertinent to semi-continuous joints. In fact, it

is particularly important that they should fail in a ductile manner since their

moment resistance is lower than that of the connected members. One of the

most complete studies on structural joint ductility was by Girão Coelho [11]:
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an extensive experimental investigation on semi-continuous joints (end-plate

bolted connections) was conducted to characterise their rotational capacity.

Results from the experiments provide invaluable information for validation of

numerical and analytical models.

Faella et al. [19] showed how using partial strength connections can lead to

cost reduction; in particular, if double split tee joints were employed. For

this type of joint (Fig. 1.2), the connecting elements are easy to replace and

the performance of the joint is highly dependent on the mechanical behaviour

of the T-stub in its tension zone. Swanson [10] performed experiments on

double split tee joints to determine the parameters of a T-stub affecting the

connection. Latour and Rizzano [20] investigated the performance of double

split tee joints, under both monotonic and cyclic loadings, to assess its energy

dissipation capability through plastic action of its T-stub in tension.

1.2.1 The component method

The component method is proposed in EC3 [1] to predict the M -Φ response

of beam-to-column joints. For the method to be applicable, the joint is sub-

divided into three zones subjected to three different actions: viz. tension,

compression and shear as shown in Fig. 1.2. Each zone is decomposed into

a number of components, with each contributing separately to the overall re-

sponse of the joint. For each joint configuration, active components must

initially be identified when applying the component method. A component is

said to be active when its deformation contributes to the rotation of the joint.

Active components are already well-known for the most common joint configu-

rations – they are shown in Fig. 1.8 for bolted extended end-plate connection.

Once the active components were highlighted, each of them is modelled as an

axial spring with a different force-displacement F -∆ relationship. The F -∆

response of each spring is non-linear and generally quite complex. However,

approximations of the F -∆ can be assumed without significant loss of accuracy.

For instance, EC3 [1] suggests an elastic-perfectly plastic relationship, where
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each spring is prescribed with an initial stiffness ki and a plastic resistance FRd.

Individual axial springs are subsequently assembled as shown in Fig. 1.8 for a

bolted extended end-plate connection. This model can be reduced to a single

rotational spring representing the full joint where its M -Φ relationship would

still remain elastic-perfectly plastic. The rotational spring is characterised by

a rotational stiffness Sj and a design bending moment resistance Mj,Rd. The

strength of the joint is defined in EC3 [1] as follows:

Mj,Rd =
∑
r
hrFtr,Rd (1.2)

where hr is the lever arm relative to the rth bolt-row, defined as the distance

from the rth bolt-row to the centerline of the bottom flange of the beam (see

Fig. 1.8). Ftr,Rd is the design tension resistance of the rth bolt-row and is the

minimum of all the resistances of the components that are selected to model

the tension zone: viz. column web in tension, beam web in tension, column

flange in bending and end-plate in bending [1].

An elastic-perfectly plastic idealisation of he F -∆ relationship guarantees good

results for the bending dominated loading conditions described in EC3 [1], i.e.

when the axial force, if present, does not exceed 5% of the design resistance of

the cross-section of connected members. However, several events in the past

(e.g. Northridge earthquake in 1994, terroristic attack at World Trade Center

in 2001) had led to increased interests in designing more resilient structures

that could withstand extraordinary loadings not previously considered in EC3

[1]. Joints are the most vulnerable part of of a structural frame: in fact, when

a structure is exposed to fire or explosions, additional actions might arise in

the joint instead of just simple bending and, consequently, the level of axial

force are likely to exceed the limit imposed by EC3 [1]. Many authors have

attempted to extend the component method to include the effects of axial force

on the M -Φ characteristic of a joint. One of the most extensive experimental,

numerical and analytical studies was performed by de Lima [21]: an elastic-
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hardening approximation was suggested for M -Φ by introducing a limiting

stiffness. Also Del Savio et al. [22] proposed a general spring model capable

of describing a semi-rigid joint subjected to combined axial force and bending

moment: in this case, the F -∆ curve comprised of three branches. The effects

of elevated temperature – they lead to a knock-down in strength and stiffness

of the components – on steel connections was investigated by Spyrou et al. [23].

Due to increased threat from malevolent actions, designing against progressive

collapse is also an active area of research. This is usually generated after

the loss of a column casued by, say, an explosion. Additional axial forces

originate in the beam, and this is transmitted to the joint. Stoddart [24]

developed a spring model where a non-linear F -∆ behaviour was assigned to

each component and inertia effects, as well as strain rate material sensitivity,

were included to account for the effects of dynamic loadings Stylianidis and

Nethercot [25] updated the model by Del Savio et al. [22] to consider the effects

of bending moment-axial force (M - N) interaction which develops in the event

of a column loss.

M M
1 2

3 4 5 6

3 4 5 6

Bolt-row 1
Bolt-row 254

2

1

3

6
h1

h2

Figure 1.8: Spring model of an extended end-plate connections according to EC3[1]
(adapted from Girão Coelho [26]). 1: column web in shear; 2: column
web in compression; 3: column web in tension; 4: column flange in
bending; 5: end-plate in bending; 6: bolts in tension. h1 and h2 are
lever arms for bolt-row 1 and 2, respectively.
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1.2.2 Modelling of equivalent T-stub

The tension zone provides the bending moment resistance Mj,Rd of a joint and,

consequently, its rotation capacity. The two components in the tension zone

that have the greatest contribution to the deformation capacity of a joint are

the bending of its end-plate and column flange, both of which are represented

in EC3 [1] by equivalent T-stub models. A T-stub is composed of a flange and

a web, as shown in Fig. 1.9. They are constructed by welding flange and web,

or directly from a hot rolled cross-section. The T-stub can be connected either

FlangeWeb Web

Figure 1.9: T-stub made of welded plates and from hot-rolled cross section.

to another T-stub, or to a rigid support as shown in Fig. 1.15. The connection

between flanges or flange and rigid support is made by means of one or more

bolt-rows. Each bolt-row, in general, red comprises of 2 bolts (see Fig. 1.9 and

1.12), although previous attempts had been made to investigate T-stubs with

4 bolts per row [27]. The T-elements can be made either from a hot-rolled

section or from welded plates. Fig. 1.10 shows how the T-stub model is used

to represent the end-plate and the column flange in bending: the component is

subdivided into a number of equivalent T-stubs corresponding to the number

of bolt-rows in tension, whilst the bolt-rows (in compression) close to the

bottom flange of the beam are disregarded. A tensile resistance F is then

computed for each bolt-row. Complete expressions are collected in Table. 1.1.

The tension resistance F of a T-stub was first investigated by Zoetemeijer
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Column

Column side
T-stub

End-plate side
T-stub

End-plate

Beam

Figure 1.10: Application of T-stub model to the column flange and end-plate.

[28], who conducted a series of tests to propose and validate a model for the

strength design of the tension region. This model was developed based on the

constitutive framework of limit analysis, which is based on the theorems of

plastic failure (i.e. lowerbound or static and upperbound or kinematic). Three

main assumptions were made [28]:

– all the internal bending moments must be in equilibrium with the exter-

nal loading

– at collapse (i.e. total loss of load carrying capacity of a structure), the

structure, or part of it, deforms as a mechanism, i.e. development of

plastic hinges that leads to collapse

– no point of the structure can reach a bending moment at any point the

structure cannot exceed the plastic moment capacity of the section, i.e.

the material constitutive law is rigid-perfectly plastic.

EC3 [1], the design (plastic) resistance F of a T-stub is the lowest of all the

kinematically admissible collapse mechanisms. The terms ‘mode’ and ‘mech-

anism’ will be used interchangeably. Three admissible plastic collapse modes

are shown in Fig. 1.11. In each mode, plastic resistance Fi (with i=1,2,3 ac-

cording to the mode) is obtained by enforcing equilibrium of bending moments

in the flange. This is modelled as a beam with an equivalent rectangular cross-
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section that is shown in Fig.1.12 as Section YY. The forces experienced by a

T-stub are shown in Fig. 1.11 for each failure mode. Expressions for F are

<

Mode 1 Mode 2 Mode 3

<Q1 Q2 Q2 Q2

B B B B B B

M M M M

M M

Cross 
section

n m n m n

leff

tpF1 F2 F3

Q1 Q2

Figure 1.11: Failure mechanisms in a T-stub (adapted from Ribeiro et al. [29]).
M and B are generic bending moment resistance of the flange and
tensile resistance of the bolt, respectively; Q is prying force and solid
dot indicates plastic hinge. M =Mpl,Rd and B =BRd at plastic con-
ditions; and, M = Mf and B = Bu at ultimate conditions. F() is
design tensile resistance of the T-stub where () = 1, 2 or 3 denotes
the mode. All flange has a rectangular cross-section and indicates
plastic hinge.

tabulated in Table. 1.1, where m and n are the lever arms of the bolt force B

and the prying forces Q respectively (Fig. 1.11). m is defined as the distance

between the location of the plastic hinge at flange-to-web connection and the

axis of the bolt, whereas n is the distance between the axis of the bolt and the

edge of the flange [1].

Table 1.1: Design resistances of a T-stub

Mode I F1 =
4Mpl,Rd

m

Mode II F2 =
2Mpl,Rd+n

∑
BRd

m+n

Mode II F3 =∑
BRd
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Figure 1.12: Geometry of T-stub made with welded plates. Section YY is the
equivalent resistance cross section used for plastic analysis. rw =
0.8
√

2aw for welded plates.

The plastic tensile resistance of the bolt is given by

BRd = 0.9Asfub , (1.3)

where As is the tensile stress area of the bolt and fub is the ultimate strength of

the bolt material. A plastic hinge forms in the flange when the section reaches

its plastic bending moment (flexural) resistance Mpl,Rd of

Mpl,Rd = 0.25leff t2pfy , (1.4)

where tp is the flange thickness, fy is the yield strength of steel and leff is

the effective length of the equivalent cross-section of the flange. The effective

length was initially introduced by Zoetemeijer [28] based on the yield line
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theory. According to this study, the collapse of the flange occurs when a

sufficient number of yield lines had developed to divide the plate into segments

so that it can deform as a mechanism. The effective length represents the

breadth of the equivalent cross-section of the flange which is affected by the

formation of yield lines and contributes to load transmission. The expression of

leff is defined by establishing the equivalence, in the plastic collapse condition,

between the beam model and the actual plate behaviour where collapse occurs

due to the development of a yield line mechanism [2]. For a T-stub with a single

bolt-row, three possible yield line mechanisms can occur as shown in Fig. 1.13,

viz. non-circular, circular and beam patterns. EC3 [1] provides expressions of

leff for each case and they are tabulated in Table 1.2. As far as non-circular

(a) (b) (c)

(d) (e) (f)

Figure 1.13: Yield line patterns for a T-stub. (a): non-circular for individual bolt-
row; (b): circular for individual bolt-row; (c): beam for individual
bolt-row; (d): non-circular for two bolt-rows; (e): circular for two
bolt-rows; (f): beam for two bolt-rows.

Table 1.2: Expression of leff for different yield line patterns [1].

Non-circular Circular Beam
Individual bolt-row 4m+ 1.25n 2πm L

Bolt-row in a group 2m+ 0.625n+ 0.5p1 πm+ 0.5p1 L

patterns are concerned, The value of leff for non-circular patterns in EC3

is a simplification of the more complex model developed by Zoetemeijer [28].
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The effective length for circular pattern is determined from the equivalence

between the failure load P = 2πt2ffy/4 of a simply supported plate and that of

an equivalent beam model Fb = t2ffyleff/4/m. The beam pattern represents

the limiting case where leff corresponds to the actual width L of the T-stub.

The concept of leff can be also extended to a T-stub with more than one bolt-

row (Fig. 1.13); in this case, depending on the spacing p1 between consecutive

bolt-rows, each bolt-row can behave as an individual bolt-row or as part of a

group of bolt-rows. The final leff for a single bolt-row is the smallest value

among the expressions tabulated in Table. 1.2.

Faella et al. [2] showed that the ratio βRd between the design resistance for

mode 1 (flexural resistance of the flange) and 3 (axial resistance of the bolts)

is a non-dimensional index to predict the plastic failure mode of a T-stub and

is defined as [2]

βRd =
2Mpl,Rd

BRdm
. (1.5)

Each plastic failure mode is associated a range of βRd and limits are obtained

by substituting λ= n/m (Fig. 1.12) within the expression of F2, from Table. 1.1

as follows [2]

F2 =
2Mpl

m

1 +
2λ
βRd

1 +λ
, (1.6)

and equating Eq. 1.6, respectively, to F1 and F3 one obtains

βRd =
2λ

2λ+ 1 Mode I (1.7a)

βRd = 2 Mode III. (1.7b)

For a T-stub, βRd can be computed from Eq. 1.5, and this is compared to the

limits listed in Table. 1.3 to forecast the mode of plastic collapse.
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Table 1.3: β values for plastic and ultimate failure modes

Mode βRd , βu

I β ≤
2λ

2λ+ 1

II
2λ

2λ+ 1< β ≤ 2

III β > 2

In general, the EC3 [1] is appropriate for structural design against ordinary

loadings. However, it had been shown that a rigid-perfectly plastic material

idealisation cannot provide a complete and realistic representation of the de-

formation capacity experienced by steel joints under impact [29], blasts [24],

elevated temperatures [23, 30] and seismic loading [31]. Also, the F -∆ char-

acteristic of a T-stub is assumed in EC3 [1] to have a bi-linear relationship

that places no limit on its deformation limit. Knowing the real F -∆ curve of a

T-stub was highlighted by many [2, 3, 26] that must be accounted for in a duc-

tile joint. Ductility is directly related to the concept of ultimate displacement

∆u, which is the displacement corresponding to the maximum value of F . It

is obvious that a proper description of ∆u is not possible unless the non-linear

F -∆ response is known. Faella et al. [2] introduced mechanical non-linearities

by specifying a non-linear constitutive law for the flange and bolt materials.

In this way, the complete F -∆ behaviour could be defined up to ultimate fail-

ure corresponding to a complete loss of load carrying capacity of the T-stub.

Ultimate failure occurs when the ultimate material strain is reached in either

the flange or the bolt. Similar to the plastic analysis, described previously,

ultimate failure occurs in 3 different modes: viz. mode 1 - attainment of ul-

timate strain at flange-to-web connection and bolt hole with bolt in elastic

state; mode 2 - partial or complete yielding of flange with attainment of ulti-

mate state of bolt; mode 3 - bolt reaching ultimate strain with flange in elastic

state. An equivalent ratio, similar to βRd was also defined by Faella et al. [2]
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to describe ultimate failure modes given by

βu =
2Mu

Bum
(1.8)

whose limits for prediction of the ultimate failure mechanism are tabulated in

Table 2.1.

1.3 Robustness of steel structures
The deformation capacity of a T-stub strongly affects the performance of a

structural steel joint. In turn, the deformation capacity of a steel joint affects

the performance of a steel frame. However, current regulations [1, 32] do not

provide any specific guidance on how to assess whether a structure possesses

sufficient capacity to deform. Although this is not crucial when a steel frame

is subject to ordinary (standard) loadings, i.e. live and dead structural loads,

it their performance under non-standard loading requires further assessment.

Progressive collapse is a typical example that is caused by the failure of a

primary structural element, e.g. column, leading to structural failure. After

the well-known Ronan Point collapse in 1968, methods for designing structures

to resist progressive collapse were first introduced into the UK Building Reg-

ulations [33] and in Eurocodes [34]; however, these regulations only suggest

general guidelines but they did not stipulate how to perform a quantitative

assessment of the level of robustness possessed by a structure. Robustness is

defined as the ability of a structure to withstand events such as fire, explo-

sions, impact or consequences of human error without being damaged to an

extent disproportionate to the original cause [34]. Events such as the WTC

collapse in 2001 further inspired the need for a more complete understanding

of the mechanics of progressive collapse. Robustness can, in fact, be ensured

by designing the connection appropriately.

According to Eurocodes [32], a design can be considered robust if the structural

form selected can survive the accidental removal of an individual member or
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a limited part of the structure or the occurrence of acceptable localised dam-

age. Usually, it is assumed that a column fails, forcing the adjacent structural

members to sustain the additional redistributed load. After the column is re-

moved, beam members are required to bridge across the damaged area and to

carry the additional load by forming catenaries. To allow the development of

catenary actions in the beams, an axial constraint must be provided by the

connections, which, in turn must be able to sustain large rotations. These

rotations are much larger than the rotation required by existing regulations (a

minimum of 0.035 rad is imposed by Eurocode 8 [32] for high ductility class

joints). The rotation capacity, hence the ductility, of the joint becomes an

important topic of investigation and many studies [35–42] have shown that

the type of joint greatly affects the structural performance of a frame after the

failure of a column. Eurocode 8 [32] has already introduced the idea of shifting

the zone of plastic dissipation from the beam to the connecting elements of the

beam-to-column joints. This means that rigid joints (full strength) should be

substituted with semi-rigid partial strength joints. In particular, it has been

found that semi-rigid partial strength connections have sufficient ductility to

withstand seismic loading. Despite significant advancement in our understand-

ing of partial-strength joints [8-14]; however, the use of such solutions is still

not commonly adopted in practice. The EC code, in fact, requires that, in the

design phase, the deformation capacity of a joint must be certified by exper-

imental testing. This requirement is not always practical and it means that,

in order to provide specific rules for the design of joints to be used in seismic

areas, new experimental and theoretical efforts are needed.

Since EC3 [1] does not a formal definition for the rotational capacity of a join,

it is hard to also define the ductility of a joint. Girão Coelho [11] proposed a

joint ductility index as a measure of whether a joint possesses sufficient rotation

capacity. This index is defined as the ratio between the rotation capacity of

a joint and the rotation corresponding to the the plastic bending moment

resistance (Mj,Rd). However, the joint ductility index is valid only for joints
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that involve end-plate failure. Hence, the definition of a ductility index for

single components of a joint would be more convenient for introduction into

current regulations.

Existing design guidelines do not fully exploit the plastic capacity of joints,

which is highly dependent upon the geometry of its components [43–45]. In

general, the rotational capacity of any bolted joint is limited by the deforma-

tion within its tension zone, which is modelled in EC3 [1] as a T-stub. The

development of large plastic rotations of a joint is strictly related to the plastic

deformation capacity of the T-stub. Therefore, an ability to predict the large-

displacement response of a T-stub is critical for the evaluation of the rotational

capacity of a bolted joint. However, there is a currently a lack of experimental

data on the performance of T-stubs that undergo displacements that are large

enough to accommodate catenary actions in the connected beam. Dinu et al.

[46] have analysed the effect of thickness of the flange tp on the capability of

coupled T-stubs to displace enough to ensure catenary action. Latour and

Rizzano [20] performed experiments on both coupled T-stubs and on T-stubs

bolted to a rigid support. Even though the focus of this study is on the cyclic

loading of T-stubs, monotonic tests were also performed where significant axial

forces develop. Significant catenary actions develop in T-stub that was bolted

to a rigid support, giving rise to a shear constraint in the bolts. As shown in

Fig. 1.15a, the rigid support acts as an axial constraint when the T-stub is

pulled from its web. Axial (membrane) forces, then, develop in the flange and

the bolt is subject to shear. Membrane actions in the flange and shear forces

in the bolts are consequences of second order effects that develops when the

T-stub undergoes large displacements. Latour and Rizzano [20] observed that

second order effects became significant only for ∆≥ 2tp ≈20 mm. As shown in

Fig. 1.14, if the T-stub connects the beam to the column in a double split tee

connection, ∆ =20 mm corresponds to a beam rotation of 0.05 rad (for a beam

depth of 400 mm) [20] – this is a larger rotation that the minimum required by

codes (0.035 rad according to EC8 [32] for a high ductility class). This high-
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lights the sensitivity of the deformation capacity of a T-stub and the rotation

capacity of a joint; together with the importance of detailing to increase the

rotation capacity of a joint. The development of second order effect was associ-

L

H
d f

f

D

Figure 1.14: Rotation φ of a double split tee joint. φ is as a function of the
displacement ∆ of the T-stub given by φ= ∆/H.

ated with an increase in stiffness of the T-stub [20]. This increase manifests in

the form of a second hardening branch starting from ∆≈ 20 mm. If, instead,

the T-stub is coupled (Fig. 1.15b), the axes of the bolts shift horizontally as

the flange deforms, hence no axial constraint is imposed on the flanges and

shearing of the bolts does not occur. However, an increase in stiffness is still

be observed (even though this is less pronounced) in the F-∆curve. This can

be attributed to the development of second order effects through large global

displacement. Zhao et al. [47] also performed experiments on T-stubs bolted

to a rigid support. They, too, observed how the shape of F-∆ changes through

the different stages of deformation of the T-stub. Irrespective of the mode of

failure, the experimental F-∆ exhibits a similar pattern as shown in Fig. 1.16:
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Figure 1.15: Deformed shape of a T-stub. (a) shows a T-stub bolted to a rigid
support, while (b) represents a coupled T-stub (Reproduced with
concession by Latour and Rizzano [20]).

the elastic phase, the plastic hinge phase, the failure phase. A first hardening
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Figure 1.16: Three stages of deformation of T-stubs observed by Zhao et al. [47].
: typical F-∆ of tested T-stubs; : tri-linear approximation

proposed by Zhao et al. [47]. (adapted from Zhao et al. [47])

branch (plastic stage) develops due to material (mechanical) non-linearities

during which plastic hinges, or hinge lines, form in the flange. During the
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plastic stage, the resistance of the T-stub increases slowly, while its defor-

mation grows rapidly due to the bending of the flange. A second hardening

branch (failure stage) follows as a result of second order effects that arise when

the displacement of the T-stub is large, leading to the activation of catenary

actions. Zhao et al. [47] observed that, during the failure stage, tensile forces

were induced in the flange of the T-stub, which, eventually, failed in the flange

either at the weld toe through thickness fracture or bolt hole necking failure.

Since full-scale experiments are often expensive and time-consuming to per-

form, mechanical models were, instead, developed that could predict the F- ∆

response of a T-stub, even though a number of simplifying assumptions are

required. Douty and McGuire [7] proposed a simplified model where the bend-

ing resistance of the flange is evaluated replacing the yield strength (fy) of

the flange material with the ultimate strength (fu). Zoetemeijer [28] proposed

an approach to evaluate the effective length of a T-stub considering three-

dimensional (3D) effects, i.e. non-circular and circular patterns. The model

by Zoetemeijer [28] was based on the yield line theory and the flange was mod-

elled as a beam with an equivalent rectangular cross-section. Yee and Melchers

[48] provided a methodology to determine the strength of a T-stub represent-

ing the column flange and end-plate in bending. Models to predict the initial

stiffness were proposed by Faella et al. [6] and Swanson [10]. Finally, models

to predict the F-∆ relationship were presented by Kulak et al. [8] and Jaspart

[9] although both models were, largely, similar. However, different assump-

tions were made in terms of the position and distribution of the forces under

the head of bolts: in Kulak et al. [8], the resultant force of the bolt acts at a

distance n+db/2 (n as in Fig. 1.11 and db being the diameter of the bolt); by

contrast, the bolt load is uniformly distributed over a certain length dw (dw is

the diameter of the head of the bolt or of the washer) in Jaspart [9].

There are a number of recent developments in analytical modelling that allows

more accurate prediction of the F-∆ curve. The model proposed by Piluso
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et al. [3] is especially amenable to hand-calculations. For each mode of failure,

the model by Piluso et al. [3] – details will be presented later in Chapters 2

and 5 – defines the kinematic mechanisms of the T-stub at collapse and the

bending moment M distribution along the flange (Fig. 1.17). By assuming

that the location of M = 0 is fixed for the entire duration of deformation,

the behaviour of the plastic hinges in the flange is obtained by integrating

the moment-curvature (M -χ) relationship of the equivalent rectangular cross-

section that represents the flange. The F-∆ relationship is, then, obtained from

the equilibrium equations and the deformation capacity ∆u of the T-stub is

evaluated as the displacement corresponding to the ultimate rotation in the

plastic hinges. Assuming a piece-wise linear approximation of the true stress-

strain curve for the flange material, ultimate rotation is assumed to occur when

the failure strain εf is attained in the extreme fibres of the flange where plastic

hinges develop. The model by Piluso et al. [3] was, subsequently, updated by

Francavilla et al. [12] to enforce compatibility of displacement between bolt

and flange and where the bolt force is modelled as uniformly distributed along

the bolt head. A more accurate predictions of the F- ∆ relationship is achieved

with the model by Francavilla et al. [12], in particular, for T-stubs failing in

mode 2.

Swanson [10] extended the model of Kulak et al. [8] to include mechanical

non-linearities – the bolt is modelled as an extensional spring characterised by

a piecewise linear force-elongation and material strain hardening in the flange

is included – and membrane effects in the portion of the flange between bolt

line and weld-toe is accounted for. Interactions between the bending moment

and axial force was, also, neglected in the simplified constitutive law. Swanson

[10] highlighted the importance of gap clearance between bolt and hole even

though this was not accounted for in his model and the flange was considered

as fully fixed at the bolt line. The development of shear forces in the bolt when

the contact between the bolt and the wall of the bolt hole is also acknowledged

even though this was neglected in [10]. Girão Coelho [11] modelled the bolt
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Figure 1.17: Kinematic mechanisms of the T-stub at collapse and bending moment
distribution along the flange assumed by Piluso et al. [3]. Bu and Mf

is the ultimate tensile resistance of the bolt and the bending moment
of the flange at failure. Black dots are plastic hinges. (Adapted from
Piluso et al. [3]).

action as a distributed loading; to do so, the bolt is modelled as an assembly

of springs in parallel – the length of the assembly is equal to db – and stiffness

and force are equally split between the springs.

Despite the numerous attempts to characterise the mechanical response of a

T-stub, there remain gaps. Geometric non-linearities and second order effects,

i.e. shear force in the bolt and membrane actions in the flange, remain to

be considered and their effects upon the deformation capacity of a T-stub

would need to be quantified. It would also be useful to develop a simplified

mechanical model that account for the shear forces that develop in the bolts

and the M-N interaction in the flange.

1.4 Aims and objectives
To ensure that a structural frame is sufficiently robust, the rotational capac-

ity of the joints must be known. Existing regulations on bolted steel joints

(Eurocodes) require that the rotational capacity of joints must be certified by

experiments during its design phase. Since the rotational capacity is critically
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dependent upon the deformation capacity of its components in bending – they

are represented by equivalent T-stubs – understanding how large deformation

develops in T-stubs is needed to shed light on the joint performance. Hith-

erto, Eurocodes only provide guidelines to determine the moment resistance

of a joint and there is no prescribed methodology on how to determine their

rotational capacity. This thesis investigates the mechanical performance of

bolted T-stub connections undergoing large displacements that will contribute

towards an extension of existing regulations. Predictive tools will be developed

here that would allow the mechanical behaviour of T-stubs to be predicted -

they will be a useful complement to pre-designing of experimental test pro-

grams. The main objectives of this thesis are:

1. Characterise the interplay between failure modes (as defined in EC3 [1])

and geometric and material configuration of T-stubs;

2. Elucidate the effect of geometric non-linearities on the deformation of

T-stubs by means of experiments and fully-validated FE models;

3. Investigate/quantify the effects of catenary action in the flange of a T-

stub;

4. To incorporate second order effects into an existing mechanical model

for predicting mechanical response of T-stubs (coupled and bolted to a

rigid support).

1.5 Outline of thesis
The outline of this thesis is as follows. In Chapter 2, the failure modes ex-

perienced by T-stubs, as described in EC3 [1], are revisited and deformation

maps generated on which deformation modes are plotted in a two-dimensional

geometric and material parameter space. The fidelity of the maps will be

demonstrated through existing experimental data in the open literature. Fur-

ther validation is provided through a parametric investigation using 3D FE
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modelling that considers material damage for both the flange and bolt, as well

as geometrical non-linearities. The numerical results are used to assess the

predictive capabilities of existing mechanical models by Piluso et al. [3] and

Francavilla et al. [12] for other material and geometric combinations not avail-

able through existing experiments, and for T-stubs failing in mode 3 where

no experimental data was previously available. In Chapter 3, we move away

form the classical setting of EC3 [1]. An experimental program is developed

to investigate the large displacement response of T-stubs. To select which

T-stub configurations to test, another FE parametric study is performed for

T-stubs bolted to a rigid support and a selection criterion is proposed. All

tests, including tensile and shear tests on bolts, will be reproduced with 3D

FE modelling. The strain distribution in the flange is monitored using digital

image correlation (DIC) and the results will be used to verify the presence

of axial force and for validation of the FE predictions. Chapter 4 focuses on

elucidating the influence of non-linearities on the overall mechanical response

of the T-stubs. Results for T-stubs (bolted to a rigid support and coupled

together) from independent sources will be used to validate predictions by the

3D FE models, including geometric non-linearities, that was developed in this

thesis. A series of experiments on flanges constructed using different grades

of structural steel were performed and a preliminary criterion to assess the

significance of catenary actions in the flange is proposed based on an energy

dissipation criterion. The proposed method is, then, applied to the reference

T-stubs. Chapter 5 proposes an update to an existing mechanical model by

Francavilla et al. [12] for predicting the mechanical response of coupled T-stubs

to include second order effects. The model is, further, modified so that it is

applicable to T-stubs bolted to a rigid support and the shear force in the bolt

is also considered. Predictions by both models are validated against existing

experiments. Chapter 6 presents a summary of the key findings of this work

through a worked example. In Chapter 7, conclusions and future research are

presented.
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1.6 Contributions to existing literature
The research work reported in this thesis have appeared in archival journals,

submitted for review or currently under preparation as follows:

1. A.C. Faralli, M. Latour, PJ Tan, G. Rizzano. Finite element analysis

of bolted T-stubs undergoing large displacement: A preliminary study,

Open Constr. Build. Technol. J., 12:170-176, 2018.

2. A.C. Faralli, PJ Tan, G.J. McShane, P. Wrobel. Deformation maps for

bolted T-stubs, J. Struct. Eng., 2018 (under review).

3. A.C. Faralli, M. Latour, PJ Tan, G. Rizzano, P. Wrobel. An accurate FE

model for the simulation of the force-displacement response of bolted T-

stubs undergoing large displacements, J. Struct. Eng., 2018 (submitted).

4. A.C. Faralli, M. Latour, PJ Tan, G. Rizzano, P. Wrobel. Experimental

investigation and FE modelling of T-stubs undergoing large displace-

ments, J. Constr. Steel Res., 2018 (submitted).

5. A.C. Faralli, M. Latour, PJ Tan, G. Rizzano, P. Wrobel. T-stubs un-

dergoing large displacements: a mechanical model to predict the force-

displacement response including second order effects (in preparation for

J. Struct. Eng.).



Chapter 2

Failure deformation maps for

bolted T-stubs connections

2.1 Introduction

A bolted end plate connection belongs to a class of moment resisting connec-

tions that is widely encountered in single and multi-storey steel-framed struc-

tures. Its overall resistance is offered through a combination of tensile forces

that act in the bolts adjacent to one flange, and compressive forces experi-

enced by the bearing at the other. Unless significant axial forces (or catenary

effects) develop in the adjoining beam, these tensile and compressive forces

are assumed to be equal and opposite. In general, the rotational capacity of

any bolted joint is limited by the deformation within its tension zone which

comprises of the column flange, end-plate and bolts in tension. In Eurocode 3

[1] - denoted hereinafter as EC3 - the aforementioned tension zone is modelled

as a T-stub and the ability to predict, a priori, its mode of deformation for

a broad range of material (T-stub and bolt) and geometric combinations is

integral to characterising the deformation capacity of a structural joint.

For T-stubs comprising of a single bolt-row in tension, three possible failure

modes (or régimes of deformation) may develop as follows: mode 1 - com-
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plete yielding of the flange; mode 2 - bolt failure with yielding of the flange;

and, mode 3 - bolt failure. Within the constitutive framework of limit analysis,

Piluso et al. [3] showed that each mode corresponds to a unique range of values

given by a dimensionless parameter β (see Eq. 2.1), defined as the ratio of resis-

tances by a T-stub deforming in mode 1 to its counterpart in mode 3. To extend

the aforementioned to include material strain-hardening and the prediction of

‘ultimate’ failure, Piluso et al. [3] adopted a piece-wise linear approximation

of the true stress-strain relation for the flange material. Notwithstanding, β

must be re-evaluated – this includes the critical values corresponding to the

transition between régimes 1→ 2 (β1→2
cr ) and 2→ 3 (β2→3

cr ) – each time a

different combination of material and geometry (dimensions) for the T-stub

is encountered. At present, there is no straightforward means to visualise,

and present, the different modes of deformation (and régime boundaries) for

a practical range of material and geometric combinations in a compact design

space that would be convenient to designers.

Failure (both plastic and ultimate) prediction through β is a resistance-based

approach that does not shed light on the deformation capacity of a T-stub. To

this end, simplified analytical models were developed by Piluso et al. [3] and

Francavilla et al. [12] – note that both neglect three-dimensional (3D) effects,

geometric non-linearity, moment-shear interaction, to name a few – where

their predictions were shown to agree with experimental force-displacement

responses of T-stubs failing in ultimate mode 1. However, the model by Piluso

et al. [3] overestimates the ultimate displacement of T-stubs that fail in mode

2, largely as a consequence of one additional simplification made by Piluso

et al. [3], i.e. the compatibility of displacement between bolt and flange was

neglected. This simplification was removed by Francavilla et al. [12] and the

subsequent model predictions were shown to reduce the overestimation of ∆

in mode 2. No experimental data were available for T-stubs failing in mode 3

so that comparison with analytical predictions was not performed.
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In this Chapter, we shall exploit the dimensionless parameters (βRd and βu)

proposed by Piluso et al. [3] to construct deformation maps for the plastic

and ultimate failure of T-stubs with a single bolt-row in tension. The maps

condense a large body of information within a two-dimensional (2D) param-

eters space onto which the different deformation modes, including the régime

boundaries, will be plotted for any given practical combination of geometric

and material properties of a T-stub. The fidelity of the deformation maps

is demonstrated through existing experimental data from Girão Coelho [11],

Bursi and Jaspart [49] and Piluso et al. [3]. Further validation is provided

through a parametric investigation using three-dimensional (3D) finite element

(FE) modelling that considers material damage for both the flange and bolt,

as well as geometric non-linearities. The numerical results were also used to

assess the predictive capabilities of both analytical models [3, 12] for other ma-

terial and geometric combinations not available through existing experiments,

and for T-stubs failing in mode 3 where no experimental data were previously

available. The shortcomings of each analytical model and their applicability

are assessed and discussed.

2.2 Deformation maps

In this section, we outline the procedure to generate deformation maps for the

plastic and ultimate failure of T-stubs with a single bolt-row in tension. The

term ‘boundary’ shall refer to a line demarcating the limits of the different

régimes in the 2D deformation maps. Initially, a brief overview of the joint

design process in EC3 [1] is provided. The role of deformation maps is, then,

clarified and set into the context of joint design.

As already mentioned in Chapter 1, the component method provides general

rules to determine the stiffness and resistance of a joint. The component

method requires the following steps:
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1. identification of the active components of a joint

2. mechanical modelling of the components

3. assembly of the components

4. classification of the joint according to its stiffness and strength

This process is summarised as an example in Fig. 2.1 for a bolted end-plate

joint. However, the present work focuses only on the mechanical modelling
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components

Mechanical modelling and assembly of components
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Beam web and flange in 
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Figure 2.1: Application to the component method to an extended end-plate con-
nection. Adapted from Shuyuan et al. [50] and Latour [51].

of individual components and, in particular, on the T-stub, which is used to

represent two components: end-plate in bending and column flange in bending.

The strength of a T-stub changes according to the failure mode. As seen in

Chapter 1, expressions for the resistance of a T-stub are given in EC3 [1]

and they are dependent upon its geometry and material. When designing for

robustness, it is important that the behaviour of the T-stub is ductile, therefore

mode 1 is the most desirable. To determine the configuration of the T-stub to

fail in mode 1, it is necessary to set trial geometric and material parameters

and compute the three resistances from Table 1.1 and see whether F1 < F2
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and F1 < F3. Deformation maps can, then, be used to avoid these iterative

calculations by using a graphic method that predicts the failure mode given

any combination of material and geometry.

Piluso et al. [3] showed that the mode of deformation by a T-stub is related

to a parameter β given by

β =
2M
mB

(2.1)

where m is the distance from the bolt-hole axis to the plastic hinge at the

flange-to-web connection, M is the bending moment at the plastic hinges and

B is the tension force in each bolt - see Fig 1.11. Since M = M(leff , tp,fy)

and B = B(As,fub), the parametric dependence for β can be expressed – by

making use of dimensional analysis – as follows:

β = f

(
leff
m

,
fy
fub

,
t2p
As

)
, (2.2)

which can be re-arranged as

t2p
As

= g

β , leff
m

,
fy
fub

 (2.3)

where As is the tensile stress area of the bolt; fy and fub are the yield strength

of the flange material and the ultimate strength of the bolt, respectively; and,

tp is the thickness of the flange. The effective length leff is the notional width

of a T-stub (see Fig 1.11) defined such that, at plastic collapse, the resistance

of the flange (modelled as beams) is equivalent to a T-stub whose kinematic

mechanism is determined by the development of a specific yield line pattern.

Figure 2.2 shows the various yield line patterns that could develop in accor-

dance to EN 1993-1-8 [1]. A circular yield line pattern arises due to localised

action of the bolt; hence, they only develop in mode 1 where prying forces Q1
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are smaller compared to the ones (Q2) that develop in mode 2. By contrast,

non-circular patterns can develop in both modes 1 and 2, and are characterised

by significant prying forces which can cause premature failure of the bolts. In

EN 1993-1-8 [1], prying forces are assumed to act along the edge of a T-stub

at a distance n from the bolt axis. According to McGuire and Winter [52], a

non-circular pattern will develop whenever the ratio λ = n/m < 1.25. More-

over, circular and non-circular patterns are three-dimensional (3D) yielding

mechanisms since their shape changes along the width of the T-stub as illus-

trated in Fig 2.2. By contrast, a beam yield-line pattern is not and it develops

whenever the width L is small, i.e. L< 4m+1.25n. This study considers only

non-circular and beam patterns that induce significant prying forces.

(a) (b) (c)

Modes 1 and 2 Mode 1 Modes 1 and 2

leff = 4m + 1.25n leff = 2pm leff = L

n nm m

L

Figure 2.2: Possible yield line patterns in a T-stub: (a) non-circular; (b) circular;
(c) beam. denotes hinge line and L is width of the T-stub
(adapted from Girão Coelho [11]).

Note that the ratio leff/m (in Eq. 2.3) depends on the yield-line pattern that

develops in the flange. For a non-circular pattern, leff/m= 4 + 1.25λ [1]. For

a beam pattern, it is assumed, according to standard specifications for HE

beams [53], that L= 2.5 ·m.

To construct the deformation maps, we need to consider the plastic and ul-

timate failure of a T-stub separately. For fully-plastic limit state, Eq. 2.1 is
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expressed as [3]

β = βRd =
2Mpl,Rd

mBRd
, (2.4)

where BRd is the design tensile resistance of the bolt given by [1]

BRd = 0.9As fub (2.5)

and Mpl,Rd is the design flexural resistance of the flange given by [1]

Mpl,Rd = 0.25 leff t2p fy . (2.6)

Substituting for BRd and Mpl,Rd in Eq. 2.4, and re-arranging according to the

dimensionless groups in Eq. 2.3, one obtains:

t2p

As
= 1.8

4 + 1.25λ βRd

(
fy
fub

)−1
Non-circular pattern (2.7a)

t2p

As
= 0.72 βRd

(
fy
fub

)−1
Beam pattern (2.7b)

Note that the relevant expression for leff/m, corresponding to its respective

yield-line pattern, given earlier had been substituted into Eq. 2.7. For an

ultimate limit state, Eq. 2.1 is expressed as [3]

β = βu =
2Mf

mBu
. (2.8)
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Figure 2.3: Idealised piece-wise true stress-strain relation of the flange material
adopted by Piluso et al. [3]. Note Piluso et al. [3] assumed that σy = fy

and σu = fu.

Here, Bu is the ultimate tensile resistance of the bolt given by [3]

Bu = As fub (2.9)

and Mf is the bending moment corresponding to fracture of the flange. Adopt-

ing an idealised stress-strain relation of the flange material, see Fig. 2.3, Piluso

et al. [3] derived the bending moment at fracture as

Mf

My
= κ=

1
2

3−

εy
εf


2+

1
2
Eh

E

εf − εh
εy


1−

εh

εf


2 +

εh

εf



−
1
2
Eh−Ef

E

εf − εu
εy

1−
εu

εf


2 +

εu

εf

 ,
(2.10)

where the corresponding bending moment at first yielding is given by

My =
leff t

2
p

6 fy . (2.11)

Note that the constant κ depends only on the flange material and κ = 1 at
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fully plastic condition. Following the same procedure as before, one obtains

t2p

As
= 3

4 + 1.25λ βu
1
κ

(
fy
fub

)−1
Non-circular pattern (2.12a)

t2p

As
= 1.2 βu

1
κ

(
fy
fub

)−1
Beam pattern (2.12b)

Note that the ratio λ, n/m.

Table 2.1: Values of β delineating the transition between failure modes [3].

Mode transition β

1→2 2λ
1+2λ

2→3 2

Régime boundaries are obtained by substituting βRd and βu in Eqs. 2.7 and

2.12 with the corresponding expression for β given by Piluso et al. [3] – see

Table 2.1. The final expression for the régime boundaries has the following

general form:

t2p

As
= h(λ) 1

κ

(
fy
fub

)−1
(2.13)

where h(λ) is tabulated in Table 2.2. Deformation maps for plastic and ulti-

mate failure of a T-stub – generated by plotting the régime boundaries (Eq.

2.13) in a plot of t2p/As versus κfy/fub – are shown in Figs. 2.4 and 2.5, re-

spectively.

Notice that each boundary is plotted as an isoline corresponding to a value of
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Table 2.2: Expressions of h(λ) to determine the régime boundaries for non-circular
and beam patterns.

h(λ)
Mode transition Non-circular Beam κ

Plastic limit state 1→2
3.57λ

(1 + 2λ)(4 + 1.25λ)
1.44λ

(1 + 2λ) 1

2→3
3.57

4 + 1.25λ 1.44 1

Ultimate limit state 1→2
6λ

(4 + 1.25λ)(1 + 2λ)
2.4λ

1 + 2λ Eq. 3.13

2→3
6

(4 + 1.25λ) 2.4 Eq. 3.13
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Figure 2.4: Plastic failure deformation map. Black isolines (of different λ) are
régime boundaries corresponding to transition from modes 1→2 and
red from modes 2→3. Solid lines ( and ) refer to non-circular
yield line pattern and dotted lines ( and ) to beam pattern.
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Figure 2.5: Ultimate failure deformation map. Black isolines (of different λ) are
régime boundaries corresponding to transition from modes 1→2 and
red from modes 2→3. Solid lines ( and ) refer to non-circular
yield line pattern and dotted lines ( and ) to beam pattern

λ. Any pair of geometric (t2p/As) and material (κfy/fub) parameters uniquely

locates a point on the 2D map. From the map, one is able to determine the

deformation mode for a given value of λ (by interpolation using the reference

values indicated in Figs. 2.4 and 2.5, if required). Alternatively, the map allows

a designer to select the combination of geometry and material parameters

for a T-stub to deform in a desired mode. Let’s assume we selected a trial

configuration of a T-stub to be used in a double split tee joint and we want for

the connection to be ductile, i.e. mode 1 is preferred. As shown in Fig. 2.6,

if we were to use EC3 [1], we should re-compute F1, F2 and F3 every time

we change the configuration of the T-stub. By contrast, if we use the failure

deformation maps, we will just need to compute t2p/As and κfy/fub and enter

the map to check the expected failure mode. Note that for beam pattern,
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Eurocode 3

1. Select geometry of the T-stub: 
tp, m, n, L, db

2. Select material of the T-stub:  fy and fub

3. Compute F1, F2 and F3 from Table 1.1

4. Compare F1, F2 and F3 and identify 
failure mode

Is F1 < F2 and F1 < F3 ?

yes

no

STOP

1. Select geometry of the T-stub: 
tp and db

2. Select material of the T-stub:  fy and fub

3. Compute tp
2/As and kfy/fub and access 

the map

Is mode = mode 1 ?

yes

no

STOP

Failure deformation maps

Figure 2.6: Comparison between EC3 [1] and failure deformation map for the de-
sign of T-stubs.

there is only one boundary for modes 2→3 transition since it is independent

of λ. The fidelity of the maps will be validated against experimental data (by

others) in existing literature and numerical results from FE simulations (to

follow) later.

2.3 Finite Element modelling

In this section, 3D finite element (FE) models are developed for T-stubs in

quasi-static tension by using ABAQUS/Standard V6.13. Predictions will be

validated against existing experimental data from three independent sources:

viz. WT1 [11], T1 [49] and T15 [29]. Note that the acronyms correspond to the

one used in their respective original reference. All the aforesaid experiments

were performed for identical flange (S355 steel) and bolt (Grade 8.8) materials

and were characterised by similar λ (WT1: 0.9; T1: 1.0; T15: 0.7). The three

T-stubs failed in mode 1 and 2 depending on the value of t2p/As, which was

different for each experiment. Note that WT1 and T1 specimens are made with
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two bolt-rows. However, given that they develop a beam yield line pattern, 3D

effects can be neglected and no interaction has to be considered between the

two bolt-rows [1]. It is, then, possible to consider them as equivalent T-stubs

with a single bolt row.

2.3.1 Constitutive relation

In the experiments, the flange and bolts were constructed respectively from

S355 steel and Grade 8.8 bolt with a Young’s modulus E = 210 GPa and Pois-

son’s ratio ν = 0.33. Their subsequent plastic responses are modelled here

based on the conventional J2 plasticity flow theory to allow progressive degra-

dation of material stiffness to be implemented in finite elements. Figure 2.7

shows the nominal, and corresponding true stress-plastic strain curves of the

S355 flange material. Characteristic points of nominal and true stress-strain

curves are identified and indicated in Fig. 2.7: yielding (point y), necking

(point n), rupture (point r which is the last point on the softening branch be-

fore stress drops to 0) and fracture (point f at which stress is equal to 0) [54].

An index i will be used in the following to indicate a generic data point on the

stress-strain curve (nominal or true) connecting points y, n, r and f . The i-th

data point of the plastic response is extracted from the nominal stress-strain

curve using (ABAQUS 2009)

σi =

 σnom
i (1 + εnom

i ), y ≤ i < n

σnom
n (1 + εnom

i ), n≤ i≤ f
(2.14)

and

εpl
i = ln(1 + εnom

i )− εy, (2.15)

where σnom
n is the nominal stress at necking (indicated by point n in Fig. 2.7)

and εy is the strain at yielding (indicated by point y in Fig. 2.7). To account

for the effects of strain localisation after necking, the nominal strain εnom
i is
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Figure 2.7: Material properties for the S355 steel and Grade 8.8 bolt [11]. Points
representing yielding (y), necking (n), rupture (r) and fracture (f) are
indicated by black arrows. Finite element mesh of the circular bar
specimen is also shown.

defined, following Pavlović et al. [54], as follows:

εnom
i =

 ∆li/li, y ≤ i < n

εnom
i−1 + (∆li−∆li−1)/li, n≤ i≤ f,

(2.16)

where li – this is to be defined in Eq. 2.17 – represents the gauge length at

the i-th data point of the plastic response and ∆li = εnom
i l0. For a cylindrical

coupon with diameter d, the initial gauge length l0 (50mm in this study)

starts to decrease when stress softening begins. At rupture point (indicated

by point r in Fig. 2.7), the gauge length becomes lloc = 0.5d [56]. In this study,

lloc = 6mm. The reduction of the gauge length is assumed to obey a power law
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through the localisation rate factor (αL = 0.5) as follows [54]:

li =


l0, y ≤ i < n

l0 + (lloc− l0)[(∆li−∆ln)/(∆lr−∆ln)]αL n≤ i≤ f ,

(2.17)

where ∆ln = εnom
n l0 and ∆lr = εnom

r l0 are the elongations of the gauge length

at necking (point n in Fig. 2.7) and rupture (point r in Fig. 2.7). The effects

of strain localisation were not taken into account for Grade 8.8 bolt because,

observing the results of tensile test on bolts in Girão Coelho [11], it can be

noticed that the reduction of area after the onset of necking affects the entire

length of the shaft, hence it is meaningless to define lloc. The true stress-plastic

strain curve obtained by Girão Coelho [11] was, then, used for Grade 8.8 bolt

and is shown in Fig. 2.7.

2.3.2 Damage modelling

To predict the onset of damage over a wide range of stress states, the damage

initiation criterion by ABAQUS 2009 is used here because is made for the

ductile failure of metals. The criterion for ductile damage initiation is given

by ABAQUS 2009.

ωd =
∫ dε̄pl

ε̄pl
0 (θ)

= 1 (2.18)

where ωd is a state variable that increases monotonically with ε̄pl (expressed

as a function of stress triaxiality θ). Here, the equivalent plastic strain at the

onset of damage ε̄pl
0 is defined according to Pavlović et al. [54] as

ε̄pl
0 (θ) = εpl

n · exp[−1.5(θ−1/3)] (2.19)

where εpl
n is the true plastic strain at necking (indicated as point n in Fig. 2.7.

The model by Pavlović et al. [54] has already been proved to perform well

when applied to steel joints [29, 54] and bolts [57] Post necking (n ≤ i ≤ f),

the damage process is controlled by the evolution of the damage variable Di
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which is expressed as a function of the equivalent plastic displacement ūpl
i

(ABAQUS 2009). Di is defined as [54]

Di =

 (1− σ̄i/σi) ·1.5, n≤ i≤ r

1, i= f
(2.20)

where σi is the true stress (Eq. 2.14) and σ̄i = σnom
i (1+εnom

i ) for y≤ i≤ f . Note

that no data points are considered on the true stress-strain curve between point

r (rupture) and f (fracture) as shown in Fig. 2.7 because rupture is defined as

the last point on the softening branch of the nominal stress-strain curve, i.e.

Di goes immediately to 1 after r [54]. ūpl
i is given by [54]

ūpl
i = ūpl

f (εpl
i − ε

pl
n )/(εpl

f − ε
pl
n ) , n≤ i≤ f (2.21)

where the equivalent plastic displacement at fracture ūpl
f (in Eq. 2.21) is [54]

ūpl
f = λSλELE(εpl

f − ε
pl
n ) . (2.22)

LE = 3√V (V is the volume of the element) is the characteristic length of

the finite element used in simulations (ABAQUS 2009, Sui et al. 2017). The

factor λE needs to be calibrated to the type of elements that are used in the FE

models.The dependence of ūpl
f on the mesh size is removed by introducing an

element size factor λS Pavlović et al. [54]. An expression for λS was obtained

in Pavlović et al. [54] by reproducing the tensile test via FE models discretized

with different element sizes LE,a (a ∈ [0, t] with t being the number of element

sizes selected). For a= 0, LE,a = LE,0 which is taken as the reference element

size. The final expression for λS is given by [54] as

λS = 3

√√√√LE,0
LE,a

, a ∈ [1, t]. (2.23)

The calibration of the element type factor λE will be performed in the next



section. Note that λE will be used to model the damage evolution for S355

steel only. For Grade 8.8 bolt, a linear damage evolution law will be used that

does not require the use of λE .

2.3.3 Simulations of uniaxial tensile test and calibration

of λE

To calibrate the element type factor a tensile test of the S355 steel dog-bone

specimen is simulated (see Fig. 2.7). Four cylindrical specimens – their geo-

metric dimensions are all identical and follow that stipulated by the ASTM

Standard E8/E8M-15a [59] – are modelled using C3D8R (8 nodes linear con-

tinuum elements with reduced integration) elements [54].The gauge section

was discretised using four different element sizes, viz. reference element size

LE,0 = 0.89mm (186 elements across diameter), LE,1 = 1.00mm (140 ele-

ments across diameter), LE,2 = 1.25mm (96 elements across diameter) and

LE,3 = 1.59mm (60 elements across diameter). Note that LE,0, LE,1, LE,2 and

LE,3 were chosen so that the aspect ratio of the elements in the gauge length is

≈ 1. The tensile test load is simulated via a displacement boundary condition

(0.05mm/s corresponding to a nominal strain rate of 0.001s−1) applied at one

end of the specimen, whilst the other end is fully clamped. The true stress-

strain curve in Fig. 2.7 was used for material properties of the four models.

Damage initiation was specified for each model using Eq. 2.19.

The calibration procedure for the element type factor λE is summarised in a

flow chart in Fig. 2.8. The FE model discretised with LE,0 is first considered

and a trial value for λE is assumed. λS is, then, evaluated - note that, for

LE,a =LE,0, λS = 1 (Eq. 2.23) - and Eqs. 2.20, 2.21 and2.22 are used to obtain

Di, ūpl
i and ūpl

f . The simulation is, then, run and nominal stress-strain curve

is obtained and compared with experimental result. The trial value for λE is

assumed to be satisfactory when the percentage difference Er(εnom
r ) between

the experimental and numerical εnom
r is ≤ 2%. The same procedure is, then,

repeated for LE,1, LE,2 and LE,3. If Er(εnom
r )> 2% for any of LE,a (with a ∈
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[1, t]), the initial value of λE must be changed and simulations must be repeated

for all LE,a (with a ∈ [0, t]). Pavlović et al. [54] had shown that, for C3D8R

elements, λE ∈ [2.5,3.2] depending on the ductility of the material. In this

study, the calibrated value is λE = 2.5. The mesh insensitivity of the results is

shown in Fig. 2.9. The comparison between experiment [11] and the nominal

stress-strain curves obtained from the four FE models shows no difference

up to the necking point (indicated as n in Fig. 2.9) and a small difference

(≤ 2%) between the experimental and numerical values of the nominal strain

at rupture εnom
r was obtained for each mesh size. For Grade 8.8 bolt, damage

initiation was also specified using Eq. 2.19, while a linear damage evolution

law was defined with an equivalent plastic displacement at fracture given by

ūpl
f = εfLE (ABAQUS 2009). The value of LE is 2mm for the present work in

order to have a minimum of 12 to 16 nodes around the diameter [60], while and

εf = 0.13 is obtained from Girão Coelho [11]. Figure 2.10 shows the damage

initiation and evolution curves that are implemented in the FE model for the

Grade 8.8 bolt.

2.3.4 Simulations of T-stubs in tension and validation

Figure 2.11 shows details of FE model of the tensile test on T-stub. As previ-

ously specified, WT1 and T1 are made by two bolt-rows, therefore a quarter of

T-stub was simulated and uz = 0 boundary condition was specified (Fig. 2.11a)

which was not used for T15. The bottom web was fully clamped, while a dis-

placement boundary condition (u̇y = 0.01mm/s [11]) was applied on the top

web to simulate the quasi-static tensile load as shown in Fig. 2.11. Figure 2.11b

indicates the geometric parameters of the three specimens and corresponding

values are listed in Table 2.3. Specimen T15 was obtained from an IPE300

beam profile [49], hence no weld was modelled in the FE simulation. On the

contrary, for specimens WT1 [11] and T1 [29], the T-elements were made by

welded plates. The welding process might lead to loss of strength in the HAZ

whose width lHAZ - this is indicated in Fig. 2.11e - depends on the thickness

of the flange. However, Rodrigues et al. [61] show that, for lHAZ/tp ∈ [1/6,1],
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Figure 2.8: Flow-chart of the calibration procedure for element type factor λE .
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Figure 2.9: The effect of finite element mesh size on the predicted uniaxial tensile
response of the round bar specimen for S355 steel. For each element
size LE,i (i ∈ [0,3]) specified in the figure, the nominal stress-strain
curve from FE simulations is plotted and points of rupture r are in-
dicated by a cross. Black dots identify necking n and rupture r on
the nominal stress-strain curve from experiment by Girão Coelho [11].
Point n is not indicated on the numerical results as, ∀LE,i, n is coin-
cident with experiment.

Model m n tp db l1 l2 L B p aw/r tw rw

WT1 34.34 30 10 12 20 25 45 150.08 50 5 10 5.7
T1 29.45 30 10.7 12 20 20 40 150 90 15 7.1 12
T15 42.1 30 15 20 52.5 52.5 105 170 110 7 10 7.9

Table 2.3: Geometric dimensions of WT1 [11], T1 [49] and T15 [29] with reference
to Fig. 2.11b.
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Figure 2.10: Damage initiation criterion (a) and damage evolution law (b) for S355
steel ( ) and Grade 8.8 bolt ( ). In (a), εpl

n is the plastic
strain at necking under uniaxial tension (θ=1/3 indicated by the red
dotted line). The curves are obtained using Eq. 2.19. In (b), the
curve for S355 steel is defined using Eqs.2.20, 2.21 and 2.22, while,
for Grade 8.8 bolt, a single value of ūpl

f (ūpl
f = εfLE) is specified in

correspondence of Di = 1.

the influence of the HAZ is not significant as long as the tensile strength of

the weld and base materials are close. In Girão Coelho [11], the ratio between

tensile strengths of weld (WM) and base (BM) materials is fWM
u /fBM

u = 0.92

and lHAZ/tp = 0.5. Therefore, in the present work, the influence of the HAZ

was neglected and the welds were modelled with the same material as the

flange [11, 20, 62, 63]. The same approach was used for T15 given that no

specifications were given in Ribeiro et al. [29] regarding the weld material.

The entire model was discretised using C3D8R elements [20, 27]. Bolts were

modelled as a cylinder with cross-sectional area equivalent to As [49]. For the

bolt, a mesh sensitivity analysis was carried out by changing the element size

of the shaft. Results of the sensitivity analysis are shown in Figs. 2.12a for

three different element sizes, i.e. 4mm, 2mm and 1.5mm. It can be seen that

a 1.5mm element size produces no change in terms of ∆u – this is indicated

by a black dot in Fig. 2.12 – when compared to 2mm. Therefore, 2mm ele-

ment size was selected for the present work to reduce the computational effort

(Fig. 2.11d). The flange was partitioned into four regions A, B, C and D as

shown schematically in Fig. 2.12d. Region A was meshed with cubic elements



1 x 1 x 1mm after a sensitivity study was conducted considering element sizes

1mm, 1.5mm and 2mm (Fig. 2.12b). Three different mesh were, then, tested

for regions B, C and D. These mesh are shown in Fig. 2.12d, where the number

after each letter refers to the number of elements along the x axis (Fig. 2.12a).

Results of the sensitivity analysis indicated that no difference between B4C5D4

and B6C10D4 was observed in terms of ∆u. Region B was, then, modelled

with four elements across the circle, while region C was discretised with four

elements between region A and B and between region B and D. Region D

was made by 4 elements. Surface-to-surface contact formulation with small

sliding was prescribed for all contact pairs – top and bottom flange, flanges

and head/nut of the bolt, bolt shank and hole – with a coefficient of Coulomb

friction µ= 0.25 [49].

Comparison between experimental and numerical results for T-stubs WT1, T1

and T15 is shown in Fig. 2.13. The capability of the FE models to reproduce

the behaviour of the three T-stubs is first measured in terms of percentage dif-

ference between experimental and numerical values of the resistance (Fu) of the

T-stub and the ultimate displacement (∆u). Fu is the maximum value of the

force – this is the resultant of the reaction forces at the bottom web – through-

out the deformation of the T-stub and ∆u is the corresponding displacement.

Fu and ∆u are indicated in Fig. 2.13 by red (experimental) and black (FEM)

dots on the F - ∆ curves. In all cases, the predicted force-displacement curves

closely match the experiments and small percentage difference are obtained for

Fu (WT1: 3.4%, T1: 3.1%, T15: 5.3%) and ∆u (WT1: 0.7%, T1: 5.1%, T15:

2.6%). For WT1 specimen, a comparison was also done in terms of bolt elon-

gation ∆b (this was not measured in T1 [49] and T15 [29]). In Fig. 2.14, ∆b is

plotted against the force of the T-stub. The difference between experiment and

FE simulation in terms of final bolt elongation is due to the fact that the exper-

iment was interrupted at ∆b = 0.4mm to prevent the equipment to be damaged

[11]. However, good agreement was obtained until ∆b = 0.4mm, where the dif-

ference between experimental and numerical force is 5.1%. The failure mode
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Figure 2.11: 3D finite element model of the tensile test on T-stub. (a) shows
the displacement boundary conditions applied in the models. As
indicated, uz = 0 is only applied for WT1 and T1, while no boundary
condition is specified on uz for T15. A sketch of the geometry of the
T-stubs is given in (b) and values for the parameters are collected in
Table 2.3. Note that the sketch is to be referred to half of T-stub
for WT1 [11] and T1 [49]. (c) shows the mesh for the bolt and the
flanges (top and bottom). rw = 0.8aw

√
2 for welded T-stubs (WT1

and T15) and rw = 0.8r for T1.
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Figure 2.12: Mesh sensitivity analysis for WT1 [11]. In each figure, a black dot
identifies the displacement (∆u) at which the mesh sensitivity was
evaluated. (a) was obtained by changing the element size in the bolt
shaft. In (a), the flange was meshed as in B4C5D4 (Fig. 2.12d). In
(b), the element size of the flange at the weld toe was investigated,
while the rest of the flange was meshed as in B4C5D4 (Fig. 2.12d).
(c) shows the F - ∆ obtained by modelling the flange as displayed in
Fig. 2.12d.

of T-stubs is also successfully captured by the FE simulations as shown by

the distributions of equivalent plastic strain (εpl) and damage variable (Di) in

Fig. 2.13. Note that contour plots of flange and bolt in Fig. 2.13 were obtained

at the ultimate displacement (this is marked on the F - ∆ curves). Specimens

WT1 and T15 failed in mode 2. They developed a plastic hinge at the weld-toe

as indicated by circles in Figs. 2.13a and c: here εpl exceeds through the thick-

ness the threshold value (0.05) suggested by Ribeiro et al. [29]. In Figs. 2.13a

and c, the damage variable Di = 1 is attained in the bolt and, consequently,

elements are removed from the mesh, as indicated by black arrows. Specimen

T1 developed two plastic hinges (highlighted by two circles in Fig. 2.13b), one

at weld-toe and one at bolt hole. However, Fig. 2.13b also shows that Di in



the bolt reaches a value close to 1. This indicates that even the bolt undergoes

extensive inelastic phenomena in accordance with what observed by Bursi and

Jaspart [49] who identified the failure mechanism to be between mode 1 and

2. No clear indication of location of fracture is given in Bursi and Jaspart [49],

however the value of Di in the bolt indicates that fracture is about to happen

in the bolt.

2.4 Results

The fully validated FE model will now be used to perform a parametric study

to investigate how the deformation capacity of a T-stub is affected by its geo-

metric and material parameters; and, the results will also be used to critically

assess the accuracy, and limitations, of the model predictions by Piluso et al.

[3] and Francavilla et al. [12].

2.4.1 Parametric study

Geometric configurations
A schematic of the T-stub, showing all the key geometric dimensions to be

considered in the parametric study, is shown in Fig. 2.11b. Note that the tensile

response of a T-stub that develops beam yield line pattern had been extensively

studied, both experimentally and numerically, by others; see, for example,

Piluso et al. [3], Girão Coelho [11] and Ribeiro et al. [29]. In addition, analytical

models also exist that could accurately predict their F - ∆ relationship [3,

12]. By contrast, there are relatively fewer studies on non-circular yield line

patterns. For this reason, all the T-stubs here were sized to develop this; hence,

their width L must satisfy L > 4m+ 1.25n. Since B is fixed at 200mm in all

the models, m and n are varied to obtain three different λ (, n/m) values as

follows: (1) A maximum value of λmax = 1.25 determined by considering the

minimum standard bolt spacing of pmin = 98mm for a HEA200 beam [53]. This

is taken as a reference beam profile since it is characterised by a width which is

identical to B (200mm). Note that if λ > λmax(= 1.25), non-circular patterns
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Figure 2.13: Comparison between FE ( ) and experiments ( ). Dots on F-∆
indicate Fu and ∆u for FE (black) and experiment (red). Black ar-
rows highlight deleted elements in the bolt and dotted circles identify
plastic hinges on the flange.
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Figure 2.14: Validation of FE model in terms of force-bolt elongation (F-∆b). :
FE; : Experiment [11].

will not develop according to McGuire and Winter [52]; (2) A minimum value

of λmin = 0.9 determined by considering the maximum allowable bolt spacing

of pmax = 14tp as stipulated in EN 1993-1-8 [1]; (3) An intermediate value

of λinter = 1.1 - this was selected to lie between λmax and λmin. Following

UNI 5397:1978 [53], three different flange thickness tp (8, 9 and 10mm) and

four bolt diameters db (10, 12, 20 and 27mm) were considered. The different

combination of geometric dimensions considered in the parametric study are

collected in Table 2.4.
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Geometry Predicted δ

Row m n λ tp db S235 S275 S355 S450
1 40 50 1.25 8 10 2.3(5.0,2.0) 1.8(3.8,1.6) 1.2 (1.4,0.7) 0.7(0.9,0.5)
2 40 50 1.25 8 12 3.6(5.0,2.3) 3.0(3.8,2.1) 2.2(3.6,2.6) 1.5(2.6,1.57)
3 40 50 1.25 8 20 5.1(5.2,5.1) 4.9(4.0,3.8) 4.7(3.9,3.7) 4.6(3.34,3.53)
4 40 50 1.25 8 27 4.6(5.2,5.0) 4.1(4.0,3.6) 3.8(3.9,3.5) 3.5(3.34,2.65)
5 40 50 1.25 9 10 1.5(1.9,1.4) 1.1(1.2,0.4) 0.6(0.3,0.3) 0.3(0.4,0.18)
6 40 50 1.25 9 12 2.7(4.0,1.4) 2.1(2.5,1.4) 1.5(1.5,1.4) 1.0(0.92,0.35)
7 40 50 1.25 9 20 4.9(4.1,4.1) 4.2(3.2,4.6) 4.9(3.1,3.7) 3.5(2.6,2.1)
8 40 50 1.25 9 27 4.4(4.1,3.9) 4.0(3.2,2.3) 3.9(3.1,2.7) 3.7(2.7,2.16)
9 40 50 1.25 10 10 0.8(0.3,0.2) 0.4(1.1,0.2) 0.3(0.5,0.3) 0.2(0.3,0.3)
10 40 50 1.25 10 12 1.7(3.2,1.4) 1.3(1.3,1.1) 0.9(0.7,0.3) 0.4(0.1,0.2)
11 40 50 1.25 10 20 3.8(3.4,3.9) 3.3(2.6,4.2) 3.0(3.1,2.5) 2.3(2.5,3.0)
12 40 50 1.25 10 27 4.1(3.4,3.2) 3.9(2.6,2.4) 3.8(2.6,2.3) 3.5(2.2,3.5)
13 44 46 1.1 8 10 2.6 2.01 1.4 0.9
14 44 46 1.1 8 12 4.0 3.4 2.7 2.1
15 44 46 1.1 8 20 5.5 5.3 5.1 4.9
16 44 46 1.1 8 27 5.1 4.6 4.0 3.8
17 44 46 1.1 9 10 2.5 2.3 0.5 0.3
18 44 46 1.1 9 12 3.0 1.6 1.3 0.3
19 44 46 1.1 9 20 5.6 5.4 5.3 5.0
20 44 46 1.1 9 27 4.8 4.8 3.9 3.6
21 44 46 1.1 10 10 1.2 0.9 0.5 0.3
22 44 46 1.1 10 12 1.8 2.3 0.8 0.7
23 44 46 1.1 10 20 4.5 3.9 1.9 3.5
24 44 46 1.1 10 27 4.7 4.5 4.4 4.2
25 47 43 0.9 8 10 3.0 2.3 1.6 1.1
26 47 43 0.9 8 12 4.5 3.8 3.1 1.9
27 47 43 0.9 8 20 6.0 5.9 5.7 5.4
28 47 43 0.9 8 27 5.7 5.1 4.0 4.4
29 47 43 0.9 9 10 2.0 2.6 0.3 0.6
30 47 43 0.9 9 12 3.2 1.8 1.3 0.4
31 47 43 0.9 9 20 5.9 5.5 4.9 3.5
32 47 43 0.9 9 27 5.0 4.6 4.3 4.2
33 47 43 0.9 10 10 1.5 0.6 0.4 1.1
34 47 43 0.9 10 12 2.0 1.6 1.0 0.9
35 47 43 0.9 10 20 5.2 4.5 4.0 3.5
36 47 43 0.9 10 27 4.7 4.3 4.3 3.9

Table 2.4: Dimensions (mm) of T-stubs - see Fig. 2.11b - considered in the para-
metric study. l1 = l2 = L/2 = 125mm; B = 200mm; tw = 6.5mm;
aw = 5mm and rw = 7.5mm in all the models. XX (YY, ZZ) refers
to FEM (Piluso et al. [3] , Francavilla et al. [12]).
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Steel σy σu εy εh εu εf E Eh Ef κ

S235 235 360 0.001 0.014 0.036 0.223 210000 5500 360 2.587
S275 275 430 0.001 0.015 0.047 0.22 210000 4800 430 2.560
S355 355 510 0.002 0.017 0.053 0.2 210000 4250 510 2.305
S450 440 550 0.002 0.017 0.053 0.17 210000 4250 550 2.305

Table 2.5: Values of stress, strain, moduli and κ for steel materials of the flange in
the parametric study with reference to Fig. 2.3.

The flanges were made of four different structural steel grades (S235, S275,

S355 and S450). Their true stress-strain response was obtained using the

piece-wise approximation by Piluso et al. [3] and shown in Fig. 2.3. Values of

stresses (σy and σu), strains (εy, εh, εu andεf ) and moduli (E, Eh and Ef )

are given in Table 2.5. Values for S235, S275 and S355 were taken from Girão

Coelho [11]. For S450, σy and σu were obtained from EN 1993-1-8 [1], Ef = σu

[3] and εf = 0.17 [64], while E, Eh, εy, εh and εu were assumed to be the

same as per S355. The κ values for each steel are also indicated in Table 2.5.

The damage initiation criterion for each steel was specified using Eq.2.19 and

values are collected in Table 2.6. The damage evolution was modelled as in

Fig. 2.10 for all the four steels because nominal stress-strain curves were not

given in Girão Coelho [11] for S235, S275 and S450. However, this assumption

is considered acceptable given that all the four steel are characterised by similar

εu and εf (Table 2.6). The same Grade 8.8 bolt is used in all cases and this is

modelled as described previously.

To ensure the parametric study was exhaustive enough to capture all the three

failure modes, the failure maps were used to check the expected mechanism of

deformation. As shown in Fig. 2.16, the configurations of T-stub in Table 2.4

interest almost the entire 2D t2p/As - κfy/fub space. Also, all three failure

modes should be expected and the parameters in Table 2.4 were considered to

be representative enough.
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S235 S275 S355 S450

θ ε̄pl
0 θ ε̄pl

0 θ ε̄pl
0 θ ε̄pl

0

0.1 0.183 0.1 0.158 0.1 0.144 0.1 0.128
0.13 0.176 0.13 0.156 0.13 0.143 0.13 0.130
0.33 0.130 0.33 0.112 0.33 0.102 0.33 0.090
0.67 0.078 0.67 0.067 0.67 0.061 0.67 0.054

1 0.048 1 0.041 1 0.037 1 0.033
1.33 0.029 1.33 0.025 1.33 0.022 1.33 0.020
1.67 0.114 1.67 0.015 1.67 0.014 1.67 0.012

2 0.010 2 0.009 2 0.008 2 0.007

Table 2.6: Damage initiation criteria for steel materials of the flange in the para-
metric study.

Results and Discussions

Results of the parametric study are plotted in Fig. 2.15. Analytical predictions

by Piluso et al. [3] and Francavilla et al. [12] are, then, compared to the

ultimate displacement ∆u and failure mode, predicted by FE, for λmax = 1.25

(Table 2.4). Note that the comparison between FE and analytical models was

performed only for λmax = 1.25 to use a value of λ which is different than the

one used in Piluso et al. [3] and Francavilla et al. [12] (the analytical models

have been mostly applied to λ≈ 1). The deformation capacity of each T-stub

is expressed by a non-dimensional ultimate displacement given by δ = ∆u/tp.

This provides an easy way to estimate how big the displacement of the T-

stub is by comparing it to the thickness of its flange. δ is plotted against

Γ , κfy/fub · t2p/As for three different values of λ in Fig. 2.15. Note that

the variable Γ is a product of two key dimensionless groups used to define

the régime boundaries delineating the different modes, for both plastic and

ultimate failure, in Fig. 2.15. Expressing Γ as the product of the two key

dimensionless groups allows also to plot the régime boundaries onto the graph

in Fig. 2.15. In fact, from Eq. 2.13, Γ = h(λ), hence, for a constant λ, the

régime boundaries depend exclusively on Γ.

Figure 2.15 shows a general reduction in the deformation capacity δ with Γ
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Figure 2.15: Results of parametric study: (a) λmin = 0.9, (b) λinter = 1.11 and
(c) λmax = 1.25. Vertical lines indicate boundaries between ultimate
failure modes.

and/or when the mode switches from 1 to 3. It is hardly surprising that the

ductility of a T-stub in mode 1 is highest due to the collapse mechanism it

develops. And, since the collapse mechanism is affected by both geometric and

material parameters [1], the ductility of T-stubs is highly dependent on the

dimensionless parameters t2p/As and kfy/fub. Notice that the data points for

mode 1 are much more disperse, further confirming the sensitivity of ductility

to geometric parameters and material properties. By contrast, mode 3 defor-

mation is dictated by the deformation of the bolts and is, consequently, less

sensitive to geometric and material properties of the flange.

Table 2.4 tabulates the value of δ for each T-stub. It can be seen that, for
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a constant κfy/fub, δ increases for T-stubs constructed with a weak flange

and strong bolts. These T-stubs fail predominantly in either mode 1 or 2.

By contrast, T-stubs with strong flanges and weak bolts deform primarily in

mode 3, and they have low deformation capacity (δ) that is nearly constant for

Γ> 1.5.Furthermore, Table 2.4 also shows that, for the same combination of tp
and As, δ reduces with increasing κfy/fub for all modes of failure. In addition,

the effects of κfy/fub on δ is greatest for λ = λmin (mode 1: 5.3 ≤ δ ≤ 6 and

mode 2: 1.9 ≤ δ ≤ 4.5) compared to λinter (mode 1: 4.9 ≤ δ ≤ 5.5 and mode

2: 1.9 ≤ δ ≤ 4.0) and λmax (mode 1: 4.6 ≤ δ ≤ 5.1 and mode 2: 1.4 ≤ δ ≤

3.6). This is because when λ= λmin, n is small compared to m which implies

that the bolt spacing p is large. Girão Coelho [11] observed that a large p

is responsible for a reduction of the T-stub stiffness because the flange is not

as rigidly constrained between the weld-toe and bolt line compared to cases

where λ = λmax (n >> m). Increasing stiffness of a T-stub is accompanied

by a consequential increase in its ductility – T-stubs with λ = λmin are more

compliant – which leads to comparatively higher ductility of the T-stub [11].

By contrast, the effects of both t2p/As and κfy/fub are negligible on δ for large

Γ as the data points eventually flatten out.

Table 2.4 also compares the FE results for λ = λmax to analytical predictions

by Piluso et al. [3] and Francavilla et al. [12]. In general, both models under-

predict δ in mode 1 because the deformation mechanism was assumed to be

two-dimensional. This simplification is only valid for a beam yield line pattern;

instead, a non-circular yield line pattern characterised by 3D effects develops

in the flange. The model by Piluso et al. [3] over-predicts the displacement in

mode 2 because it neglects the compatibility condition between the elongation

of the bolt and the deformation of the flange; this was subsequently addressed

by Francavilla et al. [12]. Notwithstanding, discrepancies remain between FE

and analytical predictions in mode 2 because geometric non-linearities were

neglected in both analytical models. However, the difference between FE and

analytical predictions is small in mode 3, which suggests that both analyti-
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cal models are, in general, accurate if applied to T-stubs that undergo small

displacements. The good agreement in mode 3 is also, partly, because of the

insensitivity of mode 3 deformation to the yield line pattern that develops.

2.4.2 Failure deformation maps - validation

The fidelity of the deformation maps is demonstrated for non-circular yield

line pattern in Fig. 2.16 by plotting the data from the parametric study; and

for the beam yield line pattern with experimental data from Girão Coelho

[11], Piluso et al. [3], Bursi and Jaspart [49] and Ribeiro et al. [29]. Plastic

(dotted lines) and ultimate (solid lines) régime boundaries are plotted for λmin

(Fig. 2.16a), λinter (Fig. 2.16b) and λmax (Fig. 2.16c). Note that the boundaries

corresponding to mode 2→3 for λmax lie below the ones for λmin, similarly in

Figs. 2.4 and 2.5. This is because T-stubs with a smaller λ value tend to be

more ductile; consequently, they are more likely to fail either in mode 1 or 2.

Only a limited combinations of t2p/As and κfy/fub causes mode 3 failure. The

plastic failure mode predicted by the map is, in general, conservative since T-

stubs that fail in mode 1 (or 2) were predicted to fail in mode 2 (or 3). This is

unsurprising given that the régime boundaries in the plastic failure map were

constructed within the constitutive framework of limit analysis (for the flange

material). By contrast, the ultimate régime boundaries were constructed by

assuming a linear piece-wise approximation of the stress-strain curve (Fig. 2.3)

which gives a better prediction of the failure mode. The data points indicated

by blue arrows in Fig. 2.16 – they were identified by their row number in

Table 2.4 and the flange material – are outliers due to the approximate nature

of the piece-wise idealisation of the flange material. Apart from the outliers, the

failure maps predict well the mode of deformation predicted by the parametric

study.

The maps also demonstrate how failure mode is influenced by t2p/As and

κfy/fub. Increasing t2p/As leads to a shift in the mode of failure from 1 to

3 which is evident from the columns of data – each column corresponds to a



constant κfy/fub – in Fig. 2.16. Similarly, increasing κfy/fub at a constant

t2p/As value also leads to a shift towards a less ductile mode (1→ 2 or 2→ 3).

It is worth noting that since fub is identical in the parametric study, increas-

ing κfy/fub corresponds to a stronger flange. If the flange has an increased

resistance to deformation, then the bolt is more likely to fail even for lower tp
and higher As values - see, for example, data points 19 (S450), 23 (S355) and

23 (S450) in Fig. 2.16.

To examine the effects of varying As whilst keeping tp constant, consider the

T-stub configurations 1 to 4 listed in Table 2.4. Figure 2.16(c) shows that a

T-stub with a greater As tends to fail in mode 1 – as exemplified by rows of

data points labelled 3 and 4 – while a smaller As leads to failure in mode 2 or

3 (exemplified by rows of data points 1 and 2). The plastic failure map – their

régime boundaries are plotted as dotted lines – suggests that one would need

to increase the diameter of the bolt in order for the T-stub to deform in mode

1. This is in contrast to what the ultimate failure map would suggest. Hence,

using the ultimate map prevents the over-sizing of bolts which is a common,

yet expensive, strategy adopted by structural steel designers. If instead one

focuses on configurations 1, 5 and 9 – they are characterised by a constant As
– it is evident from Fig. 2.16(c) that increasing tp leads to a less ductile failure

mode; see, for example, the rows of data points labelled 5 and 9.

Table 2.7 compares the predicted deformation using the maps to existing exper-

imental test data. It is clear that the plastic régime boundaries are excessively

conservative as they tend to predict a mode 2 deformation for T-stubs failing

in mode 1. The ultimate boundaries are evidently more accurate and are ca-

pable of subdividing the geometric (t2p/As) and material (κfy/fub) parameters

space into correct modes of failure that are consistent with the experimental

test data.

Finally, the maps are only as good as the theory (specifically, the constitutive

idealisation of the flange material) used to construct them. But they are useful
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Figure 2.16: Predicted failure mode by FE for (a) λmin=0.9, (b) λinter=1.11 and (c)
λmax=1.25. Mode 1 ( ), Mode 2 ( ) and Mode 3 ( ). Grey numbers
identify the geometry (Table 2.4) and flange materials are indicated.
Curly brackets group configurations of T-stub not included in the
parametric study.
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Geometry Material Failure Mode
Model tp db λ κ fy fub Exp. Plas. Ult.

1 14.4 20 1.04 3.12 291 800 2 2 2
2 14.6 20 1.04 3.33 265 800 2 2 2
3 13 20 0.52 3.49 273 800 2 2 2
4 12.3 24 1.19 3.68 300 800 1 2 1
6 16.4 24 0.99 3.70 280 800 2 2 2
9 12.5 27 0.99 3.58 301 800 1 1 1
12 12.2 20 0.93 2.95 347 800 1 2 1

WT1 10 12 0.9 2.31 355 800 1 2 2
WT7 M20 10 20 0.9 3.33 355 800 1 2 1
WT7 M16 10 16 0.9 3.33 355 800 1 2 2
WT57 M16 10 16 0.9 1.74 690 800 2 2 2
WT57 M12 10 12 0.9 1.74 690 800 2 2 2
WT7 M12 10 12 0.9 3.33 355 800 2 2 2

T1 1.02 1 2 2
T15 0.7 2 2 2

Table 2.7: Comparison of predicted failure mode (by the deformation maps)
against experiment data from (a) Piluso et al. [3], (b) Girão Coelho
[11], (c) Bursi and Jaspart [49] and (d) Ribeiro et al. [29].

in spite of their inexactness for both designing and interpreting experiments

and in selecting and understanding the behaviour of T-stubs for engineering

applications. And, by identifying the places where data or theory are poor,

they can be systematically improved.

2.5 Conclusions

In this Chapter, failure deformation maps have been constructed for the plastic

and ultimate failure of a T-stub with a single bolt-row in tension. The maps

allow to avoid iterative pre-design calculations by condensing a large body of

information within a 2D parameters space onto which the different deformation

modes and régime boundaries are plotted for any combination of geometric

and material properties of a T-stub. The fidelity of the maps is demonstrated

through existing experimental data and through a FE parametric investigation

that considers material damage for both flange and bolt, as well as geometric
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non-linearities. Due to the assumptions made for the material constitutive

laws (rigid-perfectly plastic), the plastic failure mechanisms predicted by the

map are excessively conservative as many T-stubs failing in mode 1 (2) are

predicted to be mode 2 (3) by the map. Conversely, the ultimate régime

boundaries are constructed assuming elastic-plastic material constitutive laws,

hence they generally better predicts the failure mode.

The numerical results were also used to assess the predictive capabilities of

existing analytical models by Piluso et al. [3] and Francavilla et al. [12] for

other material and geometric combinations not available through existing ex-

periments, and for T-stubs failing in mode 3 where no experimental data were

previously available. Both analytical models under-predict the ultimate dis-

placement in mode 1 because they simplify the actual deformation mechanism

of the T-stub to 2D, i.e. they assume a beam yield line pattern. The model by

Piluso et al. [3] over-predicts the ultimate displacement because they neglected

compatibility condition between the elongation of the bolt and the deforma-

tion of the flange. This assumption was relaxed by Francavilla et al. [12]

whose model does not over-predict the displacement. The difference between

numerical and analytical predictions is small in mode 3 suggesting that both

analytical models are, in general, accurate if applied to T-stubs undergoing

small displacements, i.e. geometric non-linearities are neglected.



Chapter 3

Bolted T-stubs undergoing large

displacements

3.1 Introduction

To properly assess the robustness of steel Moment Resisting Frames (MRFs),

the non-linear response of structural members and connections needs to be

quantified. Under the influence of extreme load cases, structural joints are

subjected to both material and geometric non-linearities, commonly known as

second-order effects. These effects cannot be disregarded if catenary actions

develop in the connecting beam member. The rotational capacity of bolted

joints is directly dependent on the deformation capacity of its components in

bending which are typically represented by the equivalent T-stub. To accu-

rately characterise the response of a T-stub undergoing large displacement,

the non-linear behaviour of its flange will need to be thoroughly investigated.

In the flange, second order effects are caused by the development of axial (or

membrane) forces which are particularly significant for T-stubs bolted to a

rigid support [20]. In this Chapter, we present the results of a parametric in-

vestigation, using FE analysis, to assess the influence of second-order effects in

T-stubs bolted to a rigid support. Both material and geometric non-linearities

were considered since they are known to have a critical impact upon the per-
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formance of T-stubs. A benchmark FE model is first generated and validated

against experiments that we carried out at the STRENGTH (STRuctural EN-

Gineering Testing Hall) laboratory of the University of Salerno (UNISA); it is,

then, used to carry out a parametric investigation, by alternately considering

and neglecting geometric non-linearity, to identify the geometric configura-

tions that experience significant second order effects. A method to assess the

contributions of membrane forces to the overall deformation response of a T-

stub is also proposed and used to select 13 T-stub configurations to be tested

experimentally. Although experimental results exist on T-stubs bolted to a

rigid support, they do not exhaustively investigate how geometric character-

istics influence the development of second order effects: Latour and Rizzano

[20] only considered m/db = 4 and m/tf = 8, while Zhao et al. [47] m/db
= 5 and m/tf ∈ 7;10;15. The work presented here therefore addresses the

large displacement response of T-stubs under a range of configurations in or-

der to determine, and characterise, the influence of second order effects on the

ductility of bolted joints. Values for m/db and m/tf were chosen to extend

the investigation range of previous experimental studies to gain comprehensive

knowledge on the effect of geometry on second order effects. Test results for

T-stubs on a rigid support will be, here, presented in terms of F- ∆ curves; the

effects of shear and membrane in the bolts and flange, respectively, will be in-

vestigated and two-dimensional digital image correlation (2D-DIC) technique

will be used to monitor the deformation of the flange.

3.2 Preliminary assessment of catenary ac-

tions in the flange
To implement and validate a FE model for T-stubs bolted to a rigid support,

a benchmark case – identified here as TS01 – is modelled first [20]. The FE

models consist of a T-section bolted to a rigid support by means of two bolt-

rows as shown in Fig.3.1. Symmetry is exploited so that only one quarter

of the real assembly was modelled and uz = 0 boundary condition was spec-
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ified. Also, the rigid support was fully fixed, while a displacement boundary

condition (u̇y = 0.01mm/s [20]) was applied on the top web to simulate the

quasi-static tensile load as shown in Fig. 3.1. A preload level, generating a

pre-stress in the bolt corresponding to 80% of the yield stress, is applied to

the bolts. The bolt shank is modelled as a cylinder with a cross-section equal

to the nominal circular gross area of the bolt [57]. The bolt and rigid support

are meshed using three-dimensional 8-node linear brick elements with reduced

integration (C3D8R), while its full integration counterpart (C3D8) is used to

mesh the T-section [65]. Surface-to-surface contact formulation with small

sliding, and a coefficient of friction µ= 0.25, was specified for all contact pairs

(top and bottom flanges, bolt heads/nuts and flanges, bolt shaft and hole).

Element sizes of 5, 7 and 2 mm were used, respectively, for the T-section, the

rigid support and the bolts [27]. The FE model contains at least 2 elements

through the thickness of the T-section [27]. The models are made of Grade

8.8 bolt and S275 steel. Both flange and bolts are characterised by a Young’s

modulus E = 210000 GPa and Poisson’s ratio ν = 0.33. The plastic material

response is based on the conventional J2 plasticity constitutive relation with

linear isotropic hardening. Material non-linearity is considered by specifying

the non-linear true stress versus logarithmic plastic strain relationship used by

Latour and Rizzano [20] as shown in Fig.3.4. ABAQUS progressive damage

and failure criterion for ductile metals [55] is implemented for both the flange

and bolt. Damage parameters are collected in Table 3.1 for S275 steel and

Grade 8.8 bolt. Damage initiation law was modelled with ε̄pl
0 = εf , with εf

indicated in Fig. 3.4 [51]. A linear damage evolution law was defined with

ūpl
f = 0.1. The fidelity of the FE model is verified by comparing the numeri-

cal F- ∆ response with experiment from Latour and Rizzano [20]. Result is

presented in Fig. 3.2. Figure 3.3 shows the comparison between experimental

and numerical deformed shape.

A parametric study of 48 different T-stub geometries is, then, performed. Mod-

els are created as explained for TS01. The material properties specified are also
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X
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Figure 3.1: 3D FE model of T-stub bolted to a rigid support. Boundary conditions
and mesh are indicated.

Experiment (Latour and Rizzano 2012)

FEM with NLGEOM

FEM without NLGEOM

Figure 3.2: Effect of NLGEOM on the F- ∆ response of TS01 [20]. FE model with
NLGEOM correctly reproduces the development of a second hardening
branch in the F - ∆, while the model without NLGEOM gives an
inaccurate representation of the response of the T-stub.

identical to the ones employed in TS01 model. With reference to Fig. 3.5, the

geometries of the respective T-stub models are tabulated in Table 3.2. Here-

inafter, the models will be denoted by Mx-y-z where x is the bolt diameter db,

y is m/db and z if the thickness of the flange tp.

Results of the parametric study are presented in Figs 3.6 and 3.7. A larger

global displacement is achieved with an increased m/db, as shown in Fig. 3.6
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Figure 3.3: Deformed shape of TS01 after the bolt fracture. Experiments show
large plastic deformation of the flange followed by fracture of the bolt.
The FE model is shown to correctly reproduce this behaviour as con-
firmed by the distribution of the equivalent plastic strains (PEEQ).
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Figure 3.4: Material properties for the S275 steel and Grade 8.8 bolt [51].

while it is evident that an increase in either db or tp leads to a greater re-

sistance to deformation by a bolted T-stub. Each model is analysed twice,

Material ε̄pl
0 θ ūpl

f

S275 0.45 0.33 0.1
8.8 0.42 0.33 0.1

Table 3.1: Damage initiation criteria and damage evolution law for S275 steel and
Grade 8.8 bolt [51].
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Model db m/db B w e L tp aw tw

M16-2-5 16 2 164 48 24 x 5 7.1 20
M16-2-10 16 2 164 48 24 x 10 7.1 20
M16-2-15 16 2 164 48 24 x 15 7.1 20
M16-2-20 16 2 164 48 24 x 20 7.1 20
M16-3-5 16 3 196 48 24 x 5 7.1 20
M16-3-10 16 3 196 48 24 x 10 7.1 20
M16-3-15 16 3 196 48 24 x 15 7.1 20
M16-3-20 16 3 196 48 24 x 20 7.1 20
M16-4-5 16 4 228 48 24 x 5 7.1 20
M16-4-10 16 4 228 48 24 x 10 7.1 20
M16-4-15 16 4 228 48 24 x 15 7.1 20
M16-4-20 16 4 228 48 24 x 20 7.1 20
M16-5-5 16 5 260 48 24 x 5 7.1 20
M16-5-10 16 5 260 48 24 x 10 7.1 20
M16-5-15 16 5 260 48 24 x 15 7.1 20
M16-5-20 16 5 260 48 24 x 20 7.1 20
M18-2-5 18 2 164 54 27 x 5 7.1 20
M18-2-10 18 2 164 54 27 x 10 7.1 20
M18-2-15 18 2 164 54 27 x 15 7.1 20
M18-2-20 18 2 164 54 27 x 20 7.1 20
M18-3-5 18 3 196 54 27 x 5 7.1 20
M18-3-10 18 3 196 54 27 x 10 7.1 20
M18-3-15 18 3 196 54 27 x 15 7.1 20
M18-3-20 18 3 196 54 27 x 20 7.1 20
M18-4-5 18 4 228 54 27 x 5 7.1 20
M18-4-10 18 4 228 54 27 x 10 7.1 20
M18-4-15 18 4 228 54 27 x 15 7.1 20
M18-4-20 18 4 228 54 27 x 20 7.1 20
M18-5-5 18 5 260 54 27 x 5 7.1 20
M18-5-10 18 5 260 54 27 x 10 7.1 20
M18-5-15 18 5 260 54 27 x 15 7.1 20
M18-5-20 18 5 260 54 27 x 20 7.1 20
M20-2-5 20 2 164 60 30 x 5 7.1 20
M20-2-10 20 2 164 60 30 x 10 7.1 20
M20-2-15 20 2 164 60 30 x 15 7.1 20
M20-2-20 20 2 164 60 30 x 20 7.1 20
M20-3-5 20 3 196 60 30 x 5 7.1 20
M20-3-10 20 3 196 60 30 x 10 7.1 20
M20-3-15 20 3 196 60 30 x 15 7.1 20
M20-3-20 20 3 196 60 30 x 20 7.1 20
M20-4-5 20 4 228 60 30 x 5 7.1 20
M20-4-10 20 4 228 60 30 x 10 7.1 20
M20-4-15 20 4 228 60 30 x 15 7.1 20
M20-4-20 20 4 228 60 30 x 20 7.1 20
M20-5-5 20 5 260 60 30 x 5 7.1 20
M20-5-10 20 5 260 60 30 x 10 7.1 20
M20-5-15 20 5 260 60 30 x 15 7.1 20
M20-5-20 20 5 260 60 30 x 20 7.1 20

Table 3.2: Geometries in millimetre of FE models with reference to Fig. 3.5.
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Figure 3.5: Schematic of the T-stubs modelled by FE. m is defined according to
EC3; tw = 20 mm for all models, while ac = 7.1 mm for db = 16 and
18 mm and ac = 10 mm for db = 20 mm.

with and without geometric non-linearity, in order to identify the combination

of geometric parameters that are most likely to experience second order ef-

fects induced by large displacement. Geometric non-linearity is switched one

and off, via the NLGEOM option in ABAQUS [66]. As shown in Fig. 3.7,

second order effects are negligible for T-stubs with small m/db and high tp.

This is because the failure mechanism in these T-stubs is dominated by bolt

fracture in tension before the flange under-goes large geometric changes. By

contrast, geometric configurations characterized by high m/db and thin flanges

are strongly affected by geometric non-linearities, also reported by Zhao et al.

[47]. These large geometric changes give rise to a deformation response which

is characterized by the development of a second hardening branch in their cor-

responding F – ∆ curve. In general, the development of the second hardening

branch is an indicator that significant membrane forces had developed in the

flange. A preliminary method to evaluate the significance of membrane forces

in the flange is proposed here. Values of bending moment M and axial force

N were obtained from ABAQUS via the Free Body Cut tool for three con-
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secutive sections of the flange as shown schematically in Fig.7. We define a

non-dimensional index Ψ defined as

Ψ = N/Npl
M/Mpl

(3.1)

where Npl and Mpl are the plastic bending moment and axial force resistances

of the cross-section, respectively.
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0 10 20 30 40 50 60
D [mm]

F
 [
kN

]

M20-5-10

M20-4-10

M20-3-10
M20-2-10

Figure 3.6: Effects of m/db on the deformation capacity of a T-stub.

For every FE model that was analysed — note that geometric non-linearity

is accounted for — this index is plotted against the non-dimensional displace-

ment (∆/m). A threshold corresponding to ∆u/m, where ∆u is the ultimate

displacement, is taken as a reference value to evaluate the extent of the mem-

brane forces that had developed in the flange. The minimum value of Ψ at

∆u/m for the three reference cross-sections – this generally coincides with

section A since M is maximum at that location - is tabulated in Table 3.3.

Figure 3.8 plots two typical examples, where Ψ ≈ 0 (M18-3-15) and Ψ >> 0

(M18-2-5). Comparing the F - ∆ curves in Fig. 3.6 with their corresponding

index Ψ given in Table 3.3, it is evident that the models that are most affected

by second order effects are, in fact, the ones with a greater Ψ value. Moreover,

Fig. 3.8 shows that high values of Ψ were also obtained for ∆/m << ∆u/m.

The results highlight the need for a more general criterion to determine a lower

bound for Ψ above which geometric non-linearity cannot be neglected.
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Figure 3.7: F - ∆ curves predicted by the different FE models. Solid lines indicate
FE with NLGEOM, while dotted lines are for FE with no NGLEOM.
Each column refers to a different db, whilst each row has a fixed value
of m/db. Numbers on the graphs indicate the value of tp.
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Model Ψ Model Ψ Model Ψ
M16-2-5 0.25 M18-2-5 0.34 M20-2-5 0.29
M16-2-10 0.23 M18-2-10 0.30 M20-2-10 0.33
M16-2-15 0.03 M18-2-15 0.05 M20-2-15 0.07
M16-2-20 0.02 M18-2-20 0.02 M20-2-20 0.02
M16-3-5 0.29 M18-3-5 0.41 M20-3-5 0.32
M16-3-10 0.31 M18-3-10 0.36 M20-3-10 0.31
M16-3-15 0.09 M18-3-15 0.11 M20-3-15 0.20
M16-3-20 0.03 M18-3-20 0.03 M20-3-20 0.09
M16-4-5 0.33 M18-4-5 0.45 M20-4-5 0.34
M16-4-10 0.35 M18-4-10 0.39 M20-4-10 0.31
M16-4-15 0.12 M18-4-15 0.14 M20-4-15 0.20
M16-4-20 0.05 M18-4-20 0.05 M20-4-20 0.09
M16-5-5 0.32 M18-5-5 0.47 M20-5-5 0.35
M16-5-10 0.37 M18-5-10 0.41 M20-5-10 0.40
M16-5-15 0.14 M18-5-15 0.16 M20-5-15 0.20
M16-5-20 0.06 M18-5-20 0.05 M20-5-20 0.09

Table 3.3: Values of Ψ for the T-stub of the parametric study.

M18-3-15

Section CSection BSection A

D/m

Y

0.20 0.4 0.6 0.8 1.0

0.45

0.9

1.35

1.8

M18-2-5
M
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C

Figure 3.8: Trend of Ψ (the non-dimensional index) across three consecutive sec-
tions of the flange. Two examples are given, i.e. M18-2-5 and M18-3-
15. Dash-dot lines are for ∆u/m thresholds where ∆u is the displace-
ment corresponding to the peak force.

3.3 Experimental and numerical investigation
An experimental program was carried out at the STRENGTH (STRuctural

ENGineering Testing Hall) laboratory of University of Salerno. A total of
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13 tensile tests were performed on T-stubs as well as coupon tests on steel

material and tensile and shear tests on bolts. The study aimed at investigating

the response of T-stubs under large displacements and the influence of second

order effects on their ductility.

3.3.1 Material characterisation

The tests on steel material and bolts were all conducted using a SCHENCK

Hydropuls S56 test machine. This machine is equipped with a hydraulic piston

with loading capacity of +/- 630kN, a stroke of +/- 125mm and a self-balanced

steel frame to counteract the axial loads. The machine can work both under

displacement and load control. In this study, displacement control was used

at a cross-head speed of 0.05 mm/s (corresponding to a nominal strain rate

of 0.001 s−1). A LVDT was used to measure the displacement, while the load

was controlled by a load cell. All the tested specimens were welded T-stubs

made of S275 steel. Tensile coupon tests were performed on the steel material

of the flange and results are shown in Fig. 3.9 in terms of nominal stress-strain

(σnom - εnom) curve obtained. The T-elements were fastened through the

flanges by means of four high resistance (HR) bolts made of 10.9 class high

strength steel [67]. The tensile failure of this type of bolt is characterised by

plastic elongation of the unthreaded part of the shank [68], therefore allow-

ing a more ductile response even of those T-stubs where bolt failure occurs.

Kwasnieswski [69] has also shown that the response of the bolt assembly can

influence the structural behaviour under extraordinary circumstances such as

column loss scenario. However, only few studies exist on monotonic tensile

response of high strength HR bolts. D’Aniello et al. [70] designed an apposite

test rig to undertake tensile tests on bolts. The test apparatus was replicated

in the present study for each diameter and is shown in Fig. 3.10a. Dimensions

of the rig were defined by performing preliminary FE models to ensure the rig

remained in its elastic state for all the duration of the test. Five bolts for each

diameter were tested and results are given in Fig. 3.11a in terms of the average

F - ∆ response. The three tested diameters, i.e. M16, M18 and M20, all show
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a very ductile behaviour — failure occurs for displacements ≥ 6% of total bolt

length — due to necking of bolt shank as demonstrated by Fig. 3.12a. As

expected, the resistance decreases with decreasing diameter. Another crucial

matter for T-stubs bolted to a rigid support, is the shear resistance of bolts.

Može and Beg [71, 72] performed tests on high strength bolts loaded in double

shear. However, these tests were mainly interested in the bearing resistance

of the plates. To characterise the shear resistance of bolts, an ad hoc test

assembly was manufactured and shear tests were carried out in the present

experimental program by means of a double cover plate assemblage with bolts

loaded in double shear. The cover plates were made of S275 steel and clamped

on one side by means of two M22 high strength bolts. The shear test rig was

clamped to the tensile testing machine as shown in Fig. 3.10b and a prescribed

displacement rate of 0.05 mm/s was applied. Five bolts for each diameter were

tested. Results are given in Fig. 3.11b in terms of average F - ∆. Specimens

failed across a shear plane which is 45◦ inclined as shown in Fig. 3.12b. The

complete separation of the upper and lower part of the bolt along the shear

plane occurs in correspondence of a drop in the F - ∆ response (Fig. 3.11b).

The loss of resistance tends to develop earlier for smaller diameter.

0 0.05 0.1 0.15 0.2 0.25 0.3 0.35 0.4

100

200
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400

500

Figure 3.9: Nominal stress-strain relationship of the material composing the flange
(S275).
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(a) Tensile test machine.

TEST BOLT

M22 BOLTS

(b) Shear test machine.

Figure 3.10: Experimental setups for tests on bolts.
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Figure 3.11: Results of tests on bolts in terms of F - ∆ relationships for the three
different diameters. The shear F - ∆ for M20 presents some fluctua-
tions due to slippage between plates observed during the experiment.

(a) Tensile failure (b) Shear failure

Figure 3.12: Deformation of bolt specimens at failure.
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3.3.2 Monotonic tests on T-stubs
The experimental program consisted of 13 T-stubs connected to a rigid flange

as shown in Fig. 3.14. This configuration was chosen to encourage the de-

velopment of catenary actions in the flange. Preliminary parametric studies,

performed using FE, were conducted to select the test specimen geometries.

To cover the range of variability of the most important geometric param-

eters and to extend the range of investigation of existing experimental tests

[20, 26, 46, 47, 73], different combinations of m/db and m/tf ratios were consid-

ered. The specimens were, then, tagged as Mx-y-z, where x, y and z represent

respectively db, m/db and tp. The measured values of the configurations of the

tested T-stubs are collected in Fig. 3.13.
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The bolts were preloaded with a preloading equal to 80% of yield stress. The

load was applied to the webs which were clamped to the SCHENCK Hydroplus

test machine, as shown in Fig. 3.14a and the load was applied using displace-

ment control at a cross-head speed of 0.05 mm/s. A white paint background

was applied to the front of the T-stubs onto which a dark speckle pattern was

sprayed for the purpose of digital image correlation (DIC). A digital camera

was mounted close to the specimens, as shown in Fig. 3.14b, and 2 images per

second were recorded.

SPECKLE 
PATTERN

(a) Tensile test machine.

TEST 
SPECIMEN

DIC 
CAMERA

HEADLIGHT

(b) DIC machine setup.

Figure 3.14: Experimental setup for monotonic tensile test on T-stubs.

3.3.3 Numerical modelling
The elastic and plastic responses of both S275 steel and 10.9 bolt grade is mod-

elled according to what already explained in Section 2.3. Also the character-

istics of ductile damage were defined according to Section 2.3. The calibrated

values of the element type factor for S275 and 10.9 grade are, respectively,

λE = 1 and λE = 2.6. Parameters of shear damage for the bolts were cali-

brated by comparing results of shear tests with results from FE models which

were here implemented to reproduce the tests. FE models were discretised

using C3D8R elements considering 2mm element sizes. The threaded portion

of the bolts was modelled as a cylinder with cross-sectional area equivalent to

the tensile stress area As, while the unthreaded part was modelled considering

the nominal cross-sectional area as shown in Fig. 3.15. Plates material was

modelled using the same material as per flanges of T-stubs. Initiation of shear

damage is described by a τs - ε̄pl
s law, where τs is the shear stress ratio and ε̄pl

s
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is the equivalent plastic strain at the onset of damage. The shear stress ratio

is defined as

τs = (1−ksθ)
σeq
τmax

, (3.2)

where θ is the stress triaxiality and ks is a material constant that is assumed

equal to 0.2 as suggested by Ribeiro et al. [74]. σeq and τmax are, respectively,

the equivalent von Mises stress and the maximum shear stress. In the case of

pure shear stress, τmax/σeq = 1/
√

3 and θ = 0. Therefore, it is here assumed

that τs = 1.732, as also confirmed by Pavlović et al. [54]. The equivalent plas-

tic strain at fracture were, then, calibrated for each bolt size. Initiation laws

for shear damage are collected in Table 3.4 for the three diameters. A linear

damage evolution law was, then, modelled by specifying an equivalent plastic

displacement at fracture ūpl
f,s = 0.03 for all the three diameters and multi-

plicative degradation was chosen to account for the interaction with ductile

damage.

𝐴𝑛𝑜𝑚

𝐴𝑠

Figure 3.15: FE model of bolt and shear test.

Tables 4.1 and 3.6 collect the damage initiation and evolution laws for the
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Table 3.4: Shear damage initiation laws for 10.9 bolt grade.

M16 M18 M20
τs ε̄pl

s τs ε̄pl
s τs ε̄pl

s

1.732 0.08 1.732 0.065 1.0732 0.035

materials.

Table 3.5: Damage initiation laws for S275 steel and 10.9 bolt grade.

S275 M16 M18 M20
θ εpl

0 εpl
0 εpl

0 εpl
0

0.15 0.304 0.046 0.039 0.029
0.23 0.272 0.041 0.035 0.026
0.33 0.232 0.035 0.03 0.022
0.67 0.139 0.021 0.018 0.013

1 0.085 0.013 0.011 0.008
1.33 0.052 0.008 0.007 0.005
1.67 0.031 0.0047 0.004 0.003

2 0.019 0.0029 0.0024 0.0018

Table 3.6: Damage evolution laws for S275 steel and 10.9 bolt grade.

S275 M16 M18 M20
Di upl

i Di upl
i Di upl

i Di upl
i

0 0 0 0 0 0 0 0
0.003 0.3 0.05 1.0 0.05 0.67 0.2 1.32
0.034 0.403 1 1.1 1.0 0.69 1.0 1.34
0.077 0.496
0.140 0.623
0.235 0.786
0.324 0.913
1.0 1.427

A quarter of T-stub was simulated and uz = 0 boundary condition was specified

(Fig. 3.1). The mesh was the same as in T-stubs were modelled according to

Section 3.2 (Fig. 3.1). However, the threaded portion of the bolts was, here,

modelled as a cylinder with cross-sectional area equivalent to the tensile stress

area As, while the unthreaded part was modelled considering the nominal

cross-sectional area (Fig. 3.15).
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Results

Experimental F - ∆ curves are presented in Fig. 3.16 along with results from

numerical models. Good agreement is achieved between experiments and FE

and only some discrepancies can be observed. For instance, a loss of resistance

was observed in M20-3-10 (Fig.3.16c) due to the bolt adjusting inside the hole.

This phenomenon was not captured in the FE model which is, therefore, more

resistant. Also, in some cases the rigid support deformed and this could result

in an anticipated failure of the flange with respect to FE model, e.g. M20-5-10

in Fig. 3.16d). The F - ∆ responses all exhibit the characteristic shape already

highlighted by previous researchers [20, 47]. When a T-stub undergoes large

displacements, contact is, eventually, established between bolt and hole. This

causes the bolt to be subject to shear deformation and the flange to be subject

to membrane actions. These events, which are referred to as second order

effects, result in the occurrence of additional modes of failure, which are not

predicted by the traditional 1st order theory used in EC3 [1]. The presence

of second order effects is revealed by the development of a second hardening

branch in the F - ∆ curve. For the tested specimens, the change in slope in

the F - ∆ occurs for ∆ ≥ 15 mm. As shown in Fig. 3.16, most of the tested

specimens were characterised by the development of a clear second hardening

branch, certifying that their geometries were correctly selected during the pre-

design phase to develop second order effects. In fact, only M20-4-20 shows

a slightly different trend which more resembles the one obtained in previous

studies where geometric non-linearities were disregarded [3, 26, 46]. This can

be due to the combination of thick flange and small m/db. The shape of

F - ∆ curves is, in fact, mostly affected by the two geometric parameters

m/db and m/tf . Specimens with high m/db and m/tf show a very marked

second hardening branch, e.g. M20-5-10, as well as a greater ductility: these

T-stubs were characterised by displacement at failure ∆u ≥ 5tf with M20-5-

15 reaching ∆u = 7tf ≈ 110mm. The ultimate displacement appears not to

be affected by a decrease in m/tf as long as m/db ≥ 4, although the starting
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point of the second hardening branch becomes less evident as demonstrated

by M16-5-15 and M20-5-20. A further decrease in m/tf along with a decrease

in m/db leads to a F - ∆ whose shape starts to look more like the ones in

[26, 46, 73] with a significant reduction of ductility: ∆u = 2tf of M20-4-20 is

the smallest recorded. An exception to this is constituted by M18-4-15 which

still presents a well defined second hardening branch. In fact, differently from

the other T-stubs characterised by small m/db and m/tf — these are M16-

3-10, M18-3-10, M20-4-15 and M20-4-20 — which failed due to membrane

action in the flange, M18-4-15 experienced fracture of bolts due to shear. As

observed by Latour and Rizzano [20], shear stresses in the bolts also represent a

consequence of geometric non-linearities for T-stubs bolted to a rigid support.

Fracture of bolts due to shear (Fig. 3.17a), then, constitutes an additional

failure mode which still depends on the geometric configuration of T-stubs.

As presented in Table 5.1, the specimens failing due to shear action in the

bolts are generally characterised by m/db ≥5 and m/tf = 5. On the contrary,

T-stubs with small m/db and m/tf usually failed due to weld toe through

thickness fracture (Fig. 3.17b). This confirms what observed by Zhao et al.

[47] in their experimental investigation, where specimens with smaller m/tf all

failed at the weld toe. Increasing m/tf leads to a net-section collapse which

is shown in Fig. 3.17c: this involves necking of the flange at bolt line and

constitutes a more ductile failure compared to the one at weld toe.

The development of membrane actions in the flange was monitored by means

of 2D-DIC technique. This is a non-contact strain measurement method which

compares the light intensity changes of the images captured before and after

deformation. A correlation function C is used to locate a reference subset of

pixels. This function is defined as

C(x,y,u,v) =
n/2∑

i,j=−n/2
(I(x+ i,y+ j)− I∗(x+u+ i,y+v+ j))2 , (3.3)

where (x,y) and (u,v) are, respectively, the original coordinates and the dis-
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placement of the pixel, while n is the size of the subset; I and I∗ are the

light intensities distribution reflected by the pixel before and after the motion

and correspond to a grade between 0 (no light intensity) and 255 (maximum

light intensity). Once displacements u and v are obtained, Green-Lagrangian

strains are calculated as

εx = 1
2

(
2∂u
∂x

+
(
∂u

∂x

)2
+
(
∂v

∂x

)2)
(3.4)

εy = 1
2

(
2∂v
∂y

+
(
∂u

∂y

)2
+
(
∂v

∂y

)2)
, (3.5)

with εx and εy the strain components along the two in plane directions x and

y. The present study only focuses on εx as being the strain revealing the

presence of axial force in the flange. Figures 3.18 and 3.19 show results for

M18-5-10 and M18-3-10. The contour plots refer to the distribution of strains

along the direction parallel to the flange (εx). Two consecutive points along

the F - ∆ are shown in the pictures, viz. at ∆ = 2tp in Fig. 3.18a and 3.19a,

at F = Fmax in Fig. 3.18b and 3.19b. ∆ = 2tp was chosen as it corresponds

to the beginning of the second hardening branch in the F - ∆ for the T-stubs

here considered for comparison. When ∆ = 2tp, plastic hinges are visible at

both weld-toe and bolt line. This means that, up to this point, the flange

behaves as predicted by EC3 for failure mode 1 and εx is very close to zero in

between plastic hinges. Once ∆> 2tp, the tensile strains along the flange start

to grow highlighting the presence of catenary effects. At F = Fmax, plastic

hinges are mainly concentrated at weld toe in both T-stubs. However, for

M18-5-10, the strain level in the flange close to the bolt is higher than for

M18-3-10. T-stub M18-5-10 eventually failed by net section collapse as shown

in Fig. 3.18f, while, for M18-3-10, failure was caused by fracture at the weld-toe

(Fig. 3.19b). Comparison with contour plot from FE models are also presented

in Fig.s 3.18 and 3.19, providing a further validation of the present numerical

implementation. The differences in the amount of strain at the weld-toe can be
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Weld toe through thickness: M16-3-10 M18-3-10 M20-4-15 M20-4-20 M20-5-15
Necking of bolt hole: M16-5-10 M18-5-10 M20-3-10 M20-5-10

Bolts in shear: M16-5-15 M18-4-15 M18-5-15 M20-5-20

Table 3.7: List of failure modes for each test.

attributed to the presence of the heat affected zone, which was not modelled

in this study.

3.4 Theoretical analysis
The aim of this section is to investigate whether the experimental observations

in terms of development of 2nd order effects can be captured by a simplified

theoretical model of a T-stub bolted to a rigid support deforming in Mode

1. In this section, a mechanical model is proposed, based on that of EC3 [1],

but extended to account for 2nd order effects originating from the establish-

ment of contact between bolt shaft and hole. The model helped to identify

the main geometric and material parameters which differentiate the response

of T-stub including geometric non-linearities from the traditional 1st order re-

sponse. Based on the relationships found between the development of 2nd order

effects and the configuration of T-stubs, a preliminary criterion to estimate the

displacement ∆lim from which 2nd order effects become not negligible is, then,

proposed. Results from the mechanical model were, then, compared with ex-

perimental and numerical observations to verify the validity of the correlations,

here made, between geometry and material of T-stub and the development of

2nd order effects.

3.4.1 Development of a preliminary mechanical model

The assumed collapse mechanism is the one characteristic of mode 1, where

four plastic hinges are expected in the flange. Only mode 1 is considered in

the present study as this is the most desirable for design of ductile joints.

Moreover, the test specimens here presented had been designed according to

EC3 [1] to fail in Mode 1. Therefore, predictions by the theoretical model can
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(a) M16 specimens. (b) M18 specimens.

(c) M20 specimens part I. (d) M20 specimens part II.

Figure 3.16: Comparison of F-∆ curves between experiments (solid lines) and FE
models (dotted lines). Arrows indicate a clear change in slope due to
the development of geometric non-linearities.

(a) (b) (c)

SDEG
(Avg: 75%)

0.97
0.73
0.49
0.24
0.00

SDEG
(Avg: 75%)

0.80
0.60
0.40
0.20
0.00

SDEG
(Avg: 75%)

0.69
0.50

0.00
0.13
0.25
0.38

Figure 3.17: Observed failure modes and comparison with FE results. (a) Failure
of bolt under shear (M18-4-15). (b) Fracture of the flange at weld-toe
(M18-3-10). (c) Fracture of the flange at bolt line (M18-5-10). The
damage variable (SDEG) is monitored to identify material fracture.
Arrows indicate deleted elements (SDEG = 1).
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be compared with present experimental and numerical results. A schematic of

the assumed kinematic collapse mechanism is presented in Fig. 3.20, defining

the geometric parameters to be used in the model. The problem is considered

to be axi-symmetric, using the (x,y) coordinate system in Fig. 3.20a. n and m

are defined as in EC3 [1]. θ is the total rotation of the plastic hinges (indicated

by black dots in Fig. 3.20a and b), while ∆ is the global displacement of T-

stub. Mechanical non-linearities are neglected and the constitutive laws for

flange and bolt are assumed to be rigid-perfectly plastic. Therefore M , B and

V in Fig. 3.20 indicate the plastic bending moment of the flange and the plastic

tensile strength and plastic shear resistance of the bolt, respectively. A failure

criterion is not specified as the main interest here is to identify the parameters

affecting the development of 2nd order effects.
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n m*
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supportdh
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(a)

Figure 3.20: Assumed collapse mechanisms of T-stub: (a) Eurocode 3 and (b)
proposed mechanical model. (c) shows the different phases of the
establishment of contact between bolt and hole.

When a T-stub is bolted to a rigid support, the bolt is initially positioned at

the centre of the hole, then the hole is pulled towards the bolt by the defor-

mation of the flange and contact is established between bolt and hole. From
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a kinematic point of view, this corresponds to consider an initial phase where

bolt and hole are not in contact and there is a gap between them (Fig. 3.20c).

The modification here proposed to the original model by EC3 [1] consists in

considering two distinct loading phases in order to include the effect of contact

between bolt and hole. The first phase is valid until contact is first estab-

lished. During this phase, there is no shear in the bolt (V = 0) and the flange

experiences a horizontal translation δh ≤ δg to get in touch with the hole.

δg = 0.5(dh−db) is the design gap between bolt and hole with dh and db the

hole and bolt diameters. The expression for the resistance of the T-stub is

the same as the one given in EC3 [1] for mode 1 (Table 1.1). This expres-

sion was formulated under the assumption of small displacements and can be

re-written in a more general format to include the effects of geometric non-

linearities (large displacements). Applying the principle of virtual work to the

mechanism in Fig. 3.20a, the new expression of the resistance of T-stub is

F ′′ = F ′f1(θ) , (3.6)

where F ′ = 4M/m is defined by EC3 [1] and

f1(θ) = θ

sinθ . (3.7)

However, it can be noticed that when δh ≤ δg, θ is very small, f1(θ) → 1

and F ′′ = F ′. In the second phase, the bolt is in contact with the hole and

shear force starts to develop in the bolt. The flange is, then, subjected to an

axial force that corresponds to the shear force in the bolt V which originates

due to the axial restraint exerted by the hole. During this phase, the flange

experiences an elongation δh > δg which is defined as

δh =m−m∗ =m[1− cos(θ− θ∗)] , (3.8)

where θ∗ is the rotation of plastic hinges when contact is first established
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between bolt and hole. To obtain a new expression for the resistance of the

T-stub in the second phase, the principle of virtual work is applied to the

mechanism in Fig. 3.20b. This gives

F ′′

2 ∆ = 2Mθ+V δh , (3.9)

where ∆ can be written as

∆ =msinθ . (3.10)

Substituting Eq.s 3.8 and 3.10 into Eq. 3.9, we get

F ′′ = F ′f1(θ) + 2V f2(θ) , (3.11)

where f1(θ) is defined in Eq.3.7 and f2(θ) corresponds to

f2(θ) = 1− cos(θ− θ∗)
sin(θ) . (3.12)

For θ = θ∗, f2(θ)→ 0 and F is expressed as in Eq. 3.6. Re-arranging Eq. 3.11,

we obtain

k = F ′′

F ′
= f1(θ) + V m

2M f2(θ) , (3.13)

which is a parameter indicating the magnitude of the error we get when 2nd

order effects are neglected. In the present study, we consider that 2nd order

effects cannot be neglected when k = F ′′/F ′ > 1.1. This threshold has been set

according to what suggested in EC8 [32] regarding the influence of geometric

non-linearities in frames. Writing f1(θ) and f2(θ−θ∗) as their respective Taylor

series up to 2nd order, we get

f1(θ) = 1 (3.14)

and

f2(θ− θ∗) = θ− θ∗

2 . (3.15)
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Substituting Eqs. 3.14 and 3.15 into Eq. 3.13, we obtain

k−1 = V m

4M (θ− θ∗) . (3.16)

Recalling that we set k = 1.1, we can calculate θ as

θ = θ∗+ (k−1) 4M
Vm

. (3.17)

For θ≤ 45◦, ∆∼=mθ. Therefore, it is possible to evaluate the limit displacement

∆lim as

∆lim =mθ∗+ (k−1)4M
V
. (3.18)

∆lim represents the value of the displacement at which F/F1 = k = 1.1, hence

indicate the displacement from which 2nd order effects should not be neglected.

An expression for θ∗ can be derived from the following

δg =m(1− cosθ∗) (3.19)

and we obtain

θ∗ = arccos
(

1− δg
m

)
. (3.20)

Substituting Eq. 3.20 into Eq. 3.18, a final expression of ∆lim is given by

∆lim =
√

2mδg + (k−1)4M
V

. (3.21)

3.4.2 Results and discussions

This section presents the application of the simplified mechanical model in

Section 3.4.1 to the specimens tested in Section 3.3. The mechanical model

will be used to predict a simplified F- ∆ response which is composed by two

linear branches: a perfectly plastic first branch followed by a second hardening

branch. The swivel point between the two branches identifies the displacement

∆lim (Eq. 3.21) from which 2nd order effects should not be neglected. Fig-
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ure 3.21 shows the results for: M20-4-20 (Fig. 3.21a), M20-5-20 (Fig. 3.21b),

M18-3-10 (Fig. 3.21c), M18-4-15 (Fig. 3.21d), M18-5-15 (Fig. 3.21e) and M16-

5-10 (Fig. 3.21f). For each T-stub, the experimental ( ) and numerical

(with NLGEOM: ; without NLGEOM: · · ·) F- ∆ are plotted. Also, the

F- ∆ obtained via mechanical model ( ) is shown for comparison. Red

dots indicate the point of connection between the two branches of the F- ∆

obtained with the mechanical model, hence ∆lim.

For all the T-stubs in Fig. 3.21, ∆lim roughly corresponds to the point where

F ′′/F ′ = 1.10, which is indicated by black dots in Fig. 3.21. Results in terms

of ∆lim are collected in Table 3.8. However, it can be noticed that, the the

mechanical model is generally more conservative and predicts a ∆lim which

is smaller that the displacement at which F ′′/F ′ = 1.10. This was to be ex-

pected given that the model was developed starting from EC3 [1] formulations

and does assume several simplifications. Also, the prediction of the plastic

resistance is very conservative because it was evaluated as in EC3 [1]. It is

worth mentioning that the results in term of ultimate resistance are not to

be considered because a failure criterion was not set in the mechanical model.

The goal of the model is, in fact, to predict ∆lim and not the F- ∆. Despite all

its simplifications, the model is still capable of giving a rough estimate of the

displacement at which 2nd order effects become significant and its simplicity

makes it very easy to be implemented.

Although the model cannot be considered accurate in terms of prediction of

the resistance, the slope of the second hardening branch of resembles the

one of F ′′- ∆ (either experimental or numerical). This result indicates that the

model has correctly identified the parameters which affect the change in slope

in the F”- ∆ when 2nd order effects develop. These parameters are V , m and

δg whose combinations provide an increase in the resistance from F ′f1(θ) to F

(Eq. 3.11). However, it can be seen that the slope of the 2nd hardening branch

is more accurate for those T-stubs for which it is harder to detect a swivel point
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Model δ∗FEM δ∗Mech % Difference
M16-3-10 10.11 9.97 1.4
M16-5-10 13.39 13.14 1.9
M16-5-15 15.01 13.90 7.4
M18-3-10 11.97 11.67 2.5
M18-5-10 12.89 12.61 2.2
M18-4-15 13.23 13.19 0.3
M18-5-15 14.04 13.64 2.8
M20-3-10 12.05 11.84 1.7
M20-5-10 14.86 13.77 6.2
M20-4-15 16.82 15.89 5.5
M20-5-15 16.81 14.31 14.9
M20-4-20 18.58 18.56 0.1
M20-5-20 16.55 16.55 0

Table 3.8: Results from the application of the preliminary mechanical model.

in the F ′′- ∆, e.g. M20-4-20 (Fig. 3.21a), M20-5-20 (Fig. 3.21b) and M18-4-15

(Fig. 3.21d). The increase in slope predicted by the mechanical model becomes,

in fact, more different than the experiments for T-stubs whit a quite clear 2nd

hardening branch, e.g. M18-3-10 (Fig. 3.21c), M18-5-15 (Fig. 3.21d) and M16-

5-10 (Fig. 3.21e). This result indicates the need to relax some assumptions in

order to consider, for instance, the bending moment-axial interaction in the

flange. The model, in fact, concentrates mainly on the influence of the shear

forces originating in the bolt when contact is established between the hole and

the shaft. The influence of membrane actions in the flange will be the focus of

the following chapter.

3.5 Conclusions
This Chapter focused on the influence of catenary actions when a T-stub un-

dergoes large displacements. T-stubs bolted to a rigid support were considered

as they were shown to be subject to second orde effects [20, 47]. An extensive

parametric study was performed with FE and the index Ψ was proposed to as-

sess the significance of catenary actions. Ψ was obtained as the ratio between

the non-dimensional axial force and the non-dimensional bending moment eval-

uated at the weld-toe. T-stubs with higher Ψ were also the ones developing a
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second hardening branch in their F- ∆.

The results of an experimental program were, then, presented. To cover the

range of variability of the most important geometric parameters and to extend

the range of investigation of existing experiments, different combinations of

m/db and m/tp were considered. Tensile and shear tests on bolts were also

performed and reproduced with FE to calibrate damage parameters for com-

mon bolt diameters. Then, FE models of the tested T-stubs were implemented

and validated. Results of experiments showed that the T-stub development a

second hardening branch. Observation of DIC images of the flange confirmed

the presence of axial (membrane) strain.

Lastly, a preliminary mechanical model was presented to predict the limit

displacement ∆lim at which second order effects are no more negligible. Despite

being very simplicistic, the model is capable to predict the point at which

F ′′/F ′ > 10 even though in a very conservative way. The model aimed at

highlighting the geometric parameters that mainly influence the development

of second hardening branch, e.g. gap between bolt shaft and hole.



Chapter 4

Energy criterion to quantify

catenary effects

This chapter aims at proposing a preliminary criterion to assess the significance

of catenary effects in a T-stub. The proposed criterion, which does not yet

exist in any regulations on steel structures, is based on the quantification of

the amount of energy per unit volume (energy density) dissipated in the flange

through plastic deformation due to axial force. The axial energy density EN

is evaluated by partitioning the total plastic energy density obtained from FE

models. Five models are initially considered to set a preliminary limit on the

percentage of EN over the total plastic energy density Etot dissipated in the

flange. These models were developed to reproduce the behaviour of T-stubs

coming from three distinct experimental sources [20, 46, 47] and undergo large

displacements. To better reproduce the failure of the T-stubs, tensile tests were

conducted on the materials of the flanges to describe the damage initiation and

evolution for both ductile and shear failure.

4.1 Numerical Investigation
This section describes a 3D FE model implementation to reproduce the

behaviour of the selected T-stubs under quasi-static tension by using

ABAQUS/Implicit code. Modelling of material properties of flange and bolt
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is initially presented including damage model. Predictions will be validated

against existing experimental data from three distinct sources: viz. TS01,

TS02 and TSD [20], TMCP-S385 [47] and T10 46. The acronyms of specimens

correspond to the ones used in their respective original reference. The bolts

of specimens T10 and TMCP-S385 were made of Grade 10.9, while, in TS01,

TS02 and TSD, Grade 8.8 bolt was used. As far as the flange is concerned,

four steels (S275: TS01 and TSD [20], S355: TS02 [20], S235: T10 [46] and

TMCP S385: TMCP-S385 [47]) were used. TS01, TS02 and TMCP-S385 were

bolted to a rigid support, while TSD and T10 were coupled T-stubs. All the

five T-stubs were characterised by the development of large displacements.

However, only some of them showed a clear second hardening branch in their

F - ∆. A preliminary criterion is proposed to assess the significance of second

order effects based on the evaluation of the plastic energy dissipated per unit

volume, i.e. energy density, through axial (membrane) forces. The axial plas-

tic energy density is obtained by partitioning the total plastic energy density

into contributions of bending, shear and axial force, as it will be explained in

the following sections.

4.1.1 Tensile tests on structural steel and material char-

acterisation
Tensile tests were carried out on dog-bone specimens of the steels of the flanges.

TMCP S385 is an advanced thermo-mechanical processed steel which is very

hard to purchase in European countries. However, Zhao et al. [47] indicated

that the TMCP S385 used in their study fulfilled the mechanical properties

specifications of S420 steel [34]. Therefore, for the present work, S420 was

tested to replace TMCP S385. The geometries of the dog-bone specimens were

defined as in Driemeier et al. [75] and are shown in Fig. 4.1a. The specimens

were designed to characterise the dependence of the material behaviour on the

stress triaxiality θ. This could be achieved by manufacturing three different

kinds of specimens [75]: viz. unnotched specimens (R0), pre-notched speci-

mens (R1.25, R2.5 and R5) with different lateral notch radii (1.25mm, 2.5mm
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and 5.0mm) and shear specimens (S). For each steel material, five repetitions

were considered for each geometry in Fig. 4.1a. However, due to a shortage of

material, only R0, R2.5 and S could be tested for S420. The assembly shown

in in Fig. 4.1b was customised to accommodate the shear specimens in the test

machine. The assembly, which was bolted using high strength M12 bolts, was

designed to allow free rotation of the specimen during the test [75]. All tests

were conducted using an Instron IDK test machine at a cross-head speed of

0.05mm/s (corresponding to a nominal strain rate of 0.001s-1).

Fig 4.4 collects the load - elongation (F- ∆) curves obtained experimentally

for the unnotched and pre-notched specimens. The force-elongation curves for

unnotched specimens in Fig 4.4a all present a yielding plateau right after the

initial linear elastic trend. Strain-hardening follows until the maximum force is

reached: this corresponds to the beginning of the formation of a necked zone at

the centre of the specimens as shown in Fig. 4.2. A decrease in load (softening)

of about 25% is, then, observed which leads to the final cracking of the necked

zone (Fig. 4.2). Stronger steels are characterised by greater force, but smaller

total elongation, i.e. fracture occurs earlier. Due to the anticipated influence

of geometric non-linear effects [75], the elongation at fracture greatly reduces

as the notch dimension increases. This behaviour can be clearly observed in

Figs. 4.4b, c and d comparing the F - ∆ of R1.25 specimens with R2.5 or

R5. However, it can be noticed that F - ∆ curves of R2.5 and R5 specimens

are very similar because the area at the centre of the specimens is the same

(Fig. 4.1a). Also, the maximum load increases with decreasing notch radius.

As previously mentioned, only R2.5 was tested for S420 steel and result is

shown in Fig. 4.4e. F - ∆ curves for shear specimens are presented in Fig. 4.4f

for the four steels. Elastic behaviour is initially observed followed by a plastic

branch that terminates with a drop in load at the occurrence of fracture. The

loss of resistance is quite sudden and the softening branch spans a much smaller

range of elongation compared to the unnotched specimens.
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Figure 4.1: Geometry of tested specimens (adapted from Driemeier et al. [75]) is
shown in (a). (b) illustrates the assembly manufactured for the shear
tests. All dimensions are in mm. (c) indicates the boundary conditions
used in FE models.
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R0 R2.5 R5 SR1.25

Figure 4.2: Specimens post-fracture.

In the experiments, the flanges were constructed respectively from S275 (TS01

and TSD [20]), S355 (TS02 [20]), S420 (TMCP [47]) and S235 (T10 [46]) steels

and the bolts from Grade 8.8 (TS01, TS02 and TSD [20]) and 10.9 (TMCP

[47] and T10 [46]). Both flanges and bolts were characterised by a Young’s

modulus E = 210 GPa and Poisson’s ratio ν = 0.33. Their subsequent plastic

responses are modelled here based on the conventional J2 plasticity flow theory

to allow progressive degradation of material stiffness to be implemented in

finite elements. Figure 4.5 shows the nominal, and true stress-plastic strain

curves of the steel flange materials. These curves were obtained from the

experimental results on R0 specimens for S235 (Fig. 4.5a), S275 (Fig. 4.5b)

and S355 (Fig. 4.5c). Despite being equivalent in terms of yielding stress (S385:

446MPa; S420: 448MPa) and necking (S385: 568MPa; S420: 540MPa) stress

and strain (S385: 18%; S420: 17%), the TMCP S385 in [47] was much more

ductile (S385: εr=37.8%; S420: εr=23%). Therefore, Fig. 4.5d shows the

nominal stress-strain curve for TMCP S385 obtained by Zhao et al. [47] and

experimental results of S420 were only used to obtain the damage initiation

criterion as explained in the following. Characteristic points of nominal and

true stress-strain curves are identified and indicated in Fig. 2.7: yielding (point

y), necking (point n), rupture (point r which is the last point on the softening
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branch before stress drops to 0) and fracture (point f at which stress is equal

to 0). The true stress-plastic strain relationships in Fig. 4.5e were obtained by

means of Eqs.2.14, 2.15, 2.16 and 2.17. In Eq. 2.17, lloc = 0.58
√
A = 4.49mm

[56], with A being the cross-sectional area of the specimen. No details were

given in Latour and Rizzano [20], Dinu et al. [46] and Zhao et al. [47] on how

the bolt material was tested. Therefore, the plastic responses obtained by Dinu

et al. [46] and Latour and Rizzano [20] were used to model Grade 10.9 and

8.8 bolt respectively. The true stress-strain curves for the bolts are shown in

Fig. 4.3.

In order to predict the behaviour of the 4 tested steels, finite element models

of the tensile and shear tests were implemented in Abaqus using C3D8R ele-

ments [76]. One end of the specimens was fully clamped, while a displacement

boundary condition was applied at the other end as shown in Fig 4.1c. For

the shear tests, boundary conditions were imposed on the centres of the bolt

holes and rotation around z axis was not restrained (Fig 4.1c). The centres

were, then, rigidly constrained to the holes to simulate the effect of the rota-

tion of the specimens. The elastic response is modelled using isotropic linear

elasticity, with Young’s modulus E = 210 GPa and Poisson’s ratio ν = 0.33.
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Figure 4.4: Force-elongation curves obtained from experiments. (a) and (f) shows
the R0 and S specimens for S235 ( ), S275 ( ), S355 ( )
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) are presented in (b) (S235), (c) (S275), (d) (S355) and (e)
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The plastic response is modelled using the true stress-strain curve obtained

from results for unnotched specimens as presented in Fig 4.5e and the damage

initiation criterion by ABAQUS [55] is used (Eq. 2.18).

To establish the triaxial stress state for the different specimens, FE simula-

tions were initially performed without implementation of damage. θ and ε̄pl
0

were, then, read for a central finite element of the necking section at ∆ln (see

Section 2.3.1). The final values of ε̄pl
0 (θ) are collected in Table 4.1 for each

steel. Figure 4.6 shows the ε̄pl
0 - θ relationship obtained for steel S275. Black

dots indicate the values of ε̄pl
0 and θ obtained from FE models respectively

for S, R0, R5, R2.5 and R1.25. Dotted lines represent the triaxility for the

selected central finite element. It can be seen that triaxility remains almost

constant confirming the design of the specimens was appropriate to reproduce

a specific stress state. Starting from the (ε̄pl
0 - θ) combinations obtained from

experiments, it is possible to define a general relationship for ε̄pl
0 (θ) by means

of the modified Mohr-Coulomb (MMC) failure criterion proposed by Li et al.

[77] and Bai and Wierzbicki [78]. The MMC criterion was selected for the

present study because it is more accurate when shear-induced failure is also

considered [77, 78]. To be successfully implemented, the MMC failure criterion

requires the calibration of parameters whose number depends on the amount

of available experimental data. For the present study, 5 (3 for S420) tests were

performed, therefore 5 (3 for S420) parameters are needed (Table 4.1) [77, 78].

According to the traditional Mohr-Coulomb (MC) failure criterion, fracture

occurs when

τ + c1σN = c2 , (4.1)

where σN and τ are, respectively, the normal and shear stresses. The friction

coefficient c1 ≥ 0 and the shear resistance c2 > 0 are constants and depend on

the material. Equation 4.1 was developed in the Cartesian coordinate system of

principal stresses (σ1,σ2,σ3) [79, 80]. By switching to the spherical coordinate
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Figure 4.5: Nominal stress-strain curves for steel (a) S235, (b) S275, (c) S355 and
(d) S385. : experiment. FEM results are also shown for LE,0
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system (σeq, θ,η), Eq. 4.1 was re-written by Bai and Wierzbicki [78] as

σeq = c2


√

1 + c21
3 cos

(
π

6 −η
)

+ c1

[
θ+ 1

3 sin
(
π

6 −η
)]

−1

. (4.2)

σeq is the equivalent von-Mises stress and is related to the hydrostatic part

of the stress tensor. η is the Lode angle and describes the deviatoric part of

the stress tensor. However, to be implemented in ABAQUS, Eq. 4.2 must be

expressed in terms of ε̄pl
0 by specifying a hardening rule. Bai and Wierzbicki

[81] proposed a modification of the well-known power herdening law, i.e. σeq =

A(ε̄pl
0 )m, as

σeq = A(ε̄pl
0 )m[1− cθ(θ− θ0)][c3 +γ(cη− c3)]. (4.3)

The coefficients A and m are obtained by fitting the experimental true stress-

true strain curve of the material with the power hardening law σeq = A(ε̄pl
0 )m

[81]. Values of A and m obtained for the four steel materials of the present

study are collected in Table 4.1. cθ and θ0 are the parameters depending on

the triaxility, while cη and γ are the parameters describing the dependence

from the Lode angle. The parameter γ is related to the non-dimensional Lode
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angle η̄ as follows

γ =
√

3

2−
√

3
sec

πη̄
6 −1

 ,
(4.4)

with

η̄ = 1− 6η
π
. (4.5)

When von-Mises yield criterion is adopted, as assumed in this study, cθ = 0

and c3 = cη = 1 [78]. Therefore, Eq. 4.3 can be re-written in the space (ε̄pl
0 , θ,

η̄) as 78

ε̄pl
0 (θ, η̄) =

Ac2
c3 +

√
3

2−
√

3
(1− c3)

sec πη̄6 −1
·

·

√1 + c21
3 cos

πη̄
6

+ c1

θ+ 1
3 sin πη̄6


1/m

, (4.6)

where c1, c2 and c3 are material parameters to be calibrated. Plane stress

state could be also assumed because the thickness of the specimens was much

smaller than the in-plane dimensions [75]. The assumption of plane stress state

eliminates the dependency of ε̄pl
0 from the Lode angle as η̄ and θ are related

through [77]

ε̄pl
0 (θ) =

Ac2f3

f1

√
1 + c21

3 + c1

θ+ f2
3


1/m

, (4.7)

where

f1 = cos
1

3 arcsin
−27

2 θ
θ2− 1

3

 , (4.8)

f2 = sin
1

3 arcsin
−27

2 θ
θ2− 1

3

 , (4.9)

f3 = c3 +
√

3
2−
√

3
(1− c3)

 1
f1
−1

 . (4.10)

A, m, c1, c2 and c3 are, then, the five parameters to be calibrated. As shown
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Ductile Damage initiation
S235 S275 S355 S420

θ ε̄pl
0 θ ε̄pl

0 θ ε̄pl
0 θ ε̄pl

0

0 0.56 0 0.118 0 0.194 0 0.136
0.33 0.25 0.33 0.229 0.33 0.229 0.33 0.155
0.43 0.174 0.43 0.155 0.43 0.155 0.43
0.5 0.142 0.5 0.113 0.5 0.113 0.5 0.010
0.58 0.114 0.58 0.126 0.58 0.126 0.58

A 774.9 795.6 930.8 900.9
m 0.274 0.239 0.263 0.185
c1 0.002 0.018 0.150 0.5
c2 281.8 282.6 366.7 515.9
c3 1.104 1.03 1.04 1.29

Ductile Damage Evolution
S235 S275 S355 S420

Di ūpl
f Di ūpl

f Di ūpl
f Di ūpl

f

0 0.56 0 0.118 0 0.194 0 0.136
0.33 0.25 0.33 0.229 0.33 0.229 0.33 0.155
0.43 0.174 0.43 0.155 0.43 0.155 0.43
0.5 0.142 0.5 0.113 0.5 0.113 0.5 0.010
0.58 0.114 0.58 0.126 0.58 0.126 0.58

Table 4.1: Damage initiation laws.

in Fig. 4.6, Eq. 4.7 defines a fracture locus in the space ε̄pl
0 - θ, which is

divided into four branches spanning among the states of equi-biaxial tension

(θ = 2/3), plane strain (θ = 1/
√

3), uniaxial tension (θ = 1/3), pure shear

(θ = 0) and uniaxial compression (θ = −1/3). Using the data of A, m and

ε̄pl
0 (θ) in Table 4.1, parameters c1, c2 and c3 were obtained by fitting the ε̄pl

0 (θ)

with Eq. 4.7. Table 4.1 shows the results of the calibration. Values of A, m,

c1, c2 and c3 have to be used in Eq. 4.7 to obtain the ductile damage initiation

criterion to be inputted in ABAQUS.

Post necking (n ≤ i ≤ f in Fig. 2.7), the damage process is controlled by the

evolution of the damage variable Di as a function of ūpl [55]. Equations 2.20,

2.21 and 2.22 are used to describe the ductile damage evolution laws. The cal-
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ibration of λE was done following Fig. 2.8 for the unnotched specimens only.

The evolution law was not obtained for the notched specimens since irrele-

vant to the present study. To calibrate the element type factor λE , a tensile

test of the unnotched specimens is simulated (see Fig. 4.1c). For each steel

material, three specimens – their geometric dimensions are all identical and

follow that of the tested specimens – are modelled using C3D8R elements [54].

The gauge section was discretised using three different element sizes, viz. refer-

ence element size LE,0 = 0.6mm (170 elements across thickness), LE,1 = 0.4mm

(275 elements across thickness) and LE,2 = 0.75mm (104 elements across thick-

ness). Note that LE,0, LE,1 and LE,2 were chosen so that their aspect ratio is

≈ 1. The tensile test load is simulated via a displacement boundary condition

(0.05mm/s corresponding to a nominal strain rate of 0.001s−1) applied at one

end of the specimen, whilst the other end is fully clamped. For each steel, the

corresponding true stress-strain curve in Fig. 4.5e was used for material prop-

erties of the four models. Damage initiation was specified for each model by

using Eq. 4.7 and Table 4.1. In this study, the calibrated values are λE = 2.2

(S235), λE = 2.2 (S275), λE = 2.1 (S355) and λE = 2.6 (S385). The mesh

insensitivity of the results is shown in Figs. 4.5a, b, c and d. For each steel

material, the comparison between experiments and the nominal stress-strain

curves obtained from the three FE models shows no difference up to the neck-

ing point (indicated as n in Fig. 4.5) and a small difference (≤ 2%) between

the experimental and numerical values of the nominal strain at rupture εnom
r

was obtained for each mesh size.

Shear damage was also combined with ductile damage. The shear damage

initiation criterion available in ABAQUS [66] is defined by a τs - ε̄pl
s law,

where τs is the shear stress ratio and ε̄pl
s is the equivalent plastic strain at the

onset of shear damage. The shear stress ratio is obtained as

τs = (1−ksθ)
σeq
τmax

, (4.11)
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Shear Damage Initiation
S235 S275 S355 S420

τs ε̄pl
s τs ε̄pl

s τs ε̄pl
s τs ε̄pl

s

1.732 0.56 1.732 0.43 1.732 0.56 1.732 0.56
Shear Damage Evolution

ūpl
s ūpl

s ūpl
s ūpl

s

0.081 0.06 0.08 0.09

Table 4.2: Ductile and shear damage evolution laws.

where ks is material constant that is assumed equal to 0.1 82 and τmax is the

maximum shear stress. In the case of pure shear, i.e. S specimens, τmax/σeq =

1
√

3 and θ = 0. Therefore, τs = 1.732 was assumed in the FE model of shear

specimens. Simulations were initially run without implementing shear damage

and ε̄pl
s was read in the expected failure region in correspondence of two values

of displacement. The first value ε̄pl
s,1 was read in correspondence of ∆u and was

used as the damage initiation criterion. The second value ε̄pl
s,2 was obtained

for the displacement at which complete fracture happened during the test.

Given that shear failure is not as ductile as tensile failure, a linear evolution

law was modelled by specifying the equivalent plastic displacement at fracture

ūpl
f,s. By analogy with Eq. 2.22, ūpl

f,s was defined as ūpl
f,s = (ε̄pl

s,2− ε̄
pl
s,1)Lchar,

where Lchar is the characteristic element length. Note that λE and λS were

not used in the expression of ūpl
f,s because they were defined by Pavlović et al.

[54] to describe the ductile failure only. Maximum degradation criterion was

selected in ABAQUS [55] to specify the interaction between ductile and shear

damage evolution laws. Table 4.2 collects the values of shear damage initiation

criterion and evolution laws obtained for all steels.

Experiments on T-stubs from Latour and Rizzano [20] and Dinu et al. [46]

showed that failure was caused by fracture of the bolts. Therefore, to set values

of ε̄pl
0 for damage initiation criterion of Grade 8.8 and 10.9 bolts, simulations

of T-stubs were, initially, run without implementing damage for the bolts.



4.1. Numerical Investigation 145

X

Y

Z

Y

Rigid Support

Rigid Support

Coupled

Coupled

Figure 4.7: 3D finite element model of the tensile test on T-stub. Displacement
boundary conditions are shown for both coupled T-stubs (TSD [20]
and T10 [46]) and T-stubs on rigid support (TS01, TS02 [20] and
TMCP [47]). The mesh for the bolt and the flanges are also shown.

ε̄pl
0 was read for a central finite element on the bolt in correspondence of the

displacement of T-stub at which failure is expected. Damage initiation was,

then, specified by a single value of ε̄pl
0 (0.73 for Grade 8.8 and 0.42 for Grade

10.9) for θ = 0.33. A linear damage evolution law was defined for both Grade

8.8 and 10.9 bolts with ūpl
f = 0.1 20.

Figure 4.7 shows the details of FE model of the tensile test on T-stub. As

previuosly specified, TS01, TS02, TSD and TMCP are made by more than

one bolt-row (TS01, TS02, TSD: 2; TMCP: 3), therefore a quarter of T-stub

was simulated and uz = 0 boundary condition was specified which was not

used for T10. Also, the bottom web (for TSD and T10) and rigid support

(for TS01, TS02 and TMCP) were fully clamped (ux = uy = uz = 0), while a

displacement boundary condition (uy = 0.01mm/s [20]) was applied on the top

web to simulate the quasi-static tensile load as shown in Fig. 4.7. The influence

of the HAZ was neglected and the welds and flanges were modelled as one single

part. Bolts were modelled as a cylinder with cross-sectional area equivalent
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Figure 4.8: Sketch of the geometries of (a) T10 [46], (b) TS01, TS02 and TSD [20]
and (c) TMCP [47].

Model m n tp tw aw B L l1 l2 p db Flange Bolt
TS01 69.1 54 10 15 7 304 108 20 34 196 18 S275 8.8
TS02 69.1 54 10 15 7 304 108 20 34 196 18 S355 8.8
TSD 69.1 54 10 15 7 304 108 20 34 196 18 S275 8.8

TMCP 131.8 75 16 15 7 440 150 26 49 440 24 S385 10.9
T10 48.6 30 10 10 7 200 90 45 45 140 16 S235 10.9

Table 4.3: Geometric dimensions of TS01, TS02, TSD [20], TMCP [47] and T10
[46] with reference to Fig. 4.8. All dimensions are in millimetre. rw =
11.4 mm for all T-stubs.

to the tensile stress area As of the bolt [49]. The entire model was discretised

using C3D8R elements [20]. As in Section 3.3.3, 2mm element size was selected

for the bolt and 5mm for the flange. At least two elements through thickness

were used [27]. The rigid support was modelled with a minimum element

size of 15mm. Surface-to-surface contact formulation with small sliding was

assumed for all contact pairs – top and bottom flange, flanges and head/nut

of the bolt, bolt shank and hole – with coefficient of friction µ= 0.25 [49].

A comparison between experimental and numerical results is shown in Fig. 4.9

for the five models. A good agreement between experimental and model pre-

diction can be seen for the five T-stubs. In all cases, the predicted force-
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displacement curves closely match the experiment. A greater difference can

be observed for TSD in Fig. 4.9b in terms of ultimate displacement ∆u, even

though quite small (≈4%). The failure mode of T-stubs is also successfully

captured by the FE simulations as shown by distributions of equivalent plastic

strain PEEQ and damage variable D in Fig. 4.10. Failure of the bolts oc-

curred in TS01, TS02, TSD and T10. However, for T-stubs on rigid support,

this failure was dominated by shear, while, for coupled T-stubs, it was mainly

due to tension. TMCP-S385 failed due to necking of the flange at the bolt line.

Damage variable D = 1 is reached in the flange and, consequently, elements

are removed from the mesh as indicated by black arrows in Fig. 4.10.

4.1.2 Partition of plastic strain energy density

The plastic strain energy density, hereafter indicated as Ep, is an effective

measure of the 3-dimensional deformation of a solid. Being Ep an energy per

unit volume, comparison between solids of different geometries can be done.

Abaqus can output Ep for a single solid element as

eP =
∫
t
σ : ε̇pldt , (4.12)

where σ and ε̇pl are the stress and plastic strain rate tensors of the element and

t is the simulation time step. However, it is not possible in Abaqus to obtain the

individual contributions due to different stress resultants. Therefore, a method

to partition the total plastic strain energy density into contributions of bending

moment, stretch and shear is here proposed. The partition of energy is, then,

exploited to quantify the amount of deformation due to catenary actions in

the flange.

For a set k of e elements, Eq. 4.12 gives

EP,k =
∑
e

∫
t

∑
i

∑
j

σij,e ε̇
pl
ij,e

dt
 , i, j = x,y,z , (4.13)

where x, y and z are the axes of the reference coordinate system in Fig 4.11b.
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For the single solid element in Fig 4.11a, the symmetric components of the

stress tensor are the ones contributing to shear deformation. Therefore,

ES,k =
∑
e

∫
t

(
σxy,e ε̇

pl
xy,e +σxz,e ε̇

pl
xz,e +σyz,e ε̇

pl
yz,e

)
dt

 (4.14)

is the shear plastic strain energy density for the element set k. On the other

hand, the plastic energy density due to axial force and bending moment is

associated with the normal stress components and is defined, for element set
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Figure 4.10: Deformed shape at failure for (a) TS01 [20], (b) TS02 [20], (c) TMCP
[47], (d) TSD [20] and (e) T10 [46]. Countour plots of plastic strain
εpl were taken at ∆u. Black arrows highlight deleted elements in the
bolt and flange.

k, as

EAB,k =
∑
e

∫
t

(
σxx,e ε̇

pl
xx,e +σyy,e ε̇

pl
yy,e +σzz,e ε̇

pl
zz,e

)
dt

 . (4.15)

The bending plastic strain energy density of set k can be obtained as

EM,k = EAB,k−EN,k , (4.16)

where EN,k is the plastic energy density due to axial force. With reference

to the coordinate system in Fig 4.11, the bending plastic strain energy den-

sity is, here, attributed to Mz only as Mx and My were seen to be negligible.

EN,k = ENx,k +ENy,k +ENz,k. By definition, catenary effects develop along a

direction parallel to the main axis of the flange. Therefore, the contribution

of catenary actions to the overall axial energy corresponds to ENx,k (cate-

nary energy density), while ENy,k and ENz,k represent the contribution due to
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transverse axial energy ENT,k evaluated as

ENT,k =
∑
e

∫
t

(
σyy,e ε̇

pl
yy,e +σzz,e ε̇

pl
zz,e

)
dt

 . (4.17)

To evaluate ENx,k, the flange is partitioned into different sections as shown in

Fig 4.11b. For each section k, the axial plastic energy density is evaluated as

ENx,k =
∫
t
Nx,k δx,k dt , (4.18)

where Nx,k is the internal axial force at section k and δx,k is the elongation

of the k-th section along direction x. Axial force Nx,k is obtained from the

FreeBody Cut tool in Abaqus. This tool allows to evaluate resultant forces

across a specified cross-section. The centroid of each section is chosen as

the summation point about which resultant forces are taken. The resultant

forces are expressed in a local reference system, i.e. normal and tangential to

the section. The elongation δx,k is calculated as the difference between the

deformed and original distance of selected nodes of each section. These nodes

are grouped into a set which is, here, referred to as path p and are indicated

as red dots in Fig 4.11b. The deformed distances are evaluated as

δx,k =
√(

∆2
x,k + ∆2

y,k + ∆2
z,k

)
, k ∈ [1,n] , (4.19)

where n is the number of sections. ∆i,k =
(
ci,k + ui,k

)
−
(
ci,k-1 + ui,k-1

)
, with

i = x,y,z. ci,k and ui,k are, respectively, the original coordinates and the

displacement along the i-th direction of the nodes in path p. The total plastic

strain energy density for the flange would, then, be

Etot = ES +EM +EN =
∑
k

(
ES,k +EM,k +EN,k

)
. (4.20)

To validate the partition of energy here proposed, the total plastic strain en-

ergy density was evaluated for a simple cantilever beam subject to: (1) axial
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Figure 4.11: Reference systems for a single solid element (a) and for the flange
(b). (b) also shows the definition of nodes path (red line and dots),
while black lines indicate the sections of the flange.
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Figure 4.12: Partition of energy for a cantilever beam.

load, (2) bending moment and (3) an inclined load. The results are shown in

Fig. 4.12 as comparison between FEMs and the energy computed according to

Eqs. 4.18, 4.16 and 4.17. Etot was, then, compared to Ep from Abaqus for the

five reference T-stubs. Results of this comparison are given in Fig 4.13. Energy

density is plotted against the non-dimensional displacement δ = ∆/∆u, where

∆ is the global displacement of the T-stub and ∆u is the ultimate displace-

ment, i.e. displacement corresponding to the resistance capacity of the T-stub.

A good agreement can be seen between Etot and Ep proving the correctness of

the partition here proposed. All the T-stubs are mainly bending dominated,

although contributions by stretch and shear appear to be significant.
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Figure 4.13: Partition of plastic strain energy density for: (a) TS01, (b) TS02, (c)
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4.2. Results and discussions 153
d

Figure 4.14: Interstory drift as defined in EC8 [32].

4.2 Results and discussions
In this section, we evaluate the catenary energy density ENx for the five ref-

erence T-stubs from Section 4.1.1. The outcome in terms of ENx is compared

with existing criteria, i.e. the presence of a 2nd hardening branch in the F - ∆

(Section 3.3) and Ψ value (Section 3.2). A new preliminary energy criterion

is, then, proposed which could overcome the shortcomings of existing criteria.

The development of catenary effects is also shown to be dependent upon the

boundary conditions of the T-stubs and the initial position of the bolt within

the hole.

4.2.1 Catenary effects

Catenary effects in the flange are, here, quantified in terms of e = ENx/Etot,

where ENx is evaluated for the entire flange. A preliminary threshold for e is

suggested that, if exceeded, determines the significance of catenary actions in

the flange. The proposed methodology to identify the threshold – this will be

indicated as elim hereafter – is derived by analogy with the definition of the

influence of second order effects on MRFs subject to seismic loading. According

to Eurocode 8 (EC8) [32], second order effects cannot be neglected when the

interstory drift (indicated as d in Fig. 4.14) is large enough to significantly

increase the internal actions. This can be expressed as

elim = F ′′

F ′
> 0.1 , (4.21)

which means that second order effects should not be neglected if their contri-

bution to the overall resistance of the structure exceeds 10% of the resistance

F ′ of the same structure when secondary effects are not considered.

To apply this force-based criterion to the five reference T-stubs, we, then, need

to compare F ′′- ∆ obtained in Section 4.1.1 with F ′- ∆. The latter had to
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be obtained by re-running the simulations without including geometric non-

linearities: this was done by switching off the NLGEOM option in ABAQUS

[55]. For each model, the parameter f = F ′′/F ′ was, then, calculated through-

out the entire deformation of the T-stubs and the limit displacement δlim was

found as the displacement at which f = 1.1.

Figure 4.15 shows f and e for the five reference T-stubs and green vertical

lines indicate δlim. It can be observed that, for δ = δlim, 2%≤ e≤ 4%. To be

conservative, elim = 2% is, then, proposed as a unique threshold to assess the

significance of catenary effects. This means that, for any T-stub, if e ≥ elim,

then significant catenary effects must be expected and geometric non-linearities

should not be neglected. The proposed energy-based criterion could provide

some advantages with respect to the existing force-based criterion from EC8

[32]. First of all, the force-based criterion refers to second order effects as a

whole, while energy is capable of addressing catenary effects only. For this rea-

son, the proposed 2% threshold might end up being too conservative because

it was established from the force-based criterion, which considers second order

effects globally and not only catenary effects. Moreover, using energy instead

of force we are considering not only the resistance of the T-stub (in terms of

internal stress resultant Nx,k in Eq. 4.18), but also its deformation capacity (in

terms of axial elongation δx,k in Eq. 4.18). Therefore, the energy-based crite-

rion provides additional information which are fundamental to ensure a ductile

deformation of the connection and which are not achievable if we restrict to

the criterion by EC8 [32]. Lastly, the application of the energy-based criterion

would reduce the number of simulations needed to establish the significance of

catenary effects. Despite its potentials, the energy-based criterion was devel-

oped based on a not exhaustive number of samples and this study has to be

considered only as an attempt to propose a feasible alternative to the force-

based criterion. To eventually modify the value of elim, a more comprehensive

parametric study is advisable. Further investigation would, then, be necessary

to exploit the energy-based criterion to gather additional information that can
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be used by designers. A possible way to do so will be presented in Chapter 7.

Based on existing literature [20, 47], we expect the F ′′ - ∆ to present a 2nd

hardening branch when second order effects develop. If this condition is sat-

isfied, catenary actions should be present in the flange and, according to the

proposed energy-based criterion, e should be ≥ 0.02. This condition is satis-

fied for all the five T-stubs, as shown in Fig 4.15. However, it can be noticed

that not all of them show a clear 2nd hardening branch in their F ′′ - ∆. Gen-

erally, the growth of e is consistent with the evolution of f : this could be

expected given that energy depends on the force. However, Figs. 4.15a, b and

c – these are for T-stubs on rigid support – present quite clear second harden-

ing branches (indicated by black dots in Fig. 4.15) in both e and f , while in

Figs. 4.15d and e – these are for coupled T-stubs – it is hard to decide if and

where a change in slope occurs in the F ′′ - ∆. If we were to determine whether

catenary effects develop in the T-stub by simply observing the shape of the

F ′′ - ∆, we would probably conclude that TSD and T10 are not characterised

by significant catenary actions. However, according to the energy-based crite-

rion, e ≥ elim in both TSD and T10. Also, if we wanted to use the Ψ index

– this was presented in Section 3.2 – to identify the T-stub configurations

where catenary actions develop, we would end up again excluding TSD and

T10 (their Ψ is ≈ 0 as indicated in Figs. 4.15c and d). Conversely, TS01,

TS02 and TMCP are characterised by Ψ index > 0.3 (Fig. 4.15a, b and c). As

explained in Section 3.2 [83], significant catenary effects in the flange are ex-

pected for Ψ> 0.3. Therefore, we can conclude that the 2nd hardening branch

and the index Ψ > 0.3 are sufficient, but not necessary conditions to evaluate

the significance of catenary effects in the flange.

Figure 4.15 also shows that elim is exceeded at different stages of deformation

for different the T-stub configurations: this happens at a quite early stage

(δ≈ 0.2) for TS01, TS02 and TMCP, while there is a delay in the development

of catenary effects for TSD (δ ≈ 0.5) and T10 (δ ≈ 0.85). Moreover, for TS01
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Figure 4.15: Comparison between f ( ) and e ( ) for: (a) TS01, (b) TS02,
(c) TMCP, (d) TSD and (e) T10. indicates δlim. Red dots
indicate points where the slope of the F - ∆ changes.
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and TS02, there is only one second hardening branch at δ ≈ 0.5 (indicated by

a red dot in Figs. 4.15a and b), while for TMCP there are two points (δ ≈ 0.25

and δ ≈ 0.4) where the slope of the F ′′ - ∆ clearly changes (indicated by

red dots in Figs. 4.15c). Boundary conditions are responsible for the number

of changes in slope and their delay or anticipation. The effect of boundary

conditions will be discussed in the next section.

4.2.2 Effects of boundary conditions on the develop-

ment of catenary effects
Figure 4.15 shows how e evolves during the deformation of the T-stub. As

previously mentioned, for those T-stubs bolted to a rigid support (Fig.s 4.15a,

b and c), the energy criterion is exceeded for a much smaller displacement than

for coupled T-stubs (Fig.s 4.15c and d). Figure 4.16 presents the evolution of

axial force (Nx), bending moment (Mz) and shear force (S) for a section whose

centroid is one of the nodes along path p in Fig 4.11. Note that the selection

of the node has no influence because Nx and S are constant along the flange

and Mz changes linearly throughout the deformation of the T-stub as shown in

Fig. 4.18. When the T-stub is coupled, the axes of the bolts shift horizontally

following the deformation of the flange, hence no axial constraint is enforced

on the flanges. The flange behaves as a cantilever, which is mainly subject to

bending moment and shear. This behaviour can be observed in Fig.s 4.16d
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Figure 4.16: Evolution of Nx ( ), S ( ) and Mz ( ) for TS01 (a), TS01
(b), TMCP (c), TSD (d) and T10 (e). Red dots indicate points where
the slope of the Nx changes.

and e where axial force and shear grow steadily and Nx <S. When, instead, a

T-stub is bolted on rigid support, an axial constraint originates on the flange
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Fig. 4

Maximum Gap Centred Bolt Minimum Gap

Figure 4.17: Three simulated gap conditions between bolt and hole. Red lines
indicate surface that are in contact at the beginning of the simulation.

as the bolt is prevented from shifting due to the presence of the rigid support.

Therefore, the flange behaves as a fully clamped beam and experience an

internal state of stress which is a combination of bending moment and axial

force. Figures 4.16a, b and c show that T-stubs bolted to a rigid support are

characterised by significant stretch (Nx >> S). Red dots in Figs. 4.16a, b and

c indicate a drastical rise of Nx. It can be noted that the red dots correspond

to the displacement at which the 2nd hardening branches begin in both f and

e from Fig. 4.15. The increase in axial force can be so high (e.g. +500% for

TMCP in Fig 4.16c) that the flange looses its characteristic double curvature,

hence bending moment and shear decrease. The increase in axial force must

be attributed to the establishment of contact between the bolt and the hole in

the flange.

To clearly understand the role of the bolt-hole contact, three different condi-

tions were simulated, i.e. minimum gap, maximum gap and centred bolt as

shown in Fig 4.17. Results are presented in Figs. 4.17, 4.19 and 4.21. It can

be noticed that a 2nd hardening branch develops in both F ′′ - ∆ and e only

after contact is established (the contact force FC > 0). Also, the gap is re-

sponsible for the delay or anticipation of the development of the 2nd hardening

branch. In particular, the change in slope in e occurs earlier when the gap is

minimum. This happens because the shaft of the bolt is in contact with the

hole from the beginning as demonstrated by the fact that FC is always 6= 0.
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Figure 4.18: Evolution of Nx ( ), S ( ) and Mz ( ) for TS01 (a), TS01
(b), TMCP (c), TSD (d) and T10 (e).

Figures 4.17, 4.19 and 4.21 also show that, after contact is initiated, the bolt is

subject to extra deformation which results into an steep increase in its plastic

strain energy epb. This is evaluated as epb = EB/ET , where EB is the total

plastic energy of the bolt obtained from ABAQUS and ET is the total energy

dissipated by the T-stub evaluated as the area under the F ′′ - ∆ curve. The

increase in the plastic engagement of the bolt implies a change in the rate of
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Figure 4.19: Influence of the gap between bolt and hole on the F ′′- ∆. TS01: (a)
minimum gap; (b) centred bolt; (c) maximum gap. TS02: (d) mini-
mum gap; (e) centred bolt; (f) maximum gap. TMCP: (g) minimum
gap; (h) centred bolt; (i) maximum gap. : contact force FC .

increase of the frictional energy. This rate is plotted in Figs. 4.17,4.19 and 4.21

as ef = EF /ET , where EF is the energy dissipated by all the surfaces in con-

tact and is obtained from ABAQUS. It can be noticed that the rate of growth

of ef decreases when epb presents a sharp spike. The initiation of the bolt-hole

contact reduces, in fact, the slippage between the flange and the rigid support

and generates the axial constraint which is responsible for the development of

catenary effects.
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Figure 4.20: Influence of the gap between bolt and hole on e. TS01: (a) minimum
gap; (b) centred bolt; (c) maximum gap. TS02: (d) minimum gap;
(e) centred bolt; (f) maximum gap. TMCP: (g) minimum gap; (h)
centred bolt; (i) maximum gap. : epb ; : ef .
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Figure 4.21: Influence of the gap between bolt and hole on e. TS01: (a) minimum
gap; (b) centred bolt; (c) maximum gap. TS02: (d) minimum gap;
(e) centred bolt; (f) maximum gap. TMCP: (g) minimum gap; (h)
centred bolt; (i) maximum gap. : e.

4.3 Conclusions
In this Chapter, the behaviour of bolted T-stubs undergoing large displace-

ments has been investigated. An accurate FE model using ABAQUS was

implemented to simulate the F-∆ response and both mechanical and geomet-

ric non-linearities were considered. Detailed tensile and shear experimental

tests were, first, performed on common structural steels, i.e. S235, S275, S355

and S420. The specimens were designed to characterise the dependence of

the material behaviour on the stress triaxiality θ following the approach by
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Driemeier et al. [75]. The experiments were, then, reproduced via FE to cali-

brate parameters describing ductile and shear damage by combining the MMC

criterion by Bai and Wierzbicki [78] with the damage evolution law proposed

by Pavlović et al. [54].

Five different T-stubs, whose flanges are made of the four tested structural

steels, were, then, modelled with FE (bolted to a rigid support: TS01, TS02

[20] and TMCP [47]; coupled: TSD [20] and T10 [46]). Material non-linearities

are considered by using the description of material used in the FEMs of tensile

and shear tests. All T-stubs undergo large displacements and the effect of

geometrical non-linearities was included by switching on the NLGEOM option

in ABAQUS [55]. As noticed by Latour and Rizzano [20] and Zhao et al.

[47], the development of a second hardening branch in the F- ∆ was observed

for T-stubs bolted to a rigid support. The second hardening branch (2HB)

indicates the presence of second order effects, which result in catenary actions

in the flange due to the axial constraint provided by the bolt. However, the

development of a 2HB might not be sufficient to assess the significance of

catenary actions. Also, it is hard to say whether T-stubs that do not develop

a 2HB are characterised by catenary actions, especially for coupled T-stubs.

For this reason, this Chapter proposed a preliminary criterion to determine

the significance of catenary actions in the flange and to shed light on the

relationship between the development of second order effects and the shape

of the F- ∆ response of a T-stub. The criterion was based on the evaluation

of the plastic strain energy density ENx dissipated in the flange through axial

force. A method to obtain ENx from FE models was presented and applied to

the 5 reference T-stubs. The amount of catenary effects that develop in the

flange was measured by the ratio e = ENx/Etot and a preliminary limit value

of 2% is set.

The proposed energy-based criterion shows some advantages with respect to

the existing force-based criterion. First of all, it reduces the number of simu-
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lations needed to be applied. Moreover, the force-based criterion [32] refers to

second order effects as a whole, while energy is capable of specifically quantify-

ing catenary effects, which are just one expression of second order effects. For

this reason, the proposed 2% threshold might end up being conservative be-

cause it was established from the force-based criterion, which globally pertains

to second order effects and not to catenary actions.

Comparison in terms of energy were made between T-stubs that do and do

not develop a 2HB. It was observed that, e≥ 2% also for T-stubs that do not

develop an evident 2HB. Therefore, the presence of a 2HB in the F- ∆ is a

sufficient, but not necessary condition for catenary actions to be significant.

The development of catenary effects is also shown to be dependent upon the

boundary conditions of the T-stubs. The distribution of internal stress com-

ponents (axial force, bending moment and shear) along the flange indicates

that, for coupled T-stubs, the flange behaves as a cantilever and is bending

and shear dominated. On the contrary, for T-stubs on rigid support, the flange

behaves as a fully clamped beam and experiences an internal state of stress

which is a combination of bending moment and axial force. For T-stubs on

rigid support, the initial position of the bolt within the hole is responsible for

anticipating (minimum gap) or delaying (maximum gap) the development of

the 2HB.



Chapter 5

Mechanical model to predict the

F- ∆ response of T-stubs

including second order effects.

This Chapter presents a mechanical model for the prediction of the F- ∆ of

a T-stub undergoing large displacements. The model is an update of the one

proposed by Francavilla et al. [12] and it is suitable for both T-stubs and T-

stub botled to a rigid support. Unless specified, the following applies equally

to both boundary conditions. The geometry of the model is as described in

Francavilla et al. [12] and is shown in Fig. 5.1. The main features of the model

by Francavilla et al. [12] are here reported along with the improvements made

in the present work. Due to symmetry, the flange is constrained at the stem

by a bi-pendulum. Following EC3 [1], the flange is modelled as a beam with

an equivalent rectangular cross-section (widht: leff ; depth: tp). In Fig. 5.1, m

and n are defined as in EC3 [1] and the expression of rw depends on whether

the T-stub is made from a hot-rolled section (rw = 0.8
√

2aw, with aw the weld

throat thickness) or from welded plates (rw = 0.8r, with r the root section

radius). The behaviour of the flange is modelled considering a lumped plas-

ticity approach, which implies that the plastic hinges (indicated as red dots
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in fig. 5.1) are concentrated in specific areas of the flange. The bolt is repre-

sented by a translational spring. The definition of its initial length is different

for coupled T-stubs and T-stubs bolted to a rigid support (see Eqs. 5.45 and

5.46). The behaviour of this spring allows to determine the resistance of the

bolt and to enforce the compatibility between the bolt elongation and the T-

stub vertical uplift at the bolt line. The action of the bolt is modelled as a line

Figure 5.1: Mechanical model of the T-stub. (a) shows the geometry of the model
with reference to the geometry of the T-stub. The final model is given
in (b). dw is the diameter of the washer along which the bolt load q is
distributed. Symmetry is exploited so that only half of the load (F/2)
is applied. (Adapted from Francavilla et al. [12].)

load q uniformly spread along the diameter of the washer dw. In EC3 [1], the

prying forces Q are considered to be concentrated at the edge of the plate at a

distance n from the bolt axis. This simplification might not represent the real

behoaviour of Q. For this reason, Francavilla et al. [12] located the point of

application of Q at a distance n∗ from the bolt axis. n∗ is not known a priori

and is determined by evaluating the compatibility of the vertical displacement

in the contact zone, whose length is, in fact, n∗.

Material non-linearities are modelled for both flange and bolt. The moment -

rotation (M - θ) response of the flange is obtained from the integration of the

moment - curvature (M - χ) relationship as in Piluso et al. [3] and Francavilla

et al. [12]. However, as an advance with respect to Francavilla et al. [12], the

present model includes also the effects of geometric non-linearities. This is



5.1. Behaviour of plastic hinges considering M - N interaction 168

done by writing the equilibrium equations with reference to the deformed con-

figuration. This simply means that cosθ 6= 1 and sinθ 6= θ. As a consequence,

we define m∗ =mcosθp1, as it has already been shown in Fig. 3.20. However,

the change in the length of m must occur to respect the symmetry condition

imposed by the bi-pendulum. This implies that axial force N develops and can

be quite significant. For this reason, the interaction between bending moment

and axial force (M - N interaction) is modelled in the present study to describe

the behaviour of the plastic hinges developing in the flange. As in Francavilla

et al. [12], the failure of the flange occurs when the rotation of a plastic hinge

reaches the rotation corresponding to the attainment of the ultimate strain in

the most extreme fiber of the cross-section.

The behaviour of the bolt is described as in Francavilla et al. [12] by a non-

linear spring model which describes its force - elongation response. However, as

already pointed out in previous chapters, when the T-stub is bolted to a rigid

support, shear force Vs also develop in the bolt once the contact is established

between the shaft and the hole. To consider the effect of Vs, the present model

includes the shear force - horizontal displacement (Vs - δs) behaviour of the

bolt as proposed by Henriques et al. [84]. Note that Vs = 0 for coupled T-

stubs. The bolt fails when either its elongation corresponds to the ultimate

elongation [12], or when Vs reaches its ultimate value Vub.

Lastly, it is worth noting that, as in Francavilla et al. [12], still some assump-

tions remain. For instance, 3D effects are neglected and the model is mainly

suitable for T-stub characterised by beam yield line patterns. Also, bending

of the bolt is neglected.

5.1 Behaviour of plastic hinges considering M

- N interaction
The non-linear behaviour of the flange is described by the moment - rotation

(M - θ) relationship of the plastic hinges forming at the weld-toe and at the bolt
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line. As in EC3 [1], a lumped plasticity approach in adopted, i.e. plastic hinges

are concentrated, and the flange is modelled as a beam with an equivalent

rectangular cross-section whose width and height are leff and tp. Following

the same approach proposed by Piluso et al. [3], the M - θ relationship of the

plastic hinges is obtained from the moment-curvature (M - χ) relationship.

However, the M - χ in Piluso et al. [3] was defined assuming the flange cross-

section is subject to pure bending, i.e. axial force N = 0. As an improvement

to the model by Piluso et al. [3], the next sections will present a description of

the M - χ response of the plastic hinges considering the interaction between

bending moment and axial force (M - N interaction).

5.1.1 Moment-curvature relationship

As presented in Chapter 2, Piluso et al. [3] have already defined the M - χ for

the rectangular cross-section representing the flange plate. However, this M

- χ was defined assuming the cross-section is subject to pure bending. Under

this assumption, significant values of the curvature can be defined as

χi = 2εi
tp

, i= y,h,u,f , (5.1)

where i is an index representing the characteristic strains on the idealised

stress-strain relation of the flange material adopted by Piluso et al. [3] and

shown in Fig. 2.3. The curvature χi and the thickness of the flange tp are

indicated in Fig. 5.2. Considering the strain diagrams of εM in Fig. 5.2 and

writing the equilibrium equations, the non-dimensional moment - curvature
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(M/My - χ/χy) can be obtained as [3]

M

My
= χ

χy
,

χ

χy
≤ 1 (5.2)

M

My
= 1

2

3−
χy
χ

2 , 1< χ

χy
≤ χh
χy

(5.3)

M

My
= 1

2

3−
 χ

χy

2+ 1
2
Eh
E

χ−χh
χy

1− χh
χ

2 + χh
χ

 ,
χh
χy

<
χ

χy
≤ χu
χy

(5.4)

M

My
= 1

2

3−
 χ

χy

2+ 1
2
Eh
E

χ−χh
χy

1− χh
χ

2 + χh
χ

+ (5.5)

− 1
2
Eh−Ef

E

χ−χu
χy

1− χu
χ

2 + χu
χ

 ,
χu
χy

<
χ

χy
≤
χf
χy

, (5.6)

with My (Eq. 2.11) is the bending moment at yielding.

tp
c

Figure 5.2: Strain distribution on the cross-section of the beam representing the
flange. εN are the strains due to axial force N and εM are the strains
due to bending moment M .

To include the effect of the axial force N on the flexural behaviour of the flange,

it is necessary to consider an additional contribution to the strain diagram of

the cross-section. The diagram of the total strain (εtot = εN + εM ) is given in
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Fig. 5.2. This is a combination of strain due to bending moment (εM ) and

strain due to axial force (εN ). From the diagram of εtot, we can evaluate the

total stress σtot(x) for 0≤ x≤ tp as follows

σtot(x) = εtotE , εtot(x)≤ εy (5.7)

σtot(x) = σy , εy < εtot(x)≤ εh (5.8)

σtot(x) = σy +Eh(εtot(x)− εh) , εh < εtot(x)≤ εu (5.9)

σtot(x) = σu+Ef (εtot(x)− εu) , εtot(x)> εu . (5.10)

With reference to Fig. 5.3, the resultant of the internal force F (x) can be

evaluated as

F (x) = σtot(x)−σtot(x−1)
2 (tf −x)leff , 0≤ x≤ tp (5.11)

and

F (x) = Ft(x) , if σtot(x)≥ 0 (5.12)

F (x) = Fc(x) , if σtot(x)< 0 , (5.13)

where Ft(x) is a tension force and Fc(x) is a compression force. The resultants

of tension and compression for the cross-section will, then, be

Ft =
tp∑
x=0

Ft(x) (5.14)

Fc =
tp∑
x=0

Fc(x) . (5.15)

The resultant of the internal forces is ∆F = Ft+Fc. For equilibrium, we must

have

∆F = Ft+Fc (5.16)
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To solve Eq. 5.16, the value of N and εN must be known a priori. This is

tp

x

stot

c
c

c
c

xsup

xinf Fc

Ft

Ft(x)

Fc(x)

Figure 5.3: Stress distribution on the cross-section of the flange. The flange is
subdivided into strips of equal length c = tp/20. Ft(x) and Fc(x) are
the force contributions of each strip, while Fc and Ft are the tension
and compression resultants for the entire flange.

not possible because N and εN depend on the expressions of ∆F and εtot. To

overcome this issue, it is possible to obtain different M - χ relationships for

every assigned value of ρ = N/Nu (Nu = tplefffu is the ultimate resistance of

the cross-section when M = 0) with 0 < ρ ≤ 1 as explained by the algorithm

in Fig. 5.4. For every assigned value of ρ=N/Nu, the algorithm finds the εN
that solves Eq. 5.16. Once εN is known, we can evaluate the lever arms of Ft
and Fc as follows

xsup = Ft z

Ft
=

tp∑
x=0

Ft(x) z(x)
Ft(x) (5.17)

xinf = Fc z

Fc
=

tp∑
x=0

Fc(x) z(x)
Fc(x) , if Fc < 0 (5.18)

xinf = 0 , if Fc ≥ 0 , (5.19)

where z(x) = tp/2−x− [x− (x− tp)/2]. The bending moment considering the
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Define ey, eh, eu, ef, E, Eh and Eu 

Calculate the M – c curve for pure bending 

Select r = N/Nu = r0 = 1/a with a>0 

Select 0 < eN ≤ ef  

Calculate etot (x) = eM (x) + eN 

Calculate stot (x)  

Calculate Ft, Fc and DF 

DF + N = 0 ? 

Select r = r0 + i/a with 1 < i ≤ a 

i = a ? 

Evaluate xinf and xsup 

Evaluate M 

STOP 

START 

y 

n 

y 
n 

Figure 5.4: Algorithm to obtain the M - χ considering M - N interaction. In the
present study, a= 10.

M -N interaction will be then

M = Ft xsup +Fc xinf . (5.20)
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5.1.2 Moment - rotation relationship
The M - θ relationship of the plastic hinges is obtained from the M - χ

behaviour following the approach by Piluso et al. [3]. For the simple cantilever

𝐿1 𝐿2 𝐿3 

𝜓𝑀1 = 𝑀2 = 𝑀3 

𝑛∗  −  𝑑𝑤 2  𝑚∗ − 𝑑𝑤 2  𝑑𝑤 𝑛∗  −  𝑑𝑤 2  𝑚∗ − 𝑑𝑤 2  𝑑𝑤 

𝐹 = 𝑀𝐿 𝑀 

𝐿 

𝑀1 

Figure 5.5: Bending moment diagram of the cantilever beams composing the flange
of the T-stub. The lengths of the beams are indicated as L1, L2 and
L3. M1 represents the bending moment at the plastic hinge located
at the weld-toe, while M2 =M3 = ψM1 is the bending moment of the
plastic hinge at the bolt line. A simple cantilever is also shown which
is used as a reference to obtain the M - θ response. (Adapted from
Francavilla et al. [12]).

beam represented in Fig. 5.5, the rotation θ of a plastic hinge forming at the

clamped end can be obtained as [3]

θ =
∫ L

0
χ(z)dz , (5.21)

where χ is the curvature and z is the generic position along the beam axis.

L represents the length of the beam. In a T-stub, three different cantilever

beams can be identified by observing the bending moment diagram in Fig. 5.5.

Even though the bending moment diagram is not known a priori, its shape

remains the same because is determined exclusively by the applied loads and

by the value of the bending moment at the plastic hinges [12]. In Fig. 5.5, the

bending moments of the three cantilevers are indicated as M1 and M2 = M3.

The parameter ψ is defined as M1/M2 (or M1/M3) with 0 < ψ ≤ 1. Using

simple geometric considerations, we can write the lengths of the three beams
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as

L1 = n∗ L2 = m∗ ψ

1 +ψ
L3 = m∗

1 +ψ
. (5.22)

With reference to the idealised stress - strain response in Fig. 2.3, the plastic

rotation θp of the plastic hinges can be evaluated as in Piluso et al. [3] and it

is, here, reported for clarity. Four cases are identified as follows [3]:

Case 1: ξ = M
Mf
≤ ξ1 = My

Mf

θp = 0 (5.23)

Case 2: ξ1 < ξ ≤ ξ2 = Mh
Mf

θ = χξL−
∫ χξ

0
z(χ)dχ , (5.24)

where χξ is the curvature corresponding to the bending moment ξMf . With

reference to the bending moment diagram in Fig. 5.5, we can write

z(χ) = M(χ)
ξMf

L= M(χ)
My

Ly (5.25)

where Ly is the length of the beam up to where M =My. Substituting Eq. 5.25

into Eq. 5.24, we get

∫ χξ

0
z(χ)dχ= Ly

∫ χξ

0

M(χ)
My

dχ= χyLy
2 (1 +C1,ξ) , (5.26)

where

C1,ξ =
∫ χξ
χy z(χ)dχ
χyLy

2
= 1
χy

∫ χξ

χy

3−
χy
χ

2dχ= 3χξ
χy

+ χy
χξ
−4 . (5.27)

The rotation corresponding to the curvature at yielding is θy = (χyL)/2. Com-
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bining Eqs. 5.24, 5.26 and 5.27, the plastic rotation will be

θp = θ− θy = L

tp
D(ξ) (5.28)

with

D(ξ) = εy

2χξ
χy
− 1
ξ

My

Mf

3χξ
χy

+ χy
χξ
−3

−1
 . (5.29)

Case 3: ξ2 < ξ ≤ ξ3 = Mu
Mf

∫ χξ

0
z(χ)dχ= Ly

∫ χξ

0

M(χ)
My

dχ= χyLy
2 (1 +C1 +C2,ξ) , (5.30)

where C1 is given by sustituting χξ = χh in Eq. 5.24, while

C2,ξ =
∫ χξ
χh z(χ)dχ
χyLy

2
= 1
χy


∫ χξ

χh

3−
χy
χ

2dχ+

+ Eh
E

∫ χξ

χh

χ−χh
χy

1− χh
χ

2 + χh
χ

dχ
=

=
χh(3χ2

ξ +χ2
y)−χξχ2

y−3χ2
hχξ

χyχhχξ
+ Eh
E

(χξ−χh)3

χξχ2
y

.

(5.31)

The plastic rotation is

θp = θ− θy = L

tp
F (ξ) (5.32)

with

F (ξ) = εy

2χξ
χy
− 1
ξ

My

Mf

3χξ
χy

+ χy
χξ
−3 + Eh

E

(χξ−χ)3

χξχ2
y

−1
 . (5.33)

Case 4: ξ3 < ξ ≤ 1

∫ χξ

0
z(χ)dχ= Ly

∫ χξ

0

M(χ)
My

dχ= χyLy
2 (1 +C1 +C2 +C3,ξ) , (5.34)



5.1. Behaviour of plastic hinges considering M - N interaction 177

where C2 is given by sustituting χξ = χu in Eq. 5.24, while

C3,ξ =
∫ χξ
χu z(χ)dχ
χyLy

2
= 1
χy


∫ χξ

χu

3−
χy
χ

2dχ+

+ Eh
E

∫ χξ

χu

χ−χh
χy

1− χh
χ

2 + χh
χ

dχ+

− Eh−Eu
E

∫ χξ

χu

χ−χu
χy

 − χu
χ

2 + χu
χ

dχ
=

=
χu(3χ2

ξ +χ2
y)−χξχ2

y−3χ2
uχξ

χyχhχξ
+ Eh−Eu

E

(χξ−χu)3

χξχ2
y

+ Eh
E

χ3
h(χξ−χu)−3χhχuχξ(χξ−χu) +χuχξ(χ2

ξ−χ2
u)

χξχuχ2
y

.

(5.35)

The plastic rotation will be then

θp = θ− θy = L

tp
G(ξ) (5.36)

with

G(ξ) = εy

2χξ
χy
− 1
ξ

My

Mf

3χξ
χy

+ χy
χξ
−3 + Eh

E
Gh+ Eu

E
Gu

−1
 , (5.37)

with

Gh = χ3
u

χξχ2
y

+ 3χξχu
χ2
y
−3χ

2
u

χ2
y

+ 3χ
2
h

χ2
y
−3χξχh

χ2
y
− χ3

h

χξχ2
y

(5.38)

Gu =
χ2
ξ

χ2
y

+ 3χ
2
u

χ2
y
−3χξχu

χ2
y
− χ3

u

χξχ2
y
. (5.39)

Note that D(ξ = ξ2), F (ξ = ξ3) and G(ξ = 1) depend only on the material

properties of the flange. With reference to the kinematic collapse mechanism
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in Fig. 5.6, the plastic displacement of the T-stub can be evaluated as

δp,T = θp1m
∗+ (θp1− θp2)n∗ , (5.40)

where θp1 is the plastic rotation of the cantilever beam of length L1, while θp2
is the sum of the plastic rotations of the other two cantilevers. To respect the

compatibility of vertical displacement of the plate in the contact zone, i.e. n∗,

θp1 ≥ θp2 [12].

Mf Mf
�Mf �Mf

Bu BuQ Q

F

V V

m* m*n* n*

�1 �1
�� ��

����������

Figure 5.6: Mechanism of kinematic collapse for coupled T-stubs and T-stubs
bolted to a rigid support. Mf and ψMf are the fracture bending
moments of the plastic hinges (indicated by black dots). The prying
forces Q and the ultimate bolt resistance Bu are also shown. V is the
horizontal force generating once the contact is established (V = 0 for
coupled T-stub). Rotations of the plastic hinges are marked as θ1 and
θ2.

The elastic part of the displacement of the T-stub can be obtained as in Fran-

cavilla et al. [12] by writing the static beam equations of the system in Fig. 5.1b.
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For 0≤ z1 ≤ n∗−dw/2:

δel,1(z1) =−
2Fz1

[
−3(m∗+n∗)2 + z2

1

]
24EI +

−qdwz1

{
d2
w + 4

[
z2

1−3n∗(2m∗+n∗)
]}

24EI .

(5.41)

For 0≤ z2 ≤ dw:

δel,2(z2) =− 1
96EI

{
4qd4

w−d3
w

[
F + 16q(n∗+ z2)

]
+

+ 4
[
qz4

2−2F (n∗+ z2)(3(m∗)2 + 6m∗n∗+ 2(n∗)2−2n∗z2− z2)
]
+

+ 4dw
[
3F (m− z2)(m∗+ 2n∗+ z2) + 4q(n∗+ z2)

]

·
[
2n∗(3m∗+n∗)−2n∗z2− z2

2

]
+

+ 6d3
w

[
F (n∗+ z2) + 4q(−2m∗n∗+ 2n∗z2 + z2

2)
]}

.

(5.42)

For 0≤ z3 ≤m∗−dw/2:

δel,3(z3) =− 1
96EI

{
d3
w(F −16qn∗)−8F (n∗+ z3)(3(m∗)2+

+ 6m∗n∗+ 2(n∗)2−2n∗z3 + z2
3)+

6d2
w

[
8qn∗(m∗− z3) +F (n∗+ z3)

]
+

4dw
{
−3F (m∗− z3)(m∗+ 2n∗+ z3) + 4qn∗+

+
[
2(n∗)2−3z2

3 + 6m∗(n∗+ z3)
]}}

.

(5.43)

The total displacement of the T-stub would be

∆ = δel,3(z3 =m∗−dw/2) + δpl,T . (5.44)
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Figure 5.7: Idealised stress-strain response of the bolt.

5.2 Axial behaviour of the bolt

The description of the axial behaviour of the bolt employed in the present

model is the one proposed by Francavilla et al. [12]. An idealised stress-

strain response is adopted as the one in Fig. 5.7a. This is defined knowing

the characteristic values of yield and ultimate stress (σy and σu) and ultimate

strain εu of the bolts. The yield strain εy is obtained as σy/E, with E= 210GPa

being the Young’s modulus. The stiffness of the hardening branch is taken as

0.1E [85]. As already mentioned, the bolt is modelled as a translational spring.

The length of the shank is defined according to EC3 [1] as

Lb = 2tp+ tn+ tbh
2 + 2tw , coupled T-stubs (5.45)

Lb = 2tp+ tn+ tbh
2 + 2tw + ts , T-stubs on rigid support . (5.46)

In Eq. 5.45 and 5.46, the thicknesses of bolt nut, bolt head and washer are

indicated as tn, tbh and tw respectively; ts is the thickness of the rigid support.

The force-elongation (B - δb) behaviour of the translational spring can be

characterised by the following tri-linear response [12]:

Elastic range: δb ≤ δb,y
B =K0 δb (5.47)
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Strain hardening range: δb,y ≤ δb ≤ δb,h

B = 0.10 K0 δb,y (5.48)

Plateau range: δb > δb,h

B =Bu = As σub , (5.49)

where As is the tensile stress area of the bolt. The stiffness K0 of the spring

is defined as

K0 = 2EAs
Lb

. (5.50)

Lastly, the characteristic displacements marking the boundaries between

ranges are

δb,y = σybLb
2E (5.51)

δb,h = δb,y + Bu−By
0.10 K0

(5.52)

δb,u = εub Lb , (5.53)

with By = As σub.

5.3 Development of mechanical model
The final model exploits the non-linear behaviour of flange and bolts which

are incorporated into the system shown in Fig. 5.1b. To obtain the whole F -

∆ curve up to failure, it is necessary to know the bending moment distribution

(Fig. 5.5), which depends on the value of M1 = Mj with 0 < j ≤ f . If Mj is

known, there are 5 unknown parameters: the force F applied at the T-stub

web, the prying force Q, the distributed load q exerted by the bolt head, the

ratio ψ between the bending moment acting at the bolt line and that at the

weld-toe and the location n∗ of the prying forces in the contact zone [12]. To

obtain the 5 unknowns, 5 equations are needed. These can be combined into

the following system
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F
2 +Q− qdw = 0 (5.54a)

Q(m∗ cosθp1 +n∗)− qdwm∗ cosθp1 +Mj +V m∗ sinθp1 = 0 (5.54b)

Qn∗− qd2
w

8 −ψMj = 0 (5.54c)

δb,el sin(θp1− θp2)n∗ = qdw
K0

(5.54d){
δel,1(z1) + [θp1− θp2]

}
min

> 0 (5.54e)

As in Francavilla et al. [12], there are 5 equations that describes: the verti-

cal translational equilibrium (Eq. 5.54a), the rotational equilibrium about the

plastic hinge at weld-toe (Eq. 5.54b), the rotational equilibrium of the left

side of the T-stub about the plastic hinge at the bolt line (Eq. 5.54c), the

compatibility equation between the displacement of the flange at the bolt line

and the elongation of the bolt (Eq. 5.54d), the compatibility equation of the

vertical displacements in the contact zone (Eq. 5.54e). However, in the present

study, the equations have been re-written with reference to the deformed con-

figuration. This means that sinθ 6= θ and cosθ 6= 1, hence the effect of large

displacements is taken into account.

In Eq. 5.54b, the effect of the horizontal forces is represented by V . Note that

V = 0 for coupled T-stubs. Also, V depends on the value of δh which is the

horizontal sliding the flange undergoes before contact is established between

the shaft and the hole. A general expression for V is

V = Vb+µQ , (5.55)

where µ is the coefficient of friction here assumed equal to 0.3. Vb is the

horizontal force acting on the bolt and is obtain as the minimum resistance

between bearing (of the flange against the shaft), failure of the flange at the
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net section and shear in the bolt. The bearing resistance is defined as [1]

Vbear = αbk1dbtpσu , (5.56)

with

αb = min
(

n

3(db+ δg)
,
σub
σu

,1
)

(5.57)

k1 = min
(

2.8e2
db+ δg

−1.7,2.5
)

(5.58)

are defined as in EC3 [1]. The resistance of the flange to failure at the net

section is given as [1]

Vnet = min(tpbσy,0.9tp(b−db+ δg)σu) (5.59)

The shear behaviour of the bolt is here described according to Henriques et al.

[84] and represented in Fig. 5.7b. The shear force Vs can be written to consider

the interaction with the tension force B described in Section 5.2. According

to EC3 [1],

Vs =
(

1− B

1.4σubAs
αvσubAs

)
, (5.60)

where αv = 0.5 for grade 10.9 bolt and αv = 0.6 for grade 8.8 bolt. Vb can be,

finally, described as follows.

For δh ≤ δg:

Vb = 0 . (5.61)

When δh > δg, we can define four different situations:
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for Vs < 2
3Vub:

Vb = kb,v(δh− δg)<min
(
Vbear,Vnet,

2
3Vub

)
(5.62)

for 2
3Vub ≤ Vs < Vub :

Vb = min(Vbear,Vnet) (5.63)

for Vs = Vub:

Vb = Vub if Vub ≤ Vss (5.64)

Vb = Vss if Vub > Vss , (5.65)

where

Vss = 2
3Vub+kb,v

[
δh− δg−

1
kb,v

min
(
Vbear,Vnet,

2
3Vub

)]
. (5.66)

Vub is the ultimate horizontal resistance of the bolt and corresponds to

min(Vs,Vbear,Vnet). kbv is the horizontal stiffness of the bolt and is evaluated

as [1, 84]

kb,v =
(

1
ks

+ 1
kb,fl

+ 1
kb,sup

)−1
(5.67)

where

ks = 8d2
bσub

dM16
(5.68)

kb,fl = 12kbkt,f ldbσu (5.69)

kb,sup = 12kbkt,supdbσu , (5.70)

are the shear stiffness of the bolt (Eq. 5.68), the stiffness of the bolt bearing on
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the flange (Eq. 5.69) and on the rigid support (Eq. 5.70) [1]. dM16 in Eq. 5.69

corresponds to the nominal diameter of a M16 bolt, while

kt,f l = min
( 1.5tp
dM16

,2.5
)

(5.71)

kb = min
(

0.25n
db

+ 0.5,1.25
)

(5.72)

kt,sup = min
( 1.5ts
dM16

,2.5
)

(5.73)

are obtained from EC3 [1].

In Eq. 5.54e, δb,el is the elastic part of the vertical displacement of the T-

stub evaluated at the bolt line and it is obtained from Eq. 5.42 considering

z2 = dw/2. The expression of δb,el is [12]

δb,el =−
qd4
w−16n∗

[
2F

(
3(m∗)2 + 6m∗n∗+ 2(n∗)2

)
+ qd3

w−8qdwn∗ (3m∗+n∗)
]

384EI ,

(5.74)

To take into account the effect of large displacements, this equation can be

re-written as

δb,el =− 1
384EI

{
q cosθ1d

4
w−16n∗[

2F cosθ1
(
3(m∗)2 + 6m∗n∗+ 2(n∗)2

)
+

+q cosθ1d
3
w−8q cosθ1dwn

∗ (3m∗+n∗)
]}

.

(5.75)

However, Eq. 5.75 is only valid when δh ≤ δg, while

δb,el = 1
2
qdw
kb,v

(5.76)

once the shaft comes in contact with the hole (δh > δg).

Ths system in Eqs. 5.54a cannot be solved in closed form because N , M

and n∗ are not known a priori. Therefore, the solution must be obtained
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incrementally by means of the algorithm presented in Fig. 5.8. The solution is

Select 0 ≤  r ≤ 1 

Select 0 ≤  y  ≤ 1  

Evaluate qp1  and qp1  

Calculate q (Eq.x), Vs (Eq.5.60), Vb and V (Eqs.5.61-5.66)  

Calculate Q (Eq.p) 

STOP 

START 

y n 

Select 0 < Mj  ≤ Mf 

Select dw/2 ≤ n*  ≤ n 

N – N’ = 0 ? 

Calculate y’ (Eq.q) 

y – y’ = 0 ? 
n 

y 

[del,1 (z1) + (qp1 – qp2)]min = 0 ? 

y 

Calculate D (Eq.g), dbolt (Eq.f) 

Failure ? 

n 

y 

n 

N
ew

 in
crem

en
t 

Figure 5.8: Algorithm to resolve the system of equations (Eq. 5.54a).

obtained iteratively by assuming ρ, Mj and n∗; then, a trial value of ψ is taken

and the equilibrium equations (Eq. 5.54a) are resolved to obtain a new value

ψ=ψ′. To obtain the F - ∆ response of the T-stub up to failure, the algorithm

in Fig. 5.8 has been implemented in Visual Basic for Applications. Expressions

of q are taken from Francavilla et al. [12] and adapted to include the effect of

large displacements. Three cases can be distinguished, which correspond to

the three stages of deformation of the bolt in tension presented in Section 5.2.

The expressions of q are, then:

Elastic range:

q1 =

(
64K0n∗(3(m∗)2 + 6m∗+ 2n∗)cosθp1(Mj +m∗V sinθp1)

+ 6EIn∗(n∗+m∗ cosθp1)sin(θp1− θp2)

)
dw
{

192EIn∗+ cosθp1(192EIm∗+K0n∗(d3
w−16(d2

w + 12(m∗)2)n∗))
K0m∗(d3

wm−16d2
wn
∗+ 128(n∗)2(3m∗+n∗))cosθp1}

(5.77)
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Type of failure δh− δg δbolt θp1 Vub
Bolt in tension ≥ δbu,t

Bearing > δb Vbear
Net section > δb Vnet

Bolt in shear > δb Vs
Plate ≥ θpu

Table 5.1: Assessment of the failure of T-stub for the algorithm in Fig. 5.8.

Strain hardening range:

q2 = 0.1q1 + 0.9By
dw

(5.78)

Plateau range:

q3 = q2 (5.79)

The values of F , Q and ψ′ are obtained as

F = 2 Mj +n∗qdw +mV sinθp1
m∗+n∗

(5.80)

Q=− Mj− qdwm∗+m∗V sinθp1
m∗+n∗

(5.81)

ψ′ =

(
n∗(qdwm∗−Mj−m∗V sinθp1)

n∗+m∗ − qd2
w

8

)
Mj

(5.82)

The failure of the T-stub is determined as in Table 5.1. In Table 5.1, δbu,t and

δb represent, respectively, the ultimate elongation of the bolt in tension

δbu,t = Lbεub
2 , (5.83)

with εub being the ultimate strain of the bolt, and the horizontal displacement

of the T-stub in correspondence of the bolt line

δb = δubear + V −µQ
kb,v

if Vbear <min(Vs,Vnet) (5.84)

δb = δub,s+ V −µQ
kb,v

if Vs <min(Vbear,Vnet) . (5.85)
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In Eqs. 5.84 and 5.85, δubear and δub,s are the horizontal displacements caused,

respectively, by the bearing force and the shear force in the bolt and are defined

according to Henriques et al. [84] as

δub,s = ds
Vub
kb,v

(5.86)

δubear = dbear
Vbear
kb,fl

, (5.87)

where ds = 3.25 and dbear = 11 represent the shear and bearing ductility [84].

In the present study, dbear = 11 [84]. ds depends on the diameter of the bolt

and is taken as 2.6 (M16), 2.75 (M18), 2.9 (M20) and 3.4 (M24) [84]. The

mechanical model presented in this section has been validated by comparing

its F - ∆ predictions with experimental results from independent sources. The

validation is presented in the next section.

5.4 Validation of the mechanical model
In this section, the mechanical model just presented is applied to existing ex-

perimental data for both coupled T-stub and T-stub bolted to a rigid support.

For each T-stub, the F - ∆ predicted by the model is compared with the ex-

perimental F - ∆. Also, a comparison in terms of failure mechanism is done.

The coupled T-stubs are taken from Piluso et al. [3], Girão Coelho [11] and

Dinu et al. [46]. The geometry and material properties are given in Table 5.2.

Figures 5.9 and 5.10 show the comparison in terms of F - ∆. It can be seen

that the model is quite close to the experimental result. Table 5.3 collects the

percentage difference of Fu and ∆u between the tests and the model. Results

are consistent with what observed by Francavilla et al. [12], who used the same

set of data to validate their model. However, a greater difference in ∆u is ob-

tained for T1 and T2 possibly due to a small value of θ. The predicted failure

modes are compared with the ones obtained by Francavilla et al. [12]. Table 5.4

collects the values of axial force N obtained from the mechanical model. N is

compared with the plastic Ny and ultimate Nu axial resistances of the flange
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Model tp m n r leff db dbh dw tbh tn Ab

T1 14.4 39.3 32.78 18 126.5 20 33.53 37 12.72 16 0.15
T2 14.6 39.3 33.80 18 126.5 20 33.53 37 12.72 16 0.15
T3 13 42.3 22.2 15 124 20 33.53 37 12.72 16 0.15
T4 12.3 48.95 22.00 24 118.8 24 39.98 44 14.78 19 0.15
T5 13.8 49.75 22.00 27 115 24 39.98 44 14.78 19 0.15
T6 16.35 45.65 35.92 18 120 24 39.98 44 14.78 19 0.15
T7 13.9 52.45 28.00 27 122.8 27 45.2 56 17.35 27 0.15
T8 12.5 54.05 28 24 125.1 27 45.2 56 17.35 27 0.15
T9 10.85 32.6 18.5 18 125 20 33.53 37 12.72 16 0.15
T10 12.2 53.5 18.5 7.5 90.3 20 33.53 37 12.72 16 0.15

WT1h 10.3 33.73 30 5 45.05 12 19 24 8.18 10 0.14
WT2B 10.3 31.69 29.9 7 44.95 12 19 24 8.18 10 0.14

WT7 M16 10.3 33.89 29.8 5 74.9 16 27 30 10 13 0.26
WT7 M20 10.3 33.81 29.7 5 75.2 20 32 37 13 16 0.26

T10-16-100-C 10 37.1 30 7 90 16 27 30 10 13 0.14
T10-16-120-C 10 47.1 30 7 90 16 27 30 10 13 0.14
T10-16-140-C 10 57.1 30 7 90 16 27 30 10 13 0.14
T12-16-100-C 12 37.1 30 7 90 16 27 30 10 13 0.14
T12-16-120-C 12 47.1 30 7 90 16 27 30 10 13 0.14
T12-16-140-C 12 57.1 30 7 90 16 27 30 10 13 0.14

Model σy σu Eh Eu εh [%] εu [%] fub

T1 291.16 517.21 3276 371.11 1.358 49.18 904
T2 264.95 501.11 3171 378.32 1.135 48.12 904
T3 273.15 504.33 3087 435.95 1.171 58.70 904
T4 299.76 543.59 2877 465.24 1.285 76.77 904
T5 317.72 546.84 3339 483.15 1.362 78.43 904
T6 280.46 527.76 3360 488.11 1.202 63.83 904
T7 307.58 543.57 3423 516.05 1.318 77.88 904
T8 300.97 552.27 3234 446.65 1.29 67.75 904
T9 293.10 514.87 2163 406.32 0.6 92.50 1034
T10 346.50 460.77 2310 383.02 0.87 95.29 1034

WT1h 340.12 480.49 2264 480.49 1.5 36.1 919.91
WT2B 340.12 480.49 2264 480.49 1.5 36.1 919.91

WT7 M16 340.12 480.49 2264 480.49 1.5 36.1 968.36
WT7 M20 340.12 480.49 2264 480.49 1.5 36.1 968.36

T10-16-100-C 310 408 1056.13 408 1.81 29.79 1080
T10-16-120-C 310 408 1056.13 408 1.81 29.79 1080
T10-16-140-C 310 408 1056.13 408 1.81 29.79 1080
T12-16-100-C 305 445 1244.79 445 1.78 28.79 1080
T12-16-120-C 305 445 1244.79 445 1.78 28.79 1080
T12-16-140-C 305 445 1244.79 445 1.78 28.79 1080

Table 5.2: Geometry and material properties of coupled T-stub to be used in the
mechanical model. Ab is the bolt elongation at break in millimetre.
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Model ∆u,exp ∆u,mod
∆u,mod

∆u,exp

∆u,mod

∆u,exp
[12] Fu,exp Fu,mod

Fu,mod
Fu,exp

Fu,mod
Fu,exp

[12]

T1 21.91 28.78 1.32 0.83 342.39 312.22 0.91 0.90
T2 22.71 28.87 1.27 0.81 337.14 307.4 0.91 0.91
T3 39.3 34.46 0.88 0.59 281.46 249.28 0.89 0.84
T4 63.71 74.26 1.17 1.06 343.32 318.87 0.93 0.90
T5 68.16 52.69 0.77 0.91 423.61 337.1 0.80 0.83
T6 40.8 39.29 0.96 0.76 445.76 407.19 0.91 0.95
T7 70.81 66.28 0.94 0.99 479.4 411.97 0.86 0.83
T8 59.41 51.84 0.87 1.09 378.01 383.5 1.01 0.86
T9 30.03 37.4 0.98 1.13 323.81 283.58 0.88 1.08
T10 81 82.47 1.02 1.12 195.95 213.43 1.09 0.97

Table 5.3: Comparison between mechanical model and Francavilla et al. [12] in
terms of ∆u and Fu.

cross-section. It can be seen that both N/Ny and N/Nu are beyond the 5%

limit imposed by EC3 [1]. This indicates that axial force, which is normally

neglected in existing mechanical models, is, in fact, significant. Same results

from Table 5.4 are obtained from the comparison with Girão Coelho [11] and

Dinu et al. [46].

As far as T-stubs bolted to a rigid support are concerned, the model has been

applied to experiments from Section 3.3, Latour and Rizzano [20] and Zhao

et al. [47]. The geometry are given in Tables 3.13 and 4.3, while the material

properties are collected in 5.5. Figure 5.13 gives the results of the comparison

with Latour and Rizzano [20]. The model is perfectly capable of reproducing

both the experimental F- ∆ and the failure mode (Table 5.6). The comparison

for the tests presented in Section 3.3is given in Figs. 5.15, 5.16, 5.17 and 5.18.

It can be noticed that there is good agreement for all T-stubs at least in the

initial part of the F - ∆. However, when the model was first applied, the

stiffness of the second hardening branch was not correctly predicted for some

T-stubs. An example is given in Fig. 5.14 for M18-4-15. This might occur

because of the shear model for the bolt proposed by Henriques et al. [84]. The

stiffness ks evaluated with the simplified model by Henriques et al. [84] is,

in fact, much greater than the one obtained from the shear tests of bolts in
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Figure 5.9: Comparison between experiments ( ) from Piluso et al. [3] and
mechanical model ( ). The experiments are (a): T1, (b): T2, (c):
T3, (d): T4, (e): T5 as named in the reference literature [3].
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Model N N/Ny N/Nu Failure
T1 35.3 0.07 0.04 bolt
T2 35.82 0.07 0.04 bolt
T3 29.4 0.07 0.04 bolt
T4 84.9 0.19 0.11 flange
T5 60.8 0.12 0.07 flange
T6 49.4 0.09 0.05 bolt
T7 91.87 0.17 0.10 flange
T8 99.8 0.21 0.12 flange
T9 51.3 0.13 0.07 flange
T10 39.4 0.1 0.08 flange

WT1h 7.9 0.05 0.04 flange
WT2B 8.0 0.05 0.04 flange

WT7 M16 13.9 0.09 0.06 flange
WT7 M20 15.9 0.06 0.04 flange

T10-16-100-C 25.7 0.09 0.07 bolt
T10-16-120-C 33.0 0.12 0.09 bolt
T10-16-140-C 40.4 0.11 0.08 bolt
T12-16-100-C 35.3 0.11 0.08 bolt
T12-16-120-C 37.5 0.11 0.09 bolt
T12-16-140-C 52.9 0.16 0.12 bolt

Table 5.4: Values of axial force N obtained for Piluso et al. [3], Girão Coelho [11]
and Dinu et al. [46]. Ny = σytpleff and Ny = σutpleff .

Section 3.3. This discrepancy can be explained considering that the model by

Henriques et al. [84] was developed for SB bolts, which are normally used in

shear connections. However, the tests in Section 3.3 were performed using HR

bolts. The HR bolts are characterised by a threaded portion which is much

longer than for the SB bolts. This can significantly change the stiffness of the

bolt, hence its behaviour in a shear connection. The values of ks that have been

used in the final application of the mechanical model were, initially, obtained

as the secant stiffness of the force - displacement curves in Fig. 3.11b. However,

this stiffness includes also the one of the assembly used in the test. Therefore,

the final values of ks were calibrated by reducing the secant stiffness to match

the stiffness of the experimental F - ∆ of the T-stub in the second hardening

branch. However, to improve the mechanical model, one could implement a

different Vs - δs response for the bolt. This work is still under development by
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Figure 5.11: Comparison between experiments ( ) from Girão Coelho [11] and
mechanical model ( ). The experiments are (a): WT1h, (b):
WT2B, (c): WT7 M16, (d): WT7 M20 as named in the reference
literature [11].

Model σy σu Eh Eu εh [%] εu [%] fub

Section 3.3 301 480 4300 480 1.65 61.3 1162.43
TS01 272 441 2109 441 1.87 45.3 800
TS02 391 626 4612 626 2.37 40.8 800

TMCP 443.30 568.0 804.52 568 2.5 37.8 1000

Table 5.5: Material properties of T-stubs on rigid support to be used in the me-
chanical model.

our group. Same behaviour is observed in Fig. 5.19 for which the calibrated

stiffness is 20000 N/mm.

The failure mode predicted by the mechanical model does not always match

the experiment. This happens especially for T-stubs failing in the flange at

the bolt line. For these T-stubs, e.g. M18-5-10 and M20-5-10, bolt shear
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Figure 5.12: Comparison between experiments ( ) from Dinu et al. [46] and
mechanical model ( ). The experiments are (a): T10-16-100-C,
(b): T10-16-120-C, (c): T10-16-140-C, (d): T12-16-100-C, (e): T12-
16-120-C and (f): T12-16-140-C as named in the reference literature
[46].
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Model ∆u,mod

∆u,exp

Fu,mod
Fu,exp

Model ∆u,mod

∆u,exp

Fu,mod
Fu,exp

M16-3-10 0.80 0.94 M16-5-10 0.95 0.82
M16-5-15 0.81 0.88 M18-3-10 1.06 1.09
M18-5-10 0.96 0.84 M18-4-15 0.94 1.03
M18-5-15 0.84 1.09 M20-3-10 0.5 0.75
M20-5-10 1.16 0.99 M20-4-15 0.76 0.97
M20-5-15 0.43 0.67 M20-4-20 0.95 1.21
M20-5-20 0.81 1.02 TS01 0.99 0.99

TS02 0.89 0.99 TMCP 0.87 0.73

Table 5.6: Comparison between mechanical model and Latour and Rizzano [20],
Zhao et al. [47] and tests in Section 3.3 in terms of ∆u and Fu.

Figure 5.13: Comparison between experiments ( ) by Latour and Rizzano [20]
and mechanical model ( ). The experiments are (a): TS01 and
(b): TS02.

failure is predicted by the mechanical model. HR bolts are friction fastenings

and are preloadable. The application of preload generates a pre-compression

of the connected plates and increase the friction between them. A stronger

tightening action of the bolts can result in the failure of the plate at the bolt

line especially when the flange thickness is small and m/db is large. In fact, the

model correctly capture the failure mode for M18-3-10 which is characterised

by a smaller m/db. Lastly, Table 5.7 collects the values of N/Ny and N/Nu.

As expected, these values are much larger than for coupled T-stubs confirming

the development of great second order effects for T-stubs bolted on a rigid

support.
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Figure 5.14: Force-displacement curve for M18-4-15 from Section 3.3. : ex-
periment; : mechanical model with adjusted shear stiffness ks;

: mechanical model with original shear stiffness ks [84].
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Figure 5.15: Comparison between experiments ( ) from Section 3.3 and me-
chanical model ( ). The experiments are (a): M16-3-10, (b): M16-
5-10, (c): M16-5-15.
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Figure 5.16: Comparison between experiments ( ) from Section 3.3 and me-
chanical model ( ). The experiments are (a): M18-3-10, (b): M18-
5-10, (c): M18-4-15. and (d): M18-5-15.

Model N N/Ny N/Nu Failure Model N N/Ny N/Nu Failure
M16-3-10 124.9 0.86 0.54 plate M16-5-10 131.1 0.9 0.56 bolt (s)
M16-5-15 45.5 0.21 0.13 bolt (s) M18-3-10 140.6 0.85 0.53 plate
M18-5-10 56.2 0.34 0.21 bolt (s) M18-4-15 65.1 0.27 0.17 bolt (s)
M18-5-15 45.9 0.19 0.12 bolt (s) M20-3-10 0 0 0 plate
M20-5-10 68.2 0.38 0.24 bolt (s) M20-4-15 75.6 0.28 0.17 bolt (s)
M20-5-15 69.9 0.25 0.16 bolt (s) M20-4-20 85.7 0.24 0.15 plate
M20-5-20 80.2 0.23 0.14 bolt (s) TS01 28 0.19 0.12 bolt (s)

TS02 20 0.14 0.08 bolt (s) TMCP 83 0.24 0.19 plate

Table 5.7: Values of axial force N obtained for Piluso et al. [3], Girão Coelho [11]
and Dinu et al. [46]. Ny = σytpleff and Ny = σutpleff . (s) indicate shear
failure.
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Figure 5.17: Comparison between experiments ( ) from Section 3.3 and me-
chanical model ( ). The experiments are (a): M20-3-10, (b): M20-
5-10 and (c): M20-4-15.

5.5 Conclusions
A mechanical model for the prediction of the F- ∆ response of a T-stub was

proposed in this Chapter. The model represents an initial, but significant

attempt at predicting the behaviour of T-stubs undergoing large displacements.

In this sense, the model can be used as an alternative to experimental tests

and can provide a valuable tool to evaluate the robustness of steel joints. The

model, which is suitable for both coupled T-stubs and T-stubs bolted to a rigid

support, was developed by updating the model by Francavilla et al. [12]. The

advancement provided by the present model are

• the M - χ relationship for the flange is obtained considering the M -

N interaction: this helps to define the ductility of the T-stub and its

capability of plastically deforming before failure;
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Figure 5.18: Comparison between experiments ( ) from Section 3.3 and me-
chanical model ( ). The experiments are (a): M20-5-15, (b): M20-
4-20 and (c): M20-5-20.

Figure 5.19: Comparison between experiments ( ) by Zhao et al. [47] and me-
chanical model ( ) for TMCP.
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• geometric non-linearities are included: this allows to predict the perfor-

mance of the joint when undergoing large rotations;

• the model can be applied also to T-stubs bolted on a rigid support and

the shear force in the bolt is modelled: the range of T-stubs geometries

to be used in double split-tee joints can be increased and catenary ac-

tions can develop even for T-stubs failing in mode 2 by inducing shear

deformation in the bolts.

The prediction by the model were compared with existing experiments and

tests from Section 3.3. A good agreement was obtained for coupled T-stubs,

both in terms if F - ∆ and prediction of failure mode. Axial force N was shown

to develop and to go beyond the 5% limit imposed by EC3 [1] on N/Ny.

The model correctly predicted also some of the T-stubs on rigid support here

taken as reference. However, especially for the tests from Section 3.3, bigger

discrepancies were obtained and the failure mode was not always correctly

predicted. A possible explanation can be attributed to the simplification made

by the shear model of the bolt [84]. As expected, the value of N was shown to

be much greater than for coupled T-stubs.



Chapter 6

Design Study Case

In this Chapter, we present a worked example to summarise the key tools devel-

oped in this thesis and to highlight their significance in relation to robustness

design. The case study is laid out in the following way:

• the problem statement to set the scene,

• the selection in which the full range of geometric parameters is reduced

to the ones that respect the imposed constraints,

• the model to predict the behaviour of the T-stub under large displace-

ments,

• the postscript to allow a commentary on results.

6.1 Problem statement

Let’s assume we need to design a double split-tee joint whose rotation capacity

must be greater than the minimum (0.035 rad) required by EC8 [32]. For

simplicity, we are considering the geometry of M18-4-15 from Chapter 3. We

assume the thickness of the flange tp must be selected in order for the T-stub

to fail in mode 1. This mode is the most ductile and it ensures the flange

deforms enough to accommodate the rotation of the joint.
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6.2 Selection
From Chapter 2, we can predict the failure mode with the failure maps.

However, to use them, we need to evaluate the material non-dimensional pa-

rameter. According to the constraint set on the material properties, we get

κfy/fub = 0.704 (κ = 2.5, fy = 275 MPa, fub = 1000 MPa). To evaluate the

geometric non-dimensional parameter t2p/As, we first need to assume the value

of tp. Considering values of flange thickness for columns used in common prac-

tice, e.g. 10 - 25 mm, we select 5, 10, 15 and 20 mm. Figure 6.1 shows the

points representing the T-stubs with different tp. It can be seen that, only for

tp = 20 mm, the T-stub is expected to fail in mode 2. As a first trail value, we

select tp = 15 mm.

0.37

0.37

Figure 6.1: Use of ultimate failure map for design of thickness of the flange for
M18-4-15 T-stub. The black arrow indicates the value of κfy/fub of
the T-stub we are designing. The value of λ is 0.37 and is indicated
by two rectangles. Black dots represent the four t2p/As considered.
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6.3 Design
Once the geometry of the T-stub has been defined, we need to investigate its

performance under large displacements. To do so, the mechanical model in

Chapter 5 is implemented. With reference to the flow charts in Figs. 6.2 and

6.3, the F - ∆ response in Fig. 6.4 is obtained. The model gives an ultimate

Define ey, eh, eu, ef, E, Eh and Eu 

Calculate the M – c curve for pure bending 

Select r = N/Nu = r0 = 1/a with a>0 

Select 0 < eN ≤ ef  

Calculate etot (x) = eM (x) + eN 

Calculate stot (x)  

Calculate Ft, Fc and DF 

DF + N = 0 ? 

Select r = r0 + i/a with 1 < i ≤ a 

i = a ? 

Evaluate xinf and xsup 

Evaluate M 

STOP 

START 

y 

n 

y 
n 

Figure 6.2: Flow chart describing the process to get the M - N interaction for the
flange.

displacement ∆u = 38.6 mm. Note that ∆u > tp, which indicates the T-stub

undergoes large displacements. Recalling Fig. 6.5, the rotation of the joint can

be estimated as φ= ∆/H, where ∆ is the displacement of the T-stub and H is

the depth of the beam. Assuming H = 200 mm, the expected rotation for our

example is φ = 38.6/200 = 0.193 rad, which is almost 6 times bigger than the
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Select 0 ≤  r ≤ 1 

Select 0 ≤  y  ≤ 1  

Evaluate qp1  and qp1  

Calculate q (Eq.x), Vs (Eq.5.60), Vb and V (Eqs.5.61-5.66)  

Calculate Q (Eq.p) 

STOP 

START 

y n 

Select 0 < Mj  ≤ Mf 

Select dw/2 ≤ n*  ≤ n 

N – N’ = 0 ? 

Calculate y’ (Eq.q) 

y – y’ = 0 ? 
n 

y 

[del,1 (z1) + (qp1 – qp2)]min = 0 ? 

y 

Calculate D (Eq.g), dbolt (Eq.f) 

Failure ? 

n 

y 

n 

N
ew

 in
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t 

Figure 6.3: Flow chart to obtain the F - ∆ for M18-4-15 T-stub.
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Figure 6.4: Comparison between experiment ( ) and mechanical model ( )
for M18-4-15.

minimum required by EC8 [32]. We can, therefore, conclude that our design

is capable of providing sufficient joint rotation to accommodate the catenary

actions that generate in the connected beam in the event of extraordinary

conditions, e.g. column loss scenario.
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L

H
d f

f

D

Figure 6.5: Joint rotation for a double split-tee joint.

A further confirmation of the ductility of the T-stub we designed could be

given by the application of the energy method from Chapter 4. Note that

this method requires the implementation of a validated and reliable FE model,

therefore it is still time consuming. To overcome this issue, a design tool,

e.g. in the form of a faliure map, should be proposed based on the energy

method. Figure 6.6 shows the evolution of e for M18-4-15. It can be seen

that e > elim = 0.02 is attained for a very small δ confirming that the T-stub

behaves in a ductile way since the beginning of its deformation and that it

will be capable of greatly deforming before failure. Results from mechanical

model, also, confirmed that the axial force developed in the flange reaches a

value of 27% of Ny which is highly above the 5% limit imposed by EC3 [1] for

axial force to be considered negligible.

6.4 Postscript
To set the value of tp, EC3 [1] requires an iterative design procedure which is

needed to determine in which mode the T-stub would fail given its geometry.

On the contrary the failure map provides a graphical interface that is easier

to use for designers and that gives a quick estimate of the geometry of the

T-stub according to the design requirements. Also, the ultimate failure map
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Figure 6.6: Energy partition for M18-4-15 in (a), while (b) shows the evolution of
e.

is less conservative than EC3 [1] because the material properties of the flange

are modelled considering strain-hardening and fracture. EC3 [1], on the other

hand, assumes a rigid-perfectly plastic constitutive law for the flange. Being

less conservative, the ultimate failure map can decrease the overall cost and

prevent the oversizing of bolts, which is a very common consequence of the

methodology in EC3 [1].

It can be, also, noted that the use of the mechanical model constitutes a more

efficient alternative to expensive experiments which would have led to the

same conclusion (see Chapter 3). Moreover, the mechanical model is capable

of predicting the behaviour of T-stubs both as coupled and bolted to a rigid

support. This gives more options in terms of design because the thickness

of the column flange can be selected over a wider range of values. However,

when the column flange is thick and the influence of the shear force in the bolt

is significant, the model might be inaccurate because the force - elongation

response of the bolt does not consider the axial - shear interaction. Also, the

model was developed assuming a beam yield line pattern. Therefore, it might

underestimate ∆ for T-stubs with leff > L (Fig. 3.13).

Finally, it is important to note that the 2% limit here proposed is to be con-

sidered only as a preliminary threshold because, even though results have

been satisfactory in this study, the number of T-stubs considered is not broad

enough.



Chapter 7

Conclusions and further

research

7.1 Conclusions
This thesis addressed the mechanical behaviour of T-stubs undergoing large

displacements by investigating: (1) their failure mechanisms; the effects of

geometric (2) and material (3) non-linearities on the F - ∆ response. Coupled

T-stubs and T-stubs bolted to a rigid support were studied to highlight the

differences in their behaviour and the effect that large displacements have on

them.

The findings from these investigations have been presented in Chapters 2-5

and are summarised below.

7.1.1 Failure modes

In Chapter 2, the failure modes of T-stubs according to EC3 [1] has been

analysed and deformation maps were generated to predict the palstic failure

mechanisms. Maps are, then, created to predict also the ultimate failure. It

was demonstrated that the ultimate maps can accurately predict the failure

modes of T-stubs, while predictions of plastic failure tend to be excessively

conservative.
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However, the maps allow to avoid iterative pre-design calculations by con-

densing a large body of information within a 2D parameters space onto which

the different deformation modes and régime boundaries are plotted for any

combination of geometric and material properties of a T-stub.

Also, when material and geometric non-linearities are both considered, it is

quite difficult to define failure modes according to EC3 [1]. New failure modes,

e.g. bolt shear failure, can, in fact, occur due to the interaction between bolts

and flange.

7.1.2 Material non-linearities

The correct representation of the material properties up to failure is of great

importance to characterise the response of T-stubs undergoing large displace-

ments. A correct representation of the constitutive laws of flange and bolt

materials can help the development of accurate FE models which can replace

expensive experiments. Chapter 3.3 has provided results of tensile and shear

tests on bolts. These tests have been reproduced with FE including material

damage. Values of damage parameter were obtained for the most common bolt

diameters. The damage parameters may be considered as a small database to

model the bolt material with FE.

The results from DIC in Chapter 3.3 showed the importance of axial strains

in the flange. These strains are a consequence of second order effects. To

correctly capture the membrane (catenary) actions in the flange, an accurate

modelling of flange material damage was presented in Chapter 4. Tensile and

shear experiments on four of the most common structural steels were performed

following Driemeier et al. [75]. The specimens were designed to characterise

the dependence of the material behaviour on the stress triaxiality θ.

FE models were, then, developed where materials for flange and bolts were

modelled according to Chapter 4 and Chapter 3.3 respectively. Five models

of T-stubs undergoing large displaments were taken as reference from existing
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literaure Latour and Rizzano [20], Zhao et al. [47] and Dinu et al. [46]. A

preliminary criterion to determine the significance of catenary actions in the

flange was proposed in Chapter 4. The criterion was based on on the evalua-

tion of the plastic strain energy density dissipated in the flange through axial

force over the total energy (EN,x/Etot). A preliminary threshold of 2% was

set on EN,x/Etot exploiting a force-based criterion proposed in EC8 [32]. The

application of the energy method to the five reference T-stubs shows some

advantages with respect to the existing force-based criterion from EC8 [32].

First of all, it reduces the number of simulations needed to be applied. More-

over, the force-based criterion [32] refers to second order effects as a whole,

while energy is capable of specifically quantifying catenary effects, which are

just one expression of second order effects. For this reason, the proposed 2%

threshold might end up being conservative because it was established from the

force-based criterion, which globally pertains to second order effects and not

to catenary effects.

7.1.3 Geometric non-linearities

Chapter 2 had already highlighted the importance of the geometric non-

linearities for the correct representation of the behaviour of a T-stub. Ex-

isting mechanical models by Piluso et al. [3] and Francavilla et al. [12] were

used to predict the ultimate displacement ∆u, which was compared to the

one obtained from FE models. It was shown that the difference between FE

and mechanical models increased for T-stub failing in mode 1 and 2, while

mode 3 was generally well predicted by both models. This means that the two

mechanical models are, in general, accurate if applied to T-stubs undergoing

small displacements, i.e. geometric non-linearities.

In a typical case of robustness assessment, geometric non-linearities may de-

velop in the joint as a consequence of large displacements in the beam. Con-

sequently, if the joint is partial-strength, the T-stub undergoes large displace-

ments. Owing to this reason, the assessment of the F- ∆ response of T-stubs
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in the range of large displacements is very important.

A second hardening branch (2HB) can develop in the F - ∆ when second

order effects are significant. In Chapter 3.3, experiments were performed on

T-stub. They were bolted to a rigid support to investigate the influence of

this type of boundary conditions on the F - ∆ and a 2HB was often observed.

To confirm the relationship between the 2HB and second order effects, the

energy criterion proposed in Chapter 4 was applied also to T-stubs that did

not develop a clear 2HB. Even in this case, the 2% limit was exceeded showing

that the development of a 2HB is sufficient, but not necessary to assess the

significance of second order effects.

The development of catenary effects is also shown to be dependent upon the

boundary conditions of the T-stubs. The distribution of internal stress com-

ponents (axial force, bending moment and shear) along the flange indicates

that, for coupled T-stubs, the flange behaves as a cantilever and is bending

and shear dominated. On the contrary, for T-stubs bolted to a rigid support,

the flange behaves as a fully clamped beam and experiences an internal state of

stress which is a combination of bending moment and axial force. For T-stubs

on rigid support, the initial position of the bolt within the hole is responsible

for anticipating (minimum gap) or delaying (maximum gap) the development

of the 2HB.

7.2 Future Research
The results presented in this thesis have addressed several aspects of the be-

haviour of a T-stub in order to acquire a greater knowledge on robstuness of

joints. Some aspects of this work would still require a more thorough investi-

gation, while the rest lay the foundation for future work as follows:

1. The investigation on failure modes here presented has indicated the

strong connection between combinations of geometry and material and

the mechanisms of failure. However, for robustness application, it could



7.2. Future Research 212

be useful to consider also failure modes related to the development of sec-

ond order effects, e.g. bolt shear failure. A new mechanism map should

be developed to consider the new failure modes.

2. The 2% limit on EN,x/Etot could be too conservative. A more extensive

parametric study should be performed to validate and, eventually, modify

the 2% threshold.

3. The mechanical model presented in Chapter 5 was shown to have some

issues in terms of the modelling of the shear force in the bolt and the pre-

diction of the T-stub failure. The definition of a different shear response

of the bolt could lead to an improvement in the prediction of the F - ∆.

A possible approach would be to include the axial - shear interaction in

the force - elongation relationship for the bolt.

4. Experimental tests on full joints could be performed. The T-stub con-

figurations to be used in the joints should be designed using the updated

version of the mechanical model.
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degli Studi di Salerno), Salerno, Italy, 2010.

[52] W. McGuire, G. Winter. Steel structures. Prentice-Hall International

series in Theoretical and Applied Mechanics (Eds.: NM Newmark and



BIBLIOGRAPHY 219

WJ Hall), Englewood Cliffs, N.J., USA, 1978.

[53] UNI 5397:1978. Prodotti finiti di acciaio laminati a caldo. Travi HE ad

ali larghe parallele. Dimensioni e tolleranze. CEN, 1978.
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